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PREFACE 

The purpose of most conferences and also this conference is to provide a forum for world-wide 
specialists in heat transfer, fluid mechanics and thermodynamics to present progress of researchers 
and developments, and to discuss the state of the art, the future directions and priorities in the various 
areas of heat transfer, fluid mechanics and thermodynamics. The additional purpose of this conference 
is to introduce Southern Africa to the rest of the world and to initiate research collaboration. 

To start with so many papers is indeed a good beginning. More than 350 manuscripts were received 
and peer-reviewed and approximately 200 were accepted and are collected in these proceedings. I 
wish to express my sincere thanks to the reviewers whose generous efforts made it possible to select 
these papers. With this number of papers a meaningful forum has been created to discuss the latest 
developments and to come abreast with the state of the art in heat transfer, fluid mechanics and 
thermodynamics. As a result of the many papers received the Organizing Committee has already 
initiated the organization of the 2nd International Conference on Heat Transfer, Fluid Mechanics and 
Thermodynamics (HEFAT2003), which will hopefully be presented in June/July 2003. 

Thank you to the keynote lecturers and the participants for their invaluable written and oral contributions 
to HEFAT2002. I also wish to extent my appreciation to the Rand Afrikaans University for hosting the 
conference and to the South African Institute for Mechanical Engineers (SAIMechE) and to the 
American Society for Mechanical Engineers (ASME) for sponsoring the conference. I also wish to 
extend my appreciation to the International Advisory Committee and the Organizing Committee, named 
and unnamed, who contributed to the success of this conference and the quality of these Proceedings. 

On behalf of the Organizing Committee, I would like to welcome you all to HEFAT2002. I trust that this 
conference will reach the goal of bringing together scientists and engineers and inspire them to gather 
more knowledge in order to tackle mankind's future problems. Last but not least we would be happy if 
your stay in the Kruger National Park would be enjoyable, fruitful and pleasant and that you will not only 
see the Big Five (lion, elephant, rhino, buffalo and leopard) but also some of the best scenery in the 
world. 

JP Meyer 
Editor 
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Figure 9: Splashing and solidification sequence of a liquid tin 
droplet on the stainless steel substrate for surface defects with 
pitch of0.3 D0 at Re = 1.3xl04

• 

liquid drop to be decelerated. Hence, the maximum spread 
factor in most cases is reduced with decreasing pitch of the 
defect. However, as shown in Fig. 8 (a), the spread factor with 
pitch of 0.25 D0 is greater than that with pitch of 0.3 D0• Splat 
has its maximum diameter around the sixth defect in the case of 
0.25 D0• However, splat has its maximum diameter around fifth 
defect for the pitch of 0.3 D0• This is attributed to the fact that 
the spread factor with multiple concave surface defects is 
affected both by the number of the defects and by the distance 
between the impacting point and defect position. Velocity 
reduction for the pitch of 0.3 D0 is larger than that for the pitch 
of 0.25 D0 since the distance between the impacting point and 
each defect position for the pitch of 0.3 D0 is greater than that 
for the pitch of 0.25 Do. Figure 9 shows the behavior of the 
droplet on the substrate in the case with the defect pitch of 0.25 
D0 . It is shown that the cavity near to the impacting point is 
completely filled with liquid droplet, but the cavity far from the 
impacting point is not fully filled, similar to the one as shown in 
Fig. 6(a). Thus, the pores form outside the cavity. This means 
imperfect deposition of spray material. The thickness of the 
solidified layer above the pores is thinner than at other position 
during solidification process. 

CONCLUSION 
The problem of the impact and solidification of liquid 

metal droplet onto the substrate either with or without surface 

641 

defects has been studied. The value of thermal contact 
resistance between the droplet and substrate is determined by 
comparing the spread factor from the present work with 
experimental results [5,6] on the flat substrate. The variations of 
the maximum spread factor are examined by considering the 
following factors: various shapes, position and size of the 
surface defects, and number of surface defects. It is found that 
the surface defects hinder spreading of the liquid drop and 
uniform material deposition. The spread factor is reduced more 
in the case with convex surface defects than concave surface 
defects. It is also found that the increase of defect size and 
number of surface defects results in the decrease of the 
maximum spread factor. Results show that the distance between 
the impacting point and the location of defect is an important 
parameter to affect the maximum spread factor on the substrate 
with multiple surface defects. It is also noted that pores are 
easily formed outside the cavity in the case with multiple 
surface defects 
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ABSTRACT 
This paper describes a numerical simulation to predict 

the thermo-fluid behaviour of an accelerating turbulent radial 
flow with special emphasis on the effec~ of buoyancy on the 
convective heat transfer characteristics. The computational 
fluid dynamics software suite CFX4.4 was used to obtain the 
thermo-flow field results by including the effects of 
buoyancy. These results are compared to earlier results [I],[2] 
found by employing a newly generated Fortran 77 numerical 
code. Buoyancy was excluded in the earlier work. 

The present research focuses on gaining insight into the 
thermo-flow field of accelerating radial flows between 
parallel plates where buoyancy may contribute to the overall 
heat transfer from the plates into the flow and may influence 
the rate of development and size of the hydrodynamic and 
thermal boundary layer. Such flow conditions present 
themselves inside a circular solar collector of a solar chimney 
power generating plant. The present work aims to illustrate 
the behaviour and influence of buoyancy on the local 
turbulent frictional pressure losses and wall heat transfer 
coefficient. Apart from the earlier numerical work, extensive 
analytical work [3][4], has also been carried out to predict 
these fluid characteristics. The analytical evaluation also 
excluded buoyancy effects to simplify the governing 
equations. 

INTRODUCTION 

The present study evaluates the effect of local buoyancy 
effects on the thermo-flow field development in the collector 
of a solar chimney power generating plant. The solar chimney 
power generating principle is currently under investigation as 
a potential economical and renewable energy source. A 
typical solar chimney power generating plant is depicted in 
figure I. It consists of mainly three components namely a 
solar collector and a central chimney with a turbo-generator 
at its base. The solar collector consists of a circular glass 

cover supported above the ground surface. The glass cover 
allows solar radiation to pass through and to be absorbed in 
the ground. 

C::ollow:ide 
t.irm 

Hotdrout 

Solundiaian tllrougJ:l 
collector glass roaf 

~-~~-- ._....J.._[_J 
Ground 

Figure I: Solar chimney power generating principle 

This absorbed solar energy leads to an increased soil 
temperature, which in turn results in the heating of the 
surrounding air through convection. The heated air in the 
collector causes a natural draft effect in the chimney. This 
draft moves from the outer perimeter of the glass collector, 
through the collector area and up the chimney, powering the 
turbo-generator in the process. 

From experimental work carried out presently it is 
evident that very interesting flow conditions are observed for 
the problem under discussion. When the flow velocity at the 
entrance of the collector increases, the thermal characteristics 
of the flow change from natural convection to a combination 
of natural and forced convection due to buoyancy effects and 
eventually to forced turbulent convection. The CFD work 
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presented here intends to complement the experimental 
observations to further investigate the fundamental flow 
mechanisms at work. The CFX4.4 software allows us to 
include the effects of buoyancy and compare the predicted 
results to earlier numerical work, thereby providing a more 
complete picture of the flow problem at hand. Results 
presented here include the new results where buoyancy was 
included compared to the results from the earlier numerical 
[I] and analytical work [3][4] where buoyancy was excluded. 
The comparative results shown here are for highly turbulent 
axial and radial flows between parallel plates. Results are 
also shown for radial flows at lower Reynolds numbers where 
the buoyancy effects become more pronounced. Such 
conditions may arise for solar chimney operation during 
periods of low solar radiation. 

The results found show good comparison to those found 
from earlier numerical work and analytical formulations. 
More importantly, results from new numerical simulations 
provide important insights into the relevance of including 
buoyancy effects in the analysis of the solar chimney 
collector air stream. 

NOMENCLATURE 
A Total area 
CP Specific heat CP 
d Diameter 
h Heat transfer coefficient h=Nu*k/(r0-ri) 
H Height 
k Turbulent kinetic energy, conductivity 
rn mass flow rate 
Pk Production of turbulent kinetic energy 
p Pressure 
q" Heat source per unit area 

Re Reynolds number 
T Temperature 
u,v,w Cartesian velocity component 
x,y,z Cartesian coordinate 
Greek letters 
~ Coefficient of thermal expansion 

r Diffusion coefficient 
E Rate of dissipation 
J..1 Dynamic viscosity 

p Density 

<I> Viscous dissipation function 
cjl Instantaneous transported scalar 

Subscripts 
e Effective 
f Bulk fluid 

Inner radius, inlet 
0 Outer radius, outlet 
r Radial position 
s Static 

w 
0 

Wall 
Reference 

Superscripts 
* Dimensionless 

NUMERICAL PROCEDURE 

Governing equations: 
The governing equations for steady state, incompressible 

and turbulent fluid flow are continuity, momentum and 
energy conservation equations. The continuity equation is 
given by 

(1) 

and the momentum conservation and energy conservation 
may be presented as a general transport equation i.e., 

(2) 

(3) 

This general transport equation simplifies the discretisation of 
these governing equations. Table I shows the transported 
variables and source terms relevant to the applicable 
governing equations. The numerical method employed to 
obtain the earlier results compared here, was based upon a 
finite volume flux split method ~5][6], for non-orthogonal 
control volumes. Furthermore, a flux blended deferred 
correction interpolation scheme was used as suggested by 
Peric [7] and Khosla and Rubin [8]. Details of the method 
may be found in [1][2]. The numerical simulation employs 
the standard k-E turbulence model for modeling of the 
turbulence kinetic energy and dissipation rate. Table I shows 
the terms relevant to the general transport equation variables 
and source terms for the governing turbulence equations. The 
eddy viscosity is found from 

(4) 

Wall functions were employed to approximate the logarithmic 
region of the turbulent velocity profile. The earlier numerical 
work [2] showed that this turbulence model gives accurate 
predictions for the flow conditions evaluated. Turbulent heat 
transfer was included by means of a similar Boussinesq 
analogy for eddy conductivity leading to 
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• r S(+) 

x-Momentum u J.l+llt - ap + !._(ll au) + !._(ll av) + !._(ll aw) + Pgx 
transport Ox Ox Ox cy Ox iJz Ox 

y-Momentum v J.l+llt 
- ap +_q_(ll auJ+_q_(ll avJ+_q_(ll awJ+P&y transport cy Ox cy cy cy iJz cy 

z-Momentum w J.l+llt 
- ap + !._(ll au)+ !._(ll av) + !._(ll aw) + P&z transport iJz Ox iJz cy iJz iJz i}z 

Energy transport T k + kt ~+q" 

equation Cp 

[ ("')' ("')' (Ow)' ("' "'J' (Ow "')' ("' Ow)'] ~=jl20x +2cy +2~ + Ux+Oy +-ay+Uz. + Uz.+iJx 

Turbulent kinetic k J.l+llt 1\-pE 
energy equation ~ P·=·.[{(:)' ·(:)' ·(:)'H:·:J' ·(: ·:J' ·(: ·:)'] 
Turbulent dissipation & ll +J.lt & 

rate equation a& 
k(C&JPlc -C&2P£) 

t 

Table 1: General transport equation variables and source 
terms 

The static pressure drop along the plates was calculated 
by subtracting the dynamic pressure from the total average 
pressure as predicted by the CFD code i.e. (5) 

where Pr ,= 0.9 as recommended by White [9]. Buoyancy is 

included in the present work by means of a modification of 
the buoyancy terms in the momentum equations [10] i.e. 

(6) 

Additional equations. 
The apparent friction factor is foWld from field solutions 

calculated from the Darcy-Weisbach relation 

(7) 

Local and mean Nusselt numbers are respectively found 
from 

(8) 

(- -) 1 f-2 - 2) dps = Po - Pr - l P\Uo - ur (9) 

The static pressure loss coefficient based on the inlet 
velocity then becomes 

K0 = dpsf(o.5pu~) (10) 

RESULTS 
Axial flow between smooth parallel plates: 

The geometry modeled, fluid properties and boundary 
conditions employed are shown in figure 2. Grid independent 
results were achieved for a 65x3x 17 uniform grid geometry. 

Figure 3 shows good comparison for the friction factor 
distribution along the length of the plates. The results also 
agree well with the values for the fully developed friction 
factors for parallel plate flows found from equation (11) from 
White [9] i.e. 

1 ( o.s) fgs = 2.0log10 Ref0 · -1.19 => f0 = 844.14 (11) 

at the respective fully developed hydrodynamic entrance 
lengths calculated from the relation given by White [9] 
namely 
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X !(de Re):::: 4.4 Re -S/
6 = 0.000171 (12} 

...........0.0 
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r,._...._ ..... , ~ 
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Figure 2: Flow between parallel plates 
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Figure 3: Friction factor results comparison. 

Figure 4 shows the comparative code results of the heat 
transfer characteristics for Re= 196721. These are also 

compared to the results from an equation proposed by Hausen 
(11] and as given by Kroger (12] for the Nusselt number for 
developing flow in ducts i.e. 

{ 0.6671 )0.14 

Nu =o.o23s(Re08
- 23oXI.8Pr03-o.sti + (i) ~ (13) 

The above-mentioned results indicate that both the 
friction factor and heat transfer coefficients are not affected 
by the inclusion of buoyancy for this high Reynolds number 
flow. This supports the exclusion of buoyancy in the earlier 
numerical and analytical work previously based only on the 
large Grashof numbers involved. From Metais and Eckert 
(13] we have the relation 

(14) 

1400,---------~--------

1200 - - I - - :· - - I - - ]' - - i -~- - - :- - -: 
• • :-:-c;;x-4-4----,

1 

. 

1 ' I l I I 
1000 .!.... -:-- , -- -1- '-Hausen(1979) L---

800 
_~ __ I ___ ~ __ !_~·- :o~~~_:sl_i~ _ _I 

l ~ .. \ ~ - :- ~ _: - ~ _: - ~ -1 
400 ~:~:S~~~.-... -~u; .. -;~ ;.-...: L ~~ - ~-i__ - -1 

I I i I I i j I 
2

: - - l -- ;- - ·t -- j· - ·: . -j- - ., --, 

0.0000 0.0001 0.0001 0.0002 0.0002 0.0003 0.0003 0.0004 0.0004 

x* 

Figure 4: Mean Nusselt number comparison 

which suggests that turbulent forced convection would 
prevail for Re= 196 721. 

Radial flow between smooth parallel plates, Re=196721: 
The flow conditions and fluid properties are the same as 

for the test case for turbulent axial flow between infinite 
parallel plates. The geometry is also of similar size except 
that the flow is between two circular plates instead of infinite 
parallel plates. The plates has an outer radius of r0=12.5m., 
inner radius ri=2.5m. An axi-symmetric wedge was modeled 
with an included angle ofO=O.l ndians. 

Figure 5 shows the comparative frictional pressure loss 
coefficient results. As expected, the effects of buoyancy in the 
highly accelerated radial flow are insignificant. The loss 
coefficient due to wall friction in the entrance region between 
two surfaces of radial plates and based on the inlet velocity 
was derived by Kroger and Buys (3] i.e. 

(15) 

where, 

The above formulation allows for the variation of the top 
plate according to the relation 

(17} 

where b=O for constant plate spacing in the present 
calculations. The mass flow, m , in equation (15) is the total 

578 

Digitised by the University of Pretoria, Library Services, 2015



mass flow through the plates, m= 2m0Hpu0 • Kroger [4] 

presents another equation for the pressure loss coefficient for 
the fully developed region for turbulent radial flows between 
smooth surfaces and based on the average inlet velocity i.e. 

K 
_1.4633 _10-3mt.sllo.2k1Jb-o.s) -r(3b-o.s)J 

0- ( \J 2 (18) 
p H0r~} (3b- 0.8) 0.5puo 

10.00 ....----~~----,.---.,...--~-------, 

I I I 
....... ~(~-~. _·r::;:~'- i __ _ 
- ~ (clowlopod _, -~-.. ' 

~ 0.10 

: ~~c:-(Seyen> I .. t! 
I I i I •J 

~ ---·---·---·---·---~---

! 4 
I ~ 

0.00 .__ ________________ ____, 

rlr. 

Figure 5: Frictional pressure Joss coefficient for radial flow 

Figure 6 shows the comparative local heat transfer 
coefficient predictions. The accelerating radial flow between 
the parallel plates gives rise to higher turbulent levels along 
the length of the plates which in tum increase the heat 
transfer from the walls due to increased eddy conductivity 
[1][2][3]. Kroger and Buys [3] predicts the local Nusselt 
number for radial flows within the entrance region between 
smooth plates as fo11ows 

( X 
. X )0.8(1-b) 

Nu, = 0.003Pr0
·
333 1- ~ ; r; x 

[ 

6.218-15.08b l (:. r.,. -(:. r._ ..... (19) 

with the local heat transfer coefficient based on distance from 

the entrance. Kroger [4] also presents an equation for the 
fully developed local Nusselt number for radial flows 

1~~------~----~----~---------, 

1.0 
• O'OQJde (Boye"'> 

I ....... Klogef(devebpngllow) • ~ - - -

--K1ogef (devfllped flow) ' 

:: ~~ ---i -~ -~: = --·- ~~-·- -r · -; ~ -- · 
f I 0 t • ' 

~eo --- ~--- -. • ... ~- -!---.:- -:·- ~---
tiO - - - j - - - ,i- --~ .... ....., - - -1- -:- -J- -- -

I I ~. • ... 1: 
40 - - - ~ - - - -! - - - -!- -- -~- :· ~ -!- -- -

I I I I 
20 - - - 1 - - - -,- - - -,- - - - ,- - - - ;- - - -
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I I 

0.110 

r/ro 
o.eo 1.00 

Figure 6: Local heat transfer coefficient for radial flow 

between smooth parallel plates i.e. 

(f0 18XRe-1000)Pr 

1.20 

(20) 

where the local heat transfer is based on the hydraulic 
diameter. The Darcy friction factor for a smooth surface in 
equation (20) is be given by 

f 0 = (1.821og10 Re-1.64 }-2 (21) 

For the radia11y accelerating flow described above the effects 
of buoyancy is again insignificant for the Reynolds numbers 
in question. 

Radial flow between smooth parallel plates, Re<196721: 
Figure 7 shows the fluid temperature rise at the 

centerline for radial flow similar to the test case mentioned 
above but for smaller Reynolds numbers. The numerical 
simulation compares the results found when including 
buoyancy to numerical results predicted when excluding 
buoyancy. From figure 7 it is evident that the effects of 
buoyancy become important at Re<318 which is in line with 
the theory of Metais and Eckert [13]. They define the 
approximate regimes for free, forced and mixed convection 
for horizontal tubes as, 

Re>lOOOO 
1 OOO<Re< 10000 
1 OO<Re<l 000 
Re<lOO 

Forced turbulent convection 
Mixed turbulent convection 
Mixed laminar convection 
Free convection 

As seen from figure 7, the difference between the results with 
and without buoyancy only become significant for Re=327. 
At this point the steady state CFD simulations also become 
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unstable, a further indication that the buoyancy effects starts 
to dominate. 

3~r----------------···-······----------------·----··----······--·--·, 

- . - . - Re=393 Buoyancy on 
270 • Re=393 Buoyancy o1l 

- .. - . Re=327 Buoyancy on 
+ Re=327 Buoyancy o1l 

250 .jl----,---;...-=---.....,....t----,---,---,...---1 
10 12 14 

rlro 

Figure 7: Local heat transfer coefficient vs. Reynolds number 

CONCLUSION 
The numerical results presented here included the 

evaluation of the effects of buoyancy at high Reynolds 
number axial and radial flows between parallel plates. The 
frictional pressure loss and heat transfer coefficients results 
were compared to results from earlier numerical and 
analytical research where buoyancy was excluded. The 
comparative results suggest that these effects are indeed 
negligible for the high Reynolds number flows considered 
earlier. Numerical results are also shown for sma Her 
Reynolds number radial flows. These results illustrate when 
the effects of buoyancy become relevant. Future work will 
include similar evaluations at lower Reynolds numbers to 
numerically study the transient buoyancy effects as well as 
the influence of different turbulence models on the numerical 
predictions. 
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ABSTRACT 
Gas turbine power plants are increasingly being used to 

generate electrical power. Tremendous effort has been 
expended to increase efficiency by use high temperature 
materials and exotic cooling methods. The objective of this 
paper is to show that the use of regenerative cycles combined 
with various modifications of the expansion and compression 
processes and/or the use bottoming steam cycles allow far 
greater efficiency improvement than current approaches relying 
on higher temperature operation. This objective is 
accomplished by developing thermodynamic models of three 
physical situations: I. the standard Brayton cycle, 2. multi­
stage Brayton cycle with regeneration, intercooling, and reheat, 
and 3. The Brayton cycle with the addition of a waste heat 
boiler and steam injection into the expander. The modeling is 
accomplished by air standard analysis that incorporates real 
effects parametrically. Based on a survey of current "state-of­
the-art" by the author, values representing this practice are used 
in the thermodynamic model to determine performance 
(efficiency and size) of the three cycles.. The same models are 
used to clearly show that the future direction for gas turbine 
development is the use of regenerative cycles that approach 
isothermal expansion and compression rather than improved 
material performance and sophisticated cooling systems .. 

INTRODUCTION 
Introduction 

The concept of a gas turbine and its functionality were 
conceived way before there were necessary materials to 
withstand high temperatures [ 1 ]. Hero in approximately 150 
BC described a turbine driven by rising combustion gases. 
Real development languished for nearly 2000 years until the 
dawn of the industrial age in the late 1700's. Materials an 
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inability to understand design of rotating compressors and 
turbines were major impediments. It was not until the early 
1900's that any practical device was developed and 
demonstrated. Early engineers had to wait for the development 
of these materials to make this theory become reality [2,3,4]. 

A gas turbine is a device that converts chemical 
energy in fuel to shaft and/or jet power. There are some 
specific characteristics of a gas turbine to differentiate it from 
other power sources. A gas turbine is a rotary device that 
utilizes near constant pressure combustion. A simple gas 
turbine consists of three components: a compressor, a 
combustion chamber, and a turbine. This simple gas turbine set 
can be seen in Figure 1. This gas turbine operates on the 
Brayton cycle which is well documented in numerous 
references ( eg reference [ 5]). 

'ompressor 

Incoming 
Air 

-e--
Exhaust 
Gases 

Figure I Simple Gas Turbine Set 

-
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The directions for technology improvements from the past 
lie in 4 different approaches. The improvements are as follows: 

1. Steam, possibly generated by exhaust gases can be 
injected into the gas stream entering the expansion 
turbine. The procedure produces two benefits: reduced 
temperature protecting the metal from excessive 
temperature and increased mass flow generating more 
power. 

2. Improve materials so that turbine inlet temperatures can 
run higher increasing turbine life and efficiency. 

3. Various techniques to cool turbine blades with either 
water or air. This again allows the temperature of the 
gas entering the turbine to increase that in turn 
increases turbine efficiency. 

4. Use of regeneration to recover exhaust energy 
otherwise lost. 

All of these technology directions have merit today. The 
factors driving further development in technology of gas 
turbines include longer life, lower cost, higher efficiency, lower 
weight (particularly for aerospace derivatives), and higher 
reliability. 

The objective of this paper is to characterize potential 
stationary gas turbine cycle improvements in succinct 
categq,ries and to demonstrate which of these cycle 
improvements portend the greatest practical potential for future 
improvement. These improvements are then used to specify 
three different cycles that will allow the benefits of the 
improvements to be studied. Finally, parametric analysis is 
performed on each of the cycles to allow a comparison of the 
performance improvement that the particular improvement will 
allow. In comparing the various improvements, "state-of-the­
art" operating conditions are used. The thesis underlying this 
work is that current efforts for improving gas turbines is 
focused on improving efficiency through various techniques to 
increase turbine inlet temperature and that this effort is 
misdirected. The authors seek to show that efforts to produce 
near isothermal compression and expansion in conjunction with 

Regenerator 

14 

regeneration offers far more potential to the development of 
stationary gas turbine power plants. To accomplish the 
objective air standard analysis of the three cycles are made. In 
an air standard cycle the working fluid is considered to be air. 
The combustion process is replaced with heat transfer and the 
cycle is "closed" by adding an imaginary heat rejection device. 
Subsequent discussion and analysis will be with respect to an 
air standard cycle. Experience has shown that air standard 
analysis can be used to closely represent reality [5]. In the 
analysis done in this work variable specific heats and non-ideal 
compression and expansion are used. Also pressure loss in heat 
exchange that is less than 1 00% effective is incorporated in the 
analysis. 

This type analysis is well developed in numerous 
references [e.g. 5], and, therefore, is not repeated here. The 
value of this paper is the systematic examination of various 
categories of potential cycle improvements to determine the 
direction for future development of stationary gas turbine 
power plants. 

Categorization of Potential Cycle Improvements 

For the purpose of this work potential cycle 
improvements are placed in three categories: 

1. Techniques which allow effectively a higher inlet 
turbine temperature 

2. Techniques which combine isothermal 
expansion/compression with regeneration 

3. A hybrid of techniques 1 and 2 in which regeneration 
is used to effectively allow a higher inlet turbine 
temperature. 

The standard Brayton cycle (B cycle), shown in Figure 1, 
allows the effect of higher inlet turbine temperatures to be 
studied individually. The standard Brayton cycle can be 
modified by use of multistage compression with intercooling 
and multistage expansion with reheat to approach isothermal 
compression and expansion. This allows a regenerator to be 
effectively used. This modified Brayton cycle (MBR cycle) is 

Figure 2. Modified Brayton Cycle with Multistage Compression/Expansion, Regeneration, and 
Reheat/lntercooling 582 
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shown in Figure 2. The analysis ofthis cycle allows the second 
category of efficiency improvement as listed above to be 
studied. 

Employing regeneration to generate steam and, in 
tum, injecting the steam into the turbine (expander) can also 
modify the standard Brayton cycle . This cycle is labeled the 
"MBS cycle". This serves a dual purpose of capturing waste 
energy and cooling the fluid stream at the turbine inlet. This 
allows the third category of improvement as listed above to be 
examined. The hardware schematic for this improvement is 
shown in Figure 3. 

3 

2 3' 

4' 

Exhaust 
Gases 

xhaust 
Waste Heat 

1---+ Boiler 

Figure 3. Schematic of a Brayton Open-Cycle with boiler 

Air standard models of the three cycles described above were 
developed and use to parametrically examine the performance 
of the cycles. The modeling and analysis are not included in 
this paper since this information is well documented in many 
standard thermodynamics texts including a detailed 
presentation by the authors in reference [6]. Reference [6] 
includes the actual Fortran computer program listing used and 
its documentation. This paper concentrates on the results 
obtained and their significance for future gas turbine power 
plant development. 
Results 

Gas turbines can be applied to two broad areas of 
power generation: the stationary power plant and the jet engine. 
The jet engine does not allow significant variations from the 
Brayton Cycle because of weight limitations, reliability, cost, 
etc. Since this study is primarily concerned with 
changing/improving the Brayton cycle to enhance performance, 
this document primarily relates to stationary power plants. 

Following the objective for this study, it is desired to 
see what categories of improvement portend the best potential 
for improving stationary power plant performance. To 
accomplish this objective the cycles as described above are 
modeled in a computer program. Results are obtained for each 
cycle's performance using "state-of-the-art" [7] operating 
conditions. These "state-of-art" conditions and resulting cycle 
performance are shown for the three cycles considered. It 
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should be noted that the "state-of-the-art' conditions used 
represent the extreme of current practice. Hence, moving 
beyond these conditions would be technically difficult to 
achieve and would likely be extremely expensive. Experts in 
the field indicate that increasing Brayton cycle efficiency by 
one percent point from current "state of the art" would likely 

double the capital cost [7]. 
The parameters used in this table to indicate cycle 

performance are overall cycle efficiency and ratio of total 
power of compressor and turbine to net cycle power. These 
parameters were chosen to succinctly indicate performance. 
Net cycle efficiency is a direct indication of the fuel cost to 
operate the power plant. The ratio of total power of 
compressor and turbine to net cycle power is indicative of the 
cost of the power plant (a lower ratio indicates smaller 
compressors and turbines and, hence, less initial capital cost). 
For ease of reference, we will subsequently refer to this ratio as 
"size". 

Table I State of the Art Gas Turbine Performance 

Cycles B MB MBS 
R 

Compressor 85 85 85 
Efficiency,% 

Turbine Efficiency, % 90 90 90 
Regenerator Approach n/a 400 n/a 
Temperature, F 

Max . Pressure Drop as 2 2 2 
% of Compressor Exit 
Pressure 
Maximum Cycle 3000 3000 3000 
Temperature, R 

Compressor Pressure 10 10 10 
Ratio 

Ratio of Compressor 2.47 1.79 2.02 
Plus Turbine Power to 
Net Power (Size) 

Air Standard Cycle 35.3 55 .2 50.9 
Efficiency, % 

The results shown in Table 3.1 are consistent with 
theoretical expectations. The Brayton cycle yields the poorest 
performance due to the irreversibility present. The most 
significant irreversibility in the Brayton cycle is the transfer of 
heat through large temperature differentials in the simulated 
combustion process. An advancement that already has been 
employed to improve Brayton cycle efficiency is the use of 
regeneration . Regeneration improves efficiency in two 
significant ways: it captures waste energy for heating the gas 
leaving the compressor that would otherwise be discharged and 
it reduces the temperature differential through which heat is 
added in the simulated combustion process. However, other 
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means must be used to reduce the size of the power plant and to 
further improve the efficiency. 

To decrease the size of the power plant from Brayton 
cycle requirements requires improvement in the compression 
and/or expansion processes. The MBR cycle presented in this 
paper incorporates these improvements. Ideally one desires 
isothermal compression and expansion into an otherwise 
conventional regenerated Brayton cycle. Unfortunately, there 
are significant practical limitations to employing isothermal 
compression and expansion. One possible means to approach 
ideal isothermal compression and expansion is to use 
multistage adiabatic compression with heat rejection coupled 
with adiabatic expansion with reheat. The MBR cycles 
described above incorporates three stages of compression and 
expansion with intercooling and reheat. This cycle yields more 
than a 50% increase in cycle efficiency as compared to the 
Brayton cycle and a comparable reduction in size. Clearly, 
these results indicate that the use of isothermal compression 
and expansion are the direction one should take to gain 
significant performance improvements in gas turbine power 
plants . In fact, if one could employ isothermal compression 
and expansion in an ideal way, the efficiency of the Ericsson 
cycle (the best possible efficiency) is achieved. 

There has been great interest in combined cycles 
employing · a gas turbine "topping" cycle and various forms of 
steam production/use generated from the waste energy leaving 
the turbine exhaust. In this work, one example of this form of 
power production is explored using the MBS cycle described 
above. In this cycle the generated steam is injected into the 
inlet of the expansion device (turbine) . The results in Table I 
show that the MBS cycle is considerably more efficient than 
the Brayton cycle but less efficient than the MBR cycle. 

The performance of all of the cycles studied can 
also be viewed on a parametric basis by using the computer 
program referenced above . For each of the three cycles studied 
the following figures show parametric results for the cycle 
efficiency as well as size versus several important parameters: 
compressor and turbine efficiency, regenerator approach 
temperature, maximum cycle temperature, and compressor 
pressure ratio. In each of the figures all parameters in this list 
except the one plotted on the abscissa are held constant at their 
base value . These base values are "state of the art" conditions 
used in the study as given in Table I. In all calculations for the 
figures the pressure drop between the compressor and turbine is 
taken as 2% of the compressor outlet pressure. 

Figure 4 shows that overall efficiency increases almost 
linearly with regenerator approach temperature for all cycles 
except the Brayton (the Brayton does not employ a 
regenerator). This result occurs because the amount of energy 
supplied externally decreases in proportion to the decrease in 
regenerator approach temperature . Figure . 5 shows that the 
size of the power plant is independent of regenerator approach 
temperature . The amount of compression work required or 
expansion work produced is not affected by regeneration-only 
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the required thermal energy input. Both of these figures show 
that for any regenerator approach temperature the MBR cycle is 
the most efficient and smallest in size. 

Figure 6 gives a comparison of efficiency for the three 
cycles considered as the compressor pressure ratio increases. 
Increasing compressor pressure ratio is not desirable from the 
standpoint that compressor power and cost increase . Hence, a 
very desirable cycle trait is high efficiency at low compressor 
pressure ratios. For all of the cycles considered with the 
exception of the Brayton cycle, the cycle efficiency in Figure 6 
is approximately independent of pressure ratio, which is very 
desirable. These use regeneration to reduce the amount of 

Overall Efficiency Vs. Variation In 
Regenerator Approach Temperature 

>-

':~t = u 

•I Ill c 

I : : ... Cll I Cll ·-

o!E -+-8 
w ....._M8R 

0 50 100 150 200 250 300 
-t-M8S 

Regenerator Approach 
Temperature (K) 

Figure 4. Overall Efficiency vs. Regenerator Approach 
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Figure 5. Size vs. Regenerator Approach Temperature 

external heat that must be supplied. A low-pressure 
ratio maximizes the temperature difference between turbine 
exhaust and compressor outlet, and, hence, maximizes energy 
captured by regeneration. Therefore, cycle efficiency tends to 
be increased from a regeneration standpoint by decreasing 
pressure ratio. However, increasing pressure ratio increases net 
work and diminishes the effect of cycle component 
inefficiencies on overall cycle efficiency. The results of Figure 
6 show that these two counterbalancing effects essentially 
cancel , yielding efficiency that is almost independent of 
pressure ratio. For the Brayton cycle the over riding factor is 
the decreased effect of cycle component inefficiencies with 
increasing pressure ratio. 
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Figure 7 shows how size is affected by pressure ratio. 
The results presented indicate negligible effect of pressure ratio 
on size for all cycles except the Brayton. For the Brayton cycle 
the size increases with pressure ratio. As pressure ratio goes up 
exit temperature leaving the compressor increases. Since there 
is a limit on the maximum temperature entering the expansion 
device (turbine), the amount of heat that can be added in a 
cycle is reduced. Hence, net work is reduced per cycle while, 
compressor work is increased to achieve the higher pressure. 
Therefore, the ratio of total compressor and turbine work to net 
work (size) is increased. 
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Figure 7. Size vs. Pressure Ratio 

Figure 8 shows how the overall efficiency varies with 
turbine inlet temperature for the cycles considered. In all cases 
the efficiency increases with inlet temperature increase because 
heat transfer to the cycle occurs at a higher temperature 
decreasing irreversibility associated with heat transfer through 
a temperature difference . In all cases the potential increase is 
relatively small over temperature range indicated. 
Figure 9 shows size versus inlet turbine temperature. 
In all cases the size decreases with increasing turbine inlet 

585 

temperature. Since the overall efficiency goes up with 
increasing inlet turbine temperature, the net work increases. 
The turbine inlet temperature does not affect compressor and 
turbine work. Therefore, the numerator in the size definition 
(turbine plus compressor work) is not changed but the 

denominator (net work) is increased thereby decreasing size . 
While both efficiency and size are improved by 

increasing turbine inlet temperature, the effect of either change 
is small. Given the practical material problems posed by high 
temperature operation, raising turbine inlet temperature for any 
ofthese cycles is not attractive. 

Figures I 0 and II show how the overall cycle 
efficiency and power plant size, respectively, vary with the 
turbine efficiency. The results follow the expected trend­
overall cycle efficiency increases and size decreases with 
increasing turbine efficiency for all cycles studied. Increasing 
turbine efficiency increases the amount of power out per unit 
mass while not increasing the compressor work per unit mass . 
Hence, more net power is obtained with less total horsepower. 
Hence, cycle efficiency increases and size decreases as the 
turbine efficiency increases. 
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CONCLUSIONS 

Table I clearly shows that the use of regeneration and 
isothermal compression and expansion in the MBR cycle is far 
superior to the standard Brayton cycle. These data are 
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calculated with current state-of-the-art conditions that will be 
difficult and expensive to improve. Figures 4 through 13 
conclusively show for any cycle that improvements in these 
state-of-the-art conditions will at best only result in minor 
improvement in the performance of any of the cycles. Hence, 
this paper shows conclusively that future effort to improve the 
performance of stationary gas turbine power plants should 
concentrate on cycle characteristics (in particular regeneration 
and isothermal compression/expansion). Efforts to improve the 
Brayton cycle by use of higher cycle temperatures or improved 
efficiency of compressors and expanders are doomed to 

minimal improvement potential! 
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ABSTRACT 
In a STeam Injected Gas turbine (STIG) steam produced 

in a heat recovery steam generator, is injected into the combus­
tion chamber. This results in a power augmentation and an ef­
ficiency gain. In this paper a detailed thermodynamic model of 
the steam injected gas turbine cycle is presented. This model 
includes turbine blade cooling and is validated on both exist­
ing simple cycle gas turbines and steam injected gas turbines. 
The importance of good modelling the turbine blade cooling 
is shown. With the model the (power output) efficiency of 
basic STIG-cycle as well as cycles with thermodynamic im­
provements as intercooling, heat recovery by heat exchanger 
and blade cooling using steam are studied. It is shown that 
steam-cooling is an interesting amelioration. 

NOMENCLATURE 
A heat transfer area (m2) 

cp heat capacity (J jkgK) 
f fuel to air ratio (kg/kg) 
LHV Lower Heating Value (J /kg) 
m mass flow rate (kgjs) 
q heat per unit of mass (W /kg) 
PR Pressure Ratio (-) 
Q heat flux (W) 
S flow area (section) (m2) 

T temperature (K) 
TIT Turbine Inlet Temperature (0 C) 
TOT Turbine Outlet Temperature (°C) 
u mid span rotor blade speed (m/ s) 
v flow velocity (m/ s) 

w work per unit air (J /kg) 
W power(W) 

Greek Symbols 
a heat transfer coefficient (W / m2 K) 

E cooling effectiveness ( -) 
'YJ efficiency (-) 
K cooling parameter (-) 
'I' work coefficient of a stage (-) 
p density (kgfm3) 

Subscripts 
b blade 
c coolant 
calc calculated 
C Compressor 
exp experimental - measured 
g combustion gas 
T Turbine 

INTRODUCTION 
Since the commercial introduction in the beginning of the 

1980's, steam injected gas turbines have gained more impor­
tance on the power generation market. In a steam injected gas 
turbine the heat of exhaust gasses of the gas turbine is used to 
produce steam in a heat recovery steam generator. The steam 
is injected into the combustion chamber or between the high­
pressure and low-pressure turbine (Figure 1). Steam injection 
allows improving the efficiency and specific power of a gas tur­
bine. 

The most common method to improve the efficiency of a 
simple cycle gas turbine in electric power applications consists 
of using the steam produced in the HRSG in a separate steam 
cycle with a steam turbine. This combined cycle of steam and 
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·1 
Power Output 

Figure 1. THE STEAM INJECTED GAS TURBINE CYCLE 

gas necessitates the use of two turbines in contrast to the steam 
injected cycle. 

Steam injected gas turbines are mostly used in co­
generation applications. The regular way of operation is that 
steam is used for heating a process. If process steam is tem­
porarily not required, it is injected into the gas turbine, increas­
ing the electri<;al power output. A steam injected gas turbine 
becomes an extremely attractive system for co-generation if 
steam injection is possible for an extended period. The ratio of 
heat output to electrical power output is then completely flexi­
ble. Moreover, electrical power peak shaving is possible. 

This article seeks to analyse the thermodynamic possibili­
ties of steam injected gas turbines. 

THERMODYNAMIC MODEL OF THE CYCLE 
Cycle components 

In Figure 1 the steam injected gas turbine cycle is rep­
resented by it's mayor components : the gas turbine and the 
heat recovery steam generator (HRSG). The gas turbine con­
sists of a compressor, a combustion chamber and a turbine. 
The HRSG works with one pressure level and thus contains 
one economiser, evaporator and superheater. For every part of 
the cycle a calculation model was developed. 

A heat balance describes each component of the HRSG. 
The temperatures of exhaust gas, water and steam are used as 
input, the steam mass flow rate is calculated. It is assumed that 
part of the heat released by the exhaust gasses is lost through 
the steam generator walls (defined by a steam generator ef­
ficiency Tlst ). The compressor is modelled by an adiabatic 
compression with a given polytropic efficiency (T\oo,c) . Given 
the temperatures of the air entering the combustion chamber 
and the exhaust gasses leaving the combustion chamber (TIT), 
the necessary fuel mass flow rate can be calculated. Methane 
(CH4) is used as fuel. The turbine is modelled as a cooled ex­
pansion. The necessary equations are derived in the next para­
graph. 

Once the compression and expansion are calculated, the 
specific power and the thermal efficiency of the cycle can be 

h 

calculated as : 
Figure 2. COOLED EXPANSION 

~Wcycle = T\mech (~wr- ~we) 

~Wcyc/e 
T\ cycie = f LHV 

Cooled expansion 

(1) 

(2) 

The expansion process of a cooled stage is represented in 
a h-s diagram in Figure 2. Part 12' is the distributed represen­
tation of the cooled expansion. Part 2'2" represents the temper­
ature drop due to mixing of the mean gas flow and the coolant 
flow. The pressure drop P2" - pz is the pressure loss due to 
mixing. 

Expansion The infinitesimal efficiency (small stage ef­
ficiency- polytropic efficiency) for a turbine is defined by 

(3) 

The heat flux extracted from the mean flow and transferred to 
the coolant flow can be written for a full stage as 

-~Q = Aba(fg- Tb), (4) 

The power deliverd by the stage is expressed as : 

-~W = m8'¥u2
. (5) 

The mass flow rate is m8 = p8v8S8 . The ratio of cooling heat 
flux and power can be written as 

-~Q = (Ab) (~) (..!_) cp,g(T
2
- Tb). (6) 

-~w s8 p8 v8cp,g '¥ u 

The surface ratio ( ~) ~ 8 (El-Masri, 1986). The heat transfer 

Stanton number St = -P a_ ~ 0.005 (El-Masri, 1986). We 
8VgCp,g 

define 

Ab 1 
K= -St-. 

Sg '¥ 
(7) 

With '¥ ~ 1.2, K is around 0.033. Finally, for modern machines 
Tb can be assumed to be about 850 °C or 1123 K, and u is set 
to 275 rn/s (El-Masri, 1986). By distributing the work and the 
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cooling heat rate over the expansion, we can assume that, on an 
infinitesimal basis, the following ratio holds, 

-f5q (T- Tb) 
-bw = Kcp,g_u_2_ (8) 

The expression is essentially the same as used by (El­
Masri, 1986), though here no reference temperature is intro­
duced in the constant K. The coolant mass flow rate needed for 
a stage can be estimated from 

-!::.Q = rilccp,cE(Tb- Tc). (9) 

It is assumed that the maximum temperature increase of 
the coolant flow is from the coolant temperature at inlet Tc to 
the blade temperature Tb. For internal flow cooling the effec­
tiveness E can be around 0.5. For film cooling it can reach unity 
because the cooling flow is brought to the outside of the vanes 
and the blades, continuing the cooling till the blade temperature 
is reached. 

Mixing of the coolant The final temperature T2 = T2, 

can be obtained from the global energy balance 

ril8cp,giTI +rilccp,cTe = (ril8 +rile)cp,g2T2-ril8 (-!::.w) (10) 

The subscripts are added to the heat capacities to indicate the 
temperature dependence. 

Assuming that the coolant flow does not impart momen­
tum to the mean flow while mixing, the momentum reduction 
of the mean flow per unit time is vrilc. where v is a mean flow 
velocity at mixing. The corresponding pressure loss is -dp. 
So 

dp rile v2 rile 2 -- = -p- = -yM (11) 
P rilg P rilrg . 

Since mixing happens in the vicinity of the trailing edge of 
the vanes and the blades, this Mach number is assumed to be 
M = 0.8 (El-Masri, 1986). 

Solution method To calculate the expansion through 
the turbine, the global pressure drop is subdivided into intervals 
of 1 bar. A pressure interval corresponding to PI - p2 in Fig­
ure 2 is considered a stage. This fictitious stage has a smaller 
pressure drop than a stage in reality. In a first iteration the pres­
sure difference is taken to be equal to p 1 - p2. This pressure 
drop is subdivided into ten intervals. This is done to take into 
account the variation of the heat capacity with the temperature. 
For each subinterval the energy equation is written as 

-bw = -Cp,gdT = T'loo (- Rg:dp) ( 1 + KCp,g T ~2 Tb) 

Equation (12) is integrated as (12) 

( 
~(I K '[,) 1- K C TJ) (!!1!...) cp,g --;;:ep,g b 

-;;z p,g b Pi 
T2,=~----~----~~~--~-~-----

(
1_ K C 'fJ) + Kep!Ti ( 1- (!!J!...) ~ ( I-;;'2-ep,gTb )) 

-;;z p,g b u Pl 

(13) 

The work is obtained from Equation (12) 

-!::.w= u2ln (1 +Kcp,g~) 
K 1+Kc (Tt-Tb) (14) 

p,g---;;r-

The heat transferred to the coolant flow is 

-!::.q = cp,g (TI- T2')- ( -!::.w) (15) 

In the previous expressions c p,g is taken to be constant in the 
subinterval and equal to the value at TI. In a first iteration the 
air flow rate entering the combustion chamber is set equal to 
90 % of the air flow rate at the entrance of the compressor. 
With this flow rate the fuel flow rate necessary to obtain the 
prescribed TIT is calculated. The heat capacity and the gas 
constant for the first stage are determined using this prelimi­
nary gas composition. After each stage, coolant flow is added, 
changing the gas composition. New values of cp and Rare cal­
culated. The results from the subintervals are added, giving the 
total transferred heat which determines by (9) the coolant mass 
flow rate necessary to cool the fictitious stage. The coolant 
flow is taken from the compressor at the pressure and tempera­
ture corresponding to PI· The final temperature of the stage T2 

is obtained from (10). The pressure drop follows by (11). This 
pressure drop is taken into account in the next iteration of the 
calculation of the expansion path trough the turbine. The pro­
cedure given above is repeated for the following stages, until 
an entrance temperature is reached lower than Tb. From then 
on the calculations are continued without cooling, i.e. using 
forgoing expressions with K = 0. 

After finishing the calculations of the expansion, the air 
flow rate needed for cooling is subtracted from the compressor 
mass flow rate and a new fuel mass flow rate is determined. 
The calculation of the expansion path through the turbine is re­
peated until convergence is reached. After completing the cal­
culation of the expansion, the work absorbed by the compressor 
is calculated taking the coolant flow extraction into account. 

The results of the cycle calculation do not depend much 
on the choice of the pressure difference over a fictitious stage, 
provided that this difference is small enough. For !::.p = 1 bar, 
the influences on efficiency, specific power, coolant mass flow 
ratio and turbine outlet temperature are below 0.002, 1%, 0.001 
and 1 K. In the same way the results do not depend much on 
the number of subintervals provided that this number is high 
enough. With ten subintervals the influence on the results is 
lower than the tolerances given above. 

Component efficiencies 
Table 1 shows the characteristic values used in the com­

putation of the cycles. The efficiencies are typical for large 
axial gas turbines (Wilson, 1991). The pressure drop over the 
combustion chamber is taken from (Bolland eta!., 1993). The 
pressure drops at inlet and in the stack are taken from (de Bi­
asi, 1990). The temperature difference between superheated 
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polytropic compressor efficiency (lloo,c) 91 % 

polytropic turbine efficiency (lloo,T) 88.5 % 

combustion efficiency 99 % 

steam generator efficiency (llsteam) 96 % 

mechanical efficiency (llmech) 98% 

pressure drop steam generator 0.0125 bar 

pressure drop combustion chamber 4% 

pressure drop inlet O.Ql bar 

pressure drop stack 0.01 bar 

atmospheric conditions 1.013 bar, 15 DC, <p=60% 

Table 1. CHARACTERISTIC VALUES FOR THE SIMULATION 

steam and turbine outlet is set to the 40 °C (Paren, 1992). The 
gas outlet temperature of the steam generator is calculated by 
taking the pinch point temperature difference at 10 DC with a 
steam pressure level of 3 bar above the gas pressure level in the 
combustion chamber. 

VALIDATION OF THE MODEL 
The model has been verified for four gas turbines in sim­

ple cycle: the GEC-ALSTHOM/GE MS 9001F (Brandt et al., 
1991), the ABB GT13E2 (N.N., 1992), the Westinghouse 501F 
(N.N., 1995), and he GE LM 6000 (de Biasi, 1990) (Table 2) . 

9001F GT13E2 501F LM6000 

TIT (DC) 1260 llOO 1288 1245 

PR 13.5 15 15 29.5 

0.55 0.55 0.7 

llexp(% ) 34.8 35.7 36.0 41.5 

Tl catc(%) 34.76 35.24 36.04 41.31 

TOTexp(DC) 583 525 584 452 

TOTcatc(DC) 584.3 522.4 583.7 450.5 

Wexp (kJ/kg) 353.7 318.2 371.6 345.0 

Wcatc(kJ!kg) 352.2 316.2 373.2 349.0 

Table 2. VALIDATION ON 4 GASTURBINES 

The cooling parameters in the model have been adjusted to 
obtain the best possible correspondence for efficiency, TOT and 
specific power. The results for efficiency and TOT are signif­
icantly influenced by the compressor and turbine efficiencies. 
The values given in Table 2 were found to give the best re­
sults. The corresponding cooling effectiveness for the LM6000 
is found to be 1. This is more or less arbitrary. Essentially the 
same result can be obtained with a lower value of K and a lower 

value of E, provided that the ratio i is kept constant. For the 
GT13E2 n was set to 800 °C, as the GT13E2 is older. 

For two different steam injected gas turbines enough data 
was obtained to be able to calculated the thermodynamic cycle, 
with and without steam injection : the Kawasaki MA-13-CC 
and the GE LM2500 (Table 3). The polytropic efficiencies of 
compressor and turbine were adjusted to obtain the best pos­
sible correspondence for efficiency, TOT and specific power, 
without steam injection. Then the steam injected cycle was 
calculated with these efficiencies, giving a good prediction of 
efficiency, TOT and specific power in both cases. The steam 
mass flow is not calculated, but taken out of the experimental 
data. The results are shown in Table 3. 

MA-13-CC LM2500 

Simple Injected Simple Injected 

TIT (DC) 1010 1010 1230 1230 

PR 7.7 8.9 18.4 21.6 

!!!..- 0 0.187 0 0.070 th.,;, 

T'loo,C 0.74 0.74 0.89 0.89 

T'loo,T 0.86 0.86 0.86 0.86 

K 0.033 0.033 

E 0.9 0.9 

llexp (%) 22.1 33.7 35.7 39.0 

l'lcalc(%) 21.9 33.6 35.4 38.5 

TOTexp (DC) 575 579 529 510 

TOTcalc (DC) 577 571 526 507 

Wexp (kJ/kg) 180.1 344.8 325.4 390.5 

Wca/c (kJ/kg) 177.7 347.1 319.0 390.1 

Table 3. STEAM INJECTED GAS TURBINES 

IMPORTANCE OF THE COOLING MODEL 

In Figure 3 the carpet-plot of efficiency as a function of 
specific power is shown for PR from 10 to 35 and variable TIT 
for the simple cycle gas turbine with and without cooling. For 
TIT=1100 DC the efficiency for the cooled turbine is about 0.5 
% points lower than for the non-cooled cycle. The specific 
power is some 10 % lower. 

For higher TIT this difference gets bigger. This is caused 
by the need for more coolant, reducing the work extracted in 
the turbine. For TIT=1400 °C the difference is 25% for specific 
power. This efficiency difference is 2.5 % points for low PR 
and 3.5% points for high PR. This clearly shows the effects of 
blade cooling and the necessity of modelling it. 
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Figure 3. IMPORTANCE OF THE COOLING MODEL 

COMPARISON BETWEEN SIMPLE, STEAM IN­
JECTED, COMBINED AND INTERCOOLED REGEN­
ERATED CYCLE 

In Figure 4 the results of the calculations for the simple cy­
cle, the steam injected gas turbine cycle, combined cycle and 
intercooled regenerative cycle are put together. The cycle effi­
ciency is displayed as a function of the specific power. Pressure 
ratio is varied from 10 to 35 , TIT is set to 1100 °C, 1250 °C 
and 1400 °C. The cooling parameters are E = 1, K = 0.0333, 
u = 275m/ s and Tb = 850°C, corresponding to a gas turbine 
with advanced film cooling. 

For the combined cycle the steam cycle efficiency is set to 
38 % corresponding with a three pressure level steam generator 
(Paren, 1992). 

With the state of the art gas turbine technology the steam 
injected gas turbine cycle can reach a maximum efficiency of 
49.5 %. The simple cycle can reach 41.5 %. Due to the extra 
mass flow in the turbine, specific power augments up to 750 
kJ/kg, which is 60 % more than the simple cycle. 

The combined cycle can reach an efficiency of 58.5 % with 
comparable assumptions as for the steam injected cycle. Spe­
cific power of a steam injected cycle can get higher. An in­
tercooled regenerative cycle can reach an efficiency of 48.9 %. 
The specific power is smaller than for the steam injected cycle. 

STEAM INJECTED GAS TURBINES WITH HEAT EX­
CHANGERS 

In Figure 5 the carpet plot is shown for the STIG-cycle 
with added heat exchangers, for PR from 10 to 35 and 
TIT=1250 oc. For different TIT's the results are essentially 
the same. 

Adding an intercooler to the steam injected gas turbine­
cycle gives no amelioration of efficiency. By adding intercool­
ing, the work of the compressor is reduced, but the temperature 
of the air is lowered, resulting in a higher fuel mass flow rate. 
The combination of all these effects results in no gain in effi­
ciency of the steam injected cycle. These results are in accor­
dance with the results found by Macchi eta!. (1994). Specific 
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Figure 4. SIMPLE CYCLE, STIG, COMBINED CYCLE AND INTER­

COOLED REGENERATIVE CYCLE 

power is almost constant for the range of PR. There is a gain of 
about 10 % compared to the basic steam injected cycle for low 
PR and about 50 % for high PR. 

By adding a heat exchanger between the gas turbine out­
let and the steam generator inlet, a small efficiency gain can 
be made comparing to the steam injected cycle. In Figure 5 
the results are presented for a regenerator effectiveness of 0.7 
and pressure drops at the air side and gas side of 0.02 bar. The 
pressure drop in the intercooler is set to 0.025 bar. Lower­
ing the effectiveness of the regenerator, thus making more heat 
available for the steam generator, lowers the efficiency. For 
TIT=1250 °C and PR=30 and effectiveness 0.7, 0.5, 0.25 and 
0, the corresponding efficiencies are 49.7, 49.0, 48.3 and 47.8 
%. This can be understood by considering that adding heat to 
the air leaving the compressor directly reduces the amount of 
fuel needed to obtain TIT, leaving the work output unaffected. 
Producing more steam gives a raise in work output, but also 
a raise in fuel consumption, thus resulting in a smaller effi­
ciency gain. The specific power is in the same order as with 
the simple steam injected cycle, though it does not reduce with 
raising PR. Comparable results were obtained by (Bolland et 
a!., 1993), though they propose the far more complex DRIASI­
cycle (dual-regenerative intercooled aftercooled steam injected 
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Figure 5. INTERCOOLED STIG, INTERCOOLED REGENERATIVE 

STIG AND STIG WITH REHEAT 
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cycle), which uses water injection. 
Adding sequential combustion to a gas turbine, i.e. ex­

panding the combustion gas in the first stage of the turbine and 
then reheat it to original TIT, has as a result that the TOT raises. 
The efficiency of a simple cycle decreases because of the extra 
fuel consumption. Specific power augments. In a steam in­
jected cycle more steam is produced by implementing sequen­
tial combustion. This results in an increase in work output but 
a loss in efficiency. The loss in efficiency can be explained by 
the need for more coolant flow in the reheat cycle: the steam 
mass flow rate has risen and by adding reheat more stages have 
to be cooled. For low TIT these effects are less pronounced, 
resulting in a small efficiency gain. 

It is practically not useful to add an intercooler or a regen­
erator to the steam injected cycle. Only a very small efficiency 
gain can be obtained at the expense of a large increase in sys­
tem complexity. Adding reheat in a steam injected cycle is in 
general not beneficial where efficiency is the main concern. 

STEAM COOLED STEAM INJECTED GAS TURBINE 
Instead of using the compressor air as coolant fluid for the 

vanes and blades, it is possible for a steam injected cycle to use 
a part of the produced steam. By doing this the efficiency loss 
associated to the use of cooling air extracted from the compres­
sor is avoided. ·A further beneficial effect is that the amount of 
steam to be injected in the combustion chamber is reduced. 

In Figure 6 the steam cooled STIG is compared with the 
steam injected cycle. A steam cooled steam injected cycle 
gives a significant gain in efficiency and only a small change 
in specific power. For TIT=1250 °C an efficiency of 51 %can 
be obtained, for TIT=1400 °C even more than 52% is possible. 
For the calculation of the cooling, the same cooling parameters 
have been used as mentioned before. The calculations showed 
that in all working points more steam is produced than needed 
for the cooling. This extra amount of steam is then injected 
into the combustion chamber. In the simulation all steam is 
produced at a pressure equal to combustion chamber pressure 
plus 3 bar. The efficiency gain obtained by steam cooling is not 
very high. The basic reason is that steam is now injected into 
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the gas path at pressures lower than the combustion chamber 
pressure, resulting in a lower power production. 

For low PR and high TIT the specific power diminishes 
significantly compared to the simple steam injected cycle. This 
is because in this case almost all the produced steam is used 
for cooling the turbine blades and vanes, resulting in a smaller 
work production of the steam. For higher PR this effect is re­
duced. 
CONCLUSION 

The previous study shows that a steam injected gas turbine 
can be very attractive for electric power applications and co­
generation. For the basic steam injected cycle configuration, 
the efficiency can be about 49 %. Specific power is raised with 
about 60 %. This confirms what is generally accepted to be the 
performance of the steam injected gas turbine. 

Adding intercooling, regeneration or reheat to the simple 
steam injected cycle ameliorates the efficiency, but the gain is 
not worth the complication of the cycle. 

Using steam as coolant fluid for the steam injected cycle is 
a relatively simple modification, which augments the efficiency 
to about 52 %. This is an attractive amelioration. 
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ABSTRACT 
For the solving of different problems in designing of new and 

exploitation of the existing steam and gas turbines it is necessary to 
perform the calculation of heat transfer on disc surfaces (i.e. on 
rotor surfaces) and for this the values of convective heat transfer 
coefficients have to be known. The latter are most frequently 
determined on the basis of correlations obtained by means of 
experimental measurements, often without checking the possibility 
of their application in the individual case. In literature, there is a 
definite number of empirical correlations proposed by various 
researchers, which are mutually distinguished with regard to the 
range of change of the geometrical and gas-dynamics parameters 
and with regard to choosing physical properties. All this makes their 
application more difficult. 

Therefore, in the paper, the systematisation of empirical 
correlations from literature is performed first, and after that the 
original generalised correlations are proposed obtained by means of 
statistical analysis of calculation results by systematised single 
correlations. The original generalised correlations proposed in the 
paper ensure accuracy of calculations which satisfy engineering 
applications. 

INTRODUCTION 
The first typical designing problem faced by the engineers 

involved in the design of steam turbines today, and especially for 
high temperature gas turbines, are temperature stresses, which are 
particularly high at transient working regimes, and the related useful 
life of turbine discs (of rotors). The flow of the working fluid of 
high temperature through the sealing clearance in the space between 
turbine discs and the corresponding stator elements can cause their 
overheating which causes shortening of their useful life [I]. The 
second problem is optimisation of air flow for cooling at cooled 
turbine discs [2]: excessive air reduces the isentropic efficiency 
while insufficient air can lead to catastrophic damages and 
fractures. The third problem is determination of power losses due to 
ventilation and friction of disc which causes the air flow for cooling 
[2]. For effective and reliable solution of previous problems it is 
necessary to determine the temperature field of discs (i.e. of rotors) 

for turbine working range, which requires the knowledge oflocal or 
average values of convective heat transfer coefficients, depending 
on the required accuracy of calculations. 

The various systems exist by which the heat transfer on surfaces 
of steam and gas turbine rotors is modelled. First, it is the heat 
transfer on single disc which rotates in free space, i.e. free rotating 
disc (Fig.la), and heat transfer on disc rotating close to stationary 
wall or between stationary walls, i.e. rotor-stator systems, which 
can be closed (Fig. I b), open (Fig. lc) and shrouded (Fig. ld). The 
rotor-stator systems are distinguished with regard to the dimension 
of clearance between disc and stationary walls (large or small), 
presence or absence of the superposed flow in clearance, and in case 
of presence, how it is directed (from centre to periphery or vice 
versa). For all cases there is the heat transfer in laminar and 
turbulent regions, in dependence on the flow regime in the 
boundary layer on disc. 

The simplest is the case of heat transfer on the free rotating disc 
for which there exists the exact solution ofNavier-Stokes equations, 
while the cases of heat transfer on disc rotating between stationary 
walls are more complex [3]. 

Heat transfer by radial flow in the clearance between rotating 
discs and stationary diaphragms is most frequent in many designs of 
steam and gas turbines [3]. 

The shrouded system is obtained when the cylindrical shroud is 
added on the stator of the open system, e.g. the labyrinth seals in 
gas turbines which prevent inflow of cooling air in the space of 
working fluid (of hot gases), i.e. of working fluid in space around 
disc [3]. 

Along with the systems represented in Fig. I the cases of co­
rotating discs and discs with rotating deflector are very frequent in 
gas turbines [3]. 

Heat transfer on disc surfaces is determined by Reynolds 
number, and at rotor-stator systems additionally by flow vortex 
which depends on the large number of geometrical and flow 
parameters (e.g. about the relative clearance between rotor and 
stator, conditions on neighbouring walls, fluid flow through 
clearance, initial vortex (pre-swirl), etc.) [3]. In real conditions, with 
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steam and gas turbines in case of rotating disc the Reynolds 
numbers are high and the flow is markedly turbulent [2]. 

a) b) c) d) 

Figure 1: Schematic Representation of Free Rotating Disc (a), 
Closed Rotor-Stator System (b), Open Rotor-Stator System (c) and 

Shrouded Rotor-Stator System (d) 

In general, the convective heat transfer coefficients can be 
determined on the basis of experimentally obtained dependencies 
(correlations), then by analytical methods and more recently by 
numerical methods as well [2, 3, 4]. 

Also, the tendency is still present that simple exponential 
equations (correlations) of type Nu _ = c Ren are used in the 

engineering practice for calculation of the average convective heat 
transfer coefficients [5]. Further text refers precisely to these. 

NOMENCLATURE 
e base of natural logarithms 
Kv kinematic factor (-) 
m mass flow (kg/s) 
Nu Nusselt number 
Pr Prandtl number 
Q volume rate of flow (m3/s) 

Q relative volume rate offlow [m/ pwR 3
] (-) 

R outer radius of disc (m) 
r current radius of disc (m) 
r relative radius (-) 
Re Reynolds number 
s clearance width (m) 
s relative clearance (-) 
T temperature (K) 
11T temperature difference [T a-T.A (K) 
v velocity (m/s) 
Greek Letters 
P~ flow vortex(-) 
o thickness of boundary layer (m) 
p density (kg/m3

) 

(J) angular speed of disc (s-1
) 

Subscripts 
av average 
c shroud 
d disc 

J fluid 
r radial component 
s clearance 

({J rotational; tangential component 
0 hub radius 
1 starting radius 
2 final radius 

CHARACTERISTICS OF EXPERIMENTAL 
INVESTIGATIONS AND SINGLE 
CORRELATIONS FROM LITERATURE 

In experimental investigations of heat transfer on lateral 
surfaces of the disc (of the rotor) the basic methodical difficulties 
appear in determining the heat flux which is transferred on the 
respective section of the disc radius [6, 7, 8, 9]. In the better case, 
when using the discs with lateral annular electrical or water surface 
heaters, it is possible to ensure measurement of heat amount which 
is transferred on the section no less than 15% of the radius. When 
using discs with internal electrical heaters or heat supply to disc 
over the cylindrical surface the limitation is usually the 
measurement of total amount of beat which participates in the heat 
transfer. The local values of heat transfer coefficients are sometimes 
determined by indirect method of heat conduction [ 10, 11 ]. 

Also considerable difficulties are caused by determining fluid 
temperature, which is used to calculate the heat transfer coefficient. 
In laboratory conditions it is ensured that the stator surface against 
disc is adiabatic, and the values of heat transfer coefficients are 
determined according to the difference of disc temperature and fluid 
temperature in the centre of the clearance on the given radius [7, 12, 
13, 14]. In some investigations of heat transfer in rotor-stator 
systems with superposed flow, values of the heat transfer are 
determined according to the difference of disc temperature on the 
definite radius and fluid temperature at the clearance entrance [11]. 
In case of the indirect method of heat conduction for rotors of real 
turbines the heat transfer coefficient values are usually determined 
according to the difference of disc temperature and average fluid 
temperature in the clearance on the given radius [10]. The values of 
the latter are determined by calculation. 

The reliability of the single used experimental method of the 
majority of investigators is checked by calculation of heat transfer 
on the free rotating disc for which there are theoretical solutions for 
laminar and turbulent boundary layer [4]. 

The experiments [6, 8, 9, 14, 15, 16, 17, 18] on the free rotating 
disc are performed by using electrical, water and discrete 
calorimeters. The experiment results agree well with the theoretical 
solution. 

In all the experimental investigations of heat transfer on disc 
surfaces of open rotor-stator systems without superposed flow in 
clearance [7, 12, 13, 14], the obtained maximal values of the 
Reynolds numbers are lower than at modem stationary gas turbines 
(up to 107

) and jet engines (up to 4*107
) [3]. The results of 

investigations indicate the presence of core with constant angle 
velocity and temperature in the centre of the clearance [7, 12]. 
Some of the correlations describe the heat transfer only in the 
central part of the disc [7, 12, 13]. Simultaneously, in the region of 
the disc hub and especially on its periphery the intensification of 
heat transfer has been observed, related to the phenomenon of three­
dimensional flow in boundary layers. Data about the dependence of 
clearance width on heat transfer in open rotor -stator systems 
without superposed flow are contradictory [7, 12, 13, 14]. 
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The air inflow (i.e. the existence of the superposed flow) in the 
clearance of opened rotor-stator systems results in considerable 
decrease of the critical Reynolds munber. In investigations of heat 
transfer on disc surfaces, cooled by air flow directed to periphery of 
the disc, the values of heat transfer coefficients are determined both 
on laboratory experimental devices and by indirect method of heat 
conduction for rotors under conditions relatively close to the real 
ones [7, 10, 13, 19, 20, 21). Essential dependence ofheat transfer on 
the manner of air introduction into the clearance is noticeable: the 
pre-swirl of flow on the clearance entrance, presence ofholes for air 
supply, etc., increase the heat transfer [7, 9, 13]. In some 
experiments [7, 9, 13] considerable decrease of heat transfer was 
observed with the increase of air flow through the clearance, while 
in case of others [10), the dependence of heat transfer coefficients 
on air flow has not been generally observed. 

The presence of shroud in shrouded rotor-stator systems has two 
effects: on rotating disc it stipulates high shear stress due to viscous 
fiiction and it reduces amount of fluid which gets to the disc [2]. 
The first effect increases the Nusselt number while the second effect 
decreases the coefficient of the fiiction moment and with this the 
Nusselt number. Due to the second effect there exists the value of 
relative clearance up the shroud at which the Nusselt number 
obtains the minimal value. It will increase further with the decrease 
of relative clearance up the shroud. With lower values of the 
rotational Reynolds number the weaker influence of rotation on heat 
transfer is observed, which needn't be the case with real turbines. 
Investigations of heat transfer in shrouded rotor-stator systems are 
of the more recent date and are mostly investigated by numerical 
methods while the relatively few experiments serve only for 
determining of mutual influences of the geometrical and flow 
parameters and for the fmal confmnation of numerical results [2]. 

In all investigations of heat transfer on disc with rotating 
deflector the characteristic change of heat transfer coefficient along 
the radius by constant superposed air flow for cooling and rotational 
speed is observed [22, 23, 24]. The heat transfer shows considerable 
dependence on the design of element for introduction of air into the 
clearance. The values of heat transfer coefficients on the disc with 
rotating deflector depend slightly on the superposed air flow 
through clearance and they increase considerably when the radial 

velocity of flow exceeds 7 to 10 times the tangential velocity of 
disc. The dimension of the clearance between discs influences heat 
transfer after connecting the boundary layers. Further decrease of 
the clearance width leads to considerable decrease of heat transfer 
on disc surfaces, which is related to the increase of superposed flow 
vortex. 

The basic qualitative difference between heat transfer on the 
stationary wall and the opposite rotating disc surface is stipulated by 
different absolute magnitudes of tangential components of velocity 
on the external and internal boundary of the boundary layer [3 , 13, 

14]. 

SYSTEMATISATION OF SINGLE CORRELATIONS 
Everything that has been mentioned here complicates the 

practical usage of the collected experimental materials. Therefore, 
Guzovic [5] systematises first the single correlations from the 
available literature into five groups: 
1st group: correlations for calculating the average Nusselt numbers 
(of the average heat transfer coefficients) on the free rotating disc 
(Table 1)~ 
2"d group: correlations for calculating the average Nusselt numbers 
(of the average heat transfer coefficients) in open rotor -stator 
system without superposed flow (Table 2)~ 
3rd group: correlations for calculating the average Nusselt numbers 
(of the average heat transfer coefficients) in open rotor -stator 
system with superposed flow directed to periphery of the disc 
(Table 3)~ 
4th group: correlations for calculating the average Nusselt numbers 
(of the average heat transfer coefficients) on the disc with rotating 
deflector i.e. on co-rotating discs (Table 4)~ 
5th group: correlations for calculating the average Nusselt numbers 
(of the average heat transfer coefficients) on the stationary wall 
opposite the rotating disc (Table 5). 

The tables also present the application scopes of the flow and 
geometrical characteristics for which the application is 
recommended. 

The work [ 5] also describes in detail the single experiments. 

Table 1: The Single Correlations for Calculating the Average Nusselt Numbers on the Free Rotating Disc 

References Correlations 
Application ranges Distribution of !J.T 

Re0 *10'5 r/R along radius 

Cobb and Saunders [8] Nuav = 0,015Re~8 
4-13 0,57-0,81 const. 

Richardson and Saunders [ 15] Nu = 0 0138Re0
•
8 - - -av ' tp 

Kapinos [9] Nu = 0 027Re0
•
804 

25-40 0,38-0,9 - 3 
av ' 'P zr 

Nikitenko [14] Nu = 0 0194Re0
•
8 

av , 'P 3,2-9 0,3-0,8 const. 

Kapinos et al. [6] Nu = 0 0196Re0
•
8 

av ' 'P 3-10 0,3-0,85 con st. 

Gregory and Walker [16] Nu = 0 0145Re0
•
8
-

av ' ffJ 
0,35-7 - -

McComas and Hartnett [ 17] Nu = 0 0198PrRe0
•
8 

av ' ffJ 
0,2-6 - -

Owen et al. [18] Nuav = 0,0171Re:·814 
2-40 - -

595 

Digitised by the University of Pretoria, Library Services, 2015



Table 2: The Single Correlations for Calculating the Average Nusselt Numbers in Open Rotor-Stator System without Superposed Flow 

Application ranges Distribution 
References Correlations 

Re"" *10-5 of /1Talong [Jrp 
siR r!R Radius 

Mironov ( r 0' 
1 0 8 R -m S - ·'" 

[12] and Nu~ = 0,011 fJ. -I Re; (-;:-) (R) 2-40 
0,011- 0,445-

:::::r1,75 
0,38-

[13] 0,067 0,935 0,48 

m- from diagram 
Nikitenko Nu = 0 0217 Re 0'

8 
3,5-10 

0,02-
0,3-0,8 Con st. 

0,44-
[14] av ' rp 0,07 0,5 

Kuznecov 
Nuav = 0,024{1- Prp f' 75 Re~·8 

0,9-12 
0,011- 0,57-

::::: p0,2 
[7] 0,027 0,81 

Table 3: The Sinle Correlations for Calculating the Average Nusselt Numbers in Open Rotor-Stator System with Superposed Flow Directed to 
Periphery of the Disc 

References 

Caplin [19] 

Caplin [19] 

Kapinos 
[20] and 

[21] 

Mirnov 
[13] 

Kuznecov 
[7] 

Oprecht 
[10] 

Kapinos 
[20] 

Correlations 

N =0015o.8Ro.8_0,636*10s 
uav ' e'l' 0 s 

Re'~'·-

= ( 015 R 0•8_ 0,636 *10
5 
]* Nu av 0, e '~' o s 

Re(/J· 

Nu = 0 0346Re0'8 K-o.I ~ _!__ ( J
0,3( ]0,06 

av ' rp "t R2 R2 

Nu., = O,Ollcu. -~ r Re~'( ~2 ) ml;, r 
c, tp - from diagrams 

Nuav = 0,03Re~·8 

Nu = 0 035Re0.7 Re 0
'
1 ~ 2

s ( J
0,3 ( ]1,06 

av ' rp s R2 R2 
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Application ran_ges 

2,5-10 

2,5-10 

5-35 
(0,6-7) 

2-40 
(6-260) 

0,9-20 
(2,5-210) 

(10-100) 

5-40 

siR 

0,05-
0,15 

0,03-
0,1 

0,016-
0,064 

0,011-
0,067 

0,027-
0,11 

0,008-
0,0375 

r!R 

0,38-
0,46 

0,94-
0,45 

0,57-
0,81 

Distribution 
of 11T 

along radius 

-3 :::::r 

const. 

-3 :::::r 

0,18-
0,22 
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Table 4: The Single c 1 . fiCllf thA orre atwns or acuamg e verage Nusselt Numbers on the Disc with Rotating Deflector i e on Co-Rotating Discs .. 

Ap lication ran~es Distribution 

References Correlations Re 91*10-5
; r!R 

of 11.Talong p9' 
(Kv1) 

siR radius 

Buznik [22] N = 0 0339 R 0,8 -0,148K. 0,1-2,5 - 0,94-0,34 r-o,6 0-0,65 uav ' e'P e (0,1-4,8) 
I 

Buznik eta/. Nu= = 0,059Re~ 8 v(~)' 0,6-10 0,015- 0,86-0,33 zconst. 
0,2-6 

[23] (2-6) 0,06 

V- from diagram 
Kapinos Nuav = 0,0235Re~-8 V 0,6-10 >0,06 0,86-0,33 zconst. 0-0,2 

[24) (2-6) 

Table 5: The Single Correlations for Calculating the Average Nusselt Numbers on the Stationruy Wall Oooosite the Rotating Disc 

References Correlations 

Nu = 0 025 Re 0
'
8 f3°· 8 (n + 2 6t"

2 * av ' '7' '7' ' 
Shvec 

* (1- 0,585f3~·9 Re;0
'
1 
)-' [3) 

n- from diagram 

Mironov 
Nu= = O,OllRe~'(;, ruJ-O,, [13) 

Nikitenko Nu = 0 0178Re0
'
8 

[14) av ' '7' 

Mironov 
Nu= = O,Ollcq>

0
'
8 Re~'( ~ r (;, r [13] 

STATISTICAL ANALYSIS AND ORIGINAL 
GENERALISED STATISTICAL CORRELATIONS 

In order to simplify and accelerate the determining of average 
convective heat transfer coefficients in engineering application, 
Guzovic [5] analyses statistically the groups of systematised 
correlations, i.e. the results of calculations of average Nusselt 
numbers, and the results are the original generalised statistical 
correlations of type NUav=cRen. 

The statistical analysis is performed by means of a spreadsheet 
calculator on a computer (method based on the least square method 
and dragging of exponential "trendline"). The obtained original 
generalised statistical correlations which replace a particular group 
of the systematised single correlations from the literature are 
presented in Table 6. Table 6 also presents the ranges of flow and 
geometrical characteristics changes recommended during their 
usage. 

Due to identical calculations of Nusselt numbers according to 
systematised correlations in single groups, equal values of 
geometrical and flow characteristics (e.g. relative radius, relative 
clearance, flow pre-swirl, flow vortex, kinematic factor, etc.) have 
been inserted as needed. 

Ap] lication ranges Distribution 

Re 91*10-5
; 

siR r!R 
of 11.Talong Prr 

(Kv1) radius 

- - - - -

2,0-40 
0,011- 0,45-

:::1 f1,75 0,38-
0,067 0,94 0,48 

- - - - -

2-40 
0,011- 0,94- 0,18-

(6-260) 0,067 0,45 
zf1,75 

0,22 

Also, Guzovic [5] compares the calculation results obtained by 
the original generalised statistical correlations and by single 
correlations from literature. 

CONCLUSION 
In the course of the last several decades heat transfer on the 

surfaces of steam and gas turbines rotors has been continuously 
investigated experimentally and theoretically, and it has large 
significance in practice. 

The original generalised statistical correlations obtained by 
generalising a larger number of single correlations available in 
literature give, as the comparisons show, the accuracy of calculation 
results which is acceptable for engineering applications. These 
correlations can be applied in heat transfer calculations on various 
types of rotor-stator systems. The application scope of the original 
generalised statistical correlations is considerably greater than of 
any single correlation, because generalised correlation covers the 
ranges of geometrical and flow characteristics of all the single 
correlations. 

597 

Digitised by the University of Pretoria, Library Services, 2015



Table 6: The Original Generalized Statistical Correlations for Calculating the Average Nusselt Numbers in the Turbine Rotor-Stator Systems 

Application ran es 
Type of rotor -stator system Correlations Re90*10"5

; siR r/R /39' 
(Kv1) 

Free Rotating Disc Nu = 0 0088Re0
'
8491 

0,2-40 - 0,3-0,9 -
av ' rp 

Open rotor-stator system without superposed 
Nuav = 0,0066Re 0

'
8817 

0,9-40 
0,011-

0,3-0,935 
0,38-0,5 

flow 0,07 
Open rotot-stator system with superposed Nu = 0 5267Re 0

'
5515 0,9-40 0,008-

0,38-0,94 0,18-0,22 
flow directed to periphery of the disc av ' rp (0,6-260) 0,15 

Disc with rotating deflector i.e. co-rotating Nu = 0 1966Re0
'
6821 0,1-10 0,015-

0,33-0,94 0-6 
discs av ' rp (0,1-6) 0,06 

Stationary wall opposite the rotating disc Nu = 0 0229Re 0
'
7445 2-40 0,011-

0,45-0,94 0,18-0,48 
av ' rp (6-260) 0,067 
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ABSTRACT 
The primary focus of the presented study is to 

determine the influence of the clocking effect on 
efficiency of a turbine. Experimental investigations of 
the detailed flow structures in a two-stage low­
pressure turbine (TM-3) were conducted at the 
Institute of Turbomachinery (Inst)'1Ut Maszyn 
Przeplywowych => IMP) of the Technical University 
of Lodz (=>TUL, Poland). TM-3 (situated at IMP 
laboratory) in order to perform these tests was 
modified in 1994/95. Modifications included special 
clocking mechanisms to allow the first stage vanes 
and the second stage vanes to be moved 
independently and in relation to the casing (more 
details can be found in [ 1 ]). Analysis of the 
experimental results included turbine perfom1ance as 
well as flow measurements throughout the flow field 
for different relative circumferential stator positions. 
Cyclic changes were observed for all measured 
parameters and the position of the maximum machine 
efficiency was found. The measurements were 
conducted for a strictly constant inlet/outlet pressure 
ratio and the rotational speed. In order to achieve 
high accuracy of the measurements a lot of detailed 
tests with a very high confidence level were 
performed. The averaged results showed an efficiency 
benefit from 0.1% to 0.5%. 

INTRODUCTION 
In order to improve performance and prediction 

methods for multistage turbomachines understanding 
of the unsteady flow is essential. Recently great 
attention has been paid to relative circumferential 
position of blade rows in consecutive stages. 
A growing number of experimental and numerical 
studies concerning clocking effect were carried out in 
recent years to investigate these flow phenomena both 
in turbines (e.g. [2], [3], [4], [5]) and compressors [6] 
(they are similar to those for turbines). It shows the 

interest in finding the new ways for improving ..the 
perfonnance of the turbomachines. 

This experimental work was carried out at IMP 
and was continuation of earlier studies since 1994 
(e.g. (7][8]). The main objective of the test program 
was to experimentally investigate vane-clocking effect 
on the performance of the two-stage low-pressure 
turbine. Changing the clocking positions of the ~rst 
and the second stator vanes was performed 
independently during the tests (without stopping the 
turbine and dismantling it) in the range of more than 
2.5 relative pitches (based on stator vane geometry). 

NOMECLATURE 
b cord of the vane [ mrn] 
c absolute velocity [rnls] 
H height of the vane (channel) [mm] 
m mass flow rate [kg/s] 
M shaft torque [Nm] 
n rotational speed [Hz] or part of nominal n 
p pressure [Pa] 
P shaft power [W] 
Re Reynolds number based on a chord 
t temperature [K] 
T pitch ofthe stator [mm] 
Tu turbulence level (rms) 
x circumferential position (along the pitch 7) 
y radial position (along the height H) 
Greek wmbols 
a flow angle (absolute frame) [0

] 

17 efficiency 
Subscripts 
0 first stator inlet = turbine inlet 
1 first stator exit = first rotor inlet 
2 first rotor exit = second stator inlet 
3 second stator exit = second rotor inlet 
4 second rotor exit = turbine exit 
m midspan 

total 
nom nominal 
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FACILITY 
The series of tests were conducted on the two­

stage low-pressure turbine with the eddy-current 
brake. The layout of the turbine test rig is presented in 
Fig. 1. A two-fan set provided a continuous airflow to 
the test rig. The inlet air parameters were as follows: 
total pressure Pro= I5.5 ± 0.05 kPa, total temperature 
7~0 = liS± 3 K, mass flow rate m =3.50 ± 0.02 kg/s. 
The rotational speed was in the range 23 to 
58 Hz. Variation of the rotational speed n at each 
working point was less then 0. 02 Hz during the 
measurements. 

The turbine geometry with some clocking 
positions is presented in Fig. 2. Both stages are 
identical. The number of the cylindrical vanes on the 
stators and the twisted blades on the rotors is I6 and 
96, respectively. The clocking position x/T=O.OO 
determines the situation when the 2"d stator vane has 
the same circumferential coordinate as the vane of the 
I st stator. The big stator vanes (compared by 
dimension to the twisted rotor blades) allowed 
performing detail studies of vane surface flow 
phenomena (the measurement and visualization 
techniques are presented in [9]). More detailed 
description of the test facility geometry and the flow 
measurements can be found in [ 1]. 

INSTRUMENTATION 
The basic flow parameters (total and static 

pressure, total temperature, velocity vector) after the 
annular cascades were surveyed at the beginning (at 
each measuring plane) with pneumatic five-hole 
probes (with thermocouple mounted in the lower part 
of each probe [I 0]). The pneumatic signals were 
received by a 48-channel pressure system and 
recorded simultaneously with thermo-couple signals 
by the data acquisition-controlling system. 

-6m 

Figure 1: Layout ofthe TM-3 turbine (IMP TUL) 
1.Air filter 2.Noise silencer 3. Venturi tube 4.Fan # 1 
5. Fan #2 6. Air-duct 7. Honeycomb straightener 

8. Inlet ring 9. Turbine 10. Shaft 11. Brake 

For unsteady 3D flow measurements three-sensor 
hot-wire probes were used. The sensors were 
3 mm long, made of a 9 11m tungsten wire. The 
thermoanemometric probe was always aligned 
through on-line control with the mean flow direction, 
which was determined from the earlier five-hole 
pneumatic probe measurements. 

The data from the hot-wire anemometers were 
simultaneously recorded by the digital multimeter 
(DC part of the signal) and the transient recorder (AC 
part of the signal) to obtain the maximum resolution. 
The data acquisition was trigger~d by a photocell 
located at the hub of the rotor. 

Blade wakes were sampled in a one-time window 
with a digital resolution of 256 points at a sampling 
frequency of 250 kHz. After one rotor revolution, the 
next time-window was recorded, until 256 of these 
time-windows were stored. 

0 2 3 4 !------Is s 30 I 20.2 I 38 74 30 I 20.2 &I 

, T"·b'=~0,61------t---~~2[5r 4·---- -/-~/ -Pin,' I 
T~--··" ' I j 

x'.IT 
..0.17 

0.00 

0.17 

0.34 

0.51 
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Re, •6.3 ·10~ Re4 ~3.7·10' 

Figure 2: Turbine geometry with the measuring planes and some clocking positions presented 
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More detailed descriptions of the probe calibration 
method and the data reduction during measurement 
session (decomposition of the unsteady signal) is 
given in [11] and [12]. This part ofwork was done in 
cooperation with 1ST RWTH Aachen (Germany) and 
is similar to Gallus experiments [ 13]. 

The external characteristic measurement data 
(torque, rotational speed and power of the turbine) 
were obtained with the eddy-current brake controlling 
system. 

EXPERIMENTAL RESULTS 
For external characteristic measurements, 

experimental data have been obtained for 29 different 
clocking positions of the two stators. 

It is worth noting that clocking effect influences 
the whole test rig, not only turbine. At earlier studies 
the changes of overall mass flow, inlet flow 
parameters etc. were observed due to the clocking 
effect (flow blocking effect). In this study the special 
precautions were taken to ensure the constancy 
(steadiness) of the overall characteristics of the test 
rig at each operating point, especially constant 
rotational speed and the difference between inlet total 
pressure and outlet static pressure (a special phase 
converter was used to control the first fan drive, Fig. I 
=> #4, to ensure the flow stability). The additional 
devices for controlling and eliminating outer 
disturbances and electromagnetic noise were also 
used. Aside from this, based on the earlier results, the 
number of measurements was significantly increased 
and more stringent statistical criteria were used during 
the measuring sessions. 

Figures 3 and 4 show the torque and turbine 
efficiency (calculated with the mechanical method [2]) 
changes versus different rotational speed. They are 
presented relative to the value for the clocking 
position t/T=O and nominal rotational speed n=11nom 
for different clocking position of the two stators. For 
such a presentation, due to the required scale, no 
differences can be observed. In this paper the 
presented values from the range of more then 2.5 T 
were averaged to the one-pitch range <x/T=O;x!T=1> 
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Figure 3: Relative torque versus different rotational 
speeds (see explanation in the text). 
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Figure 4: Relative efficiency versus different 
rotational speeds (see explanation in the text). 

The differences are clearly detectable when they 
are related to clocking position x!T=O.OO individually 
for each rotational speed (Figures 5 and 6), especially 
for lower rotational speeds. For higher values of the 
rotational speed the differences are significantly 
smaller but still detectable. 
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Figure 5: Relative torque versus different clocking 

positions (see explanation in the text). 
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Figure 6: Relative efficiency versus different 
clocking positions (see explanation in the text). 
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The results presented in this paper are similar to 
those obtained by Huber et al. [2] but obtained in 
wider performance range. 

During five-hole pneumatic probe measurements 
the measuring planes (see Fig.2) were traversed with 
the help of computer controlled stepper motors from 
the hub to the outer casing of the turbine for 39 radial 
and 29 (along one pitch) circumferential positions. 
The Fig. 7 presents, as the example, the flow angle 
after the second stator for six (every 1/6 of the pitch) 
different clocking positions along one pitch of the 
stator vanes. Fig. 8 (a and b) shows, as the 
continuation of the previous example, the comparison 
of the pitchwise-averaged flow angle downstream the 
annular vane cascades for the same six clocking 
positions (Fig. 2). 

Subsequently the unsteady flow measurements for 
different rotational speeds were performed using 3D 
hot-wire probe for 13 (along one pitch) 
circumferential and 26 radial probe positions. It was 
found that with increasing rotational speed, the flow 
becomes more mixed and tranquillized, and the 
differences between stator clocking positions are be­
coming much less pronounced. Fig. 8 (c) presents, as 
the continuation of the example, some results of the 
pitch-wise averaged unsteady flow angle 
measurements downstream the rotors (clocking 
positions every 1/4 of the vane pitch in this case). The 
variation of the measured values influenced by the 
stator-to-stator clocking position is rather difficult to 
be detected due to the strong mixing phenomena but 
it could still be recognized [14]. 

Significant differences can be observed for the 
different clocking positions after the second stator 
and, of smaller magnitude, after the second rotor. 

With the increase of the rotational speed it was 
also observed that the flow tends to calm down 
(lower level of Tu), especially in the central part of 
the flow channel (also due to bigger values of the 
velocity). The variation of the turbulence level Tu, 
influenced by the stator to stator clocking position 
was detectable and the differences were in the wider 
range for the clocking position x!T = 0.5 [8]. 

The results were consistent with those previously 
reported which had been, however, obtained utilizing 
different measuring method (three-sensor hot-wire 
probes versus pneumatic five-hole probes). 

Figure 7: Flow angle after the second stator for six 
different clocking positions along one pitch of the 

stator vanes (every 1/6 of the pitch) 
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CONCLUSIONS 
Experimental investigations aimed at detection of 

stator-to-stator interaction (by varying the 
circumferential relative position of consecutive vane 
rows) of a two-stage low-pressure turbine were 
performed. 

The results of precise measurements of the power 
and torque output differed very slightly around the 
nominal operating point. Only for the off-design 
rotational speeds (high load conditions) the effect of 
the indexing is clearly detectable and the overall 
performance of the turbine is detectably influenced by 
the clocking position of the two stators. 

It leads to the conclusion that, in some 
conditions, the measurement of the external 
characteristics (torque, power etc.) alone may 
provide insufficient evidence of the influence of the 
clocking position, especially close to the nominal 
operating point. For highly loaded machine, far from 
the nominal operating range in this case, the clocking 
effect is much more detectable. 

The last figures (Fig. 9 and 1 0) help to see overall 
tendency of the relative torque and efficiency 
changing. 

The detailed distributions of the flow parameters 
demonstrated similarities downstream the first stage 
for different clocking positions but the exit flow was 
noticeably influenced though the strong flow mixing 
phenomena after the rotors (due to the big amount of 
blades comparing to the number of vanes). The 
number of the cylindrical vanes on the stators and the 
twisted blades on the rotors is 16 and 96, 
respectively, thus the ratio is far from 1: 1. According 
to the recent numerical predictions made by the 
Arnone eta!. [5] practically no clocking effect should 
be detected. In this case it was observed for each 
measured operating point, especially when carefully 
controlling the flow parameters. Presented in this 
paper flow angle changes (Fig.6) is a good example 
of this phenomenon. 

The detailed studies of the 1st stator-passing wake 
showed that after leaving the first stator it 
immediately starts to rotate around the axial direction. 
Additionally it interacts with secondary flow vortices 
nearby the wall regions changing its shape and the 
flow phenomena are much more complicated then it 
was presented by other authors (e.g. Huber et al. [2]). 

Figure 8: Pitchwise averaged flow angle for different 
clocking positions: 

a) Downstream from the 1st stator [12], 
b) Downstream from the 2nd stator [ 12], 
c) Downstream from the 1st (on the left) and 

2"d rotor (on the right) [7]. 

a) 
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Figure 9: Relative ~orque change due to the clocking 
effect for different rotational speeds. 

Figure 10: Relative efficiency change due to the 
clocking effect for different rotational speeds. 

In this case the rotating first stator wake is divided 
into two parts (in ratio about I :2) by the leading edge 
of the second stator. It indicates that axial gap plays 
also significant role in the clocking effect. 

The results showed an efficiency variation from 
O.I% to 0.5%, which may seem minute but 
considering the long working time of any 
turbornachine it could be a source of potential turbine 
performance benefits, especially outside the design 
conditions. 
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INTRODUcriON 

Of late, an iuta'est in the use of ceramic maerials 
in the cunmt gas turbomachineJ:y to improve the 
economical and enviromneutal values of the gas-1urbine 
plauts has been on a steady rise. The initial research and 
development works as well as the fresh fmdings of the 
commercial running of ceramic gas-turbine engines 
(GTE) both in the USA and 1apan demonstrated that it 
would be more rational to keep a staged incorporation of 
the structural ceramic msterials iDto the hip-temptnblre 
gas-turbom.acbinery [1 ]. 

At the iDiba1 stages, it is particularly impodaut to 
carry out researches and to embody combined metAl­
ceramic structures fot" the GTE high-tempemture 
elementll, including parts md compooeotl of gas turbine 
itself (guide vanes and rotor" blades, pr-otective lining for 
turbioe discs and iDtanal. cuing surfaces over the turbine 
wheel, etc); combustion chambers (lioa's. burners, 
igoiten. etc); recuperative or regenerative air beaten 
(heat exchange matrix, manifold, casing linin& etc). bot 
media supply aod discharge paths (volutes. inlet piping 
and exhaust diffiuen linin& etc). To put the above imo 
effect, the reseJII'Ch-eogineering ceoter '"Ceramic heat 
engines" (NIZ KTD) implemmted u follows: 

- produced the original aluminoborounitride 
ceramic SUGRAV and its modification SUGRAV·M 
which are actually zero-shrinJca&e and easily adaptable to 
welding by the diffiasive technique; furthermore. they 
have relatively high strength and com>sion resistance 
values at temperatures ranging from 1200°C to 1.500°C 
[2,3]; 

• developed. OJimtfac;tnred and successfully tested 
the hybrid metal-ceramic structures of the high-

temperature elements for GTE (turbine volute, hot 
gasducts, combustor liners, recuperative air beater, etc). 

The hybrid structures are sectional. Their main 
componeots are: 

- the high-temperature ceramic element in direct 
contact with the high-temperature workin8 media flow 
(gas) meant to absorb the heat leeds; 

- the low-temperature cooled metal (or etnmic) 
strength element bearing the mechanical loads; 

- the effective thermal insulation between the beat 
strength elements .. cutting off• the heat flux supplied 
from gas to cooler. 

The hybrid structures for GTE were produced on 
the basis of the quesi•di•baticity concept with the aim to 
provide a minimum (in theory, close to zero) beat flux 
.from the thamal element heating gas to the cooler of the 
strength element. As a result, the relative air flow fot" 
cooling of the strength elemeota is reduced by nearly en 
order. At the seme t:ime.. the concept of ceramic operating 
essentially on compression is put i.oto effect in the hybrid 
structures, including the rotor elemeJJts (rotor blade 
shells, ioterblade inserts, lining fot" turbine disc surfaces, 
etc). 

Since 1991 the activities have been in full swing at 
the NIZ K1D with the objective to produce a low-NOx 
high efficiency ceramic su-turbioe 2.5 MW KGTD-2.5 
engine Its effective efficiency is within 42-4S%. At 
preteDt. the demoostrstor of the engine is pl'epared foc 
testing. 

All the high-temperature parts aod componeots of 
KGID-2 . .5 and the demonstnltor' have been developed 
eod maoufactured oo the basis of the alumiooboron­
nitride ceramic SUGRA V-M with use of hybrid 
structures for the main elements and components meaot 
to embody the quuiabaticity concept and the coacept of 
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1he aluminoboronnitride ceramic material operating 

DESIGN OF HYBRID GUIDE VANES AND 
ROTOR BLADES 

The analysis of trmds in the field of the 
development of the gas-turbine engines provides a basis 
for the conclusion that a reduction in the power losses 
caused by a high flow of the cycle air bled off fiom the 
compl'eBIOI' for an intensive cooling of the high­
temperature gas turbine metal is ooe of the most effective 
techniques of upgradi.og the teclmical and ecomm.ical 
characteristics ofGTE [1,4,5,6,7,8). 

As is wdl known, the open system of air cooling 
for high-temperature gas turbines is now the most widely 
applied to the CWTeDt aviation. ship, drive and power 
GTEs. The reason for the above is that it is the most 
reliable and simple system Though, this is right the open 
systems cause the greatest power losses due to cooling 
of the high-tempc.Dture gas turbine metal. E.g., the 
relative air flow foe coolin8 the advanced aviation and 
ship GTEs may amOUDt to 10-12% and higher. 

essentially oa compression. 
Numerous experimeotal data show that with the 

supply of the coolin8 air ioto the flow pusage of the 
turbioe amoooting to 1% of the total flow of the hot 
working ~ the 0.4-0.6% reduction in turbine 
efficimcy ( depeuding on the air blowing-off spot. its 
direction and iDtensity) takes place. In tum, the 1°.4 
efficimcy reduction for the turbine decreases the GTE 
cycle efficimcy by 0.~.6% (depeodios on the gas 
t.emperBture at the turbine wheel exhaust) [6]. Aiming to 
achieve a notable reduction in the cooling air flow in gas 
turbomachinrry, a lllJIDber of structures were 
developped, includina the hybrid structures of the guide 
vanes aDd rotor blades for GTEs (5,8,9), though u a rule, 
these projects did not envi588e a potent embodiment of 
the capability of the ceramic shells to operate at the 
co!Dpl'elsive stresses. Implementation of the above and 
an appropriate increase in the reliability is achieved 
through mamJfad:ure of the hybrid rotor- blades foe the 
KGID-2.5 engine. 

7 

6 

Fig. I. Engine KGTD-2.5. Turbine wheel foe high-pressure turbine (HP1j with metal ceramic blades and ceramic 
1hermal-insulating lining 

1 - metal carrier coce; 2 - metal peripheral platform; 3 - cenanic shell; 4 - turbine disc; 5 - ceramic block; 6, 7 -
elemenbs of ceramic lining foe disc; 8 - lock; 9 - deflectOI' for rot« blade. 

As is evident from Fig.l, the turbine wheel of the 
high JRSIUfe turbine (HPT) foe the KGTD-2.5 engine is 
the metal disc 4 with the hybrid rotor blades secured on 
the disc rim with use of the lock 8. The lock is a hollow 
sleeve through which the cold air delivery iDto the 

cooling channels of 1he canicr core of the blades is 
carried oul The disc rim between the blades is insulated 
from direct CODtact with the bot sases by the pmpheral 7 
md ceatra1 6 elao.eats of ceramic lining and, also, by the 
ceramic block heads s. 
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The hybrid rotor blade includes three mucture 
elemartB, namely the external airfoil shell 3 made of a 
structural ceramic material and mounted loosely on the 
core of the thermal insulation layer as the screen· 
deflector 9 and the metal carrier core 1 with grooves fot 
the cooling air, the peripheral platform 011 which the shell 
rests atrotationunderthe action ofthe centrifugal forces. 
and with the threaded tail to secure the turbine wheel in 
the disc. The high-temperature gas flows directly through 
the extemal airfoil shell 3 , ie. the turbine working media 
and the cooling air protects the metal carrier core 1 
against an overheating . 1be ceramic elements of the 
turbine wheel of the KGTD-2.5 engiDc are shown in 
Fig.2, while Fig.3 shows the snapshots of the turbine 
wheels as an assembly. 

· ... ·.· ... :. 

': ;:}><· -: -JJ/l·. 
Fig.2. Engine KGTD-2.5. Ceramic elements of the 

turbine wheel for HPT 
a) shell; b) block; c) elements of the cemra1 and 

peripheral lining turbine disc. 

. ~: 
. . :' .· .... ·' .. · ·-:· .... 

b). 

Fig. 3. Turbine wheel for axial turbine as an 
assembly 

a) gas-turbine engine KGTD-2.5; b) GTE fot 
Microturbo. 

The cenuni.c shell is equipped at the same time, 
with the capability of free thermal expansion which 
reduces the heat stresses in it. 

A similar concept is put iDto effect in the hybrid 
guide vanes design (Fig.4). Here, metal carrier elemeuts 
are involved as well (cones, rings 3 and 7) the protective 
element! ~ng the loads (shells 3, inserts 1 and 4) 
capable of expansion freely 'relative to the streosth 
elementB ensuring a required air-tightness of the cooling 
air channel (see section A-A, Fi 4). 

!!_/ ! J,~~ 
_LYA:Y \1_ 

6 
A-A 

Fig.4. GTE fot Microturbo. Hybrid guide vane 
1 - root ceramic insert; 2 - root strength ring; 3 -

ceramic sbeU; 4 - peripheral ceramic iDsat; 5 - ball DUt; 

6 - deflector; 7 - peripheral strmgth ring 8 - metal 
cmiercore. 
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..... ·· . ·· ... . ... · ... ·· .... 
. . .. : 

b). 
Fig.S. GTE for Microturbo. Location of protective 

ceramic inserts relative to strength metal spokes (a­
peripheral, b -root) for guide vanes of hybrid strudure. 

Fig.5 shows location of the ceramic protective 
inserts of the guide vanes in relatioo to its strength rings, 
Fig.6 shows the hybrid metal-ceramic guide vanes as an 
assembly. 

Fig.6. GTE for Microturbo. Hybrid metal-ceramic 
guide vanes as an assembly 

TEST FINDINGS 
Comprehensive tests (aerodynamic - Fis-7, spin -

Fig.8, heat- Fig.9, thermocyclic- Fig. -10) verifsed the 
functionality of the hybrid strudures ofblading. 

0 . ; ; 
«J I I 

~ : : m 15 ·········· .......... : ............ ~ ........ ··:·· .. ········ 

.Q l l l 1 . . . 
I I I 

' . ' ' 
I f I I 

10 · ········· · ·~·· ....... :.... . . 

0 Q6 Q8 

Fig. 7. GTE for Microturbo. Results of hydrodynamic 
tests (ideutificatioo ofloss factors) of circular subscale 

cascades: 

1 

1 - guide V'IIDeS with rtaged twisting (see Fig.4). 
M=0.77S, Re-380.000; 2 - rotor cylindrical blades 
M=O. 76; Re-350.000 (M, Re are tbe Mach and Reynolds 
numbers). 

1 

3 

c 
0 

2 

-~.f---rH-,f-4 
~ 
a 
E . 
8~ ...... ;. 

b). c). 

i 

E 

Fig.S. GTE for Microturbo. Results of spin tests of 
ceramic shells 

a - test scheme~ b - cylindrical subscale shells; c -
full-scale aid'oil sbdls; 1 - shell element; 2 - multi­
elemem sectiooal shell; 3 - loading washer. 4 - deflector; 
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S - carrier COFe with peripheral platform; 6 - shell 
element test conditioos; 7 - sectiooal shell test 
oonditi001; 8 -test conditions for shell elemeots with 
loading washer; 9 - test conditions for sectional shell 
with loading washer, 10. 11 - level of opersting stresses 
at the rated load for engines KGTE-2.5 and Microturbo. 
respectively. 

First, it should be noted that 
1. The cooling air flow in the heat tests (Fig.9) did 

not exceed 
-1.2-1.5% for hybrid rotor blades (which is one 

order below that for the conventional designs) at the 
initial tempendUre of hot gases of 1350°C and the 
maximum temperature of the carrier core of 660°C for 
standard cooling systems. curve 1) or 850°C (at 
malfunctions in tbe cooling system, e.g. when a portion 
of air does not flow along the cooling channels. curve 3). 
As for tbe hybrid guide vanes, the air flow for cooling of 
the carrier metal spoke (Fig.S) was altogether 0.5% with 
even the hot gas tempendUre being 14S0°C ( it is shown 
in Fig.91 ie. 0.03.0.15% of the flow required for the 
metal blades. 

2. The hybrid structure of the blades is capable of 
sustaining high temperature gradients (loo-200°C/s) 
associated with the startup and shutdown of GTEs 
(Fig.10). 

:ID+----t----t---~ 

KD KID 1JD I4D 
gs~t= 

Fig.9. GTE for Microturbo. Results ofheat tests of 
full-scale hybrid rotor blades and guide vanes 
1 -temperature of metal c«e for rotor blade under 

pldonn (standard coolins); 2 - tempendUre of metal 
core for rot« lUde UDder pldorm (non-standard 
cooling); 3 - temperature in blade rotor metal core 
platform; 4 - temperature in center of metal spoke f« 
nozzle vane. 

I I I 
I I I 
I I I 
I I I 

rr·r-r 
: : : : 
I a t ' : : : : 

0+-+-t-t-+-; 

Q1)J)3)4)3) 

1im;s 

... ... ... ... ... 
····'····'····'··· ... . . . . 

I I 

I I I 

0 ..._ .... · -+-1 -t'~ 

0101)])4) 

tint;s 

a). b). 
Fig.lO. GTE for Microturbo. Heat tests duties for 

hybrid turbine blades 
a - rotor blades; b - guide vanes; temperature 

gradient and cycle IWmber: 1-130 °C/c and 5; 2-190 °C/c 
and 5; 3- 110 °C/c and 5. 

3. ()pending under predominautly compressive 
load conditions. it is pO!sible to produce low-stressed 
ceramic sheila (Fig.S) f« the hybrid blades ensuring high 
life values for the ceramic GTEs.. 

4. The research results of the aerodynamic losses in 
the tests of the circular cascades of the cylindrical blades 
and the blades with the staged twisting did not show a 
notable effect of the staged airfoil on Jhe value of the 
hydrodynamic losses when testing the geometric 
cbaracteristics of the airfoils. 

Summing up the above. one can arrive at the 
conclusion that the level of adiabaticity. which implies a 
degree of keeping with the concept of "adiabatic 
(uncooled) turbine", is one of the most important 
determining properties of the .turbine. A significant level 
of adiabaticity of the ceramic GTEs preconditions a 
significant increase in their maximum efficiency 
capability. 
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ABSTRACT 
In the turbomachinery, which transfers mechanical energy to 

hydraulic energy, hydraulic energy jump is caused from the 
hydraulic energy at flow passage just before the entrance of 
leading edge of impeller inlet to that at leading edge of impeller 
inlet. It is caused only once and one kind in case of centrifugal 
turbomachinery, because impeller blade opens its entrance 
mouth radial inward and fluid particle enters to the impeller 
blade radial outward. However, in case of mixed and axial flow 
turbomachinery, impeller blade opens its entrance mouth across 
the axis of rotation and fluid particle enters to the leading edge 
parallel to the axis of rotation. Therefore, entrance radius varies 
between hub and tip. This indicates that grade of hydraulic 
energy jump varies by the entrance radius between hub and tip at 
the leading edge of impeller inlet. Hydraulic energy jump is the 
largest at the tip and the smallest at the hub. 

1. INTRODUCTION 
Turbomachinery is a machine, which transfers energy from 

mechanical to hydraulic energy and from hydraulic to 
mechanical energy. When impeller blade rotates together with 
fluid particle, if mechanical energy is supplied to the system, 
mechanical energy, which is supplied to the system from outside 
of the system, is transferred to hydraulic energy in the system. 
Therefore, fluid particle in the system increases its hydraulic 
energy along the flow passage in the system. 

Let us image a conduit pipeline passing through the rotating 
flow passage in a turbomachinery. Fluid particle flows in the 
conduit pipeline from upstream non-rotating flow passage to 
downstream non-rotating flow passage passing through impeller 
blades rotating flow passage, and increases its hydraulic energy 
in order from the value at flow passage just before the entrance 
of leading edge of impeller inlet to the value at just after the 
discharge of trailing edge of impeller outlet. Examples for this 
kind energy transfer could be seen in pumps, fans, and blowers. 

On the other hand, if fluid particle rotates together with 
impeller blade in a turbomachinery and hydraulic energy is 
transferred to mechanical energy in the system, fluid particle, 
which flows from upstream non-rotating flow passage to 
downstream non-rotating flow passage passing through impeller 
blades rotating flow passage, decreases its hydraulic energy in 
order from the value at flow passage just before the entrance of 
leading edge of impeller inlet to the value at just after the 
discharge of trailing edge of impeller outlet in the conduit 
pipeline. Hydraulic energy of a fluid particle passing through 
rotational flow passage is transferred to mechanical energy and 
demanded from the system through impelling blades rotating 
shaft. Examples for this kind energy transfer could be seen in 
water turbines. 

Therefore, main subject to be discussed among engineers is a 
matter of course energy transfer, which is caused in the rotating 
flow passage of turbomachinery. Our most interested viewpoint 
is therefore on the subject how energy transfer is caused between 
impeller blade and a fluid particle in the rotating flow passage of 
turbomachinery. Then, mechanism of energy transfer, which is 
caused between hydraulic and mechanical energies, a fluid 
particles movement in the rotating flow passage, and its 
interrelation with energy transfer have to be discussed as the 
basic problem caused in rotating flow passage. 

Hydraulic energy E, which is produced by a turbomachinery, 
can be explained simply as the product of mass flow rate p Q and 
head H. Hydraulic energy E itself changes in the conduit pipeline 
along the rotating flow passage. Partial hydraulic energies, such 
as pressure, velocity, and potential energies, construct hydraulic 
energy E in the conduit pipeline. However, special attention has 
to be made on hydraulic energy change. Our most interested 
viewpoint is on the change of hydraulic energy E, which varies 
itself in the conduit pipeline along the rotating flow passage of 
turbomachinery, but not on the partial hydraulic energy change, 
which is caused under the constant hydraulic energy E along the 
conduit pipeline. 
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By the way, HI p Q indicates hydraulic energy of which unit 
mass of fluid particles has in the rotating flow passage of conduit 
pipeline. Conduit pipeline, in which fluid particles flow at mass 
flow rate p Q, could be equivalent to the conduit pipeline in 
which unit mass of fluid particles flows. Then, change of 
hydraulic energy E of mass flow rate p Q in the conduit pipeline 
along the rotating flow passage could be equivalent to the 
change of hydraulic energy HI p Q in which unit mass of fluid 
particles flows in the conduit pipeline. 

This result of discussion could be expanded as follow: Fluid 
flow in a conduit pipeline is equivalent to the fluid flow in a 
stream tube. Stream tube is lined along the streamline in the 
rotating flow passage ofturbomachinery. Then, hydraulic energy 
HIp Q of unit mass of fluid particles in the conduit pipeline is 
also equivalent to the hydraulic energy e of unit mass of fluid 
particles in the stream tube. Hence, it could be said that the 
change of hydraulic energy e along the streamline in the rotating 
flow passage could be the main subject to be solved and 
discussed among turbomachinery engineers. 

In this point of view, basic mechanism of energy transfer from 
mechanical to hydraulic energy, which is caused on unit mass of 
fluid particles in the stream tube along the streamline in rotating 
flow passage of turbomachinery, hydraulic energy jump, which 
is caused from the hydraulic energy at flow passage just before 
the entrance ofieading edge of impeller inlet to that at leading 
edge of impeller inlet, and their interrelation with overall 
efficiency are discussed in this paper. 

NOMENCLATURE 
A-----tB =fluid flow from above to below in figure 
B-----t A = fluid flow from below to above in figure 
E = hydraulic energy produced by a turbomachinery [N • m/s] 
e =hydraulic energy of unit mass of fluid particles [N • m/s] 
g =acceleration of gravity [m/s2

] 

H =head [m], or hydraulic energy of a fluid particle [N • m/s] 

HE= hydraulic energy [N • m/s] 
ME= mechanical energy [N • m/s] 
QA =flow rate at valve opening A [m3/s] 
Up= peripheral velocity [m/s] 
VA= velocity of fluid particle at flow rate QA [m/s] 
{3 =angle, blade chord makes with moving direction r ] 
p = density of liquids [kg/m3

] 

2. PRINCIPLE OF ENERGY TRANSFER IN ROTATING 
FLOW PASSAGE OF TURBOMACHINERYS 

2.1 Non-Rotational motion 
Fluid Flow in Perpendicular Blade Row 

Blade chord of a blade row, shown in Fig.! (a), is set 
perpendicular to moving direction and makes a right angle with 
the moving direction. If blade row moves left hand side parallel 
to the paper surface, blade chord forces fluid particle normal to 

moving direction. Therefore, a fluid particle, which is contained 
between impeller blades, moves left hand side together with 
impeller blades. However, neither the fluid flow from above to 
below (A- B=O), nor from below to above (B-A=O) is caused 
in the flow passage. That is, even if blade row moves toward the 
left hand side, right component of force, that is, perpendicular 
component of velocity across the moving direction is not caused 
on the fluid particle at all in the flow passage. 

Fluid Flow in Inclined Blade Row 
Blade chord of a blade row, shown in Fig. I (b), makes angle 

{3 less than 90 degree with the moving direction. If blade row 
moves left hand side parallel to the paper surface, blade chord 
forces fluid particle above direction to flow at angle (90 + {3 ) 
across the moving direction. Therefore right (perpendicular) 
component of velocity from below to above (B-A) is caused on 
fluid particle across the impeller blades moving direction. 
However, if the blade chord makes angle {3 larger than 90 
degree with the moving direction, blade chord forces fluid 
particle below direction to flow at angle (90 + {3) across the 
moving direction. Therefore right (perpendicular) component of 
velocity from above to below (A-B) is caused on the fluid 
particle across the impeller blades moving direction. 

This indicates that even if blade row is installed in the flow 
passage, if blade chord is perpendicular and makes a right angle 
with the moving direction, right (perpendicular) component of 
velocity is not induced on the fluid particle at all. However, if 
impeller chord makes an angle with the moving direction, right 
(perpendicular) component of velocity is induced in the flow 
passage across the moving direction. And the fluid particle 
moves right (perpendicular) direction either from above to 
below or from below to above in the flow passage. 

I A~=O I A~. if {3> 9<f 

--I ~l __ 'Zyf I-_Z: 
(a) I B-A=O (b) B-A if {3< 9<f 

Fig. I Movement of impeller blades and fluid flow. 

2.2 Rotational motton 
Rotational Motion o[Perpendicular Blade Row 

Ifthe blade row, shown in Fig. I (a), rotates counterclockwise 
around the axis of rotation at angular velocity w, fluid particle, 
which is contained between impeller blades, rotates together 
with impeller blades toward left hand side around the axis of 
rotation. However, neither right (perpendicular) component of 
velocity from above to below (A-----tB), nor from below to above 
(B-A), is induced on the fluid particle in the flow passage. 
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Let us consider a material, which is rotating at a constant 
speed around the axis of rotation. What kind of forces is acting 
on it at that condition? As a string from the center of rotation 
pulls the material toward the axis of rotation, it could be said that 
rotational motion is held by the action of external centripetal 
force. In other words, material cannot continue its rotational 
motion without the action of external centripetal force. This 
indicates that if a material is rotating at a constant speed around 
the axis of rotation, material has a centrifugal force to move 
radial outward, because internal centrifugal and external 
centripetal forces are well balanced at that condition. In more 
direct explanation, rotational motion causes centrifugal force on 
material. This can be clear from that if a material is rotating 
around the axis of rotation, acceleration acts on it toward the axis 
of rotation. As the external acceleration acts on material toward 
the axis of rotation, it can rotate around the axis of rotation. 

Application to Centrifugal Turbomachinerv 
In the rotating flow passage of centrifugal turbomachinery, 

fluid particle rotates together with impeller blade around the axis 
of rotation. This indicates that impeller blade, which is rotating 
at a constant speed, acts on fluid particle tangential force and 
rotates it around the axis of rotation at peripheral velocity U and 
causes centrifugal force on it. However, as fluid particle is not 
joined with a string, fluid particle moves radial outward by the 
action of centrifugal force. Fluid particle moves radial outward 
by the action of centrifugal force in the rotating flow passage. 
Therefore, radial outward flow from inner radius to outer radius 
is caused on the fluid particle in the rotating flow passage of 
centrifugal turbomachinery. See Fig.2 (a). 

(a) centrifugal pump (b) mixed flow pump 

Fig.2 Illustration of fluid particle's radial movement. 

Rotational Motion oflnclined Blade Raw 
If the blade row, shown in Fig.l (b), rotates counterclockwise 

around the axis of rotation at constant angular velocity w, fluid 
particle, which is contained between impeller blades, rotates 
together with impeller blade around the same axis of rotation. As 
the blade chord makes angle {3 less than 90 degree with the 
rotating direction, fluid particle, contained between impeller 
blades, moves not only from below (B) to above (A), but also 
from inner radius (I) to outer radius (0). Rotating impeller blade 
causes on the fluid particle, not only right (perpendicular) 
component of velocity, parallel to rotational axis from below (B) 
to above (A) across the moving direction, but also radial outward 
component of velocity in the rotating flow passage. 

If the blade chord makes angle {3 larger than 90 degree with 
the moving direction, fluid particle, contained between impeller 
blades, moves, not only from above (A) to below (B), but also 
from inner radius (I) to outer radius (0). Fluid particle has not 
only right (perpendicular) component of velocity from above to 
below across the moving direction, but also radial outward 
component of velocity in the rotating flow passage. That is, fluid 
particle moves not only parallel to axis of rotation, but also radial 
outward from inner radius to outer radius. 

APPlication to Axial and Mixed Flow Turbomachinery 
In the rotating flow passage of an axial flow and a mixed flow 

turbomachinery, impeller chord makes angle {3 less than 90 
degree with the moving direction. Rotating impeller blade acts 
on fluid particle not only axial force, but also centrifugal force. 
Centrifugal force causes on fluid particle radial outward 
movement. Therefore, fluid particle moves both axial and radial 
(outward) directions in the rotating flow passage. 

In other point of view, turbomachinery is operated by the 
mechanical energy. Mechanical energy is supplied to the system 
from outside of the system. Impeller blade rotates together with 
fluid particle and energy transfer from mechanical to hydraulic 
energy is caused from impeller blade to fluid particle in the 
rotating flow passage. Therefore, fluid particles radial outward 
movement, which is caused by the action of centrifugal force in 
the rotating flow passage, results on fluid particle, not only 
rotational radius change from inner radius to outer radius, but 
also hydraulic energy change from lower energy to higher one. 
The larger the rotational radius becomes, the larger the hydraulic 
energy becomes. This indicates that when fluid particle moves 
radial outward in the rotating flow passage by the action of 
centrifugal force, energy transfer from mechanical to hydraulic 
energy is performed from impeller blade to fluid particle. 

Whereas, a fluid particles axial movement means just the 
transportation of location from one position to the other in the 
rotating flow passage. Rotational radius is kept constant along 
the axis of rotation. This indicates that centrifugal force is kept 
constant. Therefore, hydraulic energy is kept constant. This 
means that axial movement is performed without the change of 
hydraulic energy in the rotating flow passage. 

From above discussion, it could be said that head, which is 
produced by a turbomachinery, is equivalent to increasing of 
radius, centrifugal force, and hydraulic energy, and that the 
increasing of hydraulic energy is performed only when fluid 
particle moves radial outward in the rotating flow passage. 
Otherwise, fluid particle cannot increase its hydraulic energy. 

3. BASIG THEORY (CENTRIFUGAL PUMP) 
Let us consider energy change of a fluid particle in a stream 

tube along the streamline in the rotating flow passage of 
centrifugal turbomachinery. Fundamental energy change of a 
fluid particle in the stream tube could be explained as follow: If a 
fluid particle approaches to the leading edge of impeller inlet 
from upstream flow region, it may has some fundamental basic 
hydraulic energy e0 till the flow passage just before the entrance 
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of leading edge of impeller inlet. Ifthe fluid particle enters to the 
rotating flow passage, at the leading edge of impeller inlet, it 
rotates together with impeller blades around the axis of rotation 
at angular velocity w and increases its hydraulic energy. 

At non-rotational flow passage just before the entrance of 
leading edge of impeller inlet, fluid particle originally does not 
have hydraulic energy enough to rotate together with impeller 
blade. However, at leading edge of impeller inlet it rotates 
together with impeller blade around the axis of rotation. Why is 
this happened? This indicates that fluid particles rotational 
motion is caused by the hydraulic energy, which is transferred 
from mechanical to hydraulic energy through impeller blades 
rotational motion. That is, fluid particle, which is rotating 
together with impeller blade in the rotating flow passage, has 
hydraulic energy, which is transferred from mechanical to 
hydraulic energy by the impeller blades rotational motion. If e1 

expresses hydraulic energy, which is transferred from 
mechanical to hydraulic energy at radius r1 through impeller 
blades rotational motion, it also expresses the hydraulic energy 
of which fluid particle has increased at radius r1 at leading edge 
of impeller inlet. Fluid particle at radius r" therefore, has 
hydraulic energy (e0 + e1) at leading edge of impeller inlet. 

eo + e 1 c ,__-+-......... -+------1 r 1 c 
eo+ e1s r1s 

eo+e1A r1A 
eo+e1 r1 

eo 

Fig. 3 Fluids flow in a stream tube in rotating flow passage of 
centrifugal turbomachinery and energy change of fluid particles. 

Fluid particle at radius r1 in the rotating flow passage proceeds 
forward, from leading edge of impeller inlet through radius r1A, 
r18, r1c, r10, r1E ... toward downstream in the stream tube along 
the streamline by the action of centrifugal force, and discharges 
from radius r2 at trailing edge of impeller outlet to non-rotating 
flow passage of turbomachinery, see Fig.3. A fluid particle, 
which has hydraulic energy (e0+ e1) at radius r1 at leading edge of 
impeller inlet, changes (increases) its rotational radius in order 
ftA• r,s, r,c, ... and its hydraulic energy (e0+ eiA), (eo+ e,s), (eo+ 
e1c), ... , and reaches to radius r2 and hydraulic energy (eo+ e2) at 
trailing edge of impeller outlet, and discharges to downstream 
non-rotating flow passage by the action of centrifugal force. 

At downstream non-rotating flow passage of impeller outlet, 
energy transfer is not caused. Fluid particle has hydraulic energy 
e3 at downstream non-rotating flow passage of impeller outlet. If 
hydraulic energy losses, which are caused in the flow passage 

between the trailing edge of impeller outlet and the downstream 
non-rotating flow passage of impeller outlet, are negligibly 
small, hydraulic energy e3 at the downstream non-rotating flow 
passage is equivalent to (e0+ e2), see Figs.3 and 4. 

Fluid particle increases its hydraulic energy during the flow in 
the streamline from upstream non-rotating flow passage to 
downstream non-rotating flow passage passing through impeller 
blades rotating flow passage. Therefore, difference of hydraulic 
energies of a fluid particle in the stream tube between hydraulic 
energy e3 at downstream non-rotating flow passage just after the 
trailing edge of impeller outlet and hydraulic energy eo at 
upstream non-rotating flow passage just before the entrance of 
leading edge of impeller inlet expresses the grade of hydraulic 
energy, which is transferred by impeller blade during the flow in 
the rotating flow passage of stream tube. Hydraulic energy 
( e3-e0), produced by impeller blade A, is therefore given by e2 as 
follow 

(1). 

See Figs 3 and 4. 
In centrifugal turbomachinery, blade chord is perpendicular to 

moving (rotating) direction. It makes right angle with peripheral 
direction. If it rotates counterclockwise, blade chord forces fluid 
particle normal to peripheral direction. Therefore, perpendicular 
component of force, that is, axial component of velocity is not 
caused across the moving direction in the rotating flow passage. 
No fluid particle flows axial direction. All the fluid particles 
flow radial outward by the action of centrifugal force. 

In case of centrifugal turbomachinery, therefore, impeller 
blade opens its entrance mouth radial inward. Entrance radius is 
constant to all the fluid particles at leading edge of impeller inlet. 
All the fluid particles enter to the rotating flow passage radial 
outward from inner radius and discharge radial outward from 
impeller outlet to non-rotating flow passage. 

Therefore, hydraulic energy jump is caused only once and one 
kind from the hydraulic energy e0 at non-rotating flow passage 
just before the entrance of leading edge of impeller inlet to the 
value ( e0+ e1) at rotating leading edge of impeller inlet. 

Head to be Produced By Impeller Blade 
Let us consider three impeller blades, named A, B, C. Their 

discharge radius r2A, r28, r2c are same at trailing edge of impeller 
outlet, that is, r2A = r28 = r2c = r2, but entrance radius r1A, r18, r1c 
are different at leading edge of impeller inlet and they have the 
relation r1A < r18 < r1c. Streamline of each impeller blade A, B, C 
lies from upstream non-rotating flow passage to downstream 
non-rotating flow passage passing through impeller blades 
rotating flow passage. Rotating flow passage therefore starts at 
entrance radius r1A, r18, r1c and ends at discharge radius r2, see 
Fig.3. They are operated at same angular velocity w. Hydraulic 
energy at leading edge of impeller inlet, therefore, differs by the 
entrance radius. Hydraulic energy is (e0+ e1A) at radius r1A for 
impeller A, (eo+ e18) at radius r18 for impeller B, and (eo+ eiC) at 
radius r1c for impeller C. 
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Impeller Blade A: Let us consider a fluid particles movement 
and its hydraulic energy change in the rotating flow passage of 
impeller blade A. A fluid particle, which has hydraulic energy eo 
at non-rotating flow passage just before the entrance of leading 
edge of impeller inlet, enters to the rotating flow passage at 
leading edge of impeller inlet. Rotational radius is r1A and 
hydraulic energy is (e0+ e1A) at the leading edge of impeller inlet. 
Rotational radius changes (increases) from r1A to riB• r1c, rw, r1E, 
. . . and hydraulic energy changes from (e0+ e1A) to, (eo+ eiB), 
(e0+ e1c), (e0+ e10), (eo+ e1E), ... along the streamline and reaches 
to radius r2 and hydraulic energy (e0+ e2) at the trailing edge of 
impeller outlet, and discharges to downstream non-rotating flow 
passage by the action of centrifugal force. Energy transfer is not 
caused at downstream non-rotating flow passage. Therefore, if 
hydraulic energy losses caused in the flow passage between 
trailing edge of impeller outlet and downstream non-rotating 
flow passage of impeller outlet are negligibly small, hydraulic 
energy e3 obtained at downstream non-rotating flow passage of 
impeller outlet is equivalent to ( e0+ e2). Hydraulic energy ( e3-e0), 

produced by impeller blade A is, therefore, given by equation 
( 1 ). See Figs 3 and 4. 

Impeller Blade B: Let us consider the case of impeller blade 
B. Its hydraulic energy is e0 at upstream non-rotating flow 
passage of impeller inlet. If the fluid particle enters to the 
rotating flow passage, rotational radius is r1B and hydraulic 
energy is (e0+ e1B) at leading edge of impeller inlet. Rotational 
radius increases from r1B to r1c, r10, r1E, ... and hydraulic energy 
increases from (eo+ eiB) to (eo+ e1c), (eo+ e10), (eo+ eiE), ... and 
reaches to radius r2 and hydraulic energy ( e0+ e2) at trailing edge 
of impeller outlet, and discharges to downstream non-rotating 
flow passage by the action of centrifugal force. 

At the downstream non-rotating flow passage, energy transfer 
is not caused. Therefore, if hydraulic energy losses, caused 
between trailing edge of impeller outlet and downstream 
non-rotating flow passage are negligibly small, hydraulic energy 
e3 is equivalent to (e0+ e2). Hydraulic energy (e3-e0), produced by 
impeller blade B, is also given by equation ( 1 ). 
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Fig. 4. Illustration of hydraulic energy transfer process 
increasing along flow passage between impeller inlet and outlet. 

Impeller Blade C: Let us consider the case of impeller blade C. If 
the fluid particle at hydraulic energy eo at upstream non-rotating 
flow passage of impeller inlet enters to the rotating flow passage, 
its rotational radius is r1c and hydraulic energy is (e0+ e1c) at 
leading edge of impeller inlet. Rotational radius increases from 
r1c to r10, r1E, ... and hydraulic energy increases from (e0+ e1c) to 
(e0+ e10), (e0+ e1E), ... , and reaches to radius r2 and hydraulic 
energy (e0+ ez) at the trailing edge of impeller outlet, and 
discharges to downstream non-rotating flow passage. 

Therefore, hydraulic energy e3 is equivalent to (eo+ ez) at 
downstream non-rotating flow passage. This indicates that 
hydraulic energy ( ere0), produced by impeller blade C, is given 
by equation (1) again. 

From above discussion it could be said that hydraulic energy 
transfer, which is performed during the flow from hydraulic 
energy e0 at upstream non-rotating flow passage to hydraulic 
energy e3 at downstream non-rotating flow passage passing 
through rotating flow passage, is merely depend on discharge 
radius r2 at trailing edge of impeller outlet, but does not depend 
on inlet radius r1 at all. If discharge radius r2 is same among 
impeller blades A, B, and C, hydraulic energy e3, obtained at 
downstream non-rotating flow passage, becomes same among 
them regardless their entrance radius r1A, r1B, r1c. 

However, hydraulic energy jump, which is caused from 
hydraulic energy e0 at upstream non-rotating flow passage just 
before the entrance of leading edge of impeller inlet to hydraulic 
energy (e0+e1) at rotating flow passage at leading edge of 
impeller inlet, varies by the entrance radius r1 at the leading edge 
of impeller inlet. If entrance radius r1 differs among impeller 
blades, hydraulic energy jump varies. If impeller blade A, B, C, 
has different entrance radius r1A, r1B, r1c and they have the 
relation r1A < r1B < r1c, hydraulic energy jump is caused from 
hydraulic energy e0 to hydraulic energy (e0+ e1A), (e0+ e1B), (eo+ 
e1c), and they has the relation (e0+ e1A) < (e0+ e1B) < (e0+ e1c). 

4. BASIC THEORY (MIXED AND AXIAL FLOW PUMPS) 
In an axial and a mixed flow turbomachinery, blade chord 

forms an incline angle with the moving direction. If blade row 
rotates counterclockwise around the axis of rotation, axial, 
tangential, and centrifugal forces are coursed on the fluid 
particle in the rotating flow passage. Fluid particle flows toward 
the direction of resultant force in the rotating flow passage. Our 
viewpoint is put on fluid particles axial and radial outward 
movements at this moment. 

In an axial flow and a mixed flow turbomachinery, impeller 
blade opens its entrance mouth very wide between hub and tip 
across the axis of rotation at the leading edge of impeller inlet. 
Fluid particle at upstream non-rotating flow passage of impeller 
inlet flows axial direction in a conduit pipeline along the axis of 
rotation till the flow passage just before the entrance of impeller 
inlet. Therefore, fluid particle enters to the mouth parallel to the 
axis of rotation at the leading edge of impeller inlet. In other 
words, fluid particle enters to the rotating flow passage 
perpendicular to peripheral direction at right angle across the 
impeller blades rotational surface. See Figs 5 and 6. 
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This indicates that fluid particles entrance radius to the 
rotating flow passage varies between hub and tip at the leading 
edge of impeller inlet. Let us consider the mechanism of energy 
transfer caused in axial and mixed flow turbomachinery next. 

4.1 When a Fluid Particle enters to the Rotating Flow 
Passage at Hub Radius 

If a fluid particle, which flows at upstream non-rotating flow 
passage, has hydraulic energy eo at just before the leading edge 
of impeller. inlet and enters to the rotating flow passage at hub 
radius r1HUB of impeller inlet, fluid particle jumps its hydraulic 
energy from eo to (eo + e1HUB) at the leading edge of impeller 
inlet. In the rotating flow passage fluid particle is forced to move 
under the action of resultant force. Resultant force tends radial 
outward. Therefore, fluid particle increases its rotational radius 
during the flow from leading edge of impeller inlet to trailing 
edge of impeller outlet by the action of centrifugal force. 

In other words, fluid particle increases its hydraulic energy 
during the flow from (e0+ e1HuB) at leading edge of impeller inlet 
to (eo+ e2HuB) at trailing edge of imj)eller outlet. Fluid particle 
reaches to the maximum hydraulic energy at trailing edge of 
impeller outlet and discharges from rotating flow passage to 
downstream non-rotating flow passage. Therefore, discharge 
hub radius r2HuB at trailing edge of impeller outlet is larger than 
inlet hub radius r1HuB at leading edge of impeller inlet. Discharge 
hub radius r2HuB. corresponds to r1HuB. is regardless practical hub 
wall. Hydraulic energy (e0+ e2HUB) is larger than (eo+ e!HUB). 

While, in an axial flow turbomachinery, geometrical hub 
radius at impeller outlet is same to that at impeller inlet, that is, 
r1HUB AX = r2HuB AX· However, in a mixed flow turbomachinery, 
hub ;adius at im'peller outlet is larger than that at impeller inlet, 
that is, r1HUB, MIX < r2HuB. MIX· Energy transfer is strongly 
interrelated to impeller blades geometrical shape of the flow 
passage. Therefore, it could be said that geometrical shape, that 
is, hub radius is better situated for mixed flow turbomachinery 
than that of axial flow turbomachinery to accomplish the energy 
transfer in good efficiency. This indicates that hub radius has to 
be increased from inlet to outlet to improve the turbomachinery 
efficiency. Probably, the larger the gradient becomes the better 
the turbomachinery efficiency becomes. Result of discussion 
consists with experimental results. See Fig.7. 
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Fig.5 Illustration of fluid particle's hydraulic energy change 
along the streamline in rotating flow passage of an axial flow 
turbomachinery. 

4.2 When a Fluid Particle enters to the Rotating Flow 
Passage at a radius between Hub and Tip 

If a fluid particle, which has hydraulic energy e0 at just 
upstream of leading edge of impeller inlet, enters to the rotating 
flow passage at radius r1x between hub and tip of impeller inlet, 
it may jump its hydraulic energy from e0 to (eo+ e1x) at leading 
edge of impeller inlet. If a fluid particle, named A, B, C, D, 
enters to the rotating flow passage at radius r1A, r1B, r1c, r10, it 
may jump its hydraulic energy to (e0 + e1A), (eo+ e1B), (eo+ e1c), 
(eo+ e10). If entrance radius has the relation r1A<r1B < r1c < r10, 

hydraulic energy has the relation (eo+ e1A) <(eo+ e!B) <(eo+ 
e1c) < (e0 +em) at leading edge of impeller inlet. 

Impeller blade tends fluid particles flow direction radial 
outward. Fluid particle moves radial outward under the action of 
centrifugal force. This makes both the fluid particles rotational 
radius and the hydraulic energy large. Fluid particle increases its 
hydraulic energy by increasing its rotational radius during the 
flow from radius r1 at leading edge of impeller inlet to radius r2 at 
trailing edge of impeller outlet, and reaches to the maximum 
value at the trailing edge of impeller outlet, and discharges to the 
downstream. Therefore, discharge radius r2 at the trailing edge of 
impeller outlet becomes larger than inlet radius r1 at the leading 
edge of impeller inlet. Rotational radius becomes r1A < r2A, riB < 
r2B• r1c < r2c. rm < r2o· 

Therefore, if inlet radius has the relation r1A < r1B < r1c < rm, 
discharge radius has the relation, not only r2A < r2B < r2c < r2o. but 
also r1A < r2A, r1B < r2B, r1c < r2c, rm < r20. This indicates that as 
hydraulic energy at impeller inlet has the relation (eo+ e1A) < (e0 

+ e18) <(eo+ e1c) <(eo+ em), hydraulic energy at impeller outlet 
has the relation, not only (eo+ e2A) <(eo+ e2s) <(eo+ e2c) <(eo+ 
e20), but also (eo+ e!A)< (eo+ e2A), (eo+ e1s) <(eo+ e2s), (eo+ 
e1c) <(eo+ e2c), (eo+ em)< (eo+ e2o). 
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Fig.6 Illustration of fluid particle's hydraulic energy change 
along the streamline in rotating flow passage of a mixed flow 
turbomachinery. 

4.3 When a Fluid Particle enters to the Rotating Flow 
Passage at Tip Radius 

If a fluid particle, which has hydraulic energy e0 at just 
upstream of leading edge of impeller inlet, enters to the rotating 
flow passage at tip radius rmp of leading edge of impeller inlet, 
fluid particle jumps its hydraulic energy from e0 to (e0 + e1TIP). 

As fluid particle moves under the action of resultant force in the 
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rotating flow passage, fluid particle tends its flow direction 
radial outward. Therefore, fluid particle increases its rotational 
radius from radius rmp at leading edge of impeller inlet to radius 
rmp at trailing edge of impeller outlet. In other words, fluid 
particle increases its hydraulic energy during the flow by 
increasing its rotational radius and reaches to the maximum 
value at trailing edge of impeller outlet, and discharges from 
rotating flow passage to downstream non-rotating flow passage. 
Therefore, discharge tip radius rmp at trailing edge of impeller 
outlet is larger than inlet tip radius rmp at leading edge of 
impeller inlet. And, hydraulic energy (e0+ emp) at trailing edge 
of impeller outlet is larger than (e0+ emp) at leading edge of 
impeller inlet. 

While, in the practical operation of axial flow turbomachinery, 
tip radius at impeller outlet is geometrically same to that at 
impeller inlet, that is, rmP, AX = rmP, AX· But, in a mixed flow 
turbomachinery, tip radius at impeller outlet is larger than that at 
impeller inlet, that is, rmP. MIX < rmP, MIX· In the rotating flow 
passage of an axial flow turbomachinery, fluid particle, which 
flows at tip radius from leading edge of impeller inlet to trailing 
edge of impeller outlet along the casing wall, cannot increase its 
rotational radius radial outward. It flows along the casing wall 
and keeps its rotational radius constant during the flow. This 
indicates that fluid particle, which flows at tip radius along the 
casing wall, cannot increase its hydraulic energy at all during the 
flow from impeller inlet to outlet. 

However, in case of mixed flow turbomachinery, as it has an 
incline angle on the casing wall, although its gradient from inlet 
to discharge is not large and not sufficient, fluid particle can 
increase its rotational radius radial outward during the flow from 
impeller inlet to outlet. This indicates that counterbalanced 
increasing can be expected on rotational radius and hydraulic 
energy better than axial flow turbomachinery. 
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Fig. 7 Pump efficiency versus specific speed and pump size 
(Worthington) from textbook by Stepanoff[l]. 

Therefore, it could be said that mixed flow turbomachinery is 
better situated than axial flow turbomachinery to accomplish 
energy transfer in good efficiency at casing wall. To improve the 
efficiency, impeller radius has to be increased at casing wall 
from impeller inlet to outlet as same as that at hub radius. 
Inclined angle from impeller inlet to outlet forms a gradient on 
blades shape. Impeller changes its geometrical shape from axial 
type to mixed type, and to centrifugal type with the increase in 
incline angle. From these observations, it could be said that the 
larger the gradient of inclined angle becomes at hub and casing 
wall, the better the turbomachinery efficiency becomes. 

Result ofthese discussions consists with experimental results. 
See Fig.7. References [2-7] would be also useful to refer this 
conclusion. Very good agreement can be obtained from them. 
With the change of geometrical blade shape from axial type, to 
diagonal type, to mixed type, and to centrifugal type, pump 
efficiency is certainly improved. This indicates that pump 
efficiency can be improved with the fluid particle tends its flow 
direction radial outward in the flow passage. 

5. HEAD PRODUCED BY TURBOMACHINERY 
In turbomachinery technology, H [m] expresses head. From 

practical convenience of usage, it is very common to be used. 
However, His the hydraulic energy [N · m/s] of unit mass of fluid 
particles. For example, performance characteristic curve shows 
H-Q relation. This H-Q curve expresses energy change of unit 
mass of fluid particles by the flow rate change at a constant 
rotational speed. Head HA at flow rate QA at valve opening· A 
expresses hydraulic energy of unit mass of fluid particles at that 
flow rate. Therefore, H is originally the mechanical energy, 
which is transferred to hydraulic energy and supplies to fluid 
particle through impeller blades rotational motion. 

Mechanical energy is transferred to hydraulic energy. It is 
equivalent to hydraulic energy that fluid particle has increased 
by the rotational motion of impeller blades in the flow passage. 
During the flow, fluid particle increases its hydraulic energy 
from upstream non-rotational flow passage of impeller inlet to 
downstream non-rotating flow passage of impeller outlet, 
passing through impeller blades rotational flow passage in a 
stream tube which is lined along the stream line in the rotating 
flow passage of turbomachinery. Therefore, head H of a fluid 
particle to be increased can be measured as the difference of 
hydraulic energies at downstream and upstream non-rotating 
flow passages of impeller blades. In mathematical expression, 
this is given as follow: 

(2). 

Where, H3 is the hydraulic energy of unit mass of fluid particles 
at flow rate Q, measured at flow passage just after the energy 
supply has finished at trailing edge of impeller outlet in the 
streamline. Ho is the hydraulic energy of unit mass of fluid 
particles, measured at flow passage just before the energy supply 
to fluid particle has started at leading edge of impeller inlet. 
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If hydraulic energy losses, which are caused in the flow 
passage between the trailin'g edge of impeller outlet and the 
downstream non-rotating flow passage of impeller outlet, are 
negligibly small, hydraulic eilergy H3, which is measured at 
downstream non-rotating flow passage is equivalent to hydraulic 
energy (Ho+ H2), which is measured at trailing edge of impeller 
outlet. Then, H3 is given as follow: 

(3). 

Where H2 is the hydraulic energy which impeller blade transfers 
mechanical energy to hydraulic energy and supplies to fluid 
particle as hydraulic energy at trailing edge of impeller outlet. 
Therefore, hydraulic energy H, transferred by impeller blade, 
can be explained as follow: 

(4) 

This indicates that head H, that is, hydraulic energy H, which 
is transferred from mechanical to hydraulic energy and supplied 
to the fluid particle as hydraulic energy in the streamline, is 
equivalent to hydraulic energy H2, which impeller blade had 
finally supplied hydraulic energy to fluid particle at trailing edge 
of impeller outlet. In other words, H2 is the maximum value 
which impeller blade can transfer mechanical energy to 
hydraulic energy in the rotating flow passage. 

This indicates that head expresses the ability to push the fluid 
particle radial outward from trailing edge of impeller outlet and 
push the fluid particle up to the height Hat impeller outlet. This 
is the reason why head is said equivalent to hydraulic energy 
which fluid particle has at trailing edge of impeller outlet. 

Incorrect Determination o(Head 
In the textbook of Stepanoff [1], momentum theory, that is, 

principle of angular momentum is applied to the mass of fluid 
particles passing through rotating flow passage between impeller 
inlet and outlet sections. Change of moment of momentum is put 
equal to moment of all external forces applied to fluid particle 
contained between two impeller blades. From this theoretical 
application, head H* is determined as the function of hydraulic 
energy between impeller outlet and inlet sections. That is, 

(5) 

In other expression, 

H* (6) 

This result of application indicates that turbomachinery head 
H* is determined by the difference of hydraulic energies 
measured at trailing edge of impeller outlet and that at leading 
edge of impeller inlet, that is H2 - H1• 

In this case, hydraulic energy H*, that is, (H2 - H1) expresses 
difference of hydraulic energies of unit mass offluid particles at 
impeller outlet and inlet sections. Therefore, it expresses merely 
the hydraulic energy gradient, which is increased from impeller 
inlet to outlet. Hydraulic energy H* obtained in this application, 
therefore,. expresses neither the hydraulic energy at impeller 
outlet, nor the turbomachinery head produced by impeller 
blades. Therefore, this application is not correct. This may be 
very clear at a glance from Fig.4. 

6. CONCLUSIONS 
In the turbomachinery, which transfers mechanical energy to 

hydraulic energy, hydraulic energy jump is caused from the 
hydraulic energy at flow passage just before the entrance of 
leading edge of impeller inlet to that at leading edge of impeller 
inlet. It is caused only once and one kind in case of centrifugal 
turbomachinery, because impeller blade opens its entrance 
mouth radial inward and fluid particle enters to the impeller 
blade radial outward. 

However, in case of mixed and axial flow turbomachinery, 
impeller blade opens its entrance mouth across the axis of 
rotation and fluid particle enters to the leading edge parallel to 
the axis of rotation. Therefore, entrance radius varies between 
hub and tip. This indicates that grade of hydraulic energy jump 
varies by the entrance radius between hub and tip at the leading 
edge of impeller inlet. Hydraulic energy jump is the largest at the 
tip and the smallest at the hub. 
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ABSTRACT 
Local heat transter m a narrow rotating cavity with axial 

throughflow was experimentally investigated. The rotating 
cavity was bounded by two plane disks and a narrow 
cylindrical rim (shroud). The ratio of the rim span to the disk 
outer radius was 0.1 and the ratio of the disk inner radius to 
outer radius was 0.25. This study investigated the effects of 
axial coolant flow rate and rotation speed on the local heat 
transfer coefficient distributions inside the cavity. Tests were 
systematically performed for three axial flow Reynolds 
numbers (4000, 8000, and 16,000) and three rotational 
Reynolds numbers (0, 1.7xl05

, 3.4xl0\ Upstream and 
downstream disks had the same uniform temperature 
distribution. The results show that local heat transfer 
coefficients increase with increasing axial flow Reynolds 
number. Heat transfer coefficients are higher on the 
downstream disk surfaces than the upstream disk surfaces for 
low rotational Reynolds numbers. Heat transfer coefficients on 
the upstream disk surfaces increase with increasing rotational 
Reynolds number due to increased buoyancy effect. 
Comparison with previous study shows that a narrow rotating 
cavity leads to much lower heat transfer coefficients on the disk 
surfaces, especially at the entrance area. 

INTRODUCTION 
To achieve higher thermal efficiency and thrust modern 

aero-engines operate at a high compression ratios and high 
turbine entry gas temperatures. The compressor and turbine 
disks are cooled by air flowing through holes in the center of 
the disks. In order to estimate the thermal growth and fatigue 
life of turbine and compressor disks, gas turbine designers need 
to calculate the temperature distributions. The ability to predict 
disk cavity temperatures offers the cooling flow designer 
important benefits. An accurate knowledge of the distributions 
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ot the local heat transfer coefficient in rotating disks is 
particularly important to calculate temperature distributions for 
the compressor and turbine disks. 

The rotating disk geometry in a real engine is complicated. 
The essential features of disks and cavities with net zero radial 
flow can be modeled as a rotating cylindrical cavity with axial 
throughflow as shown in Figure 1 (a), i.e., a simplified 
representation of two co-rotating disks where cooling air passes 
axially through a central hole (or annulus if a central shaft is 
used). The axial throughflow of cooling air induces secondary 
flow inside the cavity between adjacent disks, and this flow can 
be greatly affected by the temperature difference between the 
disks and coolant under rotating conditions. The main 
parameters that affect the distributions of the cavity local heat 
transfer coefficient are coolant flow rate, disk temperature, 
rotation speed, and cavity configuration. 

Farthing et al. [ 1, 2] studied the flow structure and local 
heat transfer in rotating cavities with axial throughflow of 
cooling air. Flow visualization and Laser-Doppler anemometry 
were used to study flow structure inside the isothermal and 
heated rotating cavities for ranges of axial-gap ratios, axial 
Reynolds numbers, rotational Reynolds numbers, and cavity 
temperature distributions. Also local heat transfer on the 
upstream and downstream disks were measured in two rotating 
cavity rigs in which cooling air passed axially through the 
center of the disks for a range of flows, rotational speeds, and 
temperature distributions. The distributions of local Nusselt 
numbers were similar for both the upstream and downstream 
disks for the case of a symmetrically heated cavity. 

Long and Tucker [3] performed heat transfer 
measurements on the shroud (rim) of a rotating cavity with an 
axial throughflow of air. This study was an extension from 
Fathering et al. [I, 2], and focused on the shroud heat transfer 
coefficients with heated or unheated upstream and downstream 

Digitised by the University of Pretoria, Library Services, 2015



disks. The heat transfer coefficients were calculated based on 
the temperature of the air inside the cavity, instead of the 
temperature of the air at the inlet of the cavity as commonly 
used by Farthing et al. The results showed that the heat 
transfer from the shroud was only weakly affected by the disk 
surface temperature distribution and temperature level; heating 
the shroud did not appear to significantly affect the heat 
transfer from the upstream and downstream disks. 

Kim et al. [4, 5, 6] investigated the effect of axial flow 
Reynolds riumber, rotational Reynolds number, and disk 
surface temperature on the local heat transfer coefficients from 
enclosed corotaing disks with axial throughflow. Tests were 
conducted for uniform wall heat flux, uniform wall 
temperatures, upstream and downstream disks with radially 
increasing temperature but lower than rim, upstream and 
downstream disks at uniform temperature but lower than rim 
upstream and downstream disks and rim at uniform 
temperature, upstream disk colder than downstream disk a 
rim, downstream disk colder than upstream disk and rim. The 
results showed that the local heat transfer coefficients initially 
decrease and then increase with increasing rotational Reynolds 
number. The uniform heat flux condition provided a slightly 
higher heat transfer coefficient than the uniform wall 
temperature condition. 

This study is an· extension from Kim et al. [4, 5, 6], and 
focuses on the effect of axial flow Reynolds number and 
rotational Reynolds number on the local heat transfer 
coefficients for enclosed corotating disks with a much smaller 
gap ratio than the previously studied one. The rotating cavity 
was comprised of two plane disks and a narrow cylindrical rim. 
The ratio of axial distance between disks to outer radius of 
disks (G = S/R) was kept at a constant value of 0.1 whereas the 
ratio of inner radius to outer radius of disks (R 1/R) was 
maintained at a constant value of 0.25. Both the upstream and 
downstream disks were uniformly heated to the same 
temperature. Tests were systematically performed for three 
axial flow Reynolds numbers ( 4000, 8000, and 16,000) and 
three rotational Reynolds numbers (0, I.7x105

, 3.4x10\ 

NOMENCLATURE 
A Copper ring surface area 
D Disk bore diameter, =2xRI 
G Gap ratio, SIR 
h Local heat transfer coefficient, WI 2·C 
k Thermal conductivity of air 
m Coolant (air) flow rate, kg/s 
qnet Local net heat transfer rate 
r Radial coordinate 
R Outer radius of disk 
Rl Inner radius of disk 
Rer Rotational Reynolds number, !lR2/u 
Rez Axial Reynolds number, V zD/u 
S Axial distance between disks 
T air Local cavity flow temperature 
T w Local disk surface temperature 

620 

~ T Local temperature difference between disk surface and 
cavity flow, T .,.,-Tair 

Vz Axial flow velocity 
Q Angular speed of rotating disk 
u Kinematic viscosity of air 

EXPERIMENTAL APPARATU 
A detailed schematic of the rotating rig was presented by 

Kim et al. [4]. The hollow rotating shaft is driven by a 25-hp 
AC motor with a toothed belt drive pulley system by a 
frequency controlled motor with a maximum rotating speed of 
3400 rpm. The rotation speed for this study varies up to 800 
rpm. The rotating cavity is perpendicularly connected to the 
rotating shaft. Regulated compressor air is routed through an 
orifice meter to the entrance (upstream) of the hollow rotating 
shaft through a rotary seal. The cooling air, flows through the 
rotating cavity and is exhausted into the atmosphere at the exit 
(downstream) of the hollow rotating shaft. The slip ring 
assembly is attached to the exit portion of the hollow rotating 
shaft. This assembly is used to transfer outputs to the 
stationary data acqutsltion systems from heaters and 
thermocouples in the rotating cavity. 

The rotating cavity consists of two plane disks and a 
cylindrical rim (shroud) as shown in Figure l(a). The plane 
disk has a 5" (12.55 em) inner diameter (bore) and a 20" (50.2 
em) outer diameter whereas the cylindrical rim has a 1" (2.54 
em) width between the two disks (i.e., the SIR ratio is 0.1 and 
the R1/R ratio is 0.25, respectively). Note that stepped rotating 
tubes are used for this study in order to have a larger disk bore­
to-outer diameter ratio, R 1/R = 0.25. The disks and rim are 
composed of copper rings, supported by rigid Urethane foam 
and aluminum plate. Figure I (b) shows the dimensions of the 
upstream (or downstream) disk. The inner wall of each disk 
contains seven pieces of copper ring (width= 2.38 em), and the 
inner wall of the rim contains one piece of copper ring (width= 
1.27 em). Note that the resistance heating wires are uniformly 
cemented between the backface grooves of the copper rings 
and the insulation foam to ensure good thermal contact. Each 
of the copper rings has its own resistance wires with an 
independently controlled variac transformer that provides a 
controllable surface temperature. A 1/16" (0.158 em) thick 
insulation material (model clay) is placed at every location 
between two copper rings to reduce heat conduction. There is 
no resistance heating wire thus no heat transfer measurement 
for the copper ring in the rim. 

The slip ring system has 96 channels (points) for the 
heating and thermocouple wires. Fifty-six channels are used to 
transfer the output from 28 thermocouples attached to the 14 
rings (i.e., each ring with two thermocouples) to a data logger. 
Another twelve channels are used to measure the coolant 
temperature inside the cavity through 6 thermocouples evenly 
distributed along the radial direction. These radially distributed 
thermocouples provide local coolant temperatures which help 
determine an accurate local heat transfer coefficient 
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Figure l(b): Sketch of disk dimensions for upstream 
or downstream disk 

distribution inside the disk cavity. An additional 28 channels 
are used to control the power output to heating wires 
individually attached to the 14 rings (i.e., each ring with two 
channels through 14 variac transformer). The local wall 
temperature, coolant temperature, and heating power 
(calculated from voltage drop and current), can be measured 
using these slip ring assemblies and the associated meters. The 
velocity profile of the air at the inlet and outlet of the cavity 
were not measured. 

DATA ANALYSIS 
The local heat transfer coefficient (h, W/ 2·°C) was 

c.alculated from the local net heat transfer rate (qnet) per copper 
nng surface area to the cooling air, the local wall temperature 
(Tw) on each copper ring, and the local air flow temperature 
(Tair) as: 

h = qnet J[A(Tw- Tair)] 
The local net heat transfer rate was the electrical power 

generated from the heater minus the local heat loss from each 
copper ring. The electrical power generated from the heater 
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was determined from the measured heater resistance and the 
voltage (current) on each ring of the cavity. Total heat loss 
from each copper ring was determined by heat loss tests for a 
no flow condition (with rotation but without coolant flow). 
These loss calibrations were performed by supplying several 
different power levels to each copper ring at steady state in 
order to determine the relation between the total heat loss from 
each copper ring surface and the corresponding surface 
temperature. The heat loss calibration was performed for the 
two different thermal conditions (uniform wall temperature of 
48.9°C and 65.6°C) and three rotation speeds (0, 400, and 800 
rpm). Note that the experimentally determined heat loss of this 
study includes: rotating convection loss to outside the test 
section, radiation loss to outside the test section, and radiation 
loss inside the cavity (among the copper rings or copper rims). 

The local wall temperatures (around 65 °C-70°C) were 
obtained from the thermocouple output of each copper ring. 
The local cooling air temperatures inside the disk cavity were 
measured by several thermocouples as shown in Figure 1(a) 
(about 38.9°C-60°C). The uncertainty of the local heat transfer 
coefficient increases as ( w-T air) and the net heat input 
decrease. The uncertainty also increases for low heat inputs 
such as low Reynolds numbers. Based on the method 
described by Kline and McClintock [7], the typical uncertaint 
in the heat transfer coefficient was estimated to be less than 8% 
for high Reynolds numbers (8,000 and 16,000). The maximum 
uncertainty, however, could be up to 20-25% for the lowest 
Reynolds numbers tested ( 4,000). 

RESULTS AND DISCUSSION 
Figures 2, 3 and 4 show the local heat transfer coefficient 

distributions for different flow rates at a given rotating speed. 
The rotating speeds (RPM) for the three figures are 0, 400, and 
800, respectively, corresponding to the three rotational 
Reynolds number 0, 1.7x105

, 3.4x105
• Figures 5, 6 and 7 show 

the local heat transfer coefficient distributions at different 
rotating speeds for a given coolant flow rate. The coolant flow 
rates (m) for the three figures are 0.02 (0.009), 0.04 (0.018), 
and 0.08 (0.036) lbrn/s (kg/s), respectively, corresponding to 
the three axial flow Reynolds number 4000, 8000, and 16,000. 

Effect of axial flow rate 
Figures 2, 3 and 4 show that, for both the upstream and 

downstream disks, ( 1) heat transfer coefficients are higher for 
higher flow rate regardless of the rotating speed; (2) heat 
transfer coefficient decreases as the r/R ratio increases; (3) heat 
transfer coefficient has the highest value at the cavity inlet (r/R 
= 0.35); ( 4) for the low axial flow Reynolds number Rez = 
4000, the heat transfer coefficient decreases very fast along the 
radial direction for all three types of rotating speeds. Heat 
transfer coefficients experience a sharp decrease on the 
innermost two copper rings. After that, the heat transfer 
coefficient has a low value of about 1.5 WI 2·°C for the rest 
five copper rings; (5) for the axial flow Reynolds number Rez = 
8000, the heat transfer coefficient decreases from r/R = 0.35 till 
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Figure 2: Heat transfer coefficient distributions for 
different flow rate at RPM = 0 
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Figure 3: Heat transfer coefficient distributions for 
different flow rate at RPM = 400 
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Figure 4: Heat transfer coefficient distributions for 
different flow rate at RPM = 800 

r/R = 0.75 (the inner five copper rings) and has a low value of 
about 2W/m2·°C for the rest two copper rings; (6) for the axial 
flow Reynolds number Rez = 16000, the heat transfer 
coefficient decreases all the way along the radial direction from 
the innermost to the outmost copper ring. 
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Figure 5: Heat transfer coefficient distributions for different 
rotating speed at Rez = 4000 

For the cases shown in Figure 2 (Rer = 0), the heat 
transfer coefficient distributions in the cavity entrance area are 
very different for different axial flow rates. Higher axial 
Reynolds numbers (Rez = 16000 and Re z = 8000) result in 
higher heat transfer coefficients in the entrance area, i.e., the 
innermost copper ring (r/R = 0.35), on the downstream disk 
compared to the upstream disk. For Re z = 16000, the heat 
transfer coefficient on the downstream innermost copper ring 
(r/R = 0.35) is 50% higher than that on the upstream innermost 
copper ring. Because of the cavity configuration, the cooling 
air hits the downstream disk inlet (the first copper ring) at a 
certain angle and moves into the cavity from the entrance of the 
downstream disk. The cooling air recirculates inside the cavit 
and hits the upstream disk (the second and third copper rings). 
Based on this jet driven cavity flow path, the heat transfer 
coefficient has a much higher value at the inlet of the 
downstream disk (the first copper ring) than that of the 
upstream disk. Due to cooling air recirculation, the heat 
transfer coefficients on the upstream copper rings (the second 
and third copper rings) are higher than that on the 
corresponding downstream copper rings. The heat transfer 
coefficients are almost the same on the upstream and 
downstream disk surfaces as the cooling air flows further into 
the cavity (the fourth copper ring and thereafter). The heat 
transfer coefficient distributions for cases Rez = 8000 and Rez = 
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Figure 6: Heat transfer coefficient distributions for different 
rotating speed at Rez = 8000 

4000 show the same waving behavior along the radial 
direction, but the amplitude is less for Rez = 8000 and much 
less for Rez = 4000. 

For the cases shown in Figure 4 (Rer = 3.4x10\ the heat 
transfer coefficient distributions on the upstream a 
downstream disks are almost the same, except in the disk 
entrance area. However, unlike the cases of Rer = 0, here lower 
flow rates (m = 0.018 kg/sand m = 0.009 kg/s) result in higher 
heat transfer coefficient in the entrance area (r/R = 0.35) of the 
upstream disk. This indicates that a rotating cavity tends to 
change the jet driven flow described in the above paragraph. 
This may be because that a rotating cavity tends to draw the 
recirculation flow at the entrance towards the upstream disk. 
The higher the rotating speed, the closer the recirculation flow 
is drawn towards the upstream disk, thus causing higher heat 
transfer coefficient on the upstream disk surface. 

The effect of flow rate is kind of mixed for Rer = 1. 7x 105
, 

as shown in Figure 3, with the higher flow rate (m = 0.036 
kg/s) resulting in higher heat transfer coefficients in the 
entrance area of the downstream disk and the lower flow rate 
(m = 0.009 kg/s) resulting in higher heat transfer coefficients in 
the entrance area of the upstream disk. 

In general, the higher the axial flow rate, the more coolant 
air hits the downstream disk with higher momentum, which 
causes higher heat transfer coefficient on the downstream disk. 
On the other hand, disk rotation tends to swirl the coolant air 
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Figure 7: Heat transfer coefficient distributions for different 
rotating speed at Rez = 16000 

into the disk cavity. The higher the rotating speed, the higher 
the buoyancy driven flow on the disk surface. Thus heat 
transfer coefficients on the upstream disk surface increase due 
to the constructive (same direction) interaction between the 
buoyancy driven flow and the jet driven flow as shown in 
Figure 3 and 4, but heat transfer coefficients on the 
downstream surface decrease due to the destructive interaction 
(opposite direction) between this two flows. The heat transfer 
coefficient distributions on the upstream and downstream disks 
depend on the interplay of these two types of flow. The heat 
transfer coefficient is higher on the upstream disk inlet when 
the rotation induced upstream constructive buoyancy flow 
prevails over the axial driven downstream flow, such as the 
case of (Rez = 4000 and Re r = 3 .4x 1 05

). The heat transfer 
coefficient is higher on the downstream disk inlet when the 
axial driven downstream flow prevails over the rotation 
induced buoyancy flow, such as the case of Re z = 16000 and 
Rer = 0). The heat transfer coefficient is almost the same on 
both the upstream and downstream disk inlets when these two 
flows offset each other's effect, such as the cases of (Re z = 
4000 and Rer = 0), (Rez = 8000 and Rer = 1.7x10\ and (Rez = 
16000 and Rer = 3.4x10\ 

As we also notice from Figures 3 and 4, as the rotating 
speed increases, the waving pattern of heat transfer coefficient 
distribution we have clearly seen in Figure 2 disappears. This 
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may be because the buoyancy driven flow induced by disk 
rotation inside the cavity has strongly interacted with the axial 
jet driven flow from the entrance, which causes a symmetric air 
recirculating flow along the disk cavity (see Figure 2-4). 

Effect of rotating speed 
As we can see from the Figures 5 to 7, for a given flow 

rate, the effect of different rotating speeds on local heat transfer 
coefficient distributions does not show an overall difference as 
strong as the flow rates do for a given rotating speed. The main 
difference in heat transfer coefficient distribution for different 
rotating speeds exists in the cavity entrance area. Heat transfer 
coefficient is higher at the entrance of the downstream disk for 
low rotation speed, i.e., RPM = 0. Heat transfer coefficient at 
the entrance of the upstream disk increases with increasing 
rotating speed. As previously discussed, this is because 
rotating cavity induces the constructive buoyancy flow at the 
entrance on the upstream disk and thus increases heat transfer 
coefficient on the upstream disk surface at the cavity inlet. 

Kim et al. [4] have studied local heat transfer in enclosed 
co-rotating disks with wider cavity (SIR=0.4 ). Data comparison 
shows that, due to a bigger cavity width and thus a stronger jet 
driven flow into the disk cavity, the test section of Kim et al. 
[ 4] gives much higher local heat transfer coefficients on both 
the upstream and downstream disk surfaces for the same axial 
and rotational Reynolds numbers. In addition, heat transfer 
coefficients at the entrance area of the wider disk cavit 
(S/R=0.4) more sensitive to the change of rotational Reynolds 
numbers than that of the narrower disk cavity (S/R=0.1 ), while 
a smaller cavity width reduces the effect of rotational Reynolds 
number on disk surface heat transfer. 

CONCLUSIONS 
The effects of axial Reynolds number and rotational 

Reynolds number on local heat transfer in a narrow rotating 
cavity with axial throughflow were experimentally 
investigated. Upstream and downstream disks had the same 
uniform temperature distribution. The conclusions based on 
the experimental results are: 
1. For both the upstream and downstream disks, heat transfer 

coefficients are higher for higher flow rate regardless of 
the rotating speed. Heat transfer coefficient decreases as 
the r/R ratio increases. Heat transfer coefficient has the 
highest value at the cavity inlet (r/R = 0.35). 

2. For a narrow rotating disk as used in this study, the effect 
of different rotating speeds on local heat transfer 
coefficient distributions does not show an overall 
difference as strong as that of the flow rates. 

3. Because of the cavity configuration, the cooling air hits the 
downstream disk inlet (the first copper ring) at a certain 
angle and moves into the cavity from the entrance of the 
downstream disk. Due to the small cavity width, the heat 
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transfer coefficient might have a higher value at the inlet 
of the downstream disk (the first copper ring) than that of 
the upstream disk. 

4. A rotating cavity affects the jet driven flow. This may be 
because that a rotating cavity induces the constructive 
buoyancy flow along the upstream disk. The higher the 
rotating speed, the higher the heat transfer coefficient on 
the upstream disk surface, indicating that the buoyancy 
flow is drawn closer towards the upstream disk. 

5. Comparison of this study with Kim et al. [4] shows that: a 
bigger cavity width induces a stronger jet driven flow into 
the disk cavity, thus producing much higher local heat 
transfer coefficients in the entrance area of both the 
upstream and downstream disks; a smaller cavity width 
reduces the jet driven flow into the disk cavity, causing the 
heat transfer coefficients less responsive to the changes of 
axial or rotational Reynolds numbers. 
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ABSTRACT 
This paper presents the results of CFD calculations on a 

radial centrifugal turbine (RCT). A numerical model was 
created and boundary conditions were set according to an ex­
perimentally investigated RCT. A series of numerical 
experiments was performed with fluid volume flow and 
stator blade angle as varying parameters. The obtained 
integral energy characteristics of RCT are presented in a 
dimensionless form. In operating regimes without flow 
separation, the calculated results show good agreement with 
the experimental data. An example of transient calculation 
process is presented, which is used to calculate the timede­
pendent excitation forces and their frequency characteristics. 

Nomenclature 
Symbol Quantity SI Unit 

A Area m2 

b Turbine rotor width m 
Cm Meridional component of absolute velocity mls 
D2 Maximal diameter of rotor m 

fi First harmonic of interacting frequency Hz 
m Mass flow kg/s 
M Torque applied to the turbine shaft Nm 
nr Rotor's rotational frequency Hz 
p Static pressure Pa 

11Ptot Total pressure difference of fluid before and 
after the turbine 

Pa 

p Turbine shaft power w 
pth Theoretically available fluid flow power w 
u2 Rotor's circumferential velocity at D2 m/s 

v Volume flow m3/s 

zs Number of stator blades 

ZT Number of rotor blades 
x,y, z Cartesian co-ordinates 

<p Flow number 

11 Efficiency 

8 Stator blade angle 

\jJ Pressure number 

(J) Angular speed rad- 1 

The radial centrifugal turbine (RCT) can be described as 
an outflow turbine, and is commonly used as part of a hydro­
dynamic torque converter (HTC). The energy characteristics 
of an HTC containing RCT have been researched in detail by 
Browarzik et a/. [I] and Schulz et a/. [2]; however, they 
represent a combination of characteristics of its individual 
parts, namely the pump and turbine impeller, guide vane and 
torodial casing and the interactions between them. 

Some experimental data on energy characteristics of an 
RCT were obtained by Sekavtnik et a/. [3] and [4]. The 
influence of various geometrical parameters of stator and 
rotor cascades on energy characteristics has been 
systematically researched. Air was used for testing the RCT. 
Since the Mach number in the RCT at any tested operating 
regime did not exceed the value of Ma = 0.12, the fluid was 
assumed to be incompressible. The measured data were 
presented in the form of dimensionless shell diagrams, which 
indicate some interesting characteristics of RCT, e.g. 
favourable operating range and high efficiency. T~e 
experimental data were used in a Cordier Diagram to obtam 
a relevant comparison with other turbine types [4]. 

The present work focuses on numerical modelling of 
RCT. A series of numerical experiments was performed to 
verify the numerical model itself, and to determine the limits 
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of validity by comparing the calculated results with the 
measured ones. Furthermore, the stator-to-rotor flow 
interaction results in dynamic forces on the turbine's 
structure, which can be problematic, especially if resonance 
occurs. Thus, an attempt at transient calculation has been 
done to study the magnitude of dynamic forces on the rotor's 
blade caused by the fluid flow. 

TURBINE DESIGN CONCEPT 
The design of an RCT is characterised by simple 

geometry of the stator and rotor with parallel side walls, as 
shown in Fig. 1. The RCT consists of an inlet part where the 
fluid flow is redirected into a radial outflow direction, a 
stator, rotor and outlet diffuser. 

The stator of the tested RCT consists of 30 guide blades. 
Its design allows adjustment of the guide blade angle (8, see 
definition in Fig. 2). The turbine rotor has 40 blades. After 
transferring its energy onto the rotor, the fluid exits the RCT 
through the outlet diffuser. For simplicity's sake, neither the 
measured test turbine nor the numerical model contained the 
outlet diffuser. 

4> 150 
~···- JJ.t 

I 

I 

\ 
\ 

Figure 1: Radial centrifugal turbine: 1 - inlet part; 2 -
stator; 3 -rotor; 4 -outlet diffuser; 5 -generator; 6- frame 

NUMERICAL EXPERIMENT 
Numerical simulation of flow conditions in the RCT was 

performed with the CFX-T ASCflow CFD software package. 
The program calculates complex 3-D, turbulent, viscous fluid 
flow with a structured orthogonal grid created with an ICEM 
CFD Mesh editor. 

The actual computational domain covered only 36° of the 
entire turbine, which included three stator blades and four 
rotor blades, as shown in Fig. 3. 

The grid itself consisted of 24 blocks with about 400,000 
nodes; this was expected to give satisfactory results, since 
calculations with larger grids were not possible due to 
hardware capability limitations. Fig. 4 shows a part of the 
grid used for the numerical experiment. 

Calculation of energy characteristics 

In order to enable comparison with measurement data, the 
boundary conditions for numerical simulations were set as 
close to actual conditions as possible. All walls in the turbine 
were \:onsidered to be hydraulically smooth, and the 
logarithmic law was used to determine the velocity profiles 
in the boundary layer. The turbulence was modelled with the 
standard k-E turbulence model. 

Figure 3: Computational domain ofRCT 

/~~' )_))_''/t-,, ______ _ 
I ~ 

center of stator blade rotation "-

Figure 2: Definition of stator blade angle setting 

Figure 4: Discretisation grid 
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The inlet of the turbine was set as inflow (fluid is forced 
into the computational domain) with a specified, axially ori­
ented mass flow of air (Table 1 ). The turbine outlet was set 
as outflow (fluid has to flow out of the computational 
domain) with a constant static pressure of 1 bar. 

Interfaces between the stator and rotor, and also between 
the rotor and diffuser, were set as frozen rotor general grid 
interfaces. Here, the steady state solution is calculated where 
the velocity profile from one side of the interface is 
transferred unchanged to the other side of the interface 
according to the absolute frame. 

To obtain the integral energy characteristics of RCT 
calculations had to be performed with various stator blade 
positions and various fluid mass flows. The changing stator 
blade position demanded the creation of several grids for the 
blocks enclosing the stator blades; however, the general 
topology of each stator grid was unchanged. Varying mass 
flow, on the other hand, only required a change in inflow 
boundary condition. Table 1 shows the combinations of 
stator blade position and air mass flow that were calculated. 

mass flow. kg/s 
0.301 0.351 0.401 0.451 0.50[ 0 601 0.701 O.BOI 0.901 1.00 

volume flow. m,/s 
0.26 0.30 0.34 0.39 0.43 0.52 0.60 0.69 077 0.86 

+6 ./ ./ ./ ./ ./ ./ ./ ./ 
Q) 

+3 ./ ./ ./ ./ ./ ./ ./ ./ ~§ 
.0:.;::; 0 ./ ./ ./ ./ ./ ./ ./ ./ ./ ./ 
\-·en -5 ./ ./ ./ ./ ./ ./ ./ ./ 
~g_ -9 ./ ./ ./ ./ ./ ./ ./ ./ ./ 1ii 

-13 ./ ./ ./ ./ ./ ./ ./ ./ ./ 

Table 1: Calculated examples 
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<p 

Figure 5: Shell diagram for RCT obtained by CFD 

Transient calculations 
During the physical experiments with the actual turbine, 

special consideration was given to examination of dynamic 
behavior of aerodynamic forces on rotor blades as a 
consequence of stator-to-rotor interaction. 

To simulate the same phenomena with numerical 
experiments, the boundary conditions had to be changed 
from stationary (time averaged) to transient (time 
dependent). Sliding interfaces were therefore not set as 
frozen rotor, which is used for steady state calculations only, 
but rather as a rotor/stator transient interface. In this way, a 
calculation is performed for every time step with appropriate 
relative position of stator and rotor. The latter is rotated in 
every time step for a certain angle depending on rotational 
speed and time step. With a time step of 2.7792£-05 s and 
rotational speed of 157 rad/s, the angle shift in every step 
was 0.25 degrees. This setup enabled calculation of time­
dependent forces which apply to the rotor blade and 
represent the aerodynamic excitation of the rotor's structure. 

RESULTS 
The calculated energy characteristics of RCT were 

presented by means of dimensionless numbers in a shell 
diagram. The parameters presented in the diagrams are the 
flow number: 
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Figure 6: Measured shell diagram for RCT 
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the pressure number: 

2/1ptot 2/1ptot 
\jJ=--= 

pu? prr 2 Din1 
(2) 

and turbine efficiency: 

P Mw 
YJ=-=-.-

P,h V/1ptot 
(3). 

The torque which applies on the turbine impeller is 
define·d by the integral: 

M = Zr fp(Avx- Axy}:u (4). 

A 

Here the rotational axis coincides with co-ordinate z. The 
torque is calculated numerically during the post-processing 
of data obtained by CFD. 

Calculated energy characteristics 
Fig. 5 shows energy characteristics obtained by CFD 
calculations of 52 cases (see Table I). A direct comparison 
with the measured data presented in Fig. 6 [ 4] is possible. 
The comparison shows a similar shape of the shell, which 
represents the efficiency distribution over the operating 
regime. Even though the stator blade angles used in 
numerical simulations do not always match the angle settmgs 
applied at the measurements, it can be clearly seen that the 
alignment ofthe <p-\jJ lines in both cases is very similar. 

2000 
1800 

~ 
1600 
1400 

i 1200 
~ 
0 1000 a. 

.:!= 800 
ro 600 ..r::. 

(J) 
400 ---o- Experiment 
200 --o-CFD 

0 
0.2 0.4 0.6 0.8 

Volume flow, m3/s 

Figure 7: Measured and calculated shaft power in dependence 
on volume flow 

The stator blade angle where the best efficiency point 
occurs can be estimated by interpolation from shell diagrams 
and is for both cases Bopt = -7°. The shapes of the shells in 
both cases (Figs. 5 and 6) clearly show that the best 
efficiency corresponds to the same stator blade setting 8 at 
any flow number (which is a dimensionless representation of 
flow rate). In other words, after the optimal stator (regarding 
hydraulic losses vs. spacing to chord ratio) for a particular 
RCT is found, there is no need to equip the RCT with the 
stator blade angle setting mechanism. The blades can be 
fixed in the housing, which is very favourable for 
manufacturing and maintenance of the stator. 

Figure 8: Calculated relative velocity fields inside the rotor of RCT at two characteristic operating regimes 
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However, some deviations in the best efficiency point and 
part load regime are evident. The best efficiency point 
obtained by present CFD calculations occurs at a lower flow 

number <Popr and pressure number \Jfopt• compared to the 
measured values . At this point it must be mentioned that in 
the numerical m0del volumetric losses that occur in reality 
were not take:1 into account, but they are assumed not to be 
responsible for the deviations mentioned above. 

The reasons for these deviations were researched using a 
detailed study of calculated results. In Fig. 7 shaft power is 
shown in dependence on the volume flow for modelled and 
measured stator blade angle near Bupr· The diagram shows 
that the calculated shaft power is over-predicted at low 
volume flows, which according to the definition in Eq. (3) 
leads to higher efficiencies. 

The velocity field inside the rotor was observed to 
explain this disagreement between measured and calculated 
results. In Fig. 8 the velocity fields in relative frame for two 
characteristic operating regimes are presented. On the left­
hand side the velocity field corresponds to the measured best 
efficiency point. As expected, the angle of flow attack at this 
operating point coincides with the rotor's profile. With 
reduction of the volume flow (i.e . flow number q>), a change 
in the angle of flow attack occurs which causes the 
stagnation point to move along the suction side of the rotor's 
profile (Fig. 8, right-hand side). Since the flow near the front 
side of the turbine's profile is subjected to high adverse 
pressure gradients flow separation may be suspected. It is 
shown in (5] that flow separation using the k-c. turbulent 
model is poorly predicted. However, the measured shell 
diagram (Fig. 8) shows that at low flow numbers flow 
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0.074 i 
! 

0.072 ~ 

E 0.070 
z 
~ 0.068 
e-
~ 0.066 

0.064 

0.062 ~ 

0.060 +---------,,.-----

0.000 0.002 0.004 
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0.006 

I 
I 

I 

I 

0.008 

separation inside the rotor obviously occurs, which is 
indicated by rapid efficiency drop. Here the k-c. turbulent 
model fails, so the turbulence should be handled with 
different models. 

The measured efficiency of the RCT at the operating 
point is 81% (3] . This is lower than the calculated value of 
over 90%. As stated in [5], there are still many limitations in 
CFD which make the absolute validation of particular 
quantities inaccurate. However, present analyses show that 
the numerical model used reaches good agreement with the 
experiment at regimes where the flow is regular, without 
intensive separation. 

Transient calculations 
Transient calculations were performed with the RCT grid 

at operating conditions which approached the calculated best 
efficiency point, Fig. 5: 8 =-5°; <P = 0.28 and \jf = 1.94. 

Since the spiral casing at the outlet of the diffuser was 
excluded, the outlet conditions may be assumed to be 
constant. When observing the stator-to-rotor transient 
interaction it is therefore enough to define the computational 
domain which covers only 36°, using the symmetry 
conditions at the boundaries. This convenience was used to 
avoid the additional enlargement that computational memory 
and time demand. 

A time increment was chosen which enables the 
observation of expected dynamic forces on the rotor's blade. 
The sampling frequency was 36,000 Hz, which is more than 
an order of magnitude larger than the first harmonic of the 
rotor's blade when passing the stator, namely: 

fi = n T · z 8 =750Hz (5). 

1.0 

0.8 

1::' 0.6 
·u; 
c:: 
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5 
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0.0 -~~~--~~--~-..... --~ 
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Figure 9: Calculated dynamic signal torque on one blade as a consequence of stator-to-rotor interaction (left) 
and its frequency spectrum (left) 
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The dynamic phenomena were evaluated as a time­
dependent reacting torque which the fluid flow affects on one 
blade. It can be derived from Eq. (4), whereas the pressure on 
the blade's surface must be regarded as a time-dependent 
integrand. In Fig. (9), left-hand side, the stator-to-rotor 
interaction is presented as a dynamic behaviour of torque. 
From the presented signal in the time domain, the initial 
period ( 48 out of total of 360 values) was excluded from the 
analyses due to the transient phenomena caused as a 
consequence of inconsistent initial condition. After that 
period the signal shows periodicity, which is analysed using 
the digital Fourier transformation. The frequency decomposi­
tion of the time-domain torque signal shows the largest 
content of the first harmonic of 750 Hz, which agrees with 
our expectations (Fig. 9, right-hand side). Furthermore, the 
higher super-harmonics were also detected in the signal's 
frequency domain. They indicate the existence of 
information on adjacent blades in the flow field, which 
would otherwise be lost when using the steady-state model 
during the averaging process. 

Irrespective of the relatively low amplitude of the 
dynamic torque the stator-to-rotor interaction causes the 
dynamic excitation with its frequencies (the first harmonic 
and higher ones) which can become problematic if one of its 
frequencies coincides with the resonance of the rotor's 
structure. The calculated time-dependent pressure 
distributions over the rotor's blades can be used as a 
boundary condition in further FEM structure analyses to 
study the modal dynamic of the rotor's structure, as shown in 
(6]. 

CONCLUSION AND OUTLOOK 
The numerical model was created according to the 

experimentally investigated radial centrifugal turbine (RCT). 
A series of steady-state numerical experiments was 
performed with fluid volume flow and stator blade angle as 
varying parameters. The obtained integral energy characteri­
stics of RCT are presented in a dimensionless form. 

Comparison of measured and calculated characteristics 
shows good agreement in the range where flow separation is 
not developed. The general shape of both the measured and 
calculated shell diagrams shows the same basic 

characteristics of RCT. The alignment of the <p-\jf lines for 
both cases is very similar. The best efficiency corresponds to 
the same stator blade setting at any flow number, which is 
very convenient with regard to construction. 

As a consequence of using a standard k-E turbulence 
model, flow separation in part-load regimes is under­
estimated, which moves the calculated best efficiency point 
toward smaller values of flow and pressure numbers. The 
next approach to predicting the flow at part load regimes 
should be focused on the choice of a better turbulent model, 
such as the k-w SST (Shear-Stress-Transport) model. 

The transient calculations were performed to study the 
stator-to-rotor interaction. The dynamic phenomena were 
evaluated as time-dependent reacting torque which the fluid 
flow affects on one rotor's blade. The frequency content of 
the calculated time-domain torque signal was analysed using 
digital Fourier transformation. In addition to the first 
harmonics of the stator-to-rotor interaction, higher super­
harmonics were also detected, which indicate the availability 
of information on adjacent blades in the flow field. 

The calculated time-dependent pressure distributions over 
the rotor's blades can be used as a boundary condition in 
further FEM structure analyses to study the modal dynamic 
ofthe rotor's structure. 
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ABSTRACT 
As the unidirectional-solidifying melt rotates respect 

to an inclined axis, a shear flow is induced to move 
parallel to the melt/solid interface while changes its 
direction along the axis perpendicular to the interface, like 
an Ekman spiral flow. This induced flow will in turn alter 
the morphology of the solidifying melt/solid interface and 
eventually influence the quality of the final casting. In the 
present paper we investigate this induced flow in the 
system rotates in a general way while physical conditions 
vary: different rotating conditions, different thermal and 
solutal gradients, and the non-Boussinesq effect due to 
variable viscosity of the melt. Results show that, in brief, 
the induced flow is driven by the gravity due to inclination 
while modified by rotation. As each of the following 
parameters is higher: the effective Taylor number ( Te ), 
the thermal Rayleigh number ( Rt ), the solutal Rayleigh 
number ( Rc ), or the Lewis number ( Le ), the induced 
flow is of larger velocity. The variable-viscosity effect is 
more complex, depending on the value of other physical 
parameters. 
1. INTRODUCTION 

The directional solidification is one of the major 
industrial techniques by which semiconductor materials 
such as silicon and gallium-arsenic are manufactured. 
During the solidification process, the latent heat releases 
from the melt/solid interface due to phase change and is 
conducted away into the solid and the melt, forming a 
thermal boundary layer above the interface. In the 
meantime, a compositional boundary layer forms above 
the interface because the solidifying binary solution rejects 
or incorporates the solute at the interface, enhancing the 
solutal diffusion in the vicinity of the melt/solid interface. 
After the thermal and compositional boundary layers form, 
the morphological instability may occur and disturb the 
interface into non-planar shape [ 1]. On the other hand, 
another kind of instability, or the convective instability, 
can also occur if the rejected solute is lighter or the 

incorporated solute is heavier than the solvem, rendering 
the density distribution in the compositional boundary 
layer hydro-statically unstable and eventually leading to 
the onset of double-diffusive convection above the 
interface [2]. This convective instability may couple with 
the morphological instability and result in an undesired 
change of the quality of final casting. An effective scheme 
to control these two instability modes has accordingly 
become an important issue discussed in the research of 
directional solidification. 

The influence of the imposed shear flow on these 
two instability modes was first investigated by Delves [3,4] 
who imposed quadratic and Blasius boundary-layer flows 
and by Coriell et al. [5] who imposed a plane Couette flow 
onto the melt/solid interface. Later, MacFadden et al. [6] 
imposed a plane stagnation flow vertically onto the 
melt/solid interface and- Forth and Wheeler [7,8] imposed 
an asymptotic suction boundary-layer flow above the 
interface. Chung and Chen [9] showed that as the imposed 
shear flow (a Blasius type boundary-layer flow) becomes 
strong enough, a transverse ~mode (roll-axis perpendicular 
to the imposed flow) of very unstable characteristics is 
induced. Instead of imposing the shear flow artificially 
as did by the above-mentioned studies, Sample and 
Hellawell [10] proposed to rotate the casting mode with 
respect to an axis inclined to the gravity so that a shear 
flow can be induced naturally due to inclination. Although 
no vigorous evidence was provided, they nevertheless 
conjectured that the shear flow might inhibit greatly the 
instabUity of _the melt solidifying from below. Their 
conjecture was later investigated analytically by Chung 
and Chen [11], in which they showed that a strong helical 
shear flow was induced and the shear flow generally 
enhanced the stability of the system. 
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In the present paper, we consider the directional 
solidification of binary alloy under mclined rotation, in 
whi~h a shear flow is possibly induced by inclination and 
modjified by rotation as well as the viscosity variation. We 

Digitised by the University of Pretoria, Library Services, 2015



present the mathematical model of the flow induced by the 
inclined rotation in section 2. The equations are solved by 
an analytical approach and the solutions are shown in 
section 3. Based on this solution, the features of the 
induced flow are discussed in section 4. The changes of 
the induced flow under different physical situations 
including variable viscosity are discussed in section 5. 
Finally,.concluding remarks are given in section 6. 
2. PROBLEM FORMUATION 

Consider the system as shown in figure 1, a dilute 
binary solution of temperature Too and concentration 
Coo is solidifying upwards, in which a solid layer is 
formed below the semi-infinite bulk melt. The melt/solid 
interface described by z = h ( x, y, t) is assumed to be 
initially planar and advances into the fluid with a constant 
speed V. The cooling tank rotates in a general way 
including precession and spin that the angular velocity can 
be expressed by 

<i>= (~1 sin ¢11 sin ¢Jex + 

(¢;
1 

sin ¢11 cos ¢$)ey + 

(¢;
1 

cos¢11 + ¢Jez 
(2.1) 

where ¢ P , ¢n and ¢s are the angles of P.recession, 
nutation and spin, respectively and ¢ P and ¢s are the 
angular velocities of precession and spin, respectively (see 
Fig. 1). Besides, ey, ey and ez are the unit vectors of 
Cartesian coordinate, which sits on the melt/solid interface 
as denoted by the x-y-z frame in Fig. 1. 

Fig. 1 The schematic description of the system considered. 
The solid layer is solidifying with a constant velocity V 
upwards. An induced flow moves parallelly along the 
meiUsolid interface. The casting mode rotates, including 
spinning and precession, with respect to an inclined axis. 

In such a coordinate system, the governing 
equations in the fluid region h < z < oo are 

V' · u = 0 , (2.2a) 

(a a ~ · --V- + U · V' + 2<D X U = at az 

_ Y'P +(_E._ -ll + _1 V'. (,uD) 
Po Po J5 Po (2.2b) 

(~ -V ~ +u·Y'X='=D1V2C, (2.2c) 

(gt -V ~ +u·Y'fr=k1 Y'
2
T. (2.2d) 

In above equations, u represents the velocity vector (u, v, 
w) measured with respect to the cooling tank, P is the 
pressure, and Po is the reference density. The density of 
the fluid is assumed to be constant except in the gravity 
term that p = p 0 [1- a(T- Tm)- jJC] , where a 
and f3 are the thermal and solute expansion coefficients, 
respectively, and Tm represents the freezing temperature 
of the pure solvent. The vector of gravitational 
acceleration 

g = -g(sin ¢11 sin ¢$ex 

+sin ¢11 cos ¢$ e'f + cos ~11 e:~:) 
depends on both the nutation and spm angles, where g is 
the gravitational constant. D = V'u + V'u T is the 
deviatoric strain tensor and the superscript "T" denotes the 
transverse of the tensor, C is the concentration, D 1 is 
the solute diffusivity, T is the temperature and k 1 is the 
thermal diffusivity. The viscosity of the fluid ,U is 
considered as an exponential function of temperature 

,U = ,U0 exp[ -c(T- Tm)], (2.3) 

where c > 0 is an arbitrary constant, indicating that the 
viscosity of the fluid decreases with increasing 
temperature, and ,U0 = V 0 p 0 is the reference dynamic 
viscosity, V 0 is the reference kinematic viscosity. The 
exponential model is applied because of its wider use for 
hydrogen-bonded liquids than the other models [ 14], 
which suits the aqueous ammonium chloride solution 
considered in the present paper well. 

In the solid region z < h , we neglect the diffusion 
of solute concentration and consider the diffusion of heat 
only. Then the heat equation is 

(gt - V ~ Jr = k s V' 
2 
T, (2.4) 

where ks is the thermal diffusivity of the solid phase. 
The boundary conditions at infinite far field are assumed 
to be that the fluid experiences a rigid-body rotation with 
the tank and both the concentration and temperature of the 
fluid remain unchanged during solidification process. 
Furthermore, it is assumed that the height of the tank is 
large enough that the influence on the induced flow due to 
the possible deformation of the free surface can be 
neglected. Accordingly, at the infinite far field z ~ oo 
we have 

(2.5) 
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At the melt/solid interface z = h(x,y,t), the boundary 
conditions are 

uxn=O, 

u·n=O, 

c+(l- k)(V + ah)e · n = -D ac+ at z f an ' 

r+ =T-, 

L(V + Bh )e . 0 = K ar- _ K ar+ 
at z san IBn' 

(2.6a) 

(2.6b) 

(2.6c) 

(2.6d) 

(2.6e) 

(2.6f) 

where n is the unit vector normal to the interface directing 
toward the fluid. The subscripts "+" and "-" account for 
the quantities right above and below the interface, 
respectively. Equation (2.6a) is the no-slip condition. 
Equation (2.6b) expresses the conservation of mass at the 
interface by neglecting the difference of the densities 
between the solid and liquid phases. Equation (2.6c) 
accounts for the conservation of the solute across the 
interface, where k = c-1 c+ is the segregation or 
partition coefficient. Equation (2.6d) is the 
thermal-dynamical equilibrium condition that describes 
the dependence of the freezing temperature of a binary 
alloy upon its composition. The capillary effect (the 
Gibbs-Thompson effect) is included in the last term and 
the liquidus slope m is assumed to be a constant. r is 
the capillary length and ; is the curvature of the 
interface that is assumed to be negative for a concave 
projection into the fluid. Equation (2.6e) expresses the 
continuity of the temperature across the interface and Eq. 
(2.6f) accounts for the energy balance at the interface, 
where K s and K 1 are the thermal conductivity of the 
solid and fluid, respectively, L is the latent heat per unit 
volume of solid. 
3. ANALYTICAL SOLUTION 

The induced flow during solidification before the 
melt/solid interface losing the planar shape is induced by 
the inclination of cooling tank while is modified by 
rotation. To investigate this induced flow analytically, it is 
assumed that the melt/solid interface remains planar 
during solidification, namely, 

hb = 0. (3.1) 

It is assumed also that the horizontal dimension of the 
cooling tank is much larger than the characteristic length 
of the solute scale H. Consequently, it can be seen from 
the scale analysis of the continuity equation that the 
velocity along the height of the tank is much weaker than 
that along the x-y plane when small-scaled convection is 
absent from the system, and the differential derivatives in 
the x-y planes are negligible in comparison with that along 
the height of tank as the horizontal size of tank is 
sufficiently large. As a result, the temperature and 
concentration are not affected by the presence of the flow 

induced by inclination and then should be similar to those 
of previous studies [6, 8, 15], which are shown in the 
following for convenience for subsequent discussion. 

In the melt z > 0 , the concentration and 
temperature distributions are represented by a 
concentration boundary layer and a thermal boundary 
layer, respectively, i.e., 

(3.2) 

z 
Tb = Tr:L) - LeG1e -r. , (3.3) 

where the local concentration gradient and temperature 
gradient are 

(3.4) 

G 
_ Tr:L)-Mik 

1 - Le (3.5) 

In the solid layer z < 0 , the concentration keeps constant 
and the temperature decreases exponentially, 

cb = 1, (3.6) 

z 
Tb = Tr:L)+L-(L+LeG1)e-L. (3.7) 

Regarding the induced flow, it is shown from scale 
analysis that the z-component of the induced velocity can 
be assumed to be zero, i.e. 

wb = 0. (3.8) 

By applying Eqs. (2.8b-d) and boundary condition Eq. 
(2.13), we obtain the pressure distribution in the melt as 

~ = ~(z,t)+(R, +RtTr&>) 

[xS.S,(t) + yS~tC,(t) +zC~t] 
(3.9) 

The reduced pressure ~ { z, t) can be obtained by 
substituting equation (3.9) into (2.8d) and yields 

~= [(-1)n1 Tq~S~tC,(t)}~ 

- [(-1) n1 Tq! s~S,(t) t~ 

+ [R, (C~ -1) + Rt(1;- T'D) ):'~ 
(3.10) 

Note that the pressure gradient in z -direction balances 
the z -component of the fluid weight, leading the melt far 
above the solidifying front to be quiescent and makes the 
whole melt motionless in the z-direction. Namely, in the 
far field from the interface, the pressure gradient can be 
seen as the buoyancy due to the density variation in the 
z-direction. On the other hand, however, due to the fact 
that the density changes greatly within both of 
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concentration and thermal boundary layers, the pressure 
gradient in both x - and y -directions cannot balance the 
weight of the fluid along corresponding directions and 
causes a flow along the interface, which is then modified 
by the Coriolis force due to the rotation. The x- and 
y-components u b and v b of the induced flo': can be 
solved by substituting Eqs. (3.8) and (3.10) mto Eqs. 
(2.8b,c), yielding 

d 2U 1 dUb ~ 
J.l dz2b + (J.l' + S,- ) dz - iT~U b 

= [R,(Cb -1) +Rr (~- T.)]S~~ 
(3.11) 

¢g = -(Ot + tr I 2), J.l = dJ1 I dz 

and Te is defined as 

(3.12) 

The associated boundary conditions are 

(; b = 0 , at z = 0 and z ~ oo . (3.13) 

Since the gravity component on the x-y plane can be 

expressed by g x + ig Y = Snge i¢g , where ¢ g indicates 

the orientation of the gravity component on the x-y plane. 

Equations (3.11) and (3.13) can be solved by 

asymptotically expanding the dependent variables with 

respect to , where = 1 I Le 

4. THE INDUCED FLOW 

From Eq.(3.18) one can see that, whether the 
viscosity is constant or variable, the direction of the 
induced flow varies with time periodically with a 
frequency equal to the spin angular velocity n . The 
induced velocity varies with the height of the tank and can 
be separated into three components of different length 
scales. The first component is of the length scale of the 
solute boundary layer, varying vertically with the 
exponential function e-z and will be called the 
solutal-layer flow. The second component is of the lenrth 
scale of the thermal boundary layer, varying with e -z L. 

and will be called the thermal-layer flow. The third 
. d . h -zfdE d h S component varies its magmtu e Wit e an c ange 

its direction with a period 2tr If , being apparently a 
kind of spiral Ekman flow and will accordingly be called 

the Ekman-layer flow. 

(a) 

20 40 60 80 100 0 90 180 270 360 

At -At (deg.) Y'u Y'g . 

Fig. 2 An example of the induced flow. (a) The velocity 
amplitudes along the z-axis of the three components: the 
solutal layer flow, the thermal layer flow, and the Ekman 
layer flow. (b) The phase angle variations of the three flow 
components; the phase of Ekman layer flow changes 
periodically with height. (c) The three-dimensional velocity 
profile of the induced flow, showing that the spiral structure 
is mainly confined to a shallow layer above the meiUmush 
interface. 

To more clearly illustrate the variation of these three 
components, we show in Fig. 2 the variations of both the 
velocity magnitude and the direction along with the tank 
height for the case Te = 1 , Rc = 10, Rr = 250 , 
Le = 3 600 , Sc = 81 , which corresponds to the aqueous 
ammonium chloride solution of constant viscosity (i.e. 
r = 0) under small angular velocity rotation (s~ch as 
1 rpm) with an inclined angle about 10 degree. It IS seen 
from Fig. 2(a) that both the solutal-layer flow and the 
Ekman-layer flow are of the maximum velocity at the 
melt/solid interface and decay exponentially with height, 
while the thermal layer flow is essentially of constant 
velocity along the height and is of largest velocity 
compared to the other two components. By combining 
these three components, the induced flow vanishes at the 
interface, satisfying the boundary condition, while 
increases its velocity exponentially with height within the 
region where both the solutal-layer flow and Ekman-layer 
flow decay upwards. After reached the maximum, the 
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induced flow velocity reduces a bit and remains to be that 
of thermal-layer flow up to the far field. In other words, 
the induced flow is dominated by the thermal-layer flow in 
a large region of the melt, while both the solutal-layer 
flow and the Ekman-layer flow contribute to the induced 
flow by reducing the thermal-layer flow exponentially to 
zero when across the shallow region above the interface. 

On the other hand, the three component-flows are of 
different directions, which can be seen from Fig. 2(b) 
where ¢u is the phase angle of U b. The solutal-layer 
flow and the thermal-layer flow are of constant directions, 
differing from the direction of gravity by 45 and 90 degree, 
respectively, while the direction of Ekman-layer flow 
changes periodically with height, forming the main body 
of spiral structure. To illustrate the spiral structure, we 
show the velocity vector in Fig. 2( c) that the induced flow 
in the far field stays in the y-z plane, while near the 
interface the flow has a component in x-direction. This 
component has its maximum on the interface and decays 
rapidly with height. Note that the direction of 
thermal-layer flow on the interface is virtually opposite to 
that of Ekman-layer flow, the combination of these two 
component-flows therefore becomes a flow of small 
velocity, which is then vanished due to the solutal-layer 
flow, leading to the non-slip condition on the interface. At 
z ~ 3.2, on the other hand, the Ek.man-layer flow and the 
thermal-layer flow are of the same direction, resulting in 
the largest amplitude of the induced flow velocity. A small 
contribution is made by the solutal-layer flow, which 
modified a little the position of maximum velocity. 

The coefficients of the induced flow velocity of Eq. 
(3 .18) contain the parameter Sn , indicating that the 
induced flow is a result of the imbalance between gravity 
and pressure gradient along x-y plane when the angle 
between these two forces is larger than zero. On the other 
hand, one may infer that as the system is rotating with 
respect to the vertical axis, i.e. the gravity and the pressure 
gradient are in the same direction, there will have no 
induced flow no matter the fluid viscosity is constant or 
variable. Because of the inclined rotation, the fluid is 
driven by the resultant force of gravity and pressure 
gradient to move parallel along the x-y plane. When the 
rotation includes spin, the induced flow varies periodically 
with a frequency n ' the spin angular velocity, because 
both the gravity and pressure gradient change their 
directions with Q . While this case cannot be applied to 
the case of precession, since the phase angle difference 
between the induced flow and the gravity is independent 
of time, implying that the induced flow due to precession 
shall be a steady flow. This physical explanation can also 
apply to the occurrence of the three component-flows: 
Both the thermal-layer flow and the solutal-layer flow are 
the results of system inclination while the Ekman-layer 
flow is mainly resulted from system rotation. In brief, one 
may conclude that the induced flow is driven by system 
inclination and is modified by the system rotation. 

S. CONCLUSION 
We have investigated analytically the flow in the 

directional-solidifying melt under inclined rotation 
including spin and precession. Results show that the flow 
is driven by the gravity component along the melt/solid 
interface and is modified by the rotation including spin 
and precession through the interaction between the 
Coriolis force and the density gradient. The induced flow 
moves parallel to the interface while changes the direction 
along the direction perpendicular to the interface, forming 
a spiral structure like an Ekman flow. Neither of the 
temperature nor the concentration distribution is 
influenced by the formation of induced flow. The induced 
flow consists of three components: the solutal layer flow, 
the thermal layer flow, and the Ekman layer flow; the third 
component dominates the induced flow by changing the 
flow direction periodically along vertical axis. 
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ABSTRACT 
In this study, numerical investigation has been performed 

on the impingement, spreading and solidification of a coating 
material droplet impacting onto a solid substrate in the thermal 
spray process. The numerical model is validated through the 
comparison of the present numerical result with experimental 
data for the flat substrate without surface defects. An analysis of 
deposition formation on the non-polished substrate with surface 
defects is performed. The parametric study is also conducted 
with various surface defect sizes and shapes to examine the 
effect of surface defects on the impact and solidification of the 
liquid droplet on the substrate. 

INTRODUCTION 
Thermal spray deposition processes are an efficient means 

of manufacturing materials that require significantly fewer 
manufacturing steps than conventional processes. This 
processes begin with coating materials in powder form being 
injected into a gas jet passing through a high temperature 
environment, where they are heated up, melted and accelerated 
towards a substrate where a thin deposited layer is formed after 
impingement, spreading and solidification. Due to the complex 
physical changes occurring in a very short time, it has been very 
difficult to develop a good understanding of the thermal spray 
deposition processes and the related physical phenomena [I ,2]. 
The complexities include the dynamics of a rapidly moving free 
surface, the importance of both convective and diffusive energy 
transfer, and the existence of a moving liquid-solid phase­
change boundary. In last decades, a few experimental studies 
have examined impact and solidification of the thermal spray 
deposition and several numerical models have been developed 
to simulate it for largely the mono molten droplet on a substrate 
[3,4] . Recently, Pasandideh-Fard et a!. [5] and Aziz et a!. [6] 
experimentally examined the impact and solidification of 
molten tin droplets on a flat stainless steel plate. They 
photographed droplet impact and measured splat diameter from 
these photographs. They also measured substrate temperature 

636 

variation under the impacting droplet. Pasandideh-Fard et a!. 
[5], Tong and Holt [7] developed numerical models based on 
fixed grid method to simultaneously predict fluid flow inside 
the spreading liquid droplet and heat transfer between the 
droplet and substrate. However, none of experiment and 
numerical analysis of droplet impact and solidification have 
been performed on the substrate with non-polished surface. In 
real situation, non-polished substrate has small defects of which 
shapes are convex or concave. These defects prohibit spreading 
of droplet and degrade the quality of the spray deposition. The 
objective of the present work is to provide an insight into 
deposition formation during droplet spreading and solidification 
on the substrate that has small surface defects. 

NOMENCLATURE 
a coefficient of matrix 
c specific heat (JikgK) 
C porosity of the material 
D

0 
diameter of liquid metal droplet (mm) 

DflliU maximum splat diameter (mm) 

F volume fraction of fluid 
Fb body force 

F sv continuous surface force 

g volume fraction of liquid phase 

/j.H latent heat of fusion (Jikg) 
k thermal conductivity (W/mK) 
n unit vector normal to the free surface 
nw unit vector normal to the wall 

p pressure 

Rc thermal contact resistance (m2K/W) 

Re Reynolds number based on the drop diameter 
S Darcy source term for momentum equation 

time 
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i., unit vector tangent to the wall 

T temperature (0C) 
V velocity (rnls) 

Greek Letters 
K curvature of free surface 
() contact angle (~ 
p density (kg/m3

) 

a surface tension (N/m) 

' viscous stress tensor 

~ spread factor ( D/ D0 ) 

e volume fraction of obstacle 

subscripts 
p node point 

nb neighboring nodes to p 

superscripts 
m iteration level 
n old time value 

NUMERICAL MODEL DESCRIPTION 
In order to accurately predict the formation of a splat on 

the substrate, it is necessary to solve the full Navier-Stokes 
equations and track both the deforming liquid metal droplet and 
the moving solid/liquid phase boundary. The fixed-grid model 
considered in this work couples a two-dimensional 
axisymmetric incompressible Navier-Stokes equation solver for 
fluid flow with free surfaces [8] and solidification algorithm 
proposed by Swaminathan and Voller [9]. 

Fluid Flow 
For incompressible fluids in presence of solid phase, the 

continuity and momentum equations are given by 
Y'·(0V)=0 (1) 

and 
av e e 
~+ V' ·(0VV) = --V'p+-V' · r-t0Fb +0S (2) at P P 

A unit value of 0 corresponds to a cell full of fluid, 
whereas a zero value of 0 indicates that the cell contains all 
solid substrate. S is the source term to model the velocity 
reduction in the solidified region. Eqs. ( 1) and (2) can be 
combined into a single Poisson equation for the pressure given 
below 

v {: vp···) = v · ~v) (3) 

and it can be solved using an ICCG(incomplete Cholesky 
conjugate gradient) solution technique. 

In the above equation, tilde velocity V is obtained by 
using the previous quantities as 

V-V" o (0VV)" eo • ,oF" 0---=-v. " +-v ·!' ~ b 

& p 
(4) 

The tracking of free surface is given by a volume-of-fluid 
(VOF) transport equations: 

! (0F) + V' · (0FV) = 0 (5) 

where F is the VOF function defined as the volume fraction of 
fluid whose value is unity in the fluid and zero in void. More 
details concerning VOF method are given in Ref. [8] 

A continuum surface force (CSF) method [1 0] is used to 
model surface tension. The CSF method interprets surface 
tension effects as a continuous body force effects. The volume 
force used in the modeling of surface tension effects in the CSF 
method is given by 

Fb = F,. = ax:Y'F (6) 
At points that fluids contact with wall or solidified 

obstacle, wall adhesion forces are calculated in the same 
manner as volume forces except that a wall adhesion boundary 
condition is applied to the unit vector normal to the free 
surface: 

n = nw cos()+ iw sin() (7) 

where () is tht:: contact angle between fluid and the wall, ii., is 

the unit vector normal to the wall, and i., is tangent to the wall. 

In our calculation, contact angle is assumed to be 90° for 
simplicity. 

Solidification 
The solidification process is described by source-based 

energy equation given by 

! (peT)+ V' · (pcVT) = V' · (kV'T)- pM! ~~ (8) 

where g is the liquid volume fraction of metal droplet. When 

g takes a value between 0 and 1, a cell becomes phase 

boundary cell which has both a liquid and a solid phase. Eq. (8), 
subject to appropriate boundary and initial conditions, can be 
integrated fully implicitly as 

aPTPm+l = a;TP" + Ia.J;.:•• + pM!(g;- g;••) (9) 
nb 

where superscript m + 1 represents the current iteration level. 
Above system of equations is nonlinear since the liquid fraction 
depends on the temperature. Following the Ref. [9], a truncated 

Taylor series expansion for g'"•1 gives 

g'"+l = g'" + dg [T'"+l- T'"] 
dT 

(10) 

Substitution of Eq. (1 0) into Eq. (9) yields a liner source 
term in the temperature and results in the iterative equation as 
follows: 
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[ 
6H dg ]r'"•t "T" 6H dg T'" 

aP + p dT P = aP P + p dT P 

+ Ia.J::·t + p!ili(g;- g;) 
nb 

(11) 

To implement surface adhesion boundary, the shape of 
solidified droplet is reconstmcted by the gradient of function 
g. 

The source term is used to modify the momentum equation 
for the mush region and it takes the following form 

s = C(l- g)
2 

v (12) 
gl +& 

where C represents the porosity of the material and & is small 
constant. 

RESULTS AND DISCUSSION 
To validate that our numerical model can reasonably 

simulate the droplet impacting and solidification, numerical 
results are compared with experimental data of Pasandideh-Fard 
eta/. [5] and Aziz eta/. [6] The material properties and other 
information pertaining to the simulation are given in Table 1. 
Thermal properties of liquid and solid tin are assumed constant 
and equal to each other. The constant thermal contact resistance 
between the droplet and substrate is estimated by comparing the 
experimental substrate temperature variation and maximum 
diameter of splat with numerical values of the present work. 
Calculated value of spread factor, i.e., ; = D I D 0 during the 

impact of droplets on flat surface with initial temperature of 
25°C for Re = 1.3xl04 andRe= 2.lxl04

, respectively, is shown 
in Fig.l (a) and (b). The constant thermal contact resistances 
used for the numerical calculation are Rc= 5xl0'6 m2K/W, Rc= 
lxl0-6 m2K/W and Rc = 5xl0-7 m2K/W. The thermal contact 
resistance of Rc= 5xl0-6 m2K/W among others yields the better 
agreement between the predicted and measured values of spread 
factor as shown in both Fig. 1 (a) and (b). The temporal 
variation of substrate surface temperature at the center is shown 
in Fig. 2 for Re = 1.3xl04

• It is indicated that there is a good 
agreement between the experimental and present numerical 
results for Rc = 1 x 1 o-6 m2K/W. These results show that one 
cannot accurately estimate both the spread factor and the 
surface temperature of the substrate by using a single thermal 
contact resistance. In the present work, the constant value of Rc 
= 5xl0-6 m2K/W is used for all the calculations since this value 
yields more accurate predictions on the spread factor and the 
variation of the splat shape. The splashing and solidification 
sequence of a liquid tin droplet on the flat stainless steel 
substrate are shown in Fig. 3 for Re = 1.3xl04

• In this figure, 
the dark shaded area represents the solidified metal droplet. 
Results indicate that the shape of the droplet before the 
solidification of the edge of the splat (t < 3ms) is very similar to 
the experimental result [5]. 
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Table 1: Material properties and initial conditions of molten 
tin droplet and stainless steel substrate. 

Liquid Tin 
Density (kg/m3

) 

Kinematic viscosity (m2/s) 
Surface tension coefficient (N/m) 

Thermal diffusivity (m2/s) 
Thermal conductivity (W/mK) 

Latent heat of fusion (J/kg) 
Melting temperature (0 C) 

Impact velocity (m/s) 
Droplet diameter (mm) 
Initial temperature (0 C) 

Stainless Steel 
Thetrnal diffusivity (m2/s) 

Thermal conductivity (W/mK) 
Initial temperature (0 C) 

(a) 

0.5 

4 6 
Time(ms) 

(b) 

7000 
2.64xlo-7 

0.544 
1.714xlo-s 

30 
6.07xl04 

232 
1.6[5] or 2.0[6] 
2.1[5] or 2.7[6] 

240 

3.95xl0-6 

14.9 
25 

10 

Figure 1: Variation of spread factor during impact of tin 
droplets on a flat stainless steel surface at (a) Re = 1.3xl04

, (b) 
Re = 2.lxl04

• 
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Figure 2: Evolution of substrate surface temperature during the 
impact of a molten tin droplet on a flat stainless steel at Re = 

1.3x104
• 

Figure 3: Splashing and solidification sequence of a liquid tin 
droplet on the flat stainless steel substrate at Re = 1.3x 104

• 

However, numerical prediction of the solidified region is 
preceded by experimental result [5] after the edge of the splat is 
solidified (t > 3ms). It seems that disagreement between the 
numerical prediction and experimental data is attributed to the 
fact that the two-dimensional axisymmetric model could not 
properly predict Rayleigh-Taylor instability as shown in the 
experiment. However, this model reasonably simulates the 

639 

process of droplet impacting, solidifying, and recoiling on the 
flat substrate. 

An analysis of deposition formation on the non-polished 
substrate with surface defects is performed based on the result 
for flat substrate. As shown in Fig. 4, the shape of the defects is 
modeled with axisymmetric simple triangular or rectangular 
geometry. Figures 5 (a) and (b) show the maximum spread 
factor for droplet impacting on the substrate that has only one 
defect at various positions for Re = 1.3x104 andRe= 2.lx104, 

respectively. The spread factor at zero defect position in Fig. 5 
indicates the one without surface defect. The width of the 
defects in Fig. 5 is the 0.05D0• The depth for concave defect 
and height for convex defect have the same dimension as width. 
Maximum spread factor with concave defect did not change 
greatly with the shape of the defect. It is also found that there is 
little effect of the position of defect on the spread factor when 
the defect is located near the impacting point. Spread factor for 
the case with concave surface defect is reduced by a small 
amount when the radius of defect is greater than about 0.75 D0 

and 1.0 D0 for Re = 1.3x 104 and Re = 2.1 x 104
, respectively. 

However, the spread factor is reduced drastically with the 
increase of the distance between the impacting point and defect 
position when the shape of surface is convex. In this case, it is 
shown that the spread factor varies with the defect shape even 
though the position of the defect is the same. In general, the 
spread factor increases with Re number, but it is observed that 
the opposite case in which the spread factor for the small value 
of Reynolds number is large occurs when the defect position is 
located at 0.75 D0 in the case of the convex surface defect. This 
result shows that the concave defect only acts as a decelerator 
which reduces the spreading velocity of the liquid tin droplet. 
However, the convex defect acts as an obstacle since the droplet 
collides with the convex defect and then the direction and 
magnitude of its velocity are largely altered. Thus, it is very 
difficult to predict general tend of th~ spread factor in the case 
with convex surface defect. The droplet could not spread 
outside the defect and spread factor is limited by only the 
distance between the impacting point and the position of the 
defect if the position of defect is over the certain critical value, 
irrespective of the shape of the defect. 

a) concave rectangular b) concave triangular 

width 
1-----+1 

heigh1 ~ ,b;,. 
~~Wf~ 
c) convex rectangular d) convex rectangular 

Figure 4: Geometries of the various surface defects. 
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I 
outside of the defect/- inside of the defect 

1·5 0.!-""'-'--'---"-:o;;';.5r--'---'---'--:1:---'--'---"--'--;'1.5 
Nondimensional central position of defect 

3.5 

(a) 

-B-- ~ncavc rectanauiar 
~concavetJianaulu 

--convGXroclanJular 
_.____ (:()nvcxtrianau.l&r 

utside of the defect---z.__ inside of the defect 

1 o.!-""'-'""'-'--'~o.s~--'---'---'--1~...._.__.___..-t1.5 
Nondimensional central position of defect 

(b) 
Figure 5: Maximum spread factor for a tin droplet impacting 
on the stainless steel substrate having one defect with width of 
0.05 D0 at (a) Re = 1.3x104

, (b) Re = 2.lx104
. 

Figure 6 shows the shape of the splat for four different 
defect geometries in the case of the same defect position and 
width at !Oms for Re = 1.3x104

• It is shown that an air remains 
in the cavity since the solidified layer is formed before the 
liquid tin fills up the cavity with the concave defects. Figure 6 
(c) indicates the shape of the splat in the case with rectangular 
convex defect. It is shown that there exists pores behind the 
defect and the thickness of solidified layer at 10 rns is not 
uniform, not like the other cases. Figure 7 shows the maximum 
spread factor in the case with the defect width of 0.1 Do. The 
spread factor is decreased compared to that of 0.05 D0• 

However, the spread factor is almost identical to that of the case 
with the defect width of 0.05 D0, if the defect is very close to 
the impaction point. In order to investigate the relation of 
spread factor with the number of concave surface defects, 
numerical study for the surface defects with periodic constant 
pitch has been performed. The pitch of defect is defined as the 
distance between the two defect's centers and the defects are 
located periodically along the radial direction. Figure 8 shows 
the maximum spread factor for various pitches. Liquid drop 
flows over more concave surface defects during the spreading 
as the pitch decreases and each defect causes the velocity of the 
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t~IOms t~!Oms 

(a) concave rectangular (b) concave triangular 

t=lOms t= lOms 

(c) convex rectangular (d) convex triangular 

Figure 6: Shape of the splat for various surface defects with 
width of 0.05 D0 at Re = 1.3x 104

• 

outsidcofthcdefect-f--insideofthedefcc:t 

I 
1o 0.5 1 

Non:lirnensiooalccntral.positionofdcfcct 

==::::::==-.-.­
___ 

/ 

/ 

/ 
/ 

0.5 1 
Noniimensiorw.lccntndpositimofdefoct 

(a) (b) 
Figure 7: Maximum spread factor for a tin droplet impacting 
on the stainless steel substrate having one defect with width of 
0.1 D0 at (a) Re = 1.3x104

, (b) Re = 2.1x104
• 

0.5 0.75 
NondimcnsK>nalpitdl 

r· 
121!15 

05 075 
Noadimcasion .. pltcb 

(a) (b) 
Figure 8: Maximum spread factor for a tin droplet impacting 
on the stainless steel substrate with various defect pitch at (a) 
Re = 1.3x104

, (b) Re = 2.1 xl04
. 
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ABSTRACT 
Unsteady growth of pores in solid behind the interface 

advancing in the upward direction is experimentally investigated. 
The working medium is distilled water which is poured into a 
heat-treated glass tube with the lowest temperature of -18 C at the 
bottom and the surrounding temperature at the top. Observing 
from a zoom microstereoscope shows the nucleation and growth 
of the bubbles on the interface and the subsequent formation of 
the pores in solid. The wall of the pore can be corrugated, melted 
and solidified, or remain the same shape depending on the pore 
filled or partially filled with gases or water. The shape of the pore 
is strongly affected by solidification rate. In earlier stage of 
solidification, rapid freezing enhances mass transfer and gas 
pressure in the pore. The growth of cap radius is attributed to the 
decreasing rate of gas pressure overriding that of hydrostatic 
pressure on the cap. An oscillating interface fluctuates mass 
transfer and gas pressure. As the decreasing rate of gas pressure 
becomes the same order of that of hydrostatic pressure in later 
time, the wall of the pore readily corrugates. 

INTRODUCTION 
In metals processings such as casting, welding, and crystal 

growth the workpieces usually accompany with porosities, whose 
distributions, sizes and volume fractions determine the extent of 
any degradation in mechanical properties [1,2,3]. Porosity is the 
term to describe gas pockets or voids in a workpiece. Hydrogen, 
oxygen, and nitrogen are usually soluble to any significant extent 
in a molten pool, and their solubilities in the solidified metal are 
significantly less than in liquid metal. Therefore, bubbles are 
readily nucleated by the solidification front where the dissolved 
gases accumulated [4,5,6]. A bubble after nucleation behaves in 
different ways: (i) it can float away, collect (or lose) gas and grow 
(or collapse) in the process and escape to the surroundings, (ii) it 
can move and grow on the interface, (iii) it can be trapped by the 
interface and become an elongated blowhole, (iv) it can be rapidly 
overgrown by the interface and entrapped as an isolated round 
pore. Bubbles or pores can be reduced by (1) chemical 
combination to remove dissolved gases, (2) treatment of the liquid 
in vacuum, (3) pumping an inert gas to liquid, and (4) generating 
ultrasonic vibrations in liquid [5]. Generally speaking, the pore in 
solid can be reduced by any method which can decrease the 
amount of the dissolved gases in liquid. 

In order to facilitate an observation, the freezing of water has 
been effectively used to interpret that of liquid metals [7]. 
Observing the pores during freezing, Chalmers [8] interpreted that 
air rejected by the solidification front accumulates in water near 
the interface until concentration is high enough for bubbles to 

nucleate. The bubble grows because air diffuses into it. If the 
interface continues to move forward, the bubble cannot grow 
laterally but forward to form a cylindrical pore, known as an ice 
worm. The ice worm that frequently looks like a string of pearls 
was proposed to be due to the fluctuations of the freezing rate 
caused by intermittent operation of the compressor of the 
refrigerator. When freezing is slow, bubbles are bigger. During 
fast growth the bubble decreases in cross section and the 
formation of ice worms is suppressed. The ice contains a large 
number of very small, round pores. In very slow freezing neither 
bubbles nor ice worms appear since the rejected air is diffused 
away from the interface. Ice grown in flowing water is usually 
free of bubbles and ice worms, because a continuous removal of 
water prevents the build-up of a high concentration of dissolved 
air. 

Observing the freezing of water between horizontal glass 
slides, Carte [9] found that the density of the separated bubbles 
was related to the solidification rate by a power of -1.7. A critical 
supersaturation for bubbles to nucleate was about 30. Wilcox and 
Kuo [10} reviewed nucleations of bubbles in freezing 
multicomponent gas solutions and showed that the tendency to 
form gas bubbles increases with increasing growth rate and 
decreasing stirring and height of liquid over solid. Vasconcellos 
and Beech [11] studied the effects of C02 dissolved in water on 

the formation of blowholes. From the observed radii gas pressure 
and solute concentration in the blowhole were evaluated by 
satisfying momentum balance and physico-chemical equilibrium. 
A blowhole exists when the concentration of solute at the interface 
proceeds that in equilibrium with gas pressure. The growth of 
blowholes can be explained in terms of a steady-state solute 
profile. 

Geguzin and Dzyuba [12] observed the bubbles captured by 
the solidification front. The bubbles were found to arise chiefly in 
the region of coarse distortions of the solidification front at which 
a local increase in gas concentration exists. From photographic 
observations the measured density and mean size of pores were 
found to increase and decrease with increasing solidification 
speed, respectively. Geguzin and Dzuba [13] evaluated air 
concentration near the advancing interface by proposing a test 
bubble method. Gas inclusions in solid were also found to be 
periodic. It showed that a bubble is not captured, captured as an 
elongated inclusion, and isolated pore as the solidification front is, 
respectively, less, equal, and greater tban the rate of displacement 
of the top surface of the growing bubbl'e. Lipp et a!. [14] also 
applied the test bubble method to study the bubble growth ahead 
of the solidification front and analyzed momentum and energy 
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transport in a quasi-steady state and physico-chemical equilibrium 
on a bubble. 

Tagavi et al. [15] observed void formation in gassed and 
degassed cyclohexane and 1,4-Butanediol solidified from above 
and below. Blowholes appear for gassed liquids irrespective of the 
direction of solidification. The freezing process starts with liquid 
shrinkage and decreasing pressure. In upward solidification, the 
shrinkage is spread as several voids. Freezing from below causes 
the void to appear at the top under gravity and at the center under 
microgravity. The dissolved gases have a tendency to distribute 
the shrinkage as small worms. 

Wei et al. [I6] observed the pores trapped in solid during 
solidification, and provided a theoretical model to interpret the 
formation of the pores. The axisymmetric shape of a pore 
resulting from a bubble trapped by a solidification front is 
experimentally and theoretically investigated. Accounting for 
momentum, energy, mass, and species transport and physico­
chemical equilibrium at the moving cap surface of the pore and 
introducing a time-dependent mass transfer coefficient derived 
from a scale analysis, the results find the effects of dimensionless 
parameters governing mass transfer coefficient, the maximum and 
decaying rate of displacement of the solidification front, Henry's 
constant, concentration in bulk liquid, surface tension, and cap 
angle on the shape of the pore. Comparisons between the 
computed and measured variations in the pore length and cap 
radius with time are also presented. 

In this work, nucleated bubbles trapped by the advancing 
interface between water and ice are experimentally observed. A 
simple model to interpret the growth of a bubble trapped in solid 
is presented. A better understanding of the processes, growth, and 
shapes of a bubble trapped in solid as a pore during freezing 
therefore is provided. 

NOMENCLATURE 

Bo Bond number = pgh fof<rpy 

n 
>I< 

p 

Pa 

gas concentration on liquid side at cap surface 

solute concentration in liquid far from bubble 

dimensionless concentration in bulk liquid 

= RTC .,jpgh iO 

dimensional length, h * = h /h iO 

quantity governing steady component of mass transfer 

coefficient= Jh iolh g 

effective length of pore 

mass transfer coefficient 

dimensionless Henry's constant, K* = KIRT 
number of mole, kg-mole 

dimensionless pressure = p/pgh iO 

atmospheric pressure 

dimensional pore radius, rj = ri /hw, as illustrated in 

Fig. 2 
S cap area 
si displacement of solidification front after nucleation, 

s i = s i /h iO , as illustrated in Fig.2 

dimensional time, t * = tD/h to 
z dimensional coordinate, z * = z!h iO , as illustrated in 

Fig. 2 

cap angle, as illustrated in Fig.2 
Suoerscriot 
• dimensionless quantities 

~ 
i liquid-gas or liquid-solid interface 
0 initial 

OBSERVATION 
The main components of the experimental setup are the test 

liquid, glass tube, constant-temperature bath, and zoom 
microstereoscope, as illustrated in Fig. I. A heat-treated glass tube 
was selected to reduce radial heat transfer to the surroundings. 
The outer and inner diameters and height are 0.040I, 0.0353 and 
0.3I5 m, respectively. The working medium in the glass tube is 
distilled water in a height of 0.0975 m. The top of the tube is 
covered by a copper plate to avoid contaminations from the 
surroundings and maintain a nearly constant atmospheric 
temperature. The temperature at the bottom can be as low as -25 
± 0.3 oc maintained by the constant-temperature bath, where the 

circulating coolant is 40% volumetric fraction of glycol dissolved 

Lumin escence 

~ 
c op~r 

I 

Copper 

"i7 

Liquid 

p::rr 
Solid 

0 

Zoom 
rostereoscope Mic 

()= 
p1ass 

l 
Constant-temperarure bath 

Fig. I: Schematic sketch of experimental setup. 

in water. The lowest temperature is changed by varying the 
amount of glycol. The pipes in the constant-temperature bath are 
insulated by wool to avoid condensation and freezing of the vapor 
in the surroundings. Wool is also placed between the compressor 
and stirring motor to reduce vibration. To reach a long focal 
distance and clear image a zoom microstereoscope equipped with 
a camera is used. The magnification is between 6-60. Four light 
sources are utilized for luminescence. They are cold so that 
temperature in water and ice is not disturbed. 

Water 

h, 

Fig. 2: Physical model and coordinate 
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The pore growth simultaneously accounting for unsteady mass, 
energy, and species transport, momentum balance and physico­
chemical equilibrium on the pore has been proposed by Wei et al. 
[16]. As illustrated in Fig. 2, a force balance applied at the cap 
surface of the pore in solid yields 

where the displacement of the solidification front measured from 
the location where the pore occurs is si , which is also equal to 

the length of the pore. Terms on the left-hand-side of Eq. (I) 
represent gas pressure in the pore and vapor pressure of pure 
water, terms on the right side are atmospheric pressure on the top 
free surface .of liquid, hydrostatic pressure, and pressure due to 
surface tension, respectively. The partial pressure of the gas can 
be determined from Henry's law Pg = KCw , where the 

proportionality constant K is the Henry's constant. Vapor pressure 
of the solvent Pv evaluated from Clausius-Clapeyron equation at 

the ice point can be ignored. Introducing a mass transfer 
coefficient h D , the amount of the gas in the pore can be 

evaluated 

(2) 

The equation of state is needed 

(3) 

The Stefan boundary condition is also required 

(4) 

where the term on the left-hand side represents latent heat due to 
solidification. The initial condition is Sj = 0 at t = 0. In view of 

Lewis number for solid and liquid much greater than unity, 
temperature profiles in solute-rich regions near the solidification 
front can be assumed to be linear. Integrating Eq. (4) over time 
therefore leads to 

* B * si = A(l- e- t ) (5) 

where dimensionless parameters A and B govern the maximum 
displacement of the solidification front and exponential decay of 
displacement, respectively. Combining Eqs. (2)-(4) with Henry's 
law gives [16] 

(6) 

which indicates that gas pressure in the pore increases with 
solidification rate. A dimensionless form of Eq. (I) yields 

(7) 

It showed that in an earlier stage cap radius increases with time, 
even though solidification rate fluctuates. This is because the 
decreasing rate of the total gas pressure overrides that of 
hydrostatic pressure. In view of a rapid decrease in gas pressure, 
the decreasing rate of gas pressure becomes the same order of that 
of hydrostatic pressure in the later stage of solidification. This 
readily results in an oscillation of cap radius and the formation of 
a wormhole. 

Fig. 3: A photograph of bubbles nucleated at the advancing 
interface 

RESULTS AND DISCUSSION 
In this study, water is freezed from the bottom of the glass 

tube. As solidification proceeds, concentrations of the dissolved 
gases accumulate near the interface between the water and ice. 
Supersaturation of dissolved gases gives rise to heterogeneous 
nucleation of bubbles on the rough solid-liquid interface, as shown 

in Fig. 3. The size of the biggest bubble is approximately 1 o·4 m. 
It can be seen that many bubbles are strongly nucleating on the 
left-hand side of the solidification front. A lot of tiny bubbles, 
which come from evolution of gases from rupture of the nucleated 
bubbles on the solidification front, float in the upper region of the 
water. This reveals that the nucleated bubbles are filled with 
dissolved gases. A more detailed observation and interpretation is 
interesting and currently undertaking. 

With a magnification of 6, Fig. 4(a) shows that a bubble 
grows after nucleation. In Fig. 4(b ), it shows that at a later time of 
36 min the growth of the biggest bubble is similar to the way 
mentioned previously [16]. Referring to Eqs. (6) and (7), in earlier 
stage of solidification, rapid freezing enhances mass transfer and 
gas pressure in the pore. The growth of cap radius is attributed to 
the decreasing rate of gas pressure overriding that of hydrostatic 
pressure on the cap. For an oscillating interface, as the decreasing 
rate of gas pressure becomes the same order of that of hydrostatic 
pressure in later time, the wall of the pore readily corrugates. It 
can be seen that several small bubbles also nucleate on the right­
hand side. In Fig. 4(c) at a time of 140 min other small bubbles 
nucleate on the left. The right bubble becomes slim and 
disappeared. Fig. 4(d) shows that bubbles grow with the wall 
corrugated. 

A development of long pores in ice is shown in Fig. S(a). It 
can be seen that pores exhibit a bulged region near the 
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solidification front. As time proceeds, pores are necked near th~ 
interface, as shown in Fig. 5(b ). The bulged region moves 
downward. This can be interpreted as a result from an existence of 
liquid in the pore. Since water has higher temperature than ice a 
downward flow melts ice and expands the pore. The shape of a 

(a) 

(b) 

(c) 

(d) 

Fig. 4: Photographs with magnification of 6 to describe number 
ofbubbles trapped by the solidification front, (a) 18, (b) 36, (c) 

140, (d) 180 min. 

pore in solid therefore can be changed. Long pores therefore are 
separated into two parts. 
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(a) 

(b) 

Fig. 5: Photograph showing development of long pores in ice. 

CONCLUSIONS 
The conclusions drawn are the following: 
I The bubbles nucleated on the solidification front between 

water and ice are trapped as pores in solid are observed. The 
pores may be filled or partially filled with water or gases, as 
deduced from the variation in the shape of the pore in solid. 

2 Cap radius of a pore. increases with time in earlier stage of 
solidification. As time becomes large cap radius readily oscillates. 
Hence, rings of streak on the wall of the pore appear. 

3 The corrugation for the wall of a pore is due to either 
oscillation of cap radius or the existence of water which freezes 
after melting the wall. 

4 A long pore in solid is observed to be deformed, 
expanded, necked, cut off, and solidified. This is because the pore 
partially filled with liquid which melts or freezes alternatively 
during solidification. A more detailed study is interesting and 
currently undertaking. 

5 In earlier stage of solidification, rapid freezing enhances 
mass transfer and gas pressure in the pore. The growth of cap 
radius is attributed to the decreasing rate of gas pressure 
overriding that of hydrostatic pressure on the cap. For an 
oscillating interface, as the decreasing rate of gas pressure 
becomes the same order of that of hydrostatic pressure in later 
time, the wall of the pore readily corrugates. 
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ABSTRACT his 

h(t) 
m" 

latent heat of solidification, J/kg 
total thickness of the deposited material, m 
spray mass density, kg/m2-s 
thermal conductivity, W/m-K 
thickness ofthe solid layer, m 
time, s 
time-step, s 
total time in spraying zone, s 
melting temperature, oc 
temperature of impinging particles, °C 
environmental temperature, oc 
velocity ofthe substrate, m/s 
co-ordinate 
the total length in the spray zone, m 
co-ordinate 
space-step 

MC3 

Spray forming is achieved by atomizing a liquid metal sheet 
with an inert gas to form molten droplets, which are then 
subsequently deposited on a moving cold substrate. During 
spray deposition processes, the developing pre-form loses 
thermal energy through a combination of heat transfer 
processes. To investigate such issues, a heat transfer model was 
developed to simulate the layer growth. This investigation 
involves the simultaneous consideration of heat transfer on the 
substrate, in the growing solid, and in the mushy and/or melt 
region. The model considered a heat transfer source at the 
boundary to model the deposition and substrate/coating thermal 
contact. The deposition rate is assumed to be continuous rather 
than discrete. Thus, the heat transfer process describing the 
growth of a layer that results from gas-atomizing a liquid metal 
on a cold substrate is mathematically formulated assuming a 
continuous flow assumption. The influence of the system's 
controlling parameters such as substrate temperature and 
velocity, deposition rate, and radiation are identified. The effect 
of the controlling parameters on the fmal deposit are presented. 

thickness of the solid in the solid/liquid interface grid, 
spray mass density, kg/m2 -s 

NOMENCLATURE 
a coefficient 
b coefficient 
Bi hc~zlk1 grid Biot number 
c coefficient 
Cp specific heat, kJ/kg-K 
dp particle diameter prior to impact, m 
f coefficient 
Fo = a~t/~z2 grid Fourier number 
h thickness of the single particle after impact, m 
he convection heat transfer coefficient, W/m2 -K 
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thickness of the liquid in the solid/liquid interface grid, 

E emissity 
cr Stefan-Boltzmann constant, 5.67e-8 W/m2X 4 

p density, kg/m3 

a klpcP thermal diffusivity, m2/s 
~ parameter describing the spread of the liquid particles 

impacting the substrate 

Subscripts 
s solid 
I liquid 

spatial grid node number 
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int interface 

Superscript 
n time grid node number 

INTRODUCTION 
There is a need for more efficient and inexpensive metal 
production processes which are less energy intensive and less 
damaging to the environment. The need is causing the metals 
industry to consider new flexible manufacturing processes. 
One such process is the spray forming or spray casting 
technique to manufacture near net-shape parts such as 
aluminum alloys plate/sheet pre-forms. Spray forming is 
achieved by atomizing a liquid metal sheet with an inert gas to 
form molten droplets which are then subsequently deposited on 
a moving cold substrate. A coherent and fully dense preform is 
produced as the trajectory of droplets is altered by a moving 
substrate as shown in Fig. I. The continuous movement of the 
substrate relative to the atomizer makes it possible to produce a 
geometrical variety of components such as tubes, billets and 
strips or sheets. The ability to control the atomization and the 
solidification process governs the production of near net-shape 
parts with this technique. 

Although spray formed material is metallurgically 
superior to other continuous cast materials there are 
impediments that threaten the use of this technology as a 
commercial process [1]. The disadvantages include substrate 
and shrinkage porosity, deposition overspray, bounce-off of 
impacting droplets and yield/rejection due to insufficient 
metallurgical quality. Technical issues for the process may be 
examined focusing on the three stages of the process, namely 
(a) the atomization parameters, (b) in-flight thermohydraulic 
phenomena, and (c) the fmal preform solidification process 
including substrate/particle interaction. Inadequate control in 
any of these stages may result in enhancing such disadvantages 
[2]. Porosity is inherent and present in all spray deposited 
materials regardless of the process conditions or the atomized 
material [3]. Extensive model experiments and numerical 
simulations have been applied to ascertain the underlying 
physics of the process [2, 4]. 

The cross sectional profile of preforms produced by 
spray forming onto a flat substrate usually approximate a 
Guassian distribution profile. For strip or sheet preform 
production, a flat preform profile is desired and as such, the 
development is intimately linked to fluid flow and heat transfer 
characteristics of the spray forming process. Heat transfer 
studies of the spray forming process have been primarily 
concerned with determining the heat flow within the 
developing solidifying layer to develop the cooling rate [5-7]. 
However such models have failed to incorporate the continuous 
dynamic fluid flow that occurs during the spray deposition 
process that intimately affects the developing microstructure. 
Fluid flow as it relates to spray forming has been relegated to 
the study of the impact and spreading of single drops [3, 4, 8]. 
The single drop theory is only applicable for a short period at 
the beginning of the process. Subsequent particles actually 
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impinge a mushy or fully liquid surface and are affected by the 
dynamics of being part of a sheet of liquid [9, 1 0]. 

The Stefan classical problem has been used to model 
the heat transfer aspect of numerous phase-change heat transfer 
problems. However, such models fail to incorporate the fluid 

Fig. 1 General Spray Deposition (Forming) Model 

flow dynamics and development of the solidifying layer is 
intimately affected by the fluid motion in the adjacent layer [ 11, 
12]. The Stefan model for phase change is insufficient to model 
dynamic solidification as posed by the spray forming process 
since it fail to incorporate the movement of the substrate in the 
system [13]. As in static or directional solidification, fluid 
motion adjacent to the solidifying surface affects the 
developing microstructure [11, 12] as well as preform shape, 
which is also intimately linked with the heat flow. The final 
deposit thickness is affected by the rate of solidification, the 
mass source at the top of the surface within the spray cone and 
the thermal conditions of the immediate surroundings. Thus, in 
order to fully simulate or predict an industrial process the 
model must address the subsequent heat transfer and fluid flow 
effects after the initial deposition at the leading edge. 
Understanding such effects will provide a greater insight to the 
development of the surface profile and defects. The study 
developed a simplified model to predict final thickness in the 
deposited layer and ascertained the impact of system 
parameters on the layer thickness. 

PROBLEM STATEMENT 
As previously stated, although extensive research has 

been reported on the deposition and deformation of liquid 
droplets, fundamental uncertainties still exist concerning the 
continuous growth of a layer from the spray forming process. 
During the spray deposition process the developing preform 
loses thermal energy through a combination of three processes: 
conduction to the constant low temperature substrate, 
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convection to the surroundings, and radiation to the 
environment. This investigation involves the simultaneous 
consideration of heat transfer on the substrate, in the growing 
solid and in the liquid phase or mushy region. The developed 

z 

X 

Fig. 2 Qualitative Spray Deposition (Forming) Model 

heat transfer model considers a heat transfer source at the 
boundary to model the deposition and substrate/coating thermal 
contact. The deposition rate is assumed to be continuous rather 
than discrete. The single drop theory is applicable at the 
beginning of the deposition process, but thereafter droplets or 
sheets of droplets are impinging on a mushy or liquid surface. 
The sheet of atomized droplets is therefore considered to be a 
continuous flow of molten metal. Also, the model considers 
undercooling and assumes no slip at the molten boundary. 
Thus, the heat transfer process describing the growth of a layer 
that results from gas atomizing a liquid metal on a cold 
substrate was mathematically formulated. Initially the solid 
layer begins to grow with with thickness s(x) then a 
liquid/mushy layer of thickness h(x) develops on top as the 
thickness of the solid grows as shown in Fig. 2. The heat 
transfer model was developed mathematically under the 
following equations: 
Solid phase equation for the region 0 ~ z ~ s(x) is, 

(_ ) Ofs ozTs 
\Peps V&=ks Oz.z . (1) 

Liquid phase for s(x) ~ z ~h (x) requires, 

0I; o2TI 
(pCp)l V [); = kl Oz.z (2) 

Substrate heat transfer equation for -oo ~ z ~ 0 is, 

Ofsu k 82Tsu 
(pCp)su V---;;;: = su f};2 (3) 

The upper surface or interface conditions consist of the 
interface velocity, 

Vint = kr(Tm -Tnt;) (4) 
where kr is the linaer kinetics relation used to correlate the 
interface velocity (V int) with the derivation of the interface. The 
source or an accumulation term which give rise to the total 
system thickness, 
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1 X 

h(x) =- fmw(x) dx (S) 
P1V o 

with boundary condition between the air and the liquid layer, 

- k1 ~ lz=h(x)= hc(T1- T,,,)- m(x)Cp Tp + Ecr(T1
4

- T~) (6) 

and between the deposited material and the liquid region, 

Vipshls = ks ~ - kl ~ lz=s(x) (7) 

where m"(x) is the rate of mass flux term of the particles at the 
boundary. The difference, T M - Til defmes the amount of 
undercooling. If undercooling exists and Ti is below T M. the 
equation will result in a rate of latent heat release in excess of 
that which can be conducted away at the interface as denoted in 
the thermal energy heat balance equation. In this limit, the 
propagation of the solidification front is said to be controlled by 
the freezing kinetics. The rapid propagation of the freezing 
interface will cause its heating and subsequent retardation. As 
the freezing interface temperature approaches equilibrium 
freezing temperature, the solidification becomes heat transfer 
limited [ 14]. 

SOLUTION METHODOLOGY 
The governing equations were solved using an implicit fmite 
difference approach with the initial layer thickness assumed to 
correspond to the classical Madjeski's splat solution for a 
molten metal droplet [15]. The equations governing the 
interface speed was discretized and solved iteratively while grid 
inpependence was also addressed. Results have been generated 
to show accuracy of methodology, as well as to demonstrate the 
influence of such variables as the conveyor speed, mass flow 
entrainment and substrate temperature. 

Implicit fmite-difference approach was used to solve 
the governing equations. We used 500 time steps, and the 
longest time step L1t had the order of 10-5 s. For the simple 
implicit fmite-difference approximation, the computation has 
the error of the same order as L1t, thus the method obtained 
results sufficiently close to the exact solution for the classical 
Stefan problem for zero substrate velocity. 

The moving substrate has velocity V as it enters the 
spray zone at time t = 0, then the x-coordinate has a relation 
with time t as x = V · t . It was assumed that the length covered 
by the spray zone in x-direction is X, so the total time 

t 1 = X/V. When t ~ t 1 , there were incoming liquid droplets 

impinging upon_ the substrate as a heat source, and when t :2:: t 1 , 

no liquid droplets were adding to the substrate. We focused on 

when t ~ t 1 , i.e. the substrate in the spraying zone, and 
assumed that all the deposited material was moving with the 
substrate at V and rewrote the governing equations as as a 
function oft and z such that s=s(t) and h=h(t). 

The first droplet impinging upon the substrate was 
simulated using Madjeski's formula, so initial thickness of the 
deposited materials was determined by the diameters of the 

impinging particle and the coefficient 1;, h = 2dP I 31; 2. The 
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initial thickness of the solid layer was estimated using the 
Stefan solution. Then the spatial-step, Liz, was chosen 
according to the initial solid layer thickness and the entire 
domain was overlaid with a one-dimensional uniform gnd. For 
internal nodes for both solid and liquid, the discretization 
equation is: 

(T.n+1 _ Tn \V£lt = a. (Tn+1 _ 2Tn+1 + Tn+1 )Vliz2 1 I }, t+1 I 1-1 (8) 
where .:lt and Liz are time- and space-steps, n denotes time-steps 
separated by .:lt and i denotes spatial grid nodes separated by 
Liz. a. is the thermal diffusivity for the deposited materials, a.5 is 
for the solid and a.1 is for the liquid. The discretization equation 
was rewritten as 

(
2 J....)Tn+1 - Tn+1 - Tn+1 = T;n. (9) 

+ Fo I 1-1 t+1 Fo 

where the grid Fourier number Fo = a..1t I .1z2 
• The location of 

the interface was calculated separately according to the former 
time-step, and the node i was the grid node including the 
solid/liquid interface. The discretization equation for the 
solid/liquid interface is: 

(
Liz/2+8 +_!_+_!_JTt+1 _ _!_T;~;1 = Tm +(Liz/2+8] (IO) 

a.1.1t Liz 8 .1z 8 a. 1.1t 

where T m is the melting temperature and 

81 = .1zj2- (s(t) -Liz· i) 

8, = .:lz/2 + (s(t)- .:lz · i) 
(11) 

For the. upper surface of the deposition materials, the 
discretization equation is: 

-~ +(2-Bi-ri£PMk,Pr+
1 =-Bi1-ri£PJ;,~ +e~~-"C)~ (12) 

So the discretization equation were rewritten for the whole 
domain as 

T n+1 b Tn+1 Tn+1 f (T") a; i-1 + ; ; + C; i+1 = ; ; · (13) 
The linear algebraic equations were solved to get the 
temperature profile, then the processed continued to solve for 
the solid/liquid interface location: 

sn+1 =sn +c1(Tm -Ts~)+c 2 (Tm -T1~) 
where 

.1t·k 5 c1=--­
p,h,s8s 

.:lt. k, 
Cz =---

Pshls81 

RESULTS AND DISCUSSION 

(14) 

(15) 

The dynamic process of spray forming of a solid thin coat 
formed on a moving substrate is simulated. A one-dimensional 
heat transfer model has been obtained and numerical methods 
applied to solve the governing equations. The results presented 
agree with trends for solid thickness, deposition and substrate 
rate for the results presented in literature [2, 16, 17]. 
Result show accuracy of methodology, as well as demonstrate 
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the influence of such variables as the conveyor speed, mass 
flow entrainment and substrate temperature. Convergence was 

Influence of Substrate Velocity 
m"=1000 kglmA2-s Tso=200 C 

h(v=1.667 m/s) 

h(v=10 m/s) 

s v= .667 m/s) 

Fig. 3 Influence of the substrate velocity on deposit 
growth. 

verified by comparing the analytic Stefan solution to the 
numerical finite difference approach; identical solutions were 
obtained. Results indicate that the mushy zone or the 
overlaying liquid layer grows faster than the developing solid 
layer as depicted in Fig. 2 and verified numerically in Figs. 3-5; 
thus, the impinging droplets strike a liquid or mushy layer. The 
substrate velocity affects the thickness as expected: increasing 
speed decreases the thickness of the layer. 

Figures 3-7 show the effect of the process controlling 
parameters: Substrate velocity, substrate temperate, deposition 
rate and radiation on the growing solid thickness, s(t). A 
typical set of solid and liquid thickness curves are shown in 
Fig. 3 for a fixed deposition rate and substrate temperature. The 
substrate velocity as expected influence the thickness of the 
solidified layer. The slower velocity achieves the greater solid 
thickness and the slower velocity has the greater departure 

g 

= CD o.o1 
c 
~ 
CJ :c 

1-

Influence of Substrate Temperature 
V=1.667 m/s m"=1 000 kg/m"2-s 

0.00011-----------------~ 
0 

''rime(s)'·'· 

Fig. 4 Influence of Substrate Temperature on Deposit 
v=1.667 mls and m "=1000 kg/m2-s .. 
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Influence of Deposition Rate, m" 
V=1.667 m/s Tso=200 C 

o.cmt i---------T-irri--::·--::i-(s_)_-::-::o.2:------;;-:;;:-----;;"o_3 

Fig. 5 Influence of Deposition Rate for v=J.667 m/s and 
Tsu=200 'C. 

between the solid and liquid layer thickness. Figure 4 displays 
the influence of the substrate temperatures, 20 oc and 200 oc. 
The substrate temperature has no impact on the height of the 
liquid layer; however, the lower substrate temp~ra~re produces 
a thicker solidified region. The rate of propagatiOn IS greater for 
the lower substrate temperature due to the greater rate of heat 
transfer at the substrate due to the larger temperature 
difference. The 200 oc substrate temperature is closer to the 
liquid deposition temperature thus constraining the . rate . of 
conductive heat transfer through the substrate. Comparmg Figs 
3 & 4 one can see that the substrate velocity and temperature 
must 'be optimized simultaneously to produce a desired 
substrate quality. 

The deposition process can have a critical impact on 
the quality of deposited material [Xu, Gupta, 1999]. All aspects 
of the deposition portion of the process are integral to 
producing a high quality product. Liquid fractio~ within the 
impinging droplets may also affect the m.Icrostructure 
development via grain size or defects. In this mod~l, a 
continuous process of liquid droplets was assumed. Fig. 5 
demonstrates the influence of the deposition rate on the solid 
growth. The solidified layer thickness .is independ~nt of the 
deposition rate as the solid grows accordmgly. The thickness of 
the liquid layer is the direct result of the deposition rate. The 
trends of Fig.5 indicate that there may exist a critical value of 
the deposition rate where no liquid layer would form. 
Furthermore, these results present an upper and lower limit on 
the possible solid thickness that may result from the deposition 
process. Once the substrate has departed the spray cone as 
shown in Fig. 1, no additional mass is added to the liquid layer 
except via spreading. Spreading is very important but should be 
minimal when compared the overall thickness of the 
developing solid. 

There is a correlation between the deposition rate and 
the upper surface temperature. The rise in temperature is higher 
for the higher deposition rate. A large deposition rate means 
that the impinging liquid carries high thermal enthalpy per unit 
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Fig. 6 Temperature distribution throughout the system 
after a finite time period 

time and the time for the preceding deposit to cool is small, 
thus a rapid rise in temperature. As the deposition rate 
decreases, the time to cool for the proceeding deposit increases 
thus the slower rise to the surface temperature. Figure 6 shows 
the rise of the temperature distribution through the solid and the 
liquid layer. The rise in temperature is greater in the liquid 
layer as the heat transfer rate decreases with increasin~ solid 
thickness. This heat transfer rate can be compared with the 
amount of enthalpy added to the liquid layer with the rate of 
deposition. The faster the deposition, the greater the influence 
on the solid thickness and thus rise to the upper surface 
temperature demonstrated in Fig. 6. 

e o.ooo 
'li" 

t 
j 0.004 

:5! 
;g 
0 0.003 

i 
~ 
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Influence of Radiation on Solidification 
V=1.667 m/s Tso=200C m"=1000kgfmA2-s 

-<>- No radiation 

- Emissity=0.03 

......__ Emissity=0.9 

~ Emissity=0.25 

Fig.--7 Effect ofradiation on deposit development for 

v=1.667 m/s, Tsu=200 'C, and m"=JOOO kglm2-s. 

The influence of radiation on the thickening material 
is detennined by the magnitude of the emittance or emissivitiy 
of the material. The radiation effect proves negligible unless 
near black body radiation (emissitivty =0.9) is assumed as 
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shown in Fig 7. Due to the low emittance of materials like 
Aluminum, the radiation at the surface can be neglected when 
compared to the effect and influence of the convection at the 
surface during deposition. Our results confirm that that 
convection at the surface is the dominant heat removal mode at 
the surface. 

CONCLUSIONS 
The heat transfer model developed identified relative trends 
through parametric investigations of controlling parameters. 
The substrate velocity and temperature, radiation, and 
deposition rate were considered. It was shown that the all of the 
parameter except radiation must be considered to produce 
optimum results. The solid thickness growth may be restricted 
by a critical value of the deposition rate. Depending on 
magnitude, the deposition rate increases or decreases enthalpy 
at the interface thus affecting the heat transfer within the liquid 
layer. The rate at which the upper surface temperature is 
obtained may affect microstructure development. This rate is 
influence by all of the investigated parameters. While the 
radiation displayed no influence, further analysis should be 
perform to quantify the relative magnitude versus the other 
possible heat transfer modes. The factors and trends 
documented in this one-dimensional study provide the 
foundation for a more robust model. 
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ABSTRACT 
A two-dimensional transient model of crystal growth 

using the AHP method (Axial Heat flux dose to the fhase 
interface) [ 1] is presented. A numerical study was made of 
effect of the temperature boundary conditions and pulling 
velocity of the crucible on heat and mass transfer processes, 
during a particular experiment on the growth of germanium 
doped with antimony. The geometric data, boundary 
conditions and initial conditions measured during the 
experiment were used in the computations. 

Concentration levels of antimony obtained from the 
experiment and computations have been compared and 
discussed. 

INTRODUCTION 
The AHP method is a technique for directional 

solidification which has, in addition to other heaters, a heater 
submerged in the melting zone [1-2]. To grow crystals, a seed 
and polycrystalline is placed at the bottom of the crucible; this 
is then melted using both the sidewall heaters and the 
submerged heater, as shown in Figure 1. The crucible is then 
moved with speed V relative to the stationary heater, causing 
melt with a dopant concentration c2 to flow from zone W2 
above the heater through the gap between the heater and the 
crucible into zone WI below, where melt with dopant 
concentration c 1 is formed. When the crucible moves, the 
melt in the zone W 1 cools and solidifies. During the 
experiment, the temperature is measured using thermocouples 

• Corresponding Author (g.devahldavis@unsw.edu.au) 
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located at points T1 to TB. Temperature measurements are 
used to control the crystal growth process. The temperature 
regime is chosen depending on the requirements set in the 
experiment. For example, the achievement of a certain height 
h of the melt in zone W 1, a particular solid/liquid interface 
velocity V, a specified shape of the interface and/or a 
predefined concentration distribution in the axial direction and 
across the grown crystal sample. 

In previous work on the J;llOdelling of heat and mass 
transfer during crystal growth using the AHP method [3-5], 
steady conditions were investigated i.e., the pulling velocity of 
the crucible and the temperature boundary conditions were 
constant with time. Experimentally measured temperatures 
were used for boundary conditions in the computations. The 
possible reasons for discrepancies between numerical and 
experimental results were investigated. First, it was found that 
in some cases small variations in the temperature in the 
crucible walls (even within the range of measurement 
accuracy) can strongly affect solutal distribution [5]. 
Obtaining accurate temperature measurements is a very 
complicated and costly procedure. During each experiment it 
is necessary to use a large number of thermocouples to 
increase the accuracy of the data. And since the error 
estimates of the data always exceed the claimed accuracy of 
the thermocouples, there will always be some uncertainty 
about the temperature values used as boundary conditions in 
the calculations. Second, initial values of the concentrations 
c, and c2 which also determine the composition of the grown 
crystal are not defined exactly [6-8]. 

Digitised by the University of Pretoria, Library Services, 2015



960 

u 

}: 
... 

940 

9350 4 
Time ?hour) 

8 10 12 
7600 2 4 Time ~houl1 8 12 

Fig.l Experimental set up. (a) (b) 

120 1040 

u 
,_,920 

! 
I! 

~880 
~ 

840 

8800 4 
Time ?hour) 

8 10 12 8000 
4 Time ?hour) 8 12 

4 
Time ~hour) 8 10 12 (c) (d) 

Fig.2 Relative position of the AHP heater. Fig.3 Time history of experimental temperatures. Thermocouples 

In this paper we describe a numerical study of the crystal 
growth process during a particular unsteady AHP experiment 
on germanium doped with antimony. The transition in the 
shape of the interface, the movement of the melt, the 
distribution of solute and the composition of the grown crystal 
are discussed and compared with experiment. 

The numerical modelling included the imposition of 
realistic, time dependent (oscillatory) temperature boundary 
conditions and unsteady movements of the crucible, both of 
which were measured during the experiment. 

DESCRIPTION OF THE EXPERIMENT 
The crystal was grown in a graphite crucible of 46 mm 

inside diameter. The outer casing of the AHP heater is also 
made from graphite. Thermocouples were buried in the 
graphite walls at 2 mm from the melt and solidified crystal. 
The gap 8 between the AHP heater and crucible was 0.5 mm. 
The distance between thermocouples Tl and T2, and between 
T3 and T4 was 20mm. Thermocouples Tl and T3 were 
situated at the axis of the crucible. Thermocouples T5 to T8 
were on the sidewall of the crucible. T5 was 5mm from the 
bottom of crystal, with 20mm between T5 and T6, 40mm 

(a) TJ and T2, (b) T3 and T4, (c) 17 and TB, (d) T5 and T6 
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between T6 and T7, and 20mm between T7 and T8. The 
thermocouples T3 to T8 move with the crucible. The 
thermocouples T 1 and T2 are firmly held in the casing of the 
AHP heater and are stationary. 

For the particular experiment considered, the relative 
position of the heater is shown in Fig. 2 and the transient 
thermocouple readings (TJ to T8) are shown in Fig. 3(a)-(d). 

The experiment can be sub-divided into 5 stages (see Fig. 
2, 3): 

Stage 1: The crucible is moved with a speed of 3.3mmlh. 
During the first 0.8h, the temperatures initially 
decrease and then start to increase; 

Stage 2: The crucible is stationary. From 0.8h < t < 1.83h, the 
temperatures at points 1 and 2 first increased by 50K, 
and then decreased by lOOK. There is a slight 
increase in all temperatures from 1.83h < t < 4.17h; 

Stage 3: The crucible is moved with a speed of 22mmlh. 
For 4.17h < t < 6h, there is an increase in temperature 
at points 1 and 2; at the same time they exhibit 
oscillatory behaviour. Tl eventually reaches 954°C. 
For the next hour, the temperatures at points 1 and 2 
increase sharply; 
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Stage 4: The crucible is again stationary. For 7h < t < 8h, the 
temperatures at points 1 and 2 oscillate strongly and 
then decrease by 8h to the melting temperature. For 
the next half hour the temperature oscillates about 
this value; 

Stage 5: The crucible is moved with a speed of 12.5mmlh. 
For the final 2.5 hours (8.5h < t < 11h) the 
oscillations of temperatures at points 1 and 2 
continue. 

The distribution of the concentration in the grown crystal 
was then determined from measurements of electrical 
resistance using a four-point probe technique. These 
measurements were independently performed by both Russian 
and US investigators [9]. 

MATHEMATICAL MODEL 
The unsteady AHP crystal growth experiment was 

modelled using an axi-symmetrical cylindrical (r, z) coordinate 
system with the origin located at the bottom of the crucible 
(see Fig. 4). The movement of the incompressible viscous 
liquid in the melting zone was found by solving the Navier-· 
Stokes equations with the Boussinesq approximation. The 
equations were written in a vorticity-Stokes stream function 
formulation. In the melt zone, both heat and solute transport 
were considered. 

The solution of the transient solidification problem 
included explicit tracking of the solid/liquid interface at each 
time step. The Stefan condition as well as continuity of 
temperature at the interface was applied, whilst a mass balance 
was used for the concentration. 

The equations were non-dimensionalized using the 
following scaling factors: Rc, the crystal radius for length; 

to = Rc I U0 for time; U 0 = v.J(i; I Rc for the velocity and 

6 = (T - T0 )/ L1T for temperature, where v is the viscosity, 

L1T = T max -To (which for the experiments modelled is 

typically 5K), T max is the maximum temperature in the melt 

and To is the melting temperature of Ge. 

The non-dimensional parameters Grashof ( Gr), Prandtl 
(Pr), Schmidt (Sc), Stefan (St) and Peclet (Pe) numbers are 
defined as: 

Gr = {JTgR:L1T lv
2

, Pr =~I ZL· Sc =~I DL• 

St =~PsI( PLC pLL1T)' Pe = Pr..,fG;., Ped = sc..,fG;. 

where fJr is the coefficient of volumetric expansion, g is the 
gravitational acceleration, XL is the thermal diffusivity of the 
melt, and D is the diffusion coefficient. 

Thermal conductivity A, specific heat cP, density pare non­
dimensionalized by their value in the melt A.L, cpL . PL, 

1=AIAL• cp=cp/cpL• p=plpL. 

In the melting zone W 1, the Navier-Stokes equations for an 
incompressible viscous liquid in which the Boussinesq 
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approximation is applied, may be written in vorticity-stream 
function form as: 

and !_[.E._(!_ a"']+_E_(!.. a"']]+w = o 
r dr r dr ()z r ()z 

in which the stream function and vorticity are defined as 

u=!_d'lf w=-!_d'lf d _( _1(dw duJ 
r ()z • r dr • an w - - - - -;- --;-

r r ur oz 
The equations for heat and mass transfer are solved in the 

melting zone W 1 

()T f\-r 1 2 de{\.. 1 2 -+D\'IfP. =-V T , -+D\'IfF=-V c 
dt Pe dt Ped 

In the above equations, the operator for the advective terms(~ 
= ~ T, c) is defined as 

The equation for heat conduction is considered within the area 
occupied by the crystal and crucible walls: 

- -aT - 1 v f1vT) 
cPpaf- Pe . \"-

Time dependent experimentally measured temperatures 
were imposed at the external boundary of the crucible, at the 
AHP heater and gap 8 between the AHP heater and crucible 
wall. These transient values were recorded at the thermocouple 
locations; the temperature between these locations was 
determined using interpolation techniques. 

The discontinuity of the properties A. , cP and p and 
continuity of the heat flow are imposed at the crystal-crucible 
and melt-crucible boundaries: 

[T] = 0, [ I dT l = 0 . 
Pe dn 

Here and below, [ ] denotes the change of the function 
inside the brackets across the interface. 

A symmetry condition is imposed at the axis for both 
temperature and velocity. 

The normal component of the velocity of the melt-solid 

interface, Vn, , is determined at each time step from the Stefan 

condition 

T=T0 -- +StV =0 [ I JT l 
- ' Pe dnz n, ' 

where To is the temperature at which phase change occurs. 
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Fig.4 Computational domain. 

In the experiment the AHP heater was stationary and the 
crucible moved; however since we define the co-ordinate 
system relative to the crucible, in the calculations the AHP 
heater is moving up with pulling speed V > 0 [10]. The 
vertical component of velocity at the inflow region (see Fig. 4) 
is determined from a mass balance, viz: 

where Rh is the radius of the AHP heater. The imposed stream 
function - conditions on the top melt boundary therefore 
become 

r2 
If/ = -V- for 0 < r < Rh. 

2 

R 2 r2
- R 2 VR 2 

lf/=-V-h +---h __ h_ 
2 2 1-Rl 

1alf/ --= 0 for 0 < r < 1, 
r an 

at Rh < r < 1 

On the phase change boundary and on the side surface of the 
melt: 

1 al/1 
lf/=0, --=0. 

r an 
A symmetry condition for the concentration is imposed 

along the axis and a zero concentration flux set on the crucible 
wall and heater. The condition of the balance for the 
concentration flux and dependence of concentration in the 
solid and the liquid phases is determined by an equilibrium 
condition at the interface 

1 ac 
--+V c=V c 
Pe anz n, n, s 

in which k0 is the partition coefficient. 
A mass balance condition is used at the inflow region: 
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where c2 is the concentration in zone W2. It is assumed that 
above the AHP heater, in W2 (see Fig. 1), the melt is well 
mixed, and the concentration in this zone is time independent. 
The initial temperature distribution is set to T(z) = T;n; for the 
whole calculation domain. The initial melt velocity was set to 
zero. Since a dilute alloy was considered, the melting 
temperature was taken as constant and equal to melting 
temperature of Ge, 937 oc. 

NUMERICAL METHOD 
The solution was obtained using a finite-difference method 

with preliminary mapping of the melt and crystal areas into 
rectangular computational blocks. A non-uniform mesh 
clustered near the boundaries of the liquid zone was used for 
all the blocks. A conserv~tive monotonic unconditionally 
stable difference scheme based on extended stencils with 
monotonizing scheme regularizers of the third order was used 
for approximating the equations and boundary conditions [ 11]. 

The stream function, vorticity, temperature and 
concentration were determined for each time step. Then, the 
phase front velocity and position were calculated. To solve the 
systems of algebraic equations, a direct Gaussian method was 
used. The code is a modified version of the KARMA 1 
program [10]. 

COMPUTATIONAL SOLUTION 
Temperature conditions on the upper surface of the 

computational domain (including the graphite wall of the 
heater, the melt in the gap and the upper surface of the 
crucible) were imposed in the following way. The temperature 
in the graphite wall of the heater was set as a parabolic 
function based on the values T 1 and T2 and the symmetry 
condition at the axis (see Fig. 4). The temperature at the 
boundary between the melt and the crucible was found from 
the equality of the heat fluxes. Based on this temperature and 
temperature on the side boundary of the heater, the 
temperature in the gap between the heater and the crucible was 
defined by linear interpolation. Temperatures on the upper 
surface of the crucible were also found using linear 
interpolation. 

At the bottom of the crucible, but excluding the corner 
point, the temperature was set as a parabolic function based on 
the values of T3, T4 and the condition of symmetry at the axis. 
In the corner point between the bottom and side wall of the 
crucible, temperature was extrapolated from T5 and T6. On the 
wall of the crucible, temperature was calculated by linear 
interpolation using T5, T6, T7, and T8. As can be seen from 
Fig. 3a-3d, the duration of the experiment considered in the 
calculations was 11 hours. Initial values for concentration 
were chosen from the experiment but there was indeterminacy 
in setting these values because of the lack of data on all the 
history of the technological process (melting and holding). 
Some estimates give a concentration under the AHP heater of 
c1 = 6.67x1019 Atlcm3 and a concentration above the heater of 
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c2 = 3.2x1019 At/cm3
• In the solidified crystal, the initial 

concentration was taken to be Cs = 9.0x1017 At/cm3
• All the 

computations were performed using an 800 MHz PC over 4 
hours with a non-uniform mesh of 16x37 and a time step of 
0.24 sec. A finer mesh was tested with little change in the 
solutions. 

RESULTS AND DISCUSSION 
Here we consider the dynamics of the crystal growth 

according to boundary conditions imposed during the various 
stages discussed above. In the numerical modelling, the 
solidification process was started from 492 min. into the 
experiment; thus the initial stage was omitted. 

Numbers 1-21 on the figures presented in this section 
correspond to times from 0.5h to 10.5h in steps of0.5h. 

At the first stage the height of the melting zone increases 
and solidification occurs (Fig. 5a-b ). The concentration at the 
interface increases slightly towards the wall of the crucible 
(curve 1 on Fig. 7), the concentration in the liquid is well 
mixed due to convection (the radial component of velocity has 
value of 0.3 - 0.4crnls, Fig. 9a). During solidification a 
rejection of solute occurs in the boundary layer in front of the 
interface (curve 1 Fig. 8). There is one convective cell in the 
melt (Fig. lOa); the interface shape is concave into the melt 
(curve 1 Fig. 6). 

During the second stage at 0.8h < t < 1.83h the temperature 
at the bottom of AHP-heater initially increases and then 
decreases. Therefore at t = 1h a melting process takes place 
(curve 2 in Fig. 6-8), but by t = 1.5h solidification occurs 
(Fig.5a, curve 3 Fig. 6-8). The interface positions at 0.5h and 
1.5h (curves 1 and 3) are practically the same. During melting, 
the concentration at the interface decreases due to diffusion 
(curve 2, Fig. 7), but then increases during solidification 
(curve 3, Fig. 7). The flow pattern in the melt remains the 
same, but the radial component of velocity decreases by the 
factor of 2. Curves 4-8 on Fig. 6-8 represent the period of time 
1.83h < t < 4.17h when temperatures slightly increase. Due to 
the increase of temperature, melting takes place and the 
interface moves down (curves 4-8, Fig. 6). Concentration in 
the melt is well mixed with only a small variation near the 
interface (curves 5-8, Fig. 8). 

During the stage 3, averaged along the radius, the height of 
the melting zone increases from 18mm to 21mm, then 
decreases to 17mm (Fig. 5b). Curves 9-12 on Fig. 6-8 
correspond to time interval 4.17h < t < 6h. The shape of the 
phase change front is fairly flat with a small upwards 
curvature near the walls (Fig. 6). During this time 
solidification takes place. By t = 6h, the temperature at the 
point 7 (at the wall) strongly decreases. Therefore the flow 
along the bottom of the AHP heater slows down due to a 
decrease in the temperature gradient (compare Fig. 9b and 9c). 
A small convective cell created near the crucible wall and 
interface increased and replaced the initial cell under the 
heater by occupying the entire region in front of the interface 
(Fig. 9c). Creation of two cells is shown on Fig. lOb. Solute is 
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(1 - r = 0.25R, 2 - 0.55R, 3 - 0.8R.) at the different moments of time 

moving from the side to the axis, (Fig. 9c, I Oc ), together with 
melt corning through the gap. Concentration at the interface 
has a maximum value on the axis, well mixed (Fig. 7). Due to 
solidification, concentration sharply decreases in the boundary 
layer and then instead of approaching a constant value far 
away from the interface (as happens in the presence of one 
convective cell) exhibits a change in slope in the area when 
two convective cells meet each other (curves 11, 12, Fig. 8). 
The maximum absolute radial component of velocity 
increased to 0.2crnls (Fig. 9). For the next hour temperatures 
at the points 1 and 2 started to increase, with some 
oscillations, and therefore the interface velocity decreased 
(curves 13-14 on Fig. 8) despite the translation of the crucible 
with the same speed. Streamlines on Fig. lOd (also Fig. 9d) 
show that two convective cells still exist. The melting zone 
height increases up to 22 mm. 

At stage 4, from 7 to 8 hours, the temperature at the bottom 
of the heater has a very large amplitude oscillation (up to 3°C) 
but decreases almost to the value of the melting temperature 
(938°C) at the point I. Therefore a non-monotonic (because of 
oscillations) decrease of the melting zone height to 1 Omm can 
be seen (Fig. 5b ). All oscillations of temperature are repeated 
in the oscillations of the radially averaged interface velocity. 
During this time transitions in the flow pattern can be seen 
(Fig. 9e), and as result, the flow pattern changes from one 
convective cell with flow moving along the interface from the 
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wall towards the axis (Fig. JOe and curve 15 on Fig. 8) to two 
cells (curve 16 on Fig. 8 or Fig. 7). For the next half hour, the 
melting zone decreases further i~ height to 4.5 mm (Fig. 5b) 
due to a strong temperature decrease (with oscillations) at the 
points 1 and 2 (Fig. 3a). The flow consists of two adjacent 
cells (Fig. 10f, 9f). The concentration distribution at the axis 
exhibits a strong maximum at the axis (curve 17, Fig. 7 -8). 

The remaining period of the experiment is combined into 
one last time interval. The temperatures at points 1 and 2 (as 
can be seen from Fig. 3a) sharply increase in the beginning 
with oscillations following. On Fig. 6, curves 17, 18, 19, 20, 
showing the position and shape of the phase change front, 
remain unchanged. Concentration at the axis has a different 
behaviour in the longitudinal direction. It can increase with 
distance from the interface as happens during melting because 
solute with a low concentration (ko = 0.003) enters the melting 
zone (curve 18 on Fig. 8). Alternatively, it may sharply 
decrease within a thin boundary layer next to the interface 
during solidification (curves 19-21 on Fig. 8). Because of the 
crucible translation, solidification occurs (Fig. Sa). Flow in the 
melting zone consists of one cell with flow moving along the 
interface from the axis to the wall (Fig. 9g). Towards the end 
of this time interval the temperature at the wall T8 becomes 
less than T 1 and T2 causing the direction of flow to reverse 
(Fig. 9h). 
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(a) t = 0.5h (b) t = 5h (c) t = 5.5h (d) t = 7h 

(e) t = 7.5h (f) t = 8.5h (g) t = 9h (h) t = 10.5h 

Fig. 10. Stream functions and interface shape at the different times (dashed lines indicate negative value). 
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Fig 11. Sb concentration distribution along the grown crystal axis: (a)original temperature boundary conditions and the original 
value of concentration above the baffle c2 = 3.2xl019

, (b) modified temperature boundary conditions (the value 12 = T1+1C 
instead of 12 = T1 +3°C in original formulation), (c) original temperature boundary conditions and the modified value of 
concentration above the baffle c2 = 1.6x1019

• 

Fig. 11 shows a comparison of numerical results with 
measured values of longitudinal Sb concentration distribution 
along the grown crystal axis. The numerical distribution of 
concentration (solid line) exhibits the same character of 
behaviour as the experimental one, but there is a large 
discrepancy in the values. Experimental data obtained from 
Russia and USA also give different values in the region of the 
sharp increase of concentration, but this difference is much 
less than the difference between the computational and 
experimental results. In a similar fashion to works ([3-6]), the 
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sharp increase in the concentration at the axis occurs in the 
case of small values of the height h in the melting zone WI 
To increase the height of zone W 1, the temperature at the 
bottom of the AHP heater at point 2 was increased. Instead of 
using 12 = T 1 + 3, which was the experimental value, 
T2 = T 1 + 5 was used. In this case a smaller value of 
concentration in the region of the sharp increasing was 
obtained (see Fig. llb) and the numerical results became 
closer to experimental. However, the discrepancy still 
remained. 
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In [7] it was shown that the longitudinal concentration 
distribution is strongly affected by the initial values of 
concentration in zones WJ and W2. Considering the fact that 
initial values of concentration are not very well defined, 
computations were performed with a modified initial value of 
concentration in W2, namely 1.6xl019

, or half the previous 
value. Results for the longitudinal concentration distribution at 
the axis are shown on Fig. llc. As can be seen, in this case 
there is a greatly improved agreement between experimental 
and numerical results. 

CONCLUSIONS 
Computational predictions for the dopant concentration at 

the crystal axis showed good qualitative agreement with 
values measured from the grown crystal. Analysis of the 
reasons for the discrepancy between experimental and 
numerical results showed the importance of using, in the 
modelling, correct values for initial concentrations in the 
different zones of the melt. Numerical studies showed the 
complexity of the heat and mass transfer processes occurring 
during transitions between different regimes of crystal growth. 
The investigation shows the necessity for detailed planning of 
the experiment because initial and boundary conditions 
strongly influence all the dynamics of the heat and mass 
transfer processes during solidification. 
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ABSTRACf 
The heat transfer of a splat rapidly solidified on a cold 

substrate is self-consistently and quantitatively 
investigated. In this work, the solidification front in the splat 
is governed by nonequilibrium kinetics while the melting 
front in the substrate undergoes equilibrium phase change. 
By solving one-dimensional unsteady heat conduction 
equations and accounting for distinct properties between 
phases and splat and substrate, the results show that the time­
dependent Biot number representing heat transfer can be 
divided into five regimes: liquid splat-solid substrate, liquid 
splat-liquid substrate, nucleation of splat, solid splat-solid 
substrate, and solid splat-liquid substrate. Biot number 
during liquid splat cooling increases and nucleation time 
decreases with increasing contact Biot number, solid 
conductivity of the substrate, and decreasing specific heat 
ratio. Decreases in melting temperature and liquid 
conductivity of the substrate further decrease Biot number 
after the substrate becomes molten. 

NOMENCLAURE 
Bi hs/k u 
Cpr Cpl /Cp2 

d substrate thickness, m 

K klk 12 
s splat thickness, m 
Ste cp2Too (CprE)w-1) /Mit810 

Ste 1 cp1T 10 tMI 1 

ui dimensionless solidification velocity 

Greek letters 

1 kinetics coefficient, m/s-K 

r dimensionless kinetics coefficient= PtSCptT-rlku 

~ dimensionless solid or liquid thickness 

~ dimensionless coordinate = xis 

Ml latent heat, Jlkg 

8 dimensionless temperature = T ;Too 
A2 (82 -t) ;(Cpre 10 -1) 

't dimensionless time = kIf Ste tl[p tCpt s 2(1 +Ste)] 

Subscript 
b bottom 
i solid-liquid interface 
m, N melting and nucleation 
0 initial 
I ,2 splat and substrate 

INTRODUCfiON 
Rapid solidification takes place in splat cooling, plasma or 

powder spray deposition, single and twin-roller melt-spinning, 
strip and slab casting, melt-extraction, etc. Extensive reviews 
have been presented by Anantharaman and Suryanarayana [I], 
Jones [2], Zaat [3], and Cahn [4]. In all these processes, the 
molten metal is brought in contact with a cold substrate, and 
heat is transferred from the melt into the substrate. Advantages 
of rapid solidification are that the workpiece surface can 
improve resistances to abrasion, wear, corrosion, or oxidation. 
Rapid solidification differs from slow equilibrium 
solidification [5,6] in that the temperature at the solid-liquid 
interface is allowed to vary and the growth rate is determined 
by supercooling between the melting and interface 
temperatures [7,8]. Rapid freezing takes place as the interface 
temperature is decreased to the nucleation temperature. Hence, a 
sudden increase in solidification rate results in recalescence, 
provided that the latent heat evolution is much greater than the 
dissipation of heat [9]. The contact heat transfer coefficient 
between the liquid splat and substrate should reflect a strong 
variation of temperature and phase change near the substrate at 
an initial stage. In view of the complexity of the process for 
rapid solidification, a study of contact heat transfer coefficient 
affected by significant heat transfer, distinct properties in 
different phases, and kinetic effect becomes the objective of 
this work. 

A numerical heat transfer analysis combining a realistic 
kinetic effect of nucleation and rapid growth of the interface 
appears to be started from Levi and Mehrabian [9] in treating a 
supercooled atomized droplet. They provided a dimensionless 
enthalpy-temperature diagram to describe solidification 
following isothermal, isenthalpic, and recalescence paths. 
Clyne [10] proposed a parameter involving the kinetics 
coefficient and contact heat transfer coefficient to interpret the 
occurrence of recalescence. Significant recalescence was 
induced near the splat-substrate surface in an early stage by 
increasing supercooling, thermal diffusivity, heat transfer 
coefficient, initial temperature of the molten layer, and 
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the splat is much smaller than radius of curvature or the time 
scale for rapid solidification is shorter than 0.1 S s ( 17]. 
Convection in molten regions of the splat and substrate is 
ignored, since Peclet number is less than unity for freezing a 

liquid splat in a typical thickness of 10-5 m and maximum 
velocity of 1 mls near the solidification front. Physical and 
thermal properties are averaged within temperature ranges 
considered in the phases, splat, and substrate, but are allowed 
to be distinct. The splat freezes rapidly at a solidification 
velocity governed by a kinetic condition 

'Y (f 1m-T 1i ) 

iiu = {o 
for 

for (1) 

while the substrate experiences possible melting with the 
equilibrium temperature at the melting front. Rapid freezing 
proceeds only after time is greater than the time for nucleation. 
With ~he above assumptions, the heat conduction equation 
reduces to 

(2) 

where the subscript j =1, 2 stand for the splat and substrate, 
respectively. Internal energy Hj including sensible and latent 

heats Hj = Cpj Tj + fj Mlj The heat conducted through the 

splat and substrate is removed at the top and bottom surfaces 
by convection, respectively. Stefan boundary conditions are 
satisfied at the solid-liquid interfaces. Conservation of heat 
flux at the contact surface between the splat and substrate is 

(3) 

Distinct temperatures resulting from imperfect contact of 
contact surfaces between the splat and substrate are governed 
by 

(4) 

where h 12 is an empirical contact heat transfer coefficient. 

Provided that the contact heat transfer coefficient is large, 
discontinuity of temperatures across the contact surface 
vanishes. For conveQience, thermal analysis of the substrate 
can be avoided if a heat transfer coefficient h Ib is introduced 

and satisfied by 

(S) 

This work is to predict heat transfer coefficient h Ib affected by 

different parameters. 
Numerical method. The numencai scneme accounting for 

distinct properties across an interface provided by Lee and 
Tzong (21) has been generalized to include nonequilibrium 
rapid solidification in the splat and equilibrium melting in the 
substrate. A discretized heat conduction Eq. (2) yields 
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A discretized heat conduction equation of the substrate can be 
similarly obtained. Stefan boundary condition of the splat is 
used to determine the enthalpy at the solid-liquid interface in 
interval [;j , ;j+l ). Interface velocity is obtained from the 

kinetic Eq. (1). Thickness of the frozen region is then 
calculated from 

(7} 

The location of the melting front in the substrate is determined 
by using Stefan boundary condition 

where truncation error would always be less than the grid size 
A;j . Eq. (8) is a good approximation as long as the grid size is 

sufficiently small. The solution procedure was as follows: 
1 Specify initial and working conditions, and physical 

and thermal properties of the splat and substrate. 
2 Solve energy Eqs. of the splat and substrate together 

with boundary conditions. 
3 Calculate the location of the melting front in the 

substrate from Eq. (8), 
4 Check convergence of enthalpy and total energy balance 

of the substrate and splat to relative errors less than w-7 
, and 

w-3 
, respectively. Otherwise, go to step 2. 

6 Calculate Biot number, Go to step 2 for the next ttme if 
time is less than nucleation time. Otherwise, after calculating 
interface temperature interface velocity from the kinetic Eq. (1), 
and thickness of the solidified splat from Eq. (7), go to step 2 
for the next time. 

A successive relaxation method with a relaxation factor 
0.3 was used. The grid system is in uniform spaces in the 
splat and substrate, respectively. The predicted regions of the 
solidified splat and molten substrate by using different grid 
systems, 31x121, 10lx501, and 20lxl001 in the splat and 
substrate were examined. The grid system 101 x50 1 is quite 
good to obtain solutions independent of the variation in 
meshes. The predicted velocity and temperature at the solid­
liquid interface agree with those obtained from Wang and 
Matthys [22], as shown in Fig. 2. 

RESULTS AND DISCUSSION 
In this study, the values of these parameters were chosen 

from the data provided by Wang and Matthys [22] and 
presented in Table 1. The effects of the contact Biot number at 
the splat-substrate interface on the growths of solidification 
and melting fronts in the splat and substrate in an earlier 
stage are, respectively, shown in Fig. 3. The positive and 
negative values of the ordinate represent locations of the 
solid-liquid interfaces in the splat and substrate, 
respectively. Referring to Eq. (5) it can be seen that the higher 
the contact heat transfer coefficient (or contact Biot number) 
is, the more perfect the contact surface is. In view of high 
cooling rates, an increase in contact Biot number reduces 
times for phase changes and increases thicknesses of the 
solidified splat and melted substrate. The difference in the 
onset times for freezing the splat and melting the substrate 
reduces with increasing contact Biot number. Since Biot 
number changes from 5 to 0.8 dimensionless time for 
freezing delays approximately from 0.004 to 0.1. The effects 
of contact Biot number on rapid solidification therefore are 
significant. 
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Fig. 2: A comparision between the predicted dimensional 
interface velocities and temperatures from Wang and 

Matthys [22] and this work. 

The use of contact Biot number or contact heat transfer 
coefficient to evaluate cooling rate requires a determination of 
the top surface temperature of the substrate [II, 18]. An often­
used Biot number is Bi Ib , which is based on the difference in 

temperatures at the bottom surface of the splat and 
surroundings. In this work, it is called the Biot number. The 
effects of contact Biot number on unsteady Biot number are 
presented in Fig. 4. It can be seen that the maximum of Biot 
number is identical to contact Biot number. This is because the 
temperature at the top surface of the substrate is the initial or 
surrounding temperature as the splat contacts the substrate. 
Biot number and its decreasing rate reduce with increasing time 
and decreasing contact Biot number. Biot number exhibits a 
slight jump at nucleation time (see Fig. 3). 
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Fig. 3: Dimensionless thicknesses of the solidified splat and 
melted substrate versus time for different contact Biot numbers. 
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Fig. 4: Unsteady variations of Biot number for different 
contact Biot numbers. 

The effects of dimensionless solid conductivity of the 
substrate on the variations of Biot number with time are 
presented in Fig. 5. In view of greater heat transfer dissipated 
to the surroundings through the substrate, an increase in 
dimensionless solid conductivity of the substrate increases 
Biot number. 
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Fig. 5: Unsteady variations of Biot number for different 
dimensionless solid conductivities of the substrate. 

Nucleation time and the extent of the jump decrease with 
increasing solid conductivity of the substrate . 

The unsteady variations of Biot number for different 
dimensionless liquid conductivities of the substrate are 
presented in Fig. 6. Evidently, as long as the substrate 
remains solid, liquid conductivity of the substrate has no 
effect on Biot number. Interestingly, Biot number splits into 
three curves at a dimensionless time of around 0.105. This is 
because the substrate becomes molten. A low liquid 
conductivity of the substrate reduces Biot number, because 
heat transfer to the surroundings through the substrate 
decreases. 
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Fig. 6: Unsteady variations of Biot number for different 
dimensionless liquid conductivities of the substrate. 

Fig. 7 shows that when the substrate remains solid, Biot 
number is independent of equilibrium melting temperature of 
the substrate. Interestingly, Biot number for a dimensionless 
equilibrium melting temperature of 1.2 deviates from that of 
1.25 and 1.3 at a dimensionless time of 0.04. This is because 
the substrate starts to become molten. 
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Fig. 7: Unsteady variations of Biot number for different 
dimensionless equilibrium melting temperatures of the 

substrate. 

Since thermal conductivity of liquid is less than that of 
solid, the decrease of cooling rate reduces Biot number. 
Being subject to a molten substrate, freezing of the splat 
occurs at a dimensionless time of around 0.1. Similar result 
can be seen for dimensionless equilibrium melting 
temperature of 1.25. The time for melting the substrate, 
however, increases to around 0.07. The nucleation time and 
th:: extent of the jump for Biot number slightly increase by 
decreasing equilibrium melting temperature. 

Fig. 8 shows that an increase in the splat-to-substrate 
specific heat ratio decreases Biot number. This is because a 
high specific heat implies that changing a unit temperature 
requires a greater energy. Hence, a high specific heat ratio 
indicates that the temperature gradient and the resulted heat 
conduction in the splat at the contact surface between the 
splat and substrate are low. The nucleation time is also 
delayed by increasing the specific heat ratio. The height of 
the jump slightly increases with the specific heat ratio. 
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Interestingly, the slope of Biot number versus time exhibits a 
slight discontinuity at a dimensionless time around 0.12 for 
a specific heat ratio of 2.5. The reason for this is that the 
substrate becomes molten. As discussed previously, Biot 
number at the bottom surface of the splat decreases. Similar 
results can be found for the substrate-to-splat density ratio. 
Since energy required to increase a unit temperature is less 
for a low density, an increase in the substrate-to-splat density 
ratio enhances heat transfer to the substrate. This results in an 
increase of Biot number at the bottom surface of the splat, 
and decreases of nucleation time and height of the jump. 

~-r-----------------------------, 

c,.-3.o 
c,.-3.s 
C,. a2,S 

Fig. 8: Unsteady variations of Biot number for different 
splat-to-substrate specific heat ratios. 

This work also found that increasing dimensionless 
equilibrium melting temperature, solid conductivity of the 
splat, and decreasing latent heat ratio slightly increase Biot 
number. 

CONCLUSIONS 
The conclusions drawn are the following: 

l. The effects of Biot number representing heat transfer 
on rapid solidification of the splat are significant. The Biot 
number is based on the temperature difference between the 
bottom surface of the splat and the surroundings. The Biot 
number is determined by simultaneously satisfying energy 
equations in the splat and substrate. As a result, energy 
equation in the splat with a boundary condition evaluated 
from this Biot number at the bottom surface of the splat can 
be solely solved to obtain the correct results in the splat 
without solving energy equation in the substrate. 

2. The Biot number cannot be considered a constant 
during rapid freezing. Time-dependent Biot number can be 
divided into five regimes: 

(a) Biot number decreases with increasing time for a 
liquid splat in an early stage. 

(b) Biot number is further lowered if the substrate 
becomes molten 

(c) Biot number jumps for the splat on nucleating. 
(d) Biot number gradually decreases in the course of 

rapid solidification. 
(e) Biot number further decreases if the substrate is 

melted. 
3. Increases in solid conductivity of the substrate, and 

a decrease in specific heat ratio increase Biot number before 
nucleation takes place. 

4. Nucleation is delayed by decreasing solid 
conductivity of the substrate, and increasing specific heat 
ratio of the splat. 
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S. Biot number during rapid solidification increases 
with increasing melting temperatures and solid 
conductivities of the splat and substrate, and decreasing 
specific heat ratio. 

6. Decreases in melting temperature and liquid 
conductivity of the substrate further decrease Biot number 
after the substrate becomes molten. 
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Table 1 Typical values of independent dimensionless 
parameters 

Bi loo , Bi2oo , Bi 12 0.01, O.ol, 0.8 

Cpr 3.0 

Kts ,K2f 2.0 

K2s 4.0 
Ste 1 3".6 
r 20 
ew 3.6 

eiN 3.0 

elm 3.5 

a 2m 1.3 
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ABSTRACT 
It is well known that the results of numerical solutions to 

solidification problems in the sharp interface limit depend criti­
cally on the initial conditions. In fact, slightly different initial 
conditions can yield very different solutions. This fact is related 
to the influence of the initial conditions on the interface veloc­
ity, which in tum determines the thickness of the thermal bound­
ary layer adjacent to the interface. It is shown that, for high 
enough rates of solidification, solutions obtained using discrete, 
fixed-mesh finite difference or finite element methods are 
apparently mesh depenpent. Ways to resolve this problem are 
examined and numerical experiments are reported. 

INTRODUCTION 
Driven by the technological importance of solidification 

processes in the manufacturing of advanced materials for the 
aerospace and semiconductors indust:ries, as well as in other 
areas of engineering and science, several numerical methods 
have been developed to model the change-of-phase process, 
including the accurate calculation of the' interface position and 
shape (McCartney and Hunt, 1984; Sullivan et al., 1987; 
Sethian and Strain, 1992; Brattkus and Meiron, 1992; Wheeler 
et al., 1993; Juric and Tryggvason, 1996; Palle and Dantzig, 
1996; Udayk:umar et al., 1999; Zhao and Heinrich, 2001). In 
this work, emphasis is on numerical methods that calculate 
directly the position of the interface using finite differences or 
finite elements. 

Sullivan et al. (1987) and Sullivan and Lynch (1988) devel­
oped a finite element model based on an adaptive mesh of linear 
triangular elements. They used different computational strate­
gies depending on whether the problem involved stable or un­
stable solidification and concluded that the contribution of cur­
vature to the interface motion must be treated implicitly in time 
and within the iteration required at each time step. They applied 
the model to solidification of a perturbed planar interface using 
thermal properties of succinonitrile and of water. They provided 
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the first finite element algorithm to solve the full transient two­
dimensional heat equation and demonstrated the bifurcation of 
dendrite tips. 

Palle and Dantzig (1996) developed an adaptive finite ele­
ment method for the solidification of binary alloys based on bi­
linear elements on a fixed grid that is locally refined in the 
proximity of the interface and used linear triangles to handle the 
mesh transitions. The refinement is controlled by the local error 
using an error estimator. They used an enthalpy formulation for 
the energy equation, from which the interface position is recov­
ered as the freezing isotherm. The solute conservation equation 
is reformulated in terms of the chemical activities in order to 
obtain two equations of the same form. They applied the 
method to stable solidification in a square region with the tem­
perature of the lower left .comer reduced below the solidus and 
assuming insulated boundaries, using properties of Fe - 0.05 
wt%C. 

Juric and Tryggvason (1996) developed a fixed-mesh finite 
difference method that uses an indicator function similar to that 
in phase-field (Wheeler et al., 1993) or level-set methods 
(Sethian and Strain, 1992) but where the interface is tracked 
explicitly using a set of marker points. They applied it success­
fully to the modeling oi solidification of equiaxial dendrites in 
an undercooled liquid in two dimensions. Another fixed-mesh 
finite difference method that tracks the interface directly using 
markers was developed by Udayk:umar et al. (1999). They 
reproduced, many of the calculations given by Juric and 
Tryggvason · (1996) and showed what appears to be an 
improvement in accuracy. However, both of these methods are 
only first order in the approximation of the interface position. A 
finite element method based on a fixed grid of bilinear elements 
that tracks the interface using markers was developed by Zhao 
and Heinrich (200 1) and it was shown that the method is 
second-order accurate in the approximation of the interface. 
Calculation for the cases reported by Juric and Tryggvason 
(1996) and Udayk:umar et al. (1999) showed that the methods 
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do not always yield the same solution and in some cases great 
differences were observed in the simulation time required for 
the dendrites to grow, i.e., the different models are calculating 
very different solidification velocities. These discrepancies are 
addressed and explained in this work. The effect of the initial 
conditions on the solidification velocity is examined, as is the 
effect of the solidification velocity on the final solution when 
the latter is obtained in a fixed discrete mesh. 

MATHEMATICAL MODEL 
We address the solidification of a pure substance, assuming 

that conduction is the only mechanism of heat transport. The 
energy equation is given by 

11 aTs = A V2T. in the solid phase at s 
(la) 

aTL V2 -- T. at - L 
in the liquid phase (lb) 

The conditions at the solid-liquid interface are 

(2a) 

aT5 aTL 
A---=(1-y~)V an an (2b) 

In this work, the subscripts S and L denote the solid and liquid 

phase, respectively. The equations are made non-dimensional 

using a reference length H, the reference time -r = H2,faL , and 

the non-dimensional temperature T = c PL (T* - Tm • ) I L , where 

(*) indicates a dimensional quantity. The parameters in equa­

tions (1) and (2) areaL =1CLIPLcPL, TJ=p5 cpsiPLcPL, A= 

1( s I 1( L ' St = c PL (T*- - Tm. ) I L ' and r = (cPS - c PL) I c PL • In the 
above, p denotes density, c P is specific heat, 1C is thermal 

conductivity, Tm is the melting temperature, T_ is the far-field 

temperature, L is the latent heat, v = (is/ I dt) . n is the non­

dimensional local interface velocity, s/ is the interface, and ~ 
is the local non-dimensional interface temperature. ~ is given 

by the Gibbs-Thompson equation (Alexiades and Solomon, 

1993) 

T1 -yT1
2 +aK+ J.L-•v = o (3) 

where K is the local interface curvature, a is the surface 

tension, and J1 is the kinetic mobility, given by a = 

cPLTm0a" / HL2 and J.l.-1 = cPLaL/ HLJ.L" . The last two quantities 
may vary locally to account for anisotropic effects. In equation 
(2b), the normal derivative is defined as 
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(4) 

where n denotes the unit vector normal to the interface and 

pointing toward the liquid phase. 
The finite element model utilized to solve equations (1)-(3) 

has been described in full detail by Zhao and Heinrich (2001a) 
and will not be repeated here. 

INITIAL CONDITIONS 
In problems of unstable solidification into an undercooled 

liquid, it must be assumed that a solidified seed already exists 

that will grow into the liquid. This poses a difficulty in defining 

the initial temperature field, which is unknown. Sullivan et a!. 

( 1987) utilized the solution to a one-dimensional convection 

diffusion equation with an assumed convective velocity in their 

calculations of unstable solidification from a perturbed plane 

front. In this case, a planar steady-state solution exists for any 

positive convective velocity as long as the undercooling at 

infinity is equal to one (Langer, 1980). For more complicated 

initial shapes, it becomes significantly more difficult to find a 
"good" initial condition. Therefore, in most simulations of 

equiaxial growth, the initial temperature field is assumed to be a 

step function with values Tm in the solid and T_ in the liquid. 

Juric and Tryggvason (1996) argue that this affects only the first 

time step in the calculation, the results of which can be 

considered the proper initial conditions for the remainder of the 

calculation. However; this is not entirely realistic because the 

temperature discontinuity at the interface implies an infinite 

initial interface velocity and, therefore, the interface velocity 

calculated for the first time step will depend on the mesh and 

the time-step size. Furthermore, the interface velocity will 

continue to be determined by the mesh size as long as the heat 

diffusion layer next to the interface remains smaller than the 

mesh size, and the interface shape will be altered. 

To illustrate this, consider results of calculations performed 

for a square region with sides 4 units long. The initial seed is 

specified by x = x, + R cos(O) and y = y, + R sin(O), where 

(x,,y,) is the center of the region and R=0.1+0.02cos(48) , 

a case with four-fold symmetry. The initial temperature of the 

seed is Tm , and the initial temperature of the liquid is set to 

T_ < Tm . The undercooling, T_ - Tm , is chosen so that 

St = -0.8 . The surface tension and kinetic mobility are chosen 

to have six-fold anisotropy and are chosen as a(O) = J.L(O) = 
0.001 [ 1.0+0.4[8/3 sin 4 (38) -1 .0] J . The heat capacity and ther­

mal conductivity are the same in both phases, i.e., 71 = A = 1 · 
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The boundaries of the domain are adiabatic. This problem was 

also solved by Juric and Tryggvason (1996) and Udaykumar et 

al. (1999). Figure 1 shows the results obtained in two 

simulations: (a) in a mesh of 400 by 400 elements and (b) in an 

800-by-800 mesh. The calculations were carried out until the 

top branch reached y = 3.85, which was attained at t = 0.045 in 

case (a) and at t = 0.035 in case (b). The same problem was 

solved by Juric and Tryggvason (their Figure 15) on an 800-by-

800 mesh and by Udaykumar et al. (their Figure 24b) on a 500-

by-500 mesh until the top branch reached approximately y = 
3.75. In the first reference, it was reached at t = 0.021 and, in 

the second, at t = 0.6. Furthermore, all four simulations yielded 

a different morphology. Clearly, the solutions are algorithm and 

mesh dependent and span an enormous range of average 

solidification velocities. 
The cause of these discrepancies will be explained in the 

context of the algorithm of Zhao and Heinrich (2001). Similar 
arguments can be applied to the methods used by Juric and 
Tryggvason (1996) and Udaykumar et al. (1999). Figure 2a 
shows a one-dimensional sketch of a temperature field on an 
element that contains the interface, together with the linear 
interpolant to the temperature. The kink in the temperature field 
due to the latent heat makes the linear interpolant inaccurate 
over the element. For this reason, values of the temperature 
obtained at the adjacent ·'elements, or h ~At, are desired in 
order to estimate the temperature gradients at the interface. In 
practice, h = At suffices, but smaller values can greatly 
decrease the accuracy. Therefore the evaluation of the gradients 
must take place on the length scale of the mesh. If the solidifi­
cation velocity is of the same order or larger than the diffusion 
velocity in the liquid, 1 I At, the thermal boundary layer ahead 
of the solidification front, which scales with 2aL /V , becomes 
very thin and a very fine grid is required to capture the tempera­
ture gradients, as is the case in the example above. Figure 3 
illustrates this, where the temperature gradients G1 , G2 , and 
G3 , evaluated using h = At, At I 2 , and At I 4 , respectively, 
are very different. 

Solutions obtained with them will exhibit mesh dependence. 
Moreover, the detrimental effect is maximized if the initial 
conditions exhibit a discontinuity at the interface. This is a 
disadvantage of fixed-mesh methods, where the meshes must be 
very fine to model problems with large solidification velocity. 
The situation can be improved with the use of adaptive meshes, 
finely refined close to the interface, where small values of h can 
be used. This possibility is currently being explored. 

Fortunately, however, this difficulty does not affect a large 
number of cases nor, in particular, our main problem of inter­
est-the directional solidification of binary alloys in a stable 
temperature gradient. In this case, the numerical challenges 
arise from the solute conservation equation that contributes to 
the destabilizing mechanism through the formation of an 

668 

4.-----------------------------------~ 
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(a) Solution in a 400-by-400 Element Grid 

4.--------------------------------------, 

3 

2 

2 3 4 

(b) Solution in an 800-by-800 Grid 

Figure 1. Dendritic growth with four-fold symmetry and six­
fold anisotropy. 

extremely thin solute boundary layer in the interdendritic liquid, 
which must be properly resolved. 
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(a) Temperature Profile and Linear Interpolant 

(b) Numerical Estimation of Temperature Gradients 

Figure 2. Interface temperature and gradients. 

Figure 3. Temperature boundary layer at the interface and 
numerical evaluation of the gradients. 

DIRECTIONALLY SOLIDIFIED BINARY ALLOYS 
For simplicity, we ignore solute diffusion in the solid 

phase. The solute transport equation in the liquid is 

(5) 

and satisfies the interface condition 

669 

_ _!_VCL ·n=(l-k)(CL -1)V (6) 
Le 

where k is the equilibrium partition ratio and the non­

dimensional concentration c L = c~ I c~ ' where c~ is the 

initial concentration in the melt. The Gibbs-Thompson equation 

(3) must be modified to 

(7) 

The interface concentration C1 and temperature Tm are related 

by the liquidus line in the phase diagram, which we assume is a 
straight line 

(8) 

where Le=aL/DL, f3=mC~jT;0 , and A=mcPLC~/L.DL is 
the solute diffusivity; m is the slope of the liquidus line, and 

r;0 is the melting temperature of the pure solvent. 
Consider one-dimensional solidification of the hypoeutectic 

alloy Pb-2.2wt%Sb in the domain 0 ~ x ~ 20 mm under a 
stable temperature gradient of 100 K/cm, where the initial 
temperature at x = 0 is the liquidus temperature of the alloy, 

r;0 = 585.47 K, and a cooling rate is applied at time t > 0. 

The right end, x = 20 mm , is kept at the initial temperature 
gradient. The material properties used in the simulation are 

Ps = PL = 10,190 kg/m3
, Cps= 141 J/kgK, cPL = 151 J/kgK, 

ICs = 20 J/msK, ICL = 15 J/msK, m = -6.83 K/wt%, and 

L = 28, 770 Jlkg . Results of simulations for two cooling rates, 

0.03 K/s and 0.1 K/s , using a uniform mesh of 200 elements 
for the temperature and an adaptive mesh of 400 elements for 
the solute concentration are shown in Figure 4. The interface 
position and velocity as a function of time are shown in 
Figures 4a and 4b, respectively. Figure 4c shows the 
concentration profiles at various times. The boundary layer that 
scales with DL IV and requires the adaptive mesh refinement 

to be resolved is evident. The accuracy of the one-dimensional 
model has been assessed for the case of a pure substance for 
which analytical solutions are available (Zhao and Heinrich 
2001b), in this case very accurate solutions can be obtained. For 
binary alloys analytical solutions do not exist. Nevertheless, 
theoretical estimates for the steady-state solidification velocity 
and solute concentration profile in the liquid phase are 
available, and were used to determine the degree of refinement 
needed at the interface for the adaptive mesh. In our example 
we observe from Figure 4b,c that for a cooling rate of O.lK/s a 
steady state is reached when the front is near x = 12 mm , after 
this point the solute concentration in Figure 4c is within 2% of 
the estimated steady-state approximation. 
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Figure 4. One-dimensional solidification of Ph-2.2wt%Sb at 
cooling rates of 0.1 K/s and 0.03 K/s. 

In two dimensions, the mesh adaptation is more complex 
and is still. under development. Linear triangular elements are 
used, starting with a basic coarse mesh that is refined several 
levels according to the distance to the interface. An example of 
such a mesh is shown in Figure 5. The mesh depicted contains 
40328 nodes and 75351 elements, which is representative of 
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Figure 5. Adaptive meshes required in two-dimensional simu­
lations of solidification of binary alloy. 

what is expected to be required in these problems. The mesh 
must be generated at every time step and the data interpolated 
from the old to the new mesh. Efficient ways to achieve this are 
being developed, and the goal sought is to be able to perform a 
time step in a mesh of 160000 elements for the temperature 
field and 100000 elements for the solute concentration field in 
one to two seconds of CPU, depending on the hardware. 

FURTHER EXTENSIONS 
Two important further developments of the model are the 

introduction of convection and the extension to three dimen­
sions. In the two-dimensional case, convection will utilize the 
mesh for the temperature field with the elements intersected by 
the mesh described by a combination of linear triangles and iso­
parametric quadrilaterals. This is made possible by the fact that 
only two types of intersections are possible in this model (Zhao 
and Heinrich, 2001a). In elements split into two quadrilaterals 
by the interface, the contribution of the one lying in the liquid 
phase is readily calculated using an isoparametric transforma­
tion. For those intersected into one triangle and one pentagon, 
the contribution of a triangle is calculated by standard methods. 
If the pentagon lies in the liquid, it is split into a triangle and a 
quadrilateral, and their contributions are calculated as before. 

The extension to three dimensions does not offer signifi­
cant difficulties, other than those related to the description and 
motion of the interface. Powerful mesh generators are available 
that are capable of discretizing the interface with linear tri­
angular interpolants whose nodes determine the markers. As the 
surfaces evolve, a criterion similar to that used in two dimen­
sions is used to re-mesh and re-define the marker points as 
necessary. 
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CONCLUSIONS 
Numerical simulations of dendritic solidification of a 

binary alloy pose a formidable computational problem. The 
simplest case of two-dimensional solidification into an under­
cooled liquid creates scaling difficulties that can require 
extremely fine meshes to achieve converged answers. A finite 
element model that tracks the interface directly and is second­
order accurate has been shown to be an extremely useful tool to 
understand the difficulties associated with this kind of modeling 
due to its simplicity and its ability to follow the physical 
variables directly. Its extension to the simulation of the 
solidification of binary alloys has been established and further 
developments to include convection and extend it to three 
dimensions have been outlined. 
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ABSTRACT 

In the present work we consider the natural laminar 
convection for an enclosure of right triangular shape filled with 
air, with a constant heat flux imposed on their inclined face, 
with vertical face and bottom cold. Two dimensional equations 
of mass, momentum and energy conservation, with the 
Boussi'nesq approximation are solved The solution of the 
differential equation set is performed by using a finite volume 
method. The discretization scheme chosen was the Patankar's 
Power-Law Scheme and the SIMPLE algorithm is adopted to 
get a pressure correction equation. The resultant algebraic 
equations are solved by a line-by-line procedure that is a 
combination of a direct method (TDMA) and an iterative 
Gauss-Siedel method Governing parameters used were: 

103 s Gr s 108 , Pr=0.72 and 0.2 s HILs 2.0. The 
isotherms and streamlines are presented and a Nusselt number 
correlation in terms of Grashof number and ratio aspect is 
proposed. The influence of the Grashof number and the 
enclosure aspect ratio is discussed. 

INTRODUCTION 

Natural convection is important in many engineering 
applications. Over the past years, many studies in rectangular, 
trapezoidal and cylindrical geometries have been carried out 
due to the interest they have from the view point of application. 
For such geometries, a large number of both experimental and 
theoretical studies, covering wide ranges of Grashof number 
and aspect ratios can be found in the literature. 

More recently triangular geometry have received attention. 
This is the suitable geometry to deal with heat transfer in attic 
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areas of domestic buildings, and in some solar energy and 
electronic cooling systems. 

One of the first numerical simulation of convection in an 
enclosure of triangular cross section is due to Gershumi et al 
(1974). Akinset and Coleman (1979, 1982) studied the problem 
of a prismatic cavity of the right triangular cross-section with 
the bottom cooled and the vertical wall adiabatic. Kushawara 
(1982) solved a similar problem using finite element method. 

Experiments on the natural convection of air within 
triangular enclosures were first reported by Flack et al ( 1979) 
and his collaborators. Some authors reported theoretical results 
with a large combination of boundary conditions. Del Campo et 
al ( 1988) presented several different combinations of heated, 
cooled and adiabatic wall conditions. They found strong 
gradients of temperature near to the walls; and stratification of 
the fluid in the center of the cavity. When it is hot from bottom, 
the flow acquires a turbulent form for great values of Gr. 

The unsteady natural convection in an enclosure with the 
cross section in the form of isosceles triangle was considered 
by Poulikakos and Bejan (1983a, 1983b) assuming all the walls 
isothermal. Other cases, changing the boundary conditions were 
presented by Karyakin et al. (1985, 1985a, 1985b, 1988). They 
considered adiabatic and constant temperature walls. 

The use of heat flux condition at the enclosures surfaces is 
important in the study of heat transfer in attic spaces. However, 
the use of such conditions is not widely available in the 
literature. 

In the present work we consider the natural laminar 
convection for a enclosure with the form of a triangle with a 
right angle, with a constant heat flux imposed on one of their 
faces. Two dimensional equations of mass, momentum and 
energy conservation, with the Boussinesq approximation are 
solved using a finite difference method The numerical 
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procedure adopted is based on SIMPLE algorithm. The 
isotherms and streamlines are presented for different aspect 
ratios and Grashof numbers and a normalized Nusselt number 
correlation in terms of the Grashof number and ratio aspect is 
proposed. 

NOMENCLATURE 
a coeficients of equation (12) and (13) 
A aspect ratio, WL 
g acceleration due to gravity, m/s2 

Gr Grashofnumber, gf3L4q/v2k 
h convection heat transfer coefficient, W/m2.K 
H cavity height, m 
k thermal conductivity, W/m.K 
1 dimensionless length 
p dimensionless pressure 
Pr Prandtl number, vI a 
q heat flux, W /m2 

t dimensionless time 
T temperature, K 
u, v dimensionless velocity in x and y direction 
Greek Symbols 
a thermal diffusivity, m2/s 
p thermal expansion coefficient, 1/K 

0 dimensionless temperature, (T-Tc)/(Lqlk) 
p dynamic viscosity, kg/m.s 

p density, kg/m3 

r general diffusion coefficient 
v kinematic viscosity, m2/s 

Superscripts 
• dimension quantities 
Subscripts 
c cold wall 
1 local 

MATHEMATICAL MODELING 

The considered geometry is show in Figure 1. The gravity 
vector is normal to the base of the angle. 

y 

X 

L 

Figure 1 - Problem geometric 
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In order to formulate the fluid convection in the cavity it 
was considered the following assumptions: 
- the flow is two dimension, incompressible and laminar: 
- the temperature gradients are moderate for whidh tbe 
Boussinesq approximation is valid; 

- viscous dissipation and the work done by compression forces 
are negligible. 

The basic equations for the unsteady-state natural 
convection can be written in the dimensionless form as: 

au av 
-+-=0 (l) 
Ox Oy 

au au au ap a2u a2u 
-+u-+v- = --+Pr(-+-) (2) 
Ot Ox Oy Ox Ox2 Oy2 

&v &v &v 2 Op a2
v a2

v 
-+u-+v- = Pr Gr9--+Pr(-+-) (3) 
Ot Ox Oy Oy Ox2 Oy2 

ao ao ao a2o a2o 
-+u-+v-=--+-- (4) at ax ay ax2 ayz 

For the construction of dimensionless quantities tbe 

following non-dimensionless variables are defined: 

x' 
x=-

L 

y' 
y=­

L 

u'L 
U=-

a. 

v'L 
v=­

a. 

p' + Po&Y' T- T a. 
p 9 =--c t =-=-t' (5) 

p0 (a./L) 2 Lq/k L2 

The boundary conditions for the velocity vector 
components in impermeable solid surfaces were the no-slip and 
no-flow conditions. The vertical wall and the base are assumed 
to be isothermal (cold), and the other receives a constant heat 
flux (q). 

u = v = 0, 00/ 8n = -1 for 0 :5: x :5: 1 ; y=Hx/L 

u = v = 0, 9=0 for x=1; 0:5:y<l (6) 

u = v = 0, 9=0 for 0 < x < 1, y=O 

As it is only possible to determinate the pressure 
differences, from equation (2) and (3), it will be assumed that 
p=0 at the point with the coordinates x=y=O. 

The local Nusselt number is calculated using 

Nul = hL = I/ 
oc -k 79 (7) 
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and the average Nusselt number can be obtained by integrating 
the local Nusselt number along the wall 
- 11 
Nu = - J Nu dl (8) 

10 loc 

The normalized Nusselt number is defined as 

Nu lar 
Nu = ==--==--

Nu lar=O 
(9) 

where Nu I Gr=O is for pure conduction for the same 

conditions. We prefer to use this way in order to facilitate the 

heat transfer correlation determination. 

The normalized Nusselt number along the wall is 
calculated as the ratio of local Nu and Nu on the center point of 
the wall, for Gr=O. 

NUMERICAL PROCEDURE 

In order to perform the discretization of the governing 
equations, the power law scheme introduced by Patankar 
( 1980) is adopted 

All the govern equations can be written in the following 
form 

a· a1 a1 - (r<~>) + ___!_ +_I_ = s 
at ax fJy 

with J x = pucj> - r 84> 
ax 

and 
Ocl> 

1y =pvcj>-r-
[Jy 

(10) 

As in all control volume methods, the discretized equations 
are obtained by the integration of the equation over control 
volumes surrounding each grid point. The result of the 
integration is: 

(11) 

where A's are the areas of the faces of the control volume, V is 

its volume and S is the average value of the term S over the 
control volume. 

Evaluating the terms of the integrated equation, using the 
Power Law Scheme, a set of algebraic equations is obtained 
with the general form 

The solution of the momentum equations requires a 
procedure to calculate the pressure fields. Since there is no 
specific equation for the pressure, the SIMPLE algorithm 
developed by Patankar and Spalding (1972), with use the mass 
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conservation equation to obtain an equation in terms of the 
pressure in the grid points, is considered. To solve the set of 
algebraic equations an interactive line-by-line process is used 
This process is a convenient combination of a direct method 
TDMA for one dimensional situation and the Gauss Siedel 
method. The construction of the discretized equations was done 
considering a fully implicit method. 

As show by Patankar (1980), to avoid non realistic 
solutions, independents grids for the variables u, v and p are 
required The use of the staggered grids was adopted here. This 
process facilitate the application of the boundary conditions. 
Other advantage is that the u and v velocity components 
coincide with the faces of control volume for pressure and 
temperature. On the other hands, it imposes the necessity of 
using interpolation schemes for the u and v grids. 

Its very difficulty to guarantee the convergence of a non 
linear system of equation. To achieve the convergence, under­
relaxation factors are applied in the solution procedure to avoid 
large corrections in one step of iteration, with may cause the 
divergence of the process. 

The convergence must be verified in each iteration 
following a predetermined criterion. In this work we selected 
the criterion which considers the average error for each control 
volume, as 

nP 
where 

(13) 

llrpr = [L(aE~E +aw~w +aN~N +as~s +b-ap~py~ 

is the Euclidian norm of the iteration 1C , and llp is the number 
of grid points. The convergence parameter E could be different 
for each variable depending on the order of magnitude of the 
variable in study. Here we set the convergence parameters as 
w-s to all variables. 

In order to obtain grid independent results, grids with 
1189, 2377 and 4753 uniform volumes were tested The 
differences between the 2377 and 4753 internal volume grids 
were minimal. 

RESULTS AND DISCUSSION 

Simulations of natural convection were performed in the 
3 8 

range of Grashof numbers 10 ~ Gr ~ 10 and the values of 
geometrical parameters HIL: 0.20 ~ HI L ~ 2.0 , for Pr=O. 72. 

Figure 2 shows the isotherms and streamlines for the 
steady state considering different Grashof numbers. When 
Gr ~ 103

, the isotherms in the central part of the enclosure take 
on almost a position indicating that conduction is the main 
process occurring. The recirculation eye stays at the center of 
the cavity. With the increase of the Grashofnumber, convection 
process is much more intense and the flow becomes stratified 
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(a) 

(b) 

(c) 

(d) 

Figure 2 : Isotherm and streamlines for the steady state 
flow with HIL=0.5- (a) Gr=l03

, (b) Gr= 105
, (c) Gr= 107, (d) 

Gr= 108 
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Figure 3 shows the influence of the Grashof number over 
the dimensionless temperature along the wall with constant heat 
flux for H/L=0.5. 

For Grashof number less than 104
, we can notice that 

maximum of temperature is obtained approximately near the 
center of the hot wall of the cavity; when Grashof number 
increase, the maximum value of the temperature tends to move 
to the apex of the enclosure because the effect of the 
convection. 

The effect of the geometrical parameters H1L variation on 
the main characteristics of convection of the enclosure was 
investigated 

Figure 4 shows the local normalized Nusse1t number along 
the hot wall of the cavity. For Gr < 105 there is small variation 
for these values; but when Gr> 105

, Nu increase sharply for less 
values of the aspect ratio. 

Figure 5 represents the normalized Nusse1t variation as a 
function of the Grashof number, for different values of the 
geometric parameter HIL. The Nusselt number increases with 
increasing Grashof number for values higher than 105

. 

Figure 6 presents the dependence of the average 
normalized Nusselt number of the hot wall on the geometrical 
parameters HIL for some Grashof number. From Figure, it can 
be noted that for low Grashof numbers the intensity of 
convective process in this enclosure increases monotonically 
with the growth of the parameters HIL. For higher values of 
Grashof numbers, Nu increases with the aspects ratio up to a 
certain maximum value. This occurs because, for large aspect 
ratios, the angle of the top of the enclosure is very sharp and it 
causes an stagnation of the fluid reducing the convective heat 
transfer. 
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Figure 3: Influence of Gr in the dimensionless temperature 
along the hot wall in the enclosure with HIL=O. 5 
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Figure 4: Average normalized Nusselt number in the hot wall 
of the enclosure as a functions of H/L for some values of Gr. 
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Figure 5: Average normalized Nusselt number in the hot wall 
as a function of the Grashof number for some values of HIL 

HEAT TRANSFER CORRELATION 

From the numerical analysis for natural convection in a 
triangular cavity with a right angle, submitted to heat flux in 
one wall, a formula is obtained which correlates the average 
normalized Nusselt number on the surface with Gr and H/L. 
Using non linear fittings, it was possible to get a expression for 
0.3sH/Ls2.0: 

Nu = 1.0323~ + 0,008194Gr 0,3169 1n(0.245.JH I L log Gr )J 
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(14) 

5.00 

4.00 

Gr-10e8 

3.00 

2.00 

1.00 

0.00 0.40 0.80 1.20 1.60 2.00 

H/L 

Figure 6: Average Nusselt number as a function ofH/L for 
various values of Gr. 

This expression fits the numerical results with a sum of 
square error equal to 0.92. 

Figure 7 represents the comparison between the numerical 
results and the expression (14) for Nu . 
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Figure?: Comparison between expression 14 and numerical 
results. 
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CONCLUSIONS 

Natural convection in an triangular enclosure with a right 
angle, receiving a constant heat flux in the inclined wall has 
been studied Two dimensional non-stationary equations of 
conservation mass, momentum and energy, with the Boussinesq 
approximation have been solved using the 1.1ethod pf Patankar's 
control volume in the variables velocity-pressure-temperature. 

Governing parameters used were: 103 ~ Gr~ 108~ 
0.20 ~ HIL ~ 2.0~ Pr=O. 72. 

When Grashof number is more than 106
, the isotherms 

tends to horizontal position, which corresponds to the 
conditions of fluid stratification~ and gradient regions, which 
resemble dynamic and thermal boundary layers, are formed on 
the walls. 

Heat transfer showed to be noted a monotonically 
increasing function of the Grashof number and of the geometric 
parameter HIL. 

A correlation for the normalized Nusselt number as a 
function of the Grashof number and geometric parameters is 
presented 
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ABSTRACT 
An experimental investigation of melting in the presence of 

natural convection is presented in this paper. The investigation 
was limited to a relatively simple and essentially two­
dimensional melting problem. The test section consisted of a 
long outer tube of square cross-section with an equally long 
inner tube of rectangular cross-section located inside it. The 
space between these two tubes was filled with 95% pure lauric 
acid, which served as the phase-change material (PCM) in this 
work. This PCM has a melting temperature that lies between 
43 °C - 44 °C. In each experiment, initially, the entire test­
section and the PCM were heated to 42 ± 1 °C, and then the 
outer tube temperature was maintained at this value throughout. 
At the start of an experimental run, the inner tube temperature 
was raised to a uniform value, T w. and then maintained constant 
throughout the run. Four different cases were considered: T w = 

50 °C, 55 °C, 60 °C, and 65 °C. The results presented here 
include detailed temperature measurements, photographic 
records of the evolution of the solid-liquid interface, and the 
variation of melt fraction with time. 

INTRODUCTION 
Numerous engineering systems and processes involve 

solid-liquid phase change with heat conduction in the solid and 
buoyancy-driven natural convection in the liquid. Examples of 
this phenomenon are encountered in latent-heat thermal energy 
storage and control systems, equipment used in the production 
of silicon crystals for the electronics industry, food processing 
plants, and facilities that produce and process metals [Goldstein 
and Ramsey, 1979; Ostrach, 1983; Viskanta, 1985; Yao and 
Prusa, 1989; Feldman et al., 1989; Prescott and lncropera, 
1996]. This phenomenon is also encountered in the formation 
and melting of ice in ponds and lakes [Lock, 1990; Fukusako 
and Yamada, 1993; Xu and Oosthuizen, 1994]. The aim in this 
work is not the study of any particular engineering system or 
environmental process. Rather, the goal here is to 
experimentally investigate a relatively simple problem, and 
obtain reliable data that could be used as checks in the 
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validation and performance evaluation of numerical methods 
for computer simulations of melting in the presence of 
buoyancy-driven natural convection in the liquid phase. 

In the published literature, there are many numerical and 
experimental investigations of solid-liquid phase change in the 
presence of buoyancy-driven natural convection. Extensive 
reviews of such investigations are available in the works of 
Viskanta (1985), Yao and Prusa (1989), and Prescott and 
Incropera (1996). Details of some of the numerical methods 
used in these investigations can be found, for example, in the 
works of Usmani et al. (1992), Oosthuizen (1993), 
Swaminathan and Voller ( 1997), Bertrand et al. (1999), Mbaye 
and Bilgen (200 1 ), and Scanlon and Stickland (200 1 ). Many of 
the available experimental studies were aimed at elucidating the 
fundamental physics of melting and freezing in the presence of 
natural convection. The PCMs used in these studies include 
naphthalene, pure metals and metallic alloys, salts, pure and 
saline water, paraffins, and fatty acids. The associated 
techniques include deployment of arrays of thermocouples 
embedded inside the PCM and along the boundaries, dye and 
particle injection, direct photographic observations, ultrasound 
maps of the interface, shadowgraphy, and holographic 
interferometry. Details of these experimental techniques can be 
found, for example, in the works of Goldstein and Ramsey 
(1979), Viskanta (1985), Yao and Prusa ( 1989), Spatz and 
Poulikakos (1991 ), Prescott and lncropera (1996), Wang et al. 
( 1999), and Scanlon and Stickland (200 1 ). 

The work reported in this paper complements and extends 
the repertoire of the aforementioned fundamental experimental 
investigations. The test section consisted of a long outer tube of 
square cross-section with an equally long inner tube of 
rectangular cross-section located inside it, as shown Fig. 1. The 
space between these two tubes was filled with 95% pure lauric 
acid, which served as the phase change material (PCM). Some 
of the properties of this substance and the motivation for using 
it as the PCM are given later in the paper. In each experiment, 
initially, the entire test cell and the PCM were heated to a 
uniform temperature, Ti. just below the melting temperature, 
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T m of the PCM. Then, the outer tube temperature was 
m;intained at T w = Ti throughout the experiment. At the ~tart of 
an experimental run, the inner tube temperature was ratsed to 
T w (> T m) and then maintained constant ~ou~out the run. As 
a result the solid PCM melted, and thts meltmg process was 
influen~ed by buoyancy-driven natural convection in the liquid 
phase. The results presented here include de~iled temp~rature 
measurements, photographic records of the ttme evol~tton .of 
th~ solid-liquid interface, and the variation of melt fractton wtth 
time. 

·~ 
Figure 1: Schematic representation of the test section. 

NOMENCLATURE 
cp Specific heat at constant pressure [J/kg-0C] 
g Acceleration due to gravity [ m/s2

] 

k Thermal conductivity [W /m-0C] 
PCM Acronym for phase change material 
t Time [s] 
T Temperature [0C] 
A. Latent heat of fusion [J/kg] 
J.1 Dynamic viscosity [kglm-s] 
p Mass density 
!} Melt fraction [see Eq. (1)] 
!J.-L Volume melt fraction [see Eq. (2)] 
Subscripts 
b Pertaining to the outer tube of the test section 
i Initial condition 
t Pertaining to the liquid phase 
m Pertaining to the melting temperature of the PCM 
s Pertaining to the solid phase 
w Pertaining to the inner tube of the test section 

EXPERIMENTAL SETUP 
Sectional views of the test cell, along with its dimensions, 

are given in Fig. 2. 
The discussion in this and the next two paragraphs is tied to 

Fig. 2 and the number-keys therein. The outer tube of the test 
cell (9) was made of aluminum: 15.775" long, 4"x4" square 
outer cross-section, and a wall thickness of3/16". The inner 
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~·r~~--_ .... ____ _ 
Figure 2: Longitudinal and transverse sectional views of the test 
cell. All dimensions are in inches (1" = 0.0254 m). 

tube (3), was also made of aluminum: rectangular outer cross~ 
section of 1.5"xl", and a wall thickness of0.095". The vertical 
symmetry planes of these tubes were coincident, and their axes 
were parallel but offset: the axis of the inner tube was located 
0.4525" below that of the outer tube. A welded aluminum plate 
was used to seal off the front-end of the inner tube; its back-end 
was left open to allow the insertion of heaters and cooling tubes. 
Aluminum flanges were welded to the front- and rear-ends of 
the outer tube. The front-end of the outer tube was closed off 
by a 3/8" thick Plexiglas plate (10), which was attached to the 
front-flange by eight 0.25" bolts and nuts, with a buna-rubber 
gasket ( 5) in between. The rear end of the outer tube was 
closed off by a solid aluminum plate (4), 0.5'' thick, that was 
attached to the rear-flange by eight 0.25" bolts and nuts, with a 
buna-rubber gasket (5) in between. The inner tube was 
supported as a cantilever beam from this back-plate. A 6" long 
aluminum tube (6), made of the same stock as the outer tub~: 
was welded on the top surface of the outer tube, and a 2 
diameter hole (7) was used to connect these two tubes. The 6" 
long tube ( 6) served as an expansion chamber for the ~CM 
during the melting process, and it was used as a reservorr. of 
molten PCM to feed the test cell during the filling and freezmg 
operations. An auxiliary electrical cartridge heater ( 13) was 
inserted into the expansion chamber. It was powered up at a 
relatively low level to ensure that an unbroken column of 
molten PCM connected the test cell and the expansion chamber 
during the melting experiments, and also during the filling and 
freezing operations. A Plexiglas separator-plate (8) was 
inserted in the aluminum outer tube (9) so as to isolate the 
auxiliary heater and the expansion chamber from the main test 
section. A gap of 0.025" was provided between the front-end of 
the inner tube (3) and the inner surface of the Plexiglas pl~te 
( 1 0) to accommodate any possible differential expansion 
between the inner and outer tubes. The outer aluminum tube (9) 
of the test cell was wrapped with an electrical tape heater. The 
entire test cell, except the front Plexiglas plate (1 0), was the 
wrapped with a double layer of0.5" thick fiberglass insulation. 
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Twb 0.5'' diameter 18" long electrical cartridge heaters (1) 
were connected in series and used as the main heat source for 
the melting experiments. The space between the cartridge 
heaters and the inner aluminum tube was filled by nine 2" long 
aluminum blocks, machined to slide smoothly in the inner tube: 
two 0.5'' diameter holes were drilled in each of these blocks to 
allow the insertion and removal of the cartridge heaters; and 
longitudinal rectangular grooves were machined on the top, 
bottom, and vertical surfaces of these blocks to accommodate a 
total of 22 thermocouples. 

The overall experimental setup is shown schematically 
below in Fig. 3. 

Figure 3: Schematic of the overall experimental setup. 

The power supplies to the boundary and main heaters were 
controlled with proportional temperature controllers to provide 
various constant-temperature boundary conditions in the range 
42 °C to 65 °C, with an accuracy of± I °C. Two hot air blowers 
were used as heat guns to maintain the front Plexiglas plate 
close to (T w + T b)/2, the mean of the temperatures of the inner 
and outer tubes. This caused the PCM adjacent to the Plexiglas 
to melt faster than that in the interior of the test cell. As a 
result, it was possible to make visual observations and 
photographic records of the essentially two-dimensional melting 
process in the interior of the test cell, as illustrated 
schematically in Fig.4. 
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Figure 4: Longitudinal sectional drawings of the test cell and 
the photographic setup: (a) side view, and (b) top view. 

All temperature measurements were done using calibrated 
30-guage type E thermocouples and related instrumentation 
shown in Fig. 3, with an accuracy of better than± 0.5 °C. An 
electronic digital clock, with a black liquid crystal display 
against a white background, was used to keep track of time 
during the experiments. Photographs of the solid-liquid 
interface were taken with a single-lens reflex camera fitted with 
an 80-200 mm zoom lens. Lighting was supplied by two 500 W 
photoflood lamps, and a fme-grain black-and-white print film 
(50 ASA) was used for the photographs. A single-pen plotter 
driven by a personal computer was adapted to serve as a digital 
planimeter. It was used to determine area fractions of the 
molten PCM (liquid) region in photographic records of the time 
evolution of the solid-liquid interface. Data from many initial 
runs showed that this overall experimental setup was able to 
produce results with maximum uncertainty, or scatter, of less 
than ± 5% of their mean values. 

THE PCM AND ITS THERMOPHYSICAL PROPERTIES 
Lauric acid of 95% purity was used as the PCM in this 

investigation. The main reasons for choosing this material were 
the following: it is nontoxic; it is not corrosive to aluminum, 
steel, buna-rubber, and Plexiglas; it is chemically and physically 
stable; it has a sharply defmed melting temperature; the solid 
phase is essentially opaque and the liquid phase is highly 
transparent to visible light, facilitating visual observations and 
photographic recordings of the solid-liquid interface; its 
thermophysical properties are quite well documented; it is 
readily available; and it is not expensive. 

The melting point of pure lauric acid is listed as 43.85 ± 
0.15 °C [Washburn, 1930]. The 95% pure lauric acid was 
obtained from the Aldrich Chemical Company, which lists its 
melting temperature as 43 °C - 44 °C. The latent heat of fusion, 
A., of lauric acid is listed as 183 ± 2 kJ/kg [Garner and Randall, 
1924]. Other relevant thermophysical properties of this 
substance, taken from Dunstan (1915), Garner and Randall 
(1924), Garner and Ryder (1925), Jamieson et al. (1975), and 
Feldman et al. (1989) are given in Table 1. 
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Table 1: Thermophysical properties oflauric acid 

Property and Phase Temperature Value of the 

Units [OC] property 

Solid 35.0 1009.9 

p 40.0 1005.5 
50.0 869.0 

[kg/m3
] Liquid 70.0 854.4 

90.0 838.6 

Cp Solid - 30.0 to 40.0 2155.0 
[J/kg-OC] Liquid 40.0 to 100.0 2394.0 

k Liquid 50.0 0.1468 
[W/m-0C] 72.5 0.1110 

50.0 0.00730 
60.0 0.00561 

~ Liquid 70.0 0.00443 
[kg/m-s] 80.0 0.00362 

90.0 0.00299 

The density of the liquid phase varies essentially linearly 
with temperature in the range 50 °C to 90 °C (thus, just three 
pairs of data points in this temperature range are adequate). 
The values of Cp presented in Table 1, for both the solid and the 
liquid phases, are average values in the corresponding 
temperature ranges. The authors were unable to find reliable 
information on the variation of Cp with temperature for lauric 
acid (solid and liquid phases). However, based on property data 
available for other fatty acids, it is expected that in the range of 
temperatures reported in Table 1, the Cp values would vary by 
no more than ± 10% about the corresponding average values. 

RESULTS AND DISCUSSIONS 

Cases Studied 
Four cases, denoted as Cases 1-4, were investigated. 

Table 2: Steady-state temperatures in the cases studied 

Case Ti [0 C] Tb [0C] Tw [0C] 
1 42.0 42.0 50.0 
2 42.0 42.0 55.0 
3 42.0 42.0 60.0 
4 42.0 42.0 65.0 

Time Variation of Outer- and Inner-Tube Temperatures 
The outer tube temperature was 42 °C at the start of each 

experiment, and it was maintained at that value throughout. 
However, once the power supply to the main electrical cartridge 
heaters was turned on, because of the finite heat capacity of the 
inner tube/heaters assembly, its outer surface took a finite 
amount of time to reach its set value. 

The time variations of the inner tube temperature, T w• for 
Cases 1 to 4, are presented in Fig. 5. 
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Figure 5: Time variation of the inner tube temperature, Tw. 

Time Evolution of the Solid-Liquid Interface 
Photographs of the solid-liquid interface at twelve different 

times following the start of the experiment pertaining to Case 4 
are presented · to 6(1). 

G) (k) (I) 
Figure 6: Interface photographs for Case 4: (a) t = 0 min.; (b) t 
= 5 min.; (c) t = 10 min.; (d) 15 min.; (e) t = 20 min.; (f) t = 25 
min.; (g) t = 30 min.; (h) t = 35 min.; (i) t = 40 min.; (j) t = 45 
min.; (k) t = 50 min.; and (1) t = 55 min. 

The photograph in Fig. 6(a) corresponds to the start ofthe 
experiment (t = 0 min.): the white region is the solid lauric acid 
at a temperature of 42 ± 1 °C; and the black border that frames 
the solid PCM is the buna-rubber gasket that is used as a seal 
between the front Plexiglas plate and the connecting-flange on 
the outer tube. The second photograph, Fig. 6(b ), corresponds 
tot = 5 min.: the solid-liquid interface is essentially concentric 
with the inner tube, indicating that conduction has been the 
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dominant mode of heat transfer in the PCM until this stage of 
the melting process. 

The first indication of the influence of buoyancy-driven 
natural convection on the melting process is evident in Fig. 
6( c), which corresponds to t = l 0 min.: the hot liquid PCM 
adjacent to the vertical sides of the inner tube rises up and 
impinges on the solid-liquid interface adjacent to its top 
comers, producing the highest melting rates in these regions; 
the thickness of the melt region adjacent to the top surface of 
the inner tube is larger than that adjacent to its bottom surface; 
and three-dimensional Benard convection in the melt layer on 
the top of the inner tube causes the corresponding solid-liquid 
interface to display several little ripples. However, the 
amplitudes of these ripples in the vertical plane were small 
compared to the thickness of the melt layer, and, but for these 
ripples, the solid-liquid interface all around the inner tube was 
remarkably two-dimensional. Another feature worthy of note in 
this and in all the other photographs in Fig. 6 is the excellent 
symmetry of the melt pattern about the vertical, geometrical, 
symmetry surface of the test cell, attesting to the care taken in 
its design and construction, and also in its preparation for each 
melting experiment. The photograph in Fig. 6( d) corresponds 
to t = I5 min. and reveals features that are qualitatively similar 
to those in the previous one. At t = 20 min., as seen in Fig. 
6(e), melting is still most advanced in regions adjacent to the 
top comers of the inner tube, reflecting the continued strong 
influence of natural convection flows along its hot vertical 
surfaces, but the top portion of the solid-liquid interface is less 
rippled at this stage, indicating a transition from multi-cellular 
Benard convection to, perhaps, a dual-cell pattern, with one cell 
on each side of the vertical symmetry surface. The photographs 
in Figs. 6(f) to 6(h), corresponding to t = 25 min., 30 min., and 
35 min., show features that are qualitatively similar to those in 
Fig. 6( e): the melting in all these photographs is still most 
advanced in regions adjacent to the top comers of the inner 
tube, giving rise to a cat's-ears look to the melt patterns. 

The photographs in Figs. 6(i) to 6(1) correspond to t = 40 
min., 45 min., 50 min., and 55 min., respectively. The melting 
is now fastest along the top-central portion of the interface. A 
possible conclusion from this observation is that for t 2: 40 min., 
the convection cells on the top of the inner tube and adjacent to 
its sides coalesce into two main counter-rotating cells, one on 
each side of the vertical symmetry surface. 

Finally, one of the most interesting features revealed by the 
photographs in Fig. 6 is that during the natural convection­
controlled phase of the melting process, the bottom part of the 
solid-liquid interface progresses so slowly that it appears 
stagnant. The thermal stratification in the melt layer below the 
inner tube is stable (light liquid above, heavier liquid below), so 
Benard convection is not expected to occur there. Nevertheless, 
even with pure conduction heat transfer across the melt layer, 
the bottom portion of the interface should have progressed 
relatively slowly, but surely, downward. A possible explanation 
is the following: the relatively cold liquid adjacent to the solid­
liquid interface flows into this melt region, along the interface, 
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and then returns along the lower surface of the inner tube; 
consequently, the rate of heat transfer is higher from the bottom 
surface of the inner tube to the adjacent liquid PCM, but it is 
lower to the bottom portion of the solid-liquid interface, than 
that which would occur with only pure heat conduction across 
the lower melt layer. Preliminary computer simulations have 
confirmed this explanation. 

Photographic records of the time evolution of the solid­
liquid interface were also obtained for Cases I, 2, and 3. 
Qualitatively, Cases I - 4 yielded similar results. The 
information contained in these photographic records was 
consolidated into interface evolution plots. These plots for 
Cases I to 4 are presented in ·Figs. 7(a) to 7(d), respectively. 

(a) (b) 

(c) (d) 
Figure 7: Interface evolution plots: (a) Case I; (b) Case 2; (c) 
Case 3; and (d) Case 4. 
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Figure 8: Variation of mass melt fraction, fJ, with time. 

Photographs of the solid-liquid interface, such as those 
shown in Fig. 6, contain information about the variation of the 
melt fraction with time. Assuming that the solid-liquid interface 
is essentially two-dimensional inside the test cell, the melt 
fraction is given by the following equation: 

fJ = Areat./ Areas. , = o (I) 
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where Areat is the area of molten PCM (liquid phase), and 
Areas t=o is the initial area of the solid PCM. 

The variation of g with time, for Cases 1 to 4, is presented 
in Fig. 8. Consider the curve for Case 1 (T w = 50 °C). The melt 
fraction increases continuously with time, as expected. 
However, the rate of melting (d9/dt) starts off at a high value, 
then decreases for the first 20 - 25 min., then increases again 
until about t = 40 min., and fmally remains essentially constant 
during 40 min. < t < 150 min. This behavior reflects the 
transition from conduction-controlled melting to natural 
convection-controlled melting, as discussed in the previous 
subsection. The curves for Cases 2 - 4 also exhibit this 
behavior, but not as clearly as the curve for Case 1: with the 
higher values of T w• natural convection manifests itself earlier, 
when the melting rate is relatively high; thus, the transition from 
conduction- to natural convection-controlled melting is not as 
evident as that in Case 1. As is to be expected, the curves in 
Fig. 8 show that as T w increases from 50 °C to 65 °C, from 
Cases 1-4, the melting rates also increase. 

The density of the liquid phase of the PCM is less than that 
of its solid phase. Thus, during the melting process, the excess 
volume of the liquid that did not fit in the test cell flowed into 
the expansion chamber. The volume melt fraction can be 
obtained from the mass melt fraction, 9, as follows: 

gutd = Vtf Vs, t=o = g (PsI Pt) (2) 
where Vt is the volume of the molten (liquid) PCM, and V5 t = 0 

is the volume of the solid PCM at the start of the experiment. 
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ABSTRACT 
This paper reports on experimental and 

numerical investigation of free convection in open-ended 
horizontal rectangular channel heated from the top with a 
uniform heat flux. Apart from convection coefficient the 
objective is to understand the flow patterns with respect 
to designing passive solar buildings. The experimental 
setup was made by using two parallel horizontal plates of 
1 m wide, and 1.5 m long. The distance between the 
upper and lower plates could be adjusted up to 19 em. 
Data analysis was made under steady stage conditions 
to develop Nusselt number correlationship. Both 
experimental results and numerical simulation indicated 
that air circulation occurs in a "C" loop mode and flow 
field depended strongly on the intensity of heat flux 
supplied to the lop plate. 

INTRODUCTION 
The study of natural air flow inside a horizontal 

rectangular channel with open ends and upper heated 
plate is beneficial for the designing performance of 
natural air ventilation in buildings. In fact such 
configuration could be an integral part of ceiling design. 
Our team, the Building Scientific Research Center 
(BSRC) is interested in using free convection to reduce 
heat accumulation and energy consumption in buildings 
[1-7]. First, a simple roof design was developed for 
decreasing heat accumulation inside European style 
houses by using double layer technique called the Roof 
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Solar Collector, (RSC) [ 1]. Subsequently we have 
continuously conducted investigation on the Roof Solar 
Collector [2-4,8], Trombe wall [5], Modified Trombe 
wall [6]. 

In this paper our interest is to study the free 
convection in a flat roof or ceiling enclosure composed 
of two plates; the top one being heated while the lower is 
unheated. A recent study [8] conducted for such 
configuration showed that the fluid flows inside the 
system could show very complex patterns due to an 
interaction between heated plate and the other surfaces. 
Experimental investigation on uniform heated upward 
facing horizontal covered by a parallel insulated surface 
was reported in [9] 

NOMENCLATURE 
Ap = Surface area of heated plate, m2 

g = acceleration of gravity, rnfs2 

Gr = GrashofNumber (gPQs S4/Vk) 

he = Convective heat transfer 

coefficient, W/m2 °C 

k = Thermal conductivity of air, W /m.K. 

L = Length of plate, m 

p,p0 = pressure and atmospheric pressure, N/m2 

Q. = Constant heat flux supply, W 
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Ra = Rayleigh Numbe;r (Gr.Pt) 

S = High of air gap, m 

SIL = Aspect ratio of the channel 

T = Absolute temperature, K 

T bm = Mean bulk temperature, oc 

f = air inlet temperature of the channel, °C 
I 

T0 = ambient air temperature of the channel, °C 

Ts = heated plate temperature, °C 

u = horizontal velocity component, m/s 

v = vertical velocity component, m/s 

Greek symbols 

J3 = Volumatric coefficient ofthermal expansion 

ofair (=1/T0 ), 1/K 

J.1 = Dynamic Viscosity of air, kglm.s 

P = Air density, kglm3 

v = Kinematic viscosity of air, m2/s 

a = Thermal diffusivity of air, m2/s 

EXPERIMENTAL EQUIPMENT AND DATA 
CORRELATION 

A schematic view of the experimental set-up is 
shown in figure 1. Its dimensions are as follows: 1 m 
wide, 1. 5 m long with an adjustable air gap up to 0.19 m. 
The heated plate was made by using a CPAC board 12 
mm thick while the unheated plate was made by gypsum 
board 10 mm thick. Both sides ofthe experimental set-up 
were protected by using glass wool insulator installed 
inside a plywood cover box (see figure 1 A). 

Extensive description of the experimental set up 
was reported in [ 1 0]. Thermocouples were installed at 5 

55 em 

95cm 

135cm 

(A) 

sections (Fig.1 B) at different distances from the left 
channel side opening: 10, 43.5, 75, 107.5 and 140 em. 
The heat flux and the electrical power on the upper plate 
were measured by using heat flux, Voltage and Amp 
sensors respectively. The sensors accuracy was ±0.1% 
approximately. 

The air velocity was measured at 4 centered 
points located at 15, 55, 95 and 135 em from the left side 
channel opening. The hot wire anemometer velocity 
range was: 0-2 rnls. The resolution of velocity reading 
was 0.01 m/s with an accuracy of0-1 V output at± 1%. 

The heat transfer coefficient inside the channel 
(he) could be found from: 

(1) 

The mean bulk temperature could be found as follows: 

T.+f 1 
Tbm = ( I out)=- Jo,bm (X)dX (2) 

2 L 
The integral of eq. (2) could be determined using 

appropriate numerical integration method, for more 
details, see ref [ 11]. On the other hand, convective 
heat transfer coefficient (he) could be calculated using 
Nusselt number as follows: 

Nu = (hcS)Ik (3) 

h1 this study, data analysis was made to 
develop a correlation between Nu and Rayleigh number 
Ra using the following form: 

(4) 

The values of C and n could be determined 
using experimental plots between log Nu and log Ra for 
the different power supply and air gap space conditions 
considered with an appropriate regression method. 

(B) 

Figure 1. schematic view ofthe experimental set-up and thermocouple setting 
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SIMULATION OF NATURAL AIR FLOW 
A computer code was developed to simulate the 

natural flow in the channel. The flow was assumed to be 
two-dimensional, steady and laminar. The temperature 
gradient in the flow field gaves rise to density gradient, 
which acted as a driving force for natural convection. 
Boussinesq's approximation was used to simplify the 
buoyancy term. The system was governed by the 
following set of conservation equations of mass, 
momentum, and thermal energy: 

&+~=o ffl 
Ox Oy 

& iJu 1 o(p- Po) o2 
u-+v- +Vv u 

Ox Oy p Ox 
(6) 

u: +v: = ~ o(p;po) +VV2v+gp(T-T0 ) (7) 

oT oT 2 
u-+v-=aV T 

Ox Oy 
(8) 

From the experimental study, with a uniform 
constant heat flux, it was found that apart from the 
openings the gradual increase of temperature of the top 
and bottom plates were not so important. Therefore, in 
the model, we assume uniform temperature at both plates 
for simplicity and zero velocity components. At the 
openings, zero gradients of flow variables except 
temperature are used. For the temperatures of fluid 
coming from ambient region into the channel, they are 
set equal to ambient while the temperatures of fluid 
going out they have satisfy the upwind condition. By 
assuming convection to be predominant, then, the zero 
gradients are used [12]. These are done by checking the 
sign of velocity component in the x direction. If u is 
positive at the left opening, at that point, fluid is coming 
inside. On the other hand, if u is negative, the fluid is 
going outside. A similar manner is used for the right 
opening. 

The computational domain was divided into 
non-overlapping rectangular control volumes as 
suggested by Patankar [13] to avoid wavy pressure and 
velocity fields. All scalar quantities namely pressure, 
temperature, density, etc. were located at the center of 
the control volumes, while the velocity components were 
located at the volume faces. The solution technique for 
solving the governing equations was based upon the 
Marker and Cell (MAC) algorithm [14,15] with an 
upwind differencing scheme for convection terms. 

RESULT AND DISCUSSION 
In this paper three power supply (500, 700 and 

900 W) and two channel aspect ratio (0.093 and 0.127) 
were considered. The corresponding heat flux supplied to 
the channel was 262, 408 and 574 W/m2

. We only varied 
the air gap (14 and 19 em) while the channel length 
remained constant. The data analysis was performed 
when study state conditions were reached. Actually, the 
system took 3.5-4.5 hours to reach it. 
Temoerature distribution 

Average temperature distributions inside the 
channel are shown in figure 2 at three positions near the 

channel openings and at the channel center. Although 
some disparities exist between the right and the left 
sides of the channeL Fig. 2 indicates that experimental 
temperature profiles are quite symmetric around the 
vertical centeral axis of the channel. It could also be 
observed that the variation of the temperature 
difference between heated and unheated plates for all 
power supply varied similarly. Obviously, the 
maximum difference occurred at the channel ends 
whereas the minimum at the center of channel. The 
temperature of the unheated plate increased slightly 
from the ends to the middle. The heated plate 
temperature was practically uniform when heat flux 
increased. 

Even though plate temperatures are 
considered uniform, the simulation results (Fig. 3) 
indicate that the temperature distribution was in the 
same trend as the experimental study. The temperature 
of air inside the channel of all cases was highest at the 
middle of the channel. In addition heat loss and effect 
of the uncontrolled ambient air are also important 
affecting parameters. 

When air gap increased (Fig. 2 right side), 
the temperature of the heated plate and the air channel 
decreased significantly due to the increase of the 
volume of air and associated air circulation inside the 
channel. Simulated temperature profiles clearly 
indicate that the air circulation occurred at both ends, 
the air flows parallel to the unheated heated a distance 
that depends on the buoyancy force. Next it moves 
outward and turns towards the exists. For low heat flux 
(i.e. low upper Plate temperature), a special zone is 
observed near the top comer. That merits further 
investigation. 
Air velocity Profiles 

First, we should remind that air velocity in 
the experimental study was measured at only four 
points which is certainly not enough to make exact 
analysis. But when considering the experimental study 
with the numerical simulation, subjective conclusions 
could be presented. When small heat flux is supplied to 
the channel, figs 4 and 5 show that the air velocity is 
too low inside the channel while near the ends higher 
air velocity is observed. When heat flux is increased 
the air velocity of the "C" loop was more stronger and 
air flows deeper to the middle of the channel. The 
vector velocity profiles indicate that the air circulation 
is in a "C" loop mode as shown in figure 5. When low 
heat flux is supplied i.e, lower temperature of the top 
plate and 14 em air gap, the vector velocity profile 
(fig.5) is low and air is quite "still". Significant 
velocity flows are observed at both ends of the channel 
near the center. 

With the highest heat flux supply and 14 em 
air gap, the "C" loop air circulation inside the channel 
became important at the center of the channel. Such 
observations are very close to those reported in [8] for 
a short channel giving us good satisfaction. The 
increase of air gap space affected air velocity inside the 
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channel. Also the higher was the air gap, the smaller 
the air velocity. 
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Figure 2. Temperature profiles along the channel at difference positions for 

difference power supply at 14 em (left side) and 19 em (right side) 
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(f) 

Figure 3. The simulations of temperature distribution. 
(a-c) gap= 14 em, Tupper= 64, 85 and 90°C, Ttower = 40, 54 and 55°C 
(d-f) gap= 19 em, Tuppec = 64, 85 and 90°C, T1ower = 40, 54 and 55°C 
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Figure 4. Shows Air velocity inside channel of all experimental study at 

14 em (Left side) and 19 em (Right side). 

(a) (d) 

(b) (e) 

(c) (t) 

Figure 5. Velocity vector field of natural flow in a horizontal channel. 
(a-c) gap= 14 em, Tupper= 64, 85 and 90°C, Ttower = 40, 54 and 55°C 
(d-f) gap= 19 em, Tupper= 64, 85 and 90°C, Ttower = 40, 54 and 55°C 

CONCLUSION 
Experimental and numerical simulation on 

free convection in open ended horizontal 
rectangular channel heated from the top with 
uniform heat flux indicated that air circulation 
occurred in a "C" loop mode. It depended closely 
on both air gap and heat flux supplied. The higher 
is the air gap the smaller the velocity. Increasing 
the heat flux supply accelerated the "C" loop air 
circulation inside the channel with a deep flow 
penetration. 
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ABSTRACT 

Free convection from a horizontal cylinder was measured 
for both steady and transient heating under non-laboratory 
conditions. The measured temperatures were used to in­
fer the constants C and n in the correlation N u = C Ran 
and the surface emissivity. An analysis of the experiment 
revealed that the exponent could be estimated with preci­
sion, but not if the emissivity were also to be estimated. 
Transient measurements showed that the temperature his­
tory during cooling, but not during heating, could be rea­
sonably well predicted using steady state empirical correla­
tions. The results reaffirm the observation that published 
empirical correlations should be used only as a guide and 
that care must be taken in determining the consequences of 
inexactness in any system parameters used in the design of 
a thermal system. 

Introduction 

Almost every thermal design involves the estimation of con­
vective heat tranfer. The designer typically does this by 
using correlations of the form N u = C Ren Prm which are 
available in textbooks and standard references [1,2]. These 
correlations are usually based upon data reported by several 
investigators who have conducted laboratory experiments. 
Because of the scatter of the data, such correlations are of­
ten stated as having an accuracy of ±P% where P is often 
in the order of 20. In designing for a general or industrial 
application, such correlations should be regarded only as 
a guide since the conditions in practice rarely match those 
that existed in the experiments. In addition, these correla­
tions are almost always restricted to steady state. 

We are interested in examining a realistic problem and de­
termining how satisfactory such correlations are in estimat­
ing transient and steady state temperatures. We have cho­
sen the problem of the transient heating and cooling of a 
horizontal cylinder under free convection heat transfer. The 
temperature history will be a function of the convective 
and radiative heat transfer. Using the standard correlation, 
N u = C Ran, the temperature history will be a function 
of C, n, and the emissivity €. The experimental protocol 
will be designed to estimate these three parameters. If only 
steady state measurements are made a substantial number 
of tests will be needed to give an accurate estimate. On the 
other hand, if the transient convective flow approximates 
that of steady state, then we should be able to obtain rea­
sonably accurate values. 

The Experiment 

The experiment consisted of measuring the temperature his­
tory of a hollow copper cylinder, 33.5 mm OD, 9.33 mm 
ID and 33.6 em long. Twelve thermocouples were staked 
slightly below the surface and an electrical heater inserted 
into the center. The cylinder was suspended in room air and 
surrounded by a wire mesh, located 30 em horizontally away 
from the cylinder, to dampen any air flow perturbations. 
Local air temperature was measured 6 em horizontally from 
the cylinder axis. The cylinder surface was covered with a 
very thin dense layer of dense soot so that it radiated as a 
black surface. The entire apparatus was in a screen enclosed 
area of a large laboratory whose windows were closed and 
whose ventilation was turned off. While the ambient air 
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was not quiescent, the environment reflected what is likely 
to be found in practice. The heater power and temperatures 
were measured with a data acquisition system at 30 second 
intervals. A statistical analysis of the measurements gave 
the uncertainties and autocorrelation coefficients shown in 
Table 1. 

Table 1 

Measurement u p 
Heater Power 0.05W 0 
Cylinder Temperatures 0.02C 0.1 
Ambient Air Temperatures 0.05C 0.2 

Both the heater power and the cylinder temperatures were 
found to be uncorrelated, in both cross and auto correlation. 
As expected, the room air was slightly autocorrelated, but 
the amount (as indicated by the auto correlation coefficient 
at a lag of 1) wa..c; not so great that it seriously affected the 
statistical analysis of the experiment. 

The test protocol consisted of three transient histories: 
Step Heating 

Power in the amount P1 wa..<> applied and the cylinder al­
lowed to heat until the equilibrium temperature, T1 was 
reached. After equilibrium, the power was increased to P2 • 

A typical heating profile is shown on Figure 1. 

~r-------------------------------, 

g 335 

~ 330 

0 325 

S' 320 0 
f-< 
~ 315 

] 310 
>. u 305 

300 
0 30000 40000 50000 

Time (sec) 

Figure 1: Typical Transient Heating History 

Power off Cooling 

After the cylinder had reached its maximum temperature, 
Tn, the power was turned off and the cvlinder allowed to 
cool to Tn-1, at which point the power. in the amount of 
Pn-1 was applied and the cylinder allowed to come to steady 
state. This process was continued until the cylinder cooled 
to ambient temperature. This procedure produced a fast 
cooling history. 
Power On Cooling 

After the cylinder had reached its maximum temperature, 
Tn, the power was reduced to Pn-1 and the cylinder allowed 

to stabilize at a equilibrium temperature of Tn-1· This 
process was continued until the cylinder cooled to ambient 
temperature. This procedure produced a relatively slow 
cooling history. 

Sensitivity and Variance Estimation 

The purpose of the experiment is not only to estimate the 
parameters, but also to quantify the precision of the esti­
mates by estimating the standard deviation of the parame­
ters. To achieve reasonable precision requires that the ex­
perimental protocol be defined to achieve minimum stan­
dard deviations. 

Let the measured temperature, 1i at time ti be represented 
by 

(1) 

where F(t, C, n, E) is the model of the system and s repre­
sents noise whose covariance matrix is denoted by ~[s]. 
The expected parameter values, C, n, 'fare those values that 
minimize the least squares objective function L 

N 

L = L (Ti- F(ti,C,n,E))
2 (2) 

i=1 

While the variances (standard deviations squared) of the pa­
rameters are proportional to the curvature of the objective 
surface L(C, n, E), for any statistical distribution of noise 
[3), the need for experimental data to determine L and the 
difficulty in determining the curvature makes this approach 
to optimizing the experiment design unworkable. 

Instead let us follow the following procedure. Expand the 
model temperature F(ti, Cl n, E) in a Taylor series about the 
expected values of the parameters, 

- oF -
Ti = F(ti,C,n,"E) + oclc(C- C) 

(3) 
oF oF + -1-n(n- n) + -le-(t:- "f) on Of. 

then finding C, n, € by minimizing Lis equivalent to solving 
the system of equations 

0 = (AT~- 1 A)-1 ATE-1 ( {Ti- F(ti, C, n,€}) (4) 

where (} is the vector of expected values 

e~ (~) (5) 

and A is the matrix of sensitivities given by 
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( 

A11 ,A12,A13 ) ( 
8~d, 8~t>, 8FJ:d ) 

AN1,A~2,AN3 = 8FJ<:>, 8FkN>, 8FJ:N) 
(6) 

and ({Ti- F(ti,C,n,€}) is a vector of measured temper­
atures. Because F is a non-linear function of C, n and e, 
the equations must be, solved iteratively and care must be 
taken to ensure that the initial estimates of the parameters 
are such that the one term Taylor series suffices [4]. 

The standard deviations are given by u[C] = ~. u[n] = 

JS;;, u[f] = ~' where 

(7) 

For example if Eq. 1 is being used to fit a constant, A is 
a Nx1 matrix of ones and u[T] equals u[s]!VN; the usual 
result for the standard deviation of an average. For prob­
lems in which F is a function, it is necessary to determine 
the sensitivities to form A and the standard deviations of 
the parameters are functions of these sensitivities. Figure 
2 shows the sensitivity of the temperature to the three pa­
rameters, C, n, and e when the cylinder is cooling. 
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Figure 2: Sensitivity of the Temperature to the Parameters 
C, n, f. for cooling from 350K to 300K 

The sensitivities for heating differ only in that they do not 
have a maximum, instead they asymptotically approach 
maximum values at steady state. The sensitivity to n is 
much greater than to C and f. at all times for both heating 
and cooling. These sensitivities suggest that, if the correla­
tion N u = C Ran reflects the convective heat transfer, the 
exponent, n, should be estimated with reasonable accuracy. 

Evaluation of 8 requires a knowledge of E[s], the covariance 
of the noise. If the noise is random and uncorrelated., E[s] is 
simply u2 [s] times the identity matrix. Emery [4] has shown 
that autocorrelated noise has a substantial effect on the esti­
mated precision. If the sensitivities are approximately con­
stant, the effect of autocorrelation can be approximated by 
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multiplying the standard deviation of the correlated noise 
by J(l + p)/(1- p) where pis the correlation coefficient. 
In this experiment the noise can be expressed as the sum 
of the measurement noise, sm, the random perturbations of 
the ambient air, BTa, and the heater power, sq, 

aT aT 
s = Bm + aTa LlTa + oQ LlQ (8) 

Using the usual equation for propagation of variances [5] 
then gives 

lfl' lfl' T {lfl' {lfl'}T 
E[s] = E[sm] + {aTa }E[TaJ{aTa} + aQ }E[Q] f)Q 

(9) 
The values of E were found by statistically analyzing the 
different quantities and the correlation coefficients are listed 
in Table 1. Although the sensitivities are not constant, 
assuming that they are equal to the maximum value for all 
times, the approximation given above for an effective noise 
standard deviation will give some idea of the maximal effect 
of the correlation. The result is an effective uncorrelated 
noise standard deviation of u[s] of 0.09C. 

Figure 3 depicts the normalized standard deviations when 
each parameter is sought independently, i.e., the other pa­
rameters are assumed known. It is clear that this exper­
iment is not appropriate for determining neither C nor f. 

using early time data. 
Cooling 

0200,---------------------, 
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Figure 3 Normalized Standard Deviations of the 
Parameters when estimated individually 

Figure 4 displays the corresponding normalized standard 
deviations of the parameters when a) the emissivity is as­
sumed known, the solid lines, and b) when it is to be es­
timated, the dashed lines. Particularly noticeable are the 
high values at early times and the tendency to increase at 
long times. At early times the sensitivities are very small 
and their ratios are quite constant with respect to time. 
The result is a nearly singular ATEA and thus large compo­
nents of 8. As time, and thus the number of measurements 
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increases the sensitivities increase and the standard devia­
tions red~ce, just as they do in evaluating average values. 
When cooling, the cylinder is within approximately 10% of 
the ambient temperature at 3000 seconds and the standard 
deviations shown at this time are the minimum that can be 
achieved for cooling. For heating, information continues to 
be accumulated, but while the sensitivities remain high at 
long times, the matrix becomes more singular and eventu­
ally the standard deviation increase. This simply reflects 
the fact that at steady state it is not possible to separate 
the radiative and convective heat transfer. 

10.0 .--------..-- -.-..---------------., 
I I 1 

8.0 

I I I 
I I I 

\ \ \ 
' ' ' I I I 

I I \ 
I I \ 
\ \ \ 
\ \ \ 

' ' ' E \, '\ ''....... // \ ', c __________ _... 
', n ',, ____________ ,..,..,, 

(/.1 6.0 g: 
'E' 4.0 c 

2.0 
n '' ........... __ _ 

o.o L-=-:l::::::;::::±,;::::t:=::::t:=::t:::=:E:::=:E!~J 
0 2000 4000 6000 1!000 10000 12000 14000 16000 

Time(sec) 

Figure 4: Normalized Standard Deviation of the 
parameters when simultaneously estimated 

dashed line = estimating C, n and t: 

solid line = estimating only C and n 
When the emissivity is to be estimated, none of the pa­
rameters can be estimated with any acceptable precision. 
On the other hand, when the emissivity is known, then the 
precision of n is acceptable, giving achievable normalized 
values of 11[nl/11[s] = 0.1. The figure indicates that data 
taken at early and late times contributes very little to the 
reduction in the standard deviations and attention should 
be focussed on the intermediate times when the sensitivities 
are large and varying. 

Experimental Results 

The first efforts to estimate the parameters were based upon 
minimizing L using NPSOL [6} and Matlab [7} and specif­
ically written Fortran code. The range of results is shown 
in Table 2a. The difficulty is in the nature of the objective 
surface. As illustrated in Figure 5a it is very flat and upon 
close examination is found to have many small irregulari­
ties leading the optimizing programs to get stuck in local 
minima. Because of the inability of the optimizers to find 
the global minima, we resorted to searching over a very fine 
grid in three dimensions, working with two dimensions at a 
time. Even here, the flatness caused difficulties. Of course 
the obvious conclusion is that the experiment is not well 
suited to determining all three parameters, particularly C 
and f. simultaneously as indicated by Figure 4. It was for 

this reason that the cylinder was then coated with soot, 
whose emissivity is approximately 0.95 [8]. 

Table 2a 
Range of Parameters found from minimizing L 

n c f 

Steady state 0.162 2.29 0.0 
0.412 0.06 1.0 

Cooling 0.126 3.98 0.0 
0.227 0.28 1.0 

Heating 0.092 4.32 0.3 
0.132 1.10 1.0 

Figure 5a: Objective Function, L(C, n, f) 
for a specified n=0.25 

We then specified the value of t: and tried to estimate only 
C and n. The situation was no better as indicated by the 
values of Table 2b and the surface shown in Figure 5b where 
it is seen that the surface is equally flat. 

Table 2b 
Range of Parameters found from minimizing L 

with a specified t: = 0.95 

n c 
Steady state 0.412 0.06 

0.233 0.42 
Cooling 0.100 2.31 

0.294 0.18 
Heating 0.091 2.06 

0.116 1.47 

We then tried to solve Eq. 4 simultaneously for C and 
n, but found that convergence was difficult to attain. The 
minimum lies in a trough whose floor is very flat and locally 
irregular. Figure 5c depicts the locus of the trough floor and 
the diamond pattern in the figure reflects the irregularities. 
It should be noted that any pair of n, C in the trough fit 
the measured temperature..'! with almost equal sufficiency, 
leading to an arbitrariness in choosing n. Because boundary 
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layer theory leads to a value of n= 0.25, it is the practice 
to fit data to this exponent. 

Sx!O 

4d0 

3doL 
2x10 

blo 

Figure 5b: Objective FUnction, L(C, n) 
for a specified t:=0.95 

c 
Figure 5c: Locus of the Minimum of the Objective 

FUnction, L,( C, n) for a specified £=0.95 

Steady State Results 

The solution was to specify E = 0.95 and to compute the 
convective heat transfer coefficient during the steady state 
heating periods by solving the discretized energy equation 
in finite difference form. A sequence of values of h, usually 
of the order of 100 values, was averaged. Figure 6 shows the 
computed N usselt numbers compared to two least squares 
fits. Fitting all of the data gives the correlation 

Nu = 0.53 Ra0·
232 

with (6a) 

cr[n] = 0.01 and cr[C] = 0.06 

The standard deviations are in line with the estimation 
shown on Figure 4 with n being more precisely estimated 
thanis C. 

At the 95% confidence limits, n varies from 0.21 to 0.26 
suggesting that it is not unreasonable to fit by requiring 
n=0.25 as developed from the laminar boundary layer solu­
tions. Doing this we obtain 

Nu = 0.44 Ra0
·
25 (6b) 

with cr [C]=0.004 

with a much tighter tolerance on C. A comparison of the 
two fits shown on the figure suggests that the data can be 
reasonably expressed in tenns of the usual correlations 

N u = 0.48Ra0
·
25 

( 
0.387Ra116 

) 
2 

Nu = 0.6 + [1 + (0.559/ Pr)9/16j8/27) 

as suggested in References [1] and [2]. 
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Figure 6: Nu vs Ra for Steady State, t: = 0.95 

Transient Results 

(7a) 

(7b) 

Part of the problem with estimating the parameters from 
the objective surface, aside from the local irregularities, is 
that the heat transfer behaved differently in the cooling and 
heating transient phases. When the heater was first turned 
on or when the power was suddenly increased, there was 
a momentary large increase in the heat transfer coefficient 
and then a gradual diminution to the values associated with 
the steady state Rayleigh number. During the majority of 
the heating period, the convective heat transfer coefficient 
remained substantially higher than that computed from the 
correlation using the instantaneous Rayleigh number. 

When the power was reduced, there was an corresponding 
sudden decrease in the heat transfer coefficient. But then 
during the remainder of the cooling transient, the convec­
tive heat transfer coefficient decreased according to the 1/4 
power law. Finally, as steady state was approached hap­
proached the value given by the correlation. These effects 
are illustrated in Figure 7. The instantaneous changes are 
due to the sudden changes in the buoyancy force near the 
surface. For heating, this resulted in a velocity which in­
creased at a rate faster than that predicted from the steady 
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state relationship between velocity and surface tempera­
ture. While there is a corresponding change when the heater 
power is reduced, the flow appears to behave in a quasi­
steady fashion. 
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Figure 7: Transient History of N u vs Ra 

Conclusions 

This example experiment demonstrates the importance of 
optimal experimental design. In this case, we were able to 
determine in advance that it was not an appropriate ex­
periment to estimate the surface emissivity, and we have 
demonstrated this fact. However, given a known emissiv­
ity, the experiment is quite satisfactory for estimating the 
exponent, n, and the coefficient, C, provided that the anal­
ysis is done at those times specified from an analysis of the 
variance matrix, Eq. 7. 

These results which were obtained in real, not laboratory, 
situations are slightly lower than those from published cor­
relations. We attribute some of the differenes to the stochas­
tic nature of the ambient conditions (temperature variations 
and drafts) and to uncertainties in the radiant losses. It 
should be noted, that other correlations have been recom­
mended, and the bases for the different recommendations 
are rarely provided in the standard sources. For exam­
ple, Reference 2 notes that McAdams recommends C=0.53, 
which is 10% higher than that given in References 1 and 2 
and 25% higher than that recommended by Churchill and 
Chu [lj. 

Finally we note that one rarely has sufficient information for 
real problems. Although natural convection How responds 
reasonably rapidly to changes in the driving force, the use of 
steady state correlations is likely to give rise to substantial 
errors in predicting temperature histories during transient 
heating or cooling. It is intuitively obvious that transient 
and steady state convection arc different, but what choice 
does the designer have? We can only conclude that design­
ers must use empirical information only as guides and must 

fully analyze the consequences of any variability of design 
data on the functioning of the system being designed. 
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Roman 
Matrix of sensitivity coefficients 
Constant in empirical correlation 
Convective heat transfer coefficient 
Predicted temperature 
Objective function 
exponent in empirical correlation 
Number of readings 
N usselt number 
Power of heater 
Prandtl number 
Rayleigh number 
Time 
noise 
Temperature 

Greek and Mathematical Symbols 
Emissivity 
Correlation coefficient 
Standard deviation of x 
Covariance matrix of x 
Parameter vector 
Variance matrix 
Expected value of x 
Vector 
Transpose of vector 

Digitised by the University of Pretoria, Library Services, 2015



HEFAT2002 
1 .. International Conference on Heat Transfer, Fluid Dynamics and Thermodynamics 

8- 10 AprU 1002, Kruger National Park, South Africa 
FMl 

FREE CONVECTION FROST FORMATION ON A COLD PLATE 
IN A VERTICAL CHANNEL 

Marco FOSSA and Giovanni T ANDA 

Dipartimento di Termoenergetica e Condizionamento Ambientale (DITEC) 
Universita degli Studi di Genova 

via all'Opera Pia 15a, 1-16145 Genova, ITALY 
E-mail: mfossa@ditec.unige.it, tanda@ditec.unige.it 

ABSTRACT 
Processes involving heat transfer from a humid air stream 

to a vertical plate with simultaneous deposition of frost are of 
great importance in a variety of refrigeration equipment. In 
this work, frost growth on a vertical plate in free convection 
has been experimentally investigated. The plate, cooled by the 
internal circulation of glycol, was placed in a vertical channel 
open at the top and bottom in · order to permit the natural 
circulation of ambient air. The cold plate temperatures were 
varied in the -13 to -4°C range, while the relative humidity and 
temperature of the ambient air were taken in the 31-85% and 
26-18°C ranges respectively. Frost thickness, surface 
temperature,and deposited mass as well as heat flux to the cold 
plate were recorded as functions of time and experimental data 
were used to identify parameters affecting the frost growth. 

INTRODUCTION 
Frost formation processes are of great importance in 

numerous industrial applications including refrigeration, air­
conditioning, cryogenics, and process industries. In most cases, 
frost formation is undesirable because it contributes to the 
increase in heat transfer resistance and pressure drop. Frost 
formation is a complicated transient phenomenon in which a 
variety of heat and mass transfer mechanisms are 
simultaneously present. Typical frost formation periods have 
been described by Hayashi et al. [ 1]: an initial 1-D crystal 
growth is followed by a frost layer growth period while a so­
called frost layer full-growth period characterises long time 
processes, in which frost surface can reach melting 
temperature. Each growth mode is characterised by special 
values of frost density, which in tum affects the other frost 
parameters (thickness, apparent thermal conductivity). 

Furthermore, as observed in several studies [2-5], the features 
of the heat transfer rate (through the wall-to-air temperature 
difference) and of the mass transfer rate (which also depends 
on air moisture content) affect frost structure and control the 
length of the growth periods. Owing to the complexity of the 
phenomenon, the development of reliable frost formation 
models as well as of correlations to evaluate frost properties is 
a demanding task; experimental data are required to check 
both the assumptions made in the theoretical analyses and the 
predicted results. 

As clearly reported in a few review papers [6-8], frost 
formation during the forced convection of humid air has been 
extensively studied, while, on the other hand, only a limited 
number of investigations deal with mass-heat transfer during 
natural convection on a surface at subfreezing temperatures. 
This aspect was tackled by Kennedy and Goodman ([9], study 
offrost formation on a vertical surface), Tajima et at. ([10], flat 
surface with different orientations), Cremers and Mehra ([3], 
outer side of vertical cylinders), Tokura et at. ([4], vertical 
surface). To the authors' knowledge, no data are available for 
natural convection in channels, despite the practical 
significance of this phenomenon in such devices as evaporative 
heat exchangers for cryogenic liquid gasification. 

The present paper reports the results of an experimental 
investigation of frost formation on a vertical plate inside a 
rectangular channel where ambient air is flowing by natural 
convection. Experiments, conducted for a variety of air relative 
humidity and wall temperature conditions, were aimed at 
identifying the main parameters affecting frost thickness, 
surface temperature and deposited mass as well as the heat flux 
transferred from the humid air flow to the cold plate across the 
frost layer. 
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THE EXPERIMENTS 

The apparatus and instrumentation 
A schematic view of the experimental apparatus is shown 

in Figure 1. The entire apparatus and the instrumentation were 
placed in a large laboratory where relative humidity could be 
regulated over the 30-90 percent range at 27 ±1 °C. The 
channel, made of Plexiglas and rectangular in shape, had a 
section of 20 mm x 360 mm and was 2.4m long: it was open at 
the top and bottom in order to permit natural circulation of 
ambient air. The test section, located at 1.3m from the channel 
top section and at l.Om from the bottom section, consisted of a 
95 mm long, 282 mm wide, cold plate and three Plexiglas 
walls forming a channel as deep and as wide as the entrance 
and exit channels. The plate was made of copper and cooled by 
an internally circulating glycol solution coming from a 
thermostatic bath. The plate was framed inside a Plexiglas wall 
and separated from it by 10 mm-thick polystyrene strips to 
minimise the thermal conduction at the plate boundaries and 
thus prevent dew and frost formation on surfaces other than the 
test surface. 

The surface temperature of the copper plate was measured 
by five pre-calibrated thermocouples, fitted inside small holes 
drilled into the wall material positioned as close as possible to 
the exposed surface. Two of them were able to move inside the 
frost layer driven by micrometers. The relative humidity of the 
convective air flow was measured by capacitance hygrometers, 
carefully calibrated in the 10-95 percent range and positioned 
at the inlet and outlet of the test section. Numerous fine-gauge 
thermocouples were employed to evaluate the temperature of 
the air flow at the test section inlet and outlet. Additional 
thermocouples were located in the Plexiglas . wall opposite to 
the cold plate (to allow the evaluation of the thermal radiation 
exchange) and in the material surrounding the cold plate (to 
allow the checking of thermal conduction to the plate from the 
surrounding). An infrared thermocouple was used to measure 
the average frost layer surface temperature with an estimated 
uncertainty of 0.4°C. The heat flux entering the cold plate was 
measured by three pre-calibrated heat flux sensors flush­
mounted on the test surface at different positions (A, B, C) as 
shown in Fig.l. 

The thickness of the frost layer was continuously monitored 
at the three locations A, B, C corresponding to the positions of 
the heat flux sensors. The employed sensors were mounted on 
micrometers to allow careful checking of their position when 
they were moved from the Plexiglas wall facing the cold plate 
towards the frost surface. 

Two alternative types of sensors were used: impedance 
sensors and nylon sensors. The impedance probes were made 
by eliminating the junction in a shielded thermocouple in order 
to obtain a pair of closely spaced electrodes (at a distance of 
about 0.3 mm). A DC low voltage, applied to the thermocouple 

Cold surface 
17mm 

Refrigeration unit 

Multiplexer& 
onulllmeter 

Figure 1: Schematic layout of the vertical channel and cold 
plate. 

wires, gave rise to light current circulation when the probe tip 
was in contact with the frost layer. This kind of measurement 
was particularly suitable in the presence of a rather compact 
frost layer, while, in the presence of a fragile frost layer 
structure, a nylon tip probe was employed to prevent frost 
melting, and the contact with the frost surface was visually 
observed. The estimated uncertainty of the frost layer thickness 
was 0.1 mm, regardless of the type of probe employed. 

The heat transfer coefficient h at the frost-to-air interface is 
given by 

(1) 

where k is the thermal conductivity of air evaluated at the frost 
surface temperature, (T r T a) is the frost surface to ambient air 
temperature difference and (dT!dn)r is the thermal gradient of 
air, in the direction normal to the plate, evaluated at the 
frost/air interface and obtained by the schlieren technique, as 
described by Tanda [11]. A typical schlieren image is reported 
in Fig.2: the thin dark line in the optical field is the shadow of 
a strip filter placed on the focal plane of the schlieren head. 
Moving the strip filter on the focal plane of the schlieren 
head allows the light angular deflections (i.e. th~ thermal 
gradients of air) to be detected The heat transfer coefficient 
h, spanwise averaged along the long side of the plate, was 
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Figure 2: A typical schlieren image of the test section. The 
thin dark line between the cold plate (on the left) and the 

shrouding adiabatic wall (right) represents the loci of points at 
equal thermal gradient. 

evaluated, at regular time intervals, at different spots along the 
vertical co-ordinate x. The uncertainty (at 95 percent 
confidence level) in the h measured values was in the 8-20 
percent range. 

Finally, additional runs were performed at reduced time 
intervals to measure the frost mass deposited on the test plate; 
at the end of each test the frost was scraped off the plate and 
weighed by a precision balance. 

The operating procedure 
Each experiment was conducted with constant values of 

ambient air temperature and relative humidity and for a given 
value of the cold plate surface temperature. Namely, the 
temperature of the ambient air was set at 26-28°C, with 
relative humidity varying in the 31 to 85 percent range. The 
surface temperature of the cold plate was varied in the -13 to 
-4°C range, with variations in time and along the surface 
confined within ±0.3 °C. 

Before test plate cooling, the surface was covere<l with a 
thin polyethylene film so that water vapour could not condense 
on the test plate before the starting: of tilt test. After the 
prescribed temperature of the plate was reached, the test was 
started by taking off the film. The standard duration of each 
test was 7.5 hours; the monitored quantities (air, plate and 
frost temperatures, heat fluxes entering the cold plate, frost 
thickness, and local heat transfer coefficients) were measured 
at regular time intervals (typically 45 min) after the test 
inception. When the test was completed, additional 
measurements of frost thickness were made by using the two 
shielded, 0.5mm-dia thermocouples travelling through the cold 

plate and connected to a micrometer. These were also used to 
check frost temperature as measured by the infra-red 
thermometer. 

RESULTS AND DISCUSSION 
As previously described, the input parameters of the study 

were ambient air temperature and relative humidity, and the 
surface temperature of the cold plate. The natural convective 
airflow was driven inside the channel by the air-to-frost surface 
temperature difference. Owing to the long development section 
of the channel, the airflow at the test section inlet was expected 
to be fully developed and within the laminar regime (typically 
the Reynolds number based on the hydraulic diameter of the 
channel ranged from 250 to 500). 

First, attention is focused on the measured thickness of the 
frost layer. As found in previous works [3, 4, 12, 13], the 
thickness of the growing frost layer is generally only slightly 
affected by location. Therefore, results shown in Fig.3 are 
based on mean frost thickness (estimated as the average of the 
three independent measurements performed at the three 
different spots A, B, C) as a function of time, at two different 
values of the relative humidity (31 and 70 percent) and three 
values of the cold plate temperature (in the range from -13 to 
-4°C). Different symbols refer to the experimental results, 
while lines refer to the predictions obtained by the theoretical 
model. Generally speaking, largest frost thickness values are 
achieved at the highest relative humidities and largest air-to­
plate temperature differences. However, when relative 
humidity is higher than about 50 percent, it only slightly 
affects the frost layer thickness, as emerges from the inspection 
of Fig.4, where frost thickness versus time is reported for 
different humidity values at a given wall-to-air temperature 
difference. 

In Figure 5 frost thickness is reported against the frost 
growth parameter introduced by Schneider [12] and given by 
the product of time t and the frost surface-to-wall temperature 
difference (T 1 T w). Measured data are in good agreement with 
the following relationship: 

S = 0.20 [t (T r Tw)t40 (2) 

where Sis expressed in mm and tin min. Eq.(2) was obtained 
by Cremers and Mehra [3] for free-convection frost formation 
on vertical cylinders, including data in the 65-94 percent 
humidity range, with values of the frost growth parameter 
higher than 1000. Seemingly, the correlation also applies to 
lower humidities (up to 31% ). When the frost growth 
parameter is lower than I 000, a large spread of data occurs and 
the frost growth law probably depends also on the relative 
humidity. It is worth noting that in these conditions frost 
growth is not uniform and the uncertainty in the average 
thickness measurement (here given by the arithmetic mean of 
only three independent local measurements) can be very high. 
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Figure 3: Average thickness of the frost layer versus time. 
Relative humidity: (a) 31 percent, (b) 70 percent. 
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Figure 5: Average frost thickness versus the frost growth 
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Figure 6: Surface temperature of frost versus time at different 
values of relative humidity Rh and cold plate temperature T w· 

Figure 6 shows the measured values of the mean frost 
surface temperature versus time, for three different values of 
relative humidity (in the 31-85 percent range) and three values 
of the cold plate temperature (in the -13 to -4°C range). It is 
apparent from the figure that, when humidity is relatively high, 
frost surface temperature approaches a value close to the triple­
point value in a rather short time (one or two hours). 
Conversely, for the lowest value of relative humidity, frost 
surface temperature and thickness increase very slowly with 
time; moreover, visual observation revealed irregular frost 
growth over the cooled plate (as typically occurs in the "one­
dimensional growth period"). 
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The dimensionless local heat transfer coefficient (Nux= 
hxlk, x being the downward vertical co-ordinate and k the air 
thermal conductivity), measured by means of the schlieren 
technique, is reported in Fig.7 against the local Grashof 
number (Grx=~g(Ta-Tr)x3/v2 , g being the gravitational 
acceleration and ~ and v the coefficient of thermal expansion 
and the kinematic viscosity of air, respectively). Experimental 
results, obtained at different vertical spots with and without 
frost, are denoted by symbols. They are in satisfactory 
agreement with the theoretical results obtained by Ostrach (14] 
for a vertical isothermal plate with air as the convective fluid. 
It is inferred that the presence of either the wall facing the cold 
plate or the long development and exit sections does not 
significantly affect the heat transfer behaviour of the vertical 
plate for the range of air-to-wall temperature differences and 
for the values of the geometric parameters (channel height and 
depth, cold plate height) considered. 
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Figure 7: Local Nusselt number versus Grashof number. 
Symbols: experimental values, line: correlation by Ostrach [14] 

for a vertical, unbounded, isothermal plate. 

The measured mass of frost (per unit of surface area) 
deposited onto the cold surface is plotted in Figure 8 for 
different values of the cold wall temperature and air relative 
humidity. As shown in the figure, the total mass of frost 
deposited increases linearly with time and is markedly affected 
by relative humidity. Conversely, the cold plate temperature 
exerts only minor influence on the frost mass, especially for 
medium-high values of air humidity. 

Attention is now focused on the heat flux at the cold 
plate/frost interface. Data reported in Figure 9 (a-c) refer to 
measurements at the plate midheight (corresponding to the 
heat flux sensor at location B). In general, the local heat flux to 
the cold plate during frost formation is markedly reduced for 
the lowest values of the cold wall temperature; conversely, 
slight heat transfer reductions only (or even heat transfer 
enhancements) were observed for Tw= -4°C. This can be 
ascribed to the fact that at the highest plate temperature the 
frost layer is very thin (causing only slight additional thermal 
resistance) and not regular in surface (thus increasing the 

effective heat transfer area on the air side). The total heat flux 
was found to be higher at the highest relative humidities (at the 
same cold plate temperature), owing to the increased rate of 
latent heat transfer, driven by the higher air-to-frost vapour 
concentration difference. Moreover, as found for frost surface 
temperature and frost mass, the role played by the cold plate 
temperature is strongly reduced as relative humidity is 
increased. In particular, at Rh=70%, heat flux distributions 
reach a common value after a short transient. Alternate frost 
densification and thickening are responsible for the oscillations 
shown by heat flux distributions far from the frost growth 
inception. 
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Figure 8: Mass of deposited frost (per unit surface area) versus 
time for different values of relative humidity Rh and cold plate 

temperature T w· 

CONCLUSIONS 
Heat and mass transfer during the formation of a frost layer 

on a cold surface (placed inside a long vertical channel) was 
experimentally investigated. Experiments were conducted by 
varying the temperature of the cold plate between -13 and -4 oc 
and relative humidity of ambient air from 31 to 85 percent. 
Frost layer thickness was found to vary with a parameter given 
by the product of time and frost surface-to-air temperature 
difference, in agreement with previous literature works. 
Relative humidity was found to markedly affect the deposited 
mass, the surface temperature and the thickness of frost in the 
range from 31 to about 50 percent. For higher values, the effect 
of relative humidity on frost thickness is strongly reduced and 
the frost surface temperature after a short transient attains a 
value close to melting temperature. The heat flux transferred to 
the cold plate, measured at the plate midheight, turned out to 
decrease with time owing to frost growth especially at the 
lowest cold plate temperatures ( -l3/-l2°C). Slight reductions -
or even enhancement - in heat flux occurred at the highest cold 
plate temperature (-4°C). 
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Figure 9: Heat flux transferred to the cold plate at midheight 
versus time. Relative humidity: (a) 31 percent, (b) 52 percent, 

(c) 70 percent. 
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PARTIALLY HEATED WALL SECTION COVERED BY A BLIND-LIKE 
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Department of Mechanical Engineering 

Queen's University, Kingston, Ontario, Canada K7L 3N6, email: oosthuiz@me.queensu.ca 

ABSTRACT 
The natural convective heat transfer rate across a 

square enclosure with one vertical wall partially heated to 
a uniform high temperature and with the opposite verti­
cal wall cooled to a lower uniform temperature has been 
numerically investigated. The remaining wall sections are 
adiabatic. The heated wall section is covered at the top and 
in the front by thin straight walls that offer no resistance to 
heat transfer. There is a uniform rate of heat generation in 
the portion of the covering wall that is parallel to the heated 
wall section. The flow in the enclosure has been assumed 
to be laminar and two-dimensional. Fluid properties have 
been assumed constant except for the density change with 
temperature that gives rise to the buoyancy forces, this be­
ing treated by means of the Boussinesq type approximation. 
The governing equations have been written in dimensionless 
form, the size of the enclosure being used as the characteris­
tic length scale and the overall temperature difference being 
used as the characteristic temperature. The dimensionless 
equations have been solved using a finite-element method. 
The solution has the Rayleigh number, the Prandtl num­
ber, the dimensionless distance of the barrier from the hot 
vertical surface, the dimensionless rate of heat generation 
in the barrier and the dimensionless size of the heated wall 
section as parameters. Because of the possible applications 
that motivated the study, results have only been obtained 
for a Prandtl number of 0.7. The effect of the other di­
mensionless variables on the heat transfer rate across the 
enclosure has then been numerically determined. 

NOMENCLATURE 
H' B height of heated side wall section 
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HB H'B/W' 
k thermal conductivity 
Nuc Nusselt number for cold surface based on W' and on 

T'H -T'c 
Nuh Nusselt number for hot surface based on H' and on 

T'H -T'c 
Nuhmin minimum hot surface Nusselt number 
Pr Prandtl number 
Q' 8 heat transfer rate per unit length in blind 
Q B dimensionless heat transfer rate per unit length in 

blind 
ifc mean heat transfer rate per unit area from cold surface 
(/ h mean heat transfer rate per unit area from hot surface 
Ra Rayleigh number based on W' and on T' H - T' c 
T' temperature 
T dimensionless temperature 
T' c temperature of cold vertical surface 
T' h temperature of hot vertical surface 
u' velocity component in x' direction 
u dimensionless velocity component in x direction 
v' velocity component in y' direction 
v dimensionless velocity component in y direction 
W' width and height of enclosure 
w' B gap between heated section and vertical covering 
WB W1B/W' 
x' horizontal coordinate 
x dimensionless horizontal coordinate 
y' vertical coordinate 
y dimensionless vertical coordinate 
a thermal diffusivity 
v kinematic viscosity 
'1/J' stream function 
'1/J dimensionless stream function 
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w' vorticity 
w dimensionless vorticity 

INTRODUCTION 
The natural convective heat transfer rate across a 

square enclosure with one vertical wall partially heated to 
a uniform high temperature and with the opposite verti­
cal wall cooled to a lower uniform temperature has been 
numerically investigated. The remaining wall sections are 
adiabatic. The heated wall section is covered at the top and 
in the front by thin straight walls that offer no resistance 
to heat transfer. There is a uniform rate of heat generation 
in the portion of the covering wall that is parallel to the 
heated wall section. The flow situation considered is there­
fore as shown schematically in Fig. 1. The covering over the 
heated section is indicated by bgh in this figure and there 
is a uniform rate of heat generation in gh. 

d 

Heated Wall a 
Section 

W' 

Enclosure 

W' 

f 

FIGURE 1: FLOW SITUATION CONSIDERED. 

The present work was undertaken as part of a wider 
study of the effect of window coverings on the heat transfer 
rate from windows, particularly for the case where the win­
dow is hotter than the room air, i.e. where air-conditioning 
is being used, the situation here considered being an ap­
proximate model of a window covered by a plane blind. 
In such situations there is often effectively heat generation 
in the blind as a result of the absorbtion of solar energy. 
The situation considered in the present study does not, of 
course, directly model the real situation. The results ob­
tained here will however give an indication of the effect of 
window-to-blind gap and of the effect of solar radiation on 
the heat transfer rate from a window and thus act as a guide 
to studies of heat transfer from actual windows. 

As already mentioned, the present work was undertaken 
as part of a wider study of the effect of window coverings on 
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the heat transfer rate from windows, see for example Machin 
et al. (1998), Phillips et al. (1998), Machin et al. (1997), 
and Rheault and Bilgen (1990), particularly for the case 
where the window is hotter than the room air, i.e. where 
air-conditioning is being used. These studies and that de­
scribed by Ye et al. (1999) have concentrated on venetian 
blinds. The situation considered in the present study is an 
initial step in the development of a simplified model of tht 
effect of a plane solar-irradiated blind on the heat trans­
fer from a window. The effect of the distance of a partial 
partition in an enclosure from the heated wall has been con­
sidered by Oosthuizen (1999a) and Ghosh et al. (1992) and 
these results have some similarity to those obtained here. 
More general studies of natural convection in enclosures 
with various forms of partition are described by Kirkpatrick 
et al. (1987), Zimmerman and Acharya (1987), Shaw et al. 
(1987), Chao et al. (1989), Olson et al. (1990), Kelkar­
Kanchan and Patankar(1990), Karayiannis et al. {1992), 
and Hanjalic et al. (1996). A study of the situation being 
considered here but without the heat generation on the cov­
ering wall is described by Oosthuizen (1999a). The present 
study, as is the case in most of the previous studies men­
tioned above, considers only the convective heat transfer. 
In window heat transfer situations the radiant heat transfer 
can be very important and can interact with the convective 
flow, e.g. see Jayaram et al. {1997). 

GOVERNING EQUATIONS AND SOLUTION 
PROCEDURE 

The flow has been assumed to be laminar and two­
dimensional. Fluid properties have been assumed constant 
except for the density change with temperature that gives 
rise to the buoyancy forces, this being treated by means of 
the Boussinesq type approximation. The solution has been 
obtained in terms of the stream function, '1/J', and vorticity, 
w', defined, as usual, by: 

u' = 8'1/J' 
8y' 

I 8'1/J' 
v =-

8x' 
I 8V1 au' 

w = --- (1) 
8x' 8y' 

where x' is the coordinate in the horizontal direction and 
y' is the coordinate in the vertical direction. The prime ( I 
) denotes a dimensional quantity. 

The following dimensionless variables have then been 
defined: 

'ljJ = '1/J'/o., w = w'W'2 fo., x = x'JW', 

y = y' /W' ' T = (T' - T' c) I (T' H - T' c) (2) 
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where T' is the temperature, TH' is the temperature of the 
hot wall, AB, and Tc' is the temperature of the cold wall, 
gh. 

In terms of these dimensionless variables, the governing 
equations are: 

(3) 

8'1/J 8w _ 8'1/J 8w _ Pr (8
2
w + 82

w) = Ra 8T (4) 
8y 8x 8x 8y 8x2 8y2 8x 

8'1/J 8T _ 8'1/J 8T _ (82T + 82T) = O (S) 
8y 8x ox 8y 8x2 8y2 

Here Ra is the Rayleigh number based on, W', i.e.: 

{Jg(T' H- T' c)W'3 
Ra = _....;..._ ___ __;, __ 

va 
(6) 

Considering the surfaces indicated in Fig.1, the bound­
ary conditions on the solution are, basically, that the di­
mensionless stream function is constant on abcdefa and on 
bgh, that the dimensionless temperature has a value of 1 on 
be and a value of 0 on ef, that the gradient of dimensionless 
temperature normal to ab, cd, de and fa is zero and that 
the gradient of dimensionless temperature normal to cg is 
equal on the two sides at any point on the barrier. and that 
the difference between the dimensionless heat flux on the 
two sides of gh is equal to Q B which is defined by: 

(7) 

The dimensionless equations have been solved using a 
finite-element method. The solution for the temperature 
distribution allows the local heat transfer rate distributions 
over the hot and cold surfaces to be determined. The local 
heat transfer rate distribution can then be integrated to give 
the mean heat transfer rates for these surfaces. The mean 
heat transfer rate has been expressed in terms of a mean 
Nusselt number, Nu, based on the height of the surface 
considered, i.e., H' h for the hot surface and W' for the cold 
surface, and on the overall temperature difference TH'-Tc', 
i.e. the following are defined: 

(8) 
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(j W' 
N Uc = -::-:-=--'c::...._------,-

k(T'H- T'c) 
(9) 

If there is no heat generation in the covering surface, i.e., if 
Qb is zero, Nuh =Nuc. When there is heat generation in 
the covering surface: 

(10) 

RESULTS 
The solution has the following parameters: 

the Rayleigh number, Ra 
the Prandtl number, Pr 
the dimensionless distance of the barrier (blind) from 
the hot vertical surface, w B 

the dimensionless rate of heat generation in the barrier 
(blind), QB 

the dimensionless size of the heated wall section, H B 

Because of the possible applications that motivated the 
study, results have only been obtained for a Prandtl number 
of 0.7. The effect of the other dimensionless variables, i.e. 
Ra, Q B, w B and H B on N u, on the solution has then been 
numerically determined. The effects of QB and WB on Nu 
have in particular been studied. 

Figure 2 shows a typical variations of N u with w B for 
fixed values of Ra and H B for various values of Q B. It will 
be seen that in all cases for small values of WB, the Nusselt 
number decreases as WB is increased. This is because for 
small values of w B there is no significant convective motion 
in the fluid layer between the wall and the cover and the 
heat transfer from the heated wall section to the cover is 
essentially by conduction. Therefore as w B increases in this 
range of w B values the heat transfer resistance associated 
with the fluid layer between the wall increases leading to 
the observed reduction in the heat transfer rate. However, 
as WB is further increased, a point is eventually reached at 
which w B is large enough for convective motion to develop 
in the space between the heated wall section and the cover 
and as a result the Nusselt number passes through a mini­
mum and then increases somewhat with further increase in 
B. The changes in flow pattern are illustrated by the typ­
ical streamline and isotherm patterns shown in Figs.3 and 
4. 

It will also be seen from Fig. 2 that the presence of heat 
generation in the covering surface decreases the tempera­
ture difference between the heat surface and the covering 
surface leading to a decrease in N uh with increasing Qb for 
a particular value of w B. However, because: 

(11) 
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FIGURE 2: VARJATION OF Nuh WITH WB FOR Ra 
= 106 AND H = 0.5 FOR VARJOUS VAL­
UES OF QB. 

N Uc increases with increasing Q B. The effect of Q B on 
the minimum value of N uh for the conditions considered in 
Fig. 2 is shown in Fig. 5. For large values of Q B the blind 
temperature will exceed the hot wall temperature and the 
heat transfer rate at the hot surface can become negative, 
i.e., there can be a heat flow into the hot wall. This is 
illustrated by the results given in Fig. 6 which shows the 
variation of N uh with Q B for fixed values of w B, Ra and 
Hs. 

The results given in Fig. 2 were for Ra = 106 and H B 

= 0.5. The effect of changes in these parameters on the 
variation of N uh with w B are illustrated by comparing the 
results shown in Figs. 7 and 8 with those given previously. 

CONCLUSIONS 
The results indicate that there is a specific value of the 

dimensionless side enclosure width, w B, that for particular 
values of Ra gives a minimum heat transfer rate. The min­
imum arises as the result of the development of convective 
motion between the covering and the heated surface as w B 

increases. The effect of Ra on the value of ws that gives 
a minimum N u and on the minimum value of N u has been 
determined. 
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FIGURE 3: STREAMLINE PATTERNS FOR Ra = 
106 , HB = 0.5 AND Qb = 5 FOR WB 

EQUAL TO 0.04 (TOP) and 0.18 (BOT­
TOM). 
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ABSTRACT 
In order to assess, in a very basic way, the possibility 

of using high conductivity porous inserts to enhance heat 
transfer rates in natural convective flows, a numerical 
study of natural convective heat transfer across a square 
enclosure with part of one vertical wall heated to a uniform 
high temperature and with the opposite vertical wall cooled 
to a uniform lower temperature and with the remaining 
wall sections adiabatic has been undertaken. There is 
a rectangular porous layer adjacent to the vertical wall 
containing the hot surface, this layer, in general, filling part 
of the enclosure and with the remainder of the enclosure 
being filled with pure fluid. The porous layer is assumed 
to be saturated with this fluid. The flow has been assumed 
to be laminar and two-dimensional. Fluid properties have 
been assumed constant except for the density change with 
temperature that gives rise to the buoyancy forces, this 
being treated by means of the Boussinesq type approx­
imation. The flow in the porous layer has been treated 
using the Darcy model. The governing equations have 
been written in terms of dimensionless variables and the 
resultant dimensionless equations have been solved using 
a well-tested finite-difference method. Solutions have 
been obtained for a Prandtl number of 0.7. The results 
show that the presence of the porous layer leads to an 
enhancement of the heat transfer rate in some situations. 

NOMENCLATURE 
c specific heat 
Da Darcy number 
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H' h Height of heated surface 
Hh Dimensionless height of heated surface 
K permeability of porous medium 
k thermal conductivity 
kR conductivity ratio 
Nu Nusselt number based on W' 
Numax maximum Nusselt number 
Pr Prandtl number 
qw cold wall mean heat transfer rate 
Ra Rayleigh number based on W' 
T' temperature 
T' c temperature of cold vertical surface 
T' H temperature of hot vertical surface 
T dimensionless temperature 
u' velocity component in x' direction 
v' velocity component in y' direction 
W' width and height of enclosure 
w' P width of porous layer 
Wp dimensionless width of porous layer 
x' horizontal coordinate 
x dimensionless horizontal coordinate 
y' vertical coordinate 
y dimensionless vertical coordinate 
a thermal diffusivity 
v kinematic viscosity 
p density 
'1/J' stream function 
'1/J dimensionless stream function 
w' vorticity 
w dimensionless vorticity 

Subscripts 
f fluid 
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p porous layer 

INTRODUCTION 

The use of porous inserts with a relatively high ther­
mal conductivity to enhance the heat transfer rate from 
surfaces when there is a forced convective flow has been 
quite extensively discussed, e.g. see Bhattacharya and Ma­
hajan (2000). When the heat transfer is by natural convec­
tion, such porous inserts are often rejected because the high 
pressure loss associated with the porous insert can lead to 
a decrease in the flow rate over the surface with the result 
that there is little enhancement of the heat transfer rate. 
However, if the thermal conductivity of the porous insert 
is high and the flow resistance of the insert relatively low 
this may not be true, i.e., there may be an enhancement of 
the heat transfer in natural convective flow. In order to as­
sess this possibility in a very basic way, a numerical study 
of natural convective heat transfer across a square enclo­
sure with part of one vertical wall heated to a uniform high 
temperature and with the opposite vertical wall cooled to 
a uniform lower temperature and with the remaining wall 
sections adiabatic has been undertaken. The heated wall 
section is centrally placed on the vertical wall. There is a 
rectangular porous layer adjacent to the hot vertical wall 
this layer, in general, filling part of the enclosure and with 
the remainder of the enclosure being filled with pure fluid. 
The flow situation being considered is thus as shown in Fig. 
1. The porous layer is assumed to be saturated with this 
fluid. 

Porous 
Layer 

Hb' Tc' W' 

Fluid 

W' 

FIGURE 1: FLOW SITUATION CONSIDERED. 

709 

There have been a number of previous studies of nat­
ural convective heat transfer across enclosures partly filled 
with a porous layer or with multiple porous layers, e.g, see 
Poulikakos and Bejan (1983) Beckerman et al. (1986), Nay. 
lor and Oosthuizen (1.994, 1995, 1996a, 1996b) Oosthuizen 
(1987, 1995) Oosthmzen_ and Paul (1987, 1993, 1996a 
1996b) Song and Viskanta (1991) and Tong and Subrama~ 
niam (1986). Most of these studies have however been con­
sidered situations that arise in the application of insulating 
materials and do not give results that indicate the effective­
ness of porous layers in enhancing heat transfer rates. Pre­
liminary results for the situation here being considered but 
with the vertical wall fully heated are described by Oost­
huizen (2001) 

GOVERNING EQUATIONS AND SOLUTION 
PROCEDURE 

The flow has been assumed to be laminar and two­
dimensional. Fluid properties have been assumed constant 
except for the density change with temperature that gives 
rise to the buoyancy forces, this being treated by means 
of the Boussinesq type approximation. The porous layer is 
assumed to be saturated. The solution has been obtained 
in terms of the stream function, '1/J', and vorticity, w', these 
being defined as usual by: 

u' = aa,p' ' v' = - a,p' w' = av' - au' 
y' . ax' ' ax' ay' 

The following dimensionless variables have then been 
defined: 

'1/J = '1/J'/at, w = w'W'2 ja1 , x = x"/W', 

y=y'/W' ,T=(T'-T'c)/(T'H-T'c) (1) 

where x' is the coordinate in the horizontal direction, y' is 
the coordinate in the vertical direction, T' is the tempera­
ture, TH' is the temperature of the hot wall section and Tc' 
is the temperature of the cold wall. The prime (t ) denote~: 
a dimensional quantity. 

In terms of these dimensionless variables, the govern~ 
equations in the fluid region are: 

(2) 
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(4) 

Here Ra is the Rayleigh number based on, W', i.e.: 

(5) 

and Pr is the fluid Prandtl number vJ!a1. 
The flow in the porous layer has been treated using 

the Darcy model except that the viscous shear stress has 
been retained in the governing equations, i.e., the Brinkman 
extension of the Darcy model has been used. The governing 
equations in the porous layer are therefore assumed to be: 

(
a'l/J &T _ a'l/; &T) _ (kp) (a

2T + a2T) _ 0 (S) 
ay ax ax ay kt 8x2 8y2 -

Here kp is the effective thermal conductivity of the saturated 
porous medium and Da is the Darcy number K jW'2

. 

The boundary conditions on the solution are that:(i)On 
all walls: '1/J = 0, 8'l/;j8n = 0; (ii) At x = 0 on hot wall 
section: T = 1; (iii) At x = 1: T = 0; (iv) On remaining 
wall sections: &T jan = 0 where n is measured normal to 
wall section .being considered. Across the interface between 
the liquid and the porous layers the velocity components, 
the pressure, the shear stress, the temperature and the heat 
flux are assumed to be continuous. 

The dimensionless equations have been solved using a 
well-tested finite-difference method. The solutions for the 
porous and fluid layers were obtained simultaneously us­
ing the matching conditions across the interface between 
the porous and fluid layers, nodal points being selected 
to lie on this interface. Extensive grid independence and 
convergence-criteria independence testing was undertaken 
and this indicates that the results given here are grid and 
convergence-criteria independent to better than one per 
cent. 

The solution for the temperature distribution allows 
the local heat transfer rate distributions over the hot and 
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cold surfaces to be determined. The local heat transfer rate 
distribution can then be integrated to give the mean heat 
transfer rates for these surfaces. The mean heat transfer 
rate has been expressed in terms of a mean Nusselt num­
ber, Nu, based on W', the overall temperature difference 
TH' - Tc' and the thermal conductivity of the fluid, i.e.,: 

(9) 

Here Qw is the mean heat transfer rate for the cold wall and 
kt is the thermal conductivity of the fluid. 

RESULTS 
The solution has the Rayleigh number, Ra, the Darcy 

number, Da, the Prandtl number, Pr, the dimensionless 
thickness of the porous layer, wp, the dimensionless height 
of the heated surface, Hh, the conductivity ration, kR = 
kpfkt, and the viscosity ratio, vpjv1 as parameters. Results 
have been obtained here assuming that vpfvt =1 and Pr = 
0.7. This leaves Ra, Da and kp/kt as parameters. Results 
are presented here for Ra values between 105 and 106 , Da 
values between 10-3 and 10-5 , and kR values between 1 and 
10. In fact, both Da and kR are dependent on the porosity 
of the porous medium. Relatively conservative values of kR 
have been used here because only the potential for the use 
of porous layers to enhance natural convective heat transfer 
rates is being investigated. 

Figure 2 shows the variation of N u with Wp for various 
values of Hh for a Rayleigh number of 106 , a Darcy numbers 
of 10-3 and kR =10 while Figs 3 and 4 show the variations 
of Nu with Wp for two values of kR for a Rayleigh number of 
106 , a Darcy numbers of 10-3 and for Hh values of 0.5 and 
1 respectively. With Hh =1, the hot wall is fully heated, 
It will be seen that for the two value of kR considered, the 
Nusselt number tends to increase with increasing Wp at the 
lower values of Wp a~d then to pass through a maximum 
and decrease with further increase in Wp until Wp is close 
to 1 when the Nusselt number again increases towards its 
porous enclosure value (the value at Wp = 1). The Nus­
selt number thus tends to have a maximum for values of wp 
between roughly 0.1 and 0.4, this maximum value however 
being lower than the porous enclosure value. This max­
imum for relatively small values of wp is of importance in 
heat transfer enhancement because it is often not feasible to 
consider filling the entire enclosure with a porous medium. 
The maximum at relatively low values of Wp arises basically 
because while the presence of the porous layer decreases 
the temperature gradient at the wall, for small porous layer 
thicknesses the effect of this on the heat transfer rate is 
more than compensated for by the higher thermal conduc­
tivity of the material near the wall and the addition of the 
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into account the influences of individual draw-offs (user 
behaviour), temperature setting and climatic conditions. 

Figure 5: Real Standing Power Losses of a 
Low Tariff Storage Heater (power on 22 ... 6h) 

Figure 6: Real Standing Power Losses of a 
High Tariff Storage Heater (power on 0 . .. 24h) 

Figure 5 shows the time schedule of draw-offs and its 
influence on the losses for a low tariff LT storage heater. For 
storage tanks applying the low tariff the input power is switched 
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off during day time. They are usually switched on by ripple 
control signals for a period of only 4 to 8 hours per day between 
10 p.m and 6 a.m. Therefore, the power losses decrease during 
draw-offs and increase only in the heat up period during the 

night. 
Figure 6 shows the same time schedule in case of a high 

tariff (HT) storage heater. Input power is permanently available, 
thus, the storage tank can be reheated immediately depending 
on the position of the thermo s~nsor. As can be seen, power 
losses of HT heaters are higher than those of the LT storage 
heaters. 

24 

Lst = JPst dt-:;;:: frea~ ·Lst,st 
0 

L51 real standing losses [kWh/d) 
L51, 51 standard standing losses [kWh/d) 
P 51 real standing losses [W) 
t;.eai real influence factor 

(3) 

The real standing losses L51 of the storage tank differ from 
the above described standard standing losses due to the 
following reasons: 
- other ambient temperature than T amb = 20 oc 
- other hot water temperature than T h = 65 oc 
- real tapping patterns (time schedule of draw-offs) 
- heat-up time schedule of the storage tank depending on the 

tariff system (high tariff or low tarijj) 

Real losses are the basis for the real energy consumption 
and only these real · figures can be used for further economical 
considerations or an estimation of the real C02-emissions. The 
problem, however, is that the above mentioned real conditions 
can vary in an extremely wide range due to different usage and 
environmental conditions. On the contrary, the standard 
standing losses Lst.st are determined by measurement under 
exactly defined conditions for one stationary heat flow. 

To close the missing link between standards and reality, a 
dynamic simulation model is applied in the following for the 
calculation of the real losses in dependency of the various 
tapping patterns, the heat-up time schedules and all other 
influence factors. 

This dynamic model called WATERSIM [1) simulates the 
dynamic procedure of tapping patterns and re-heating 
conditions. It provides a detailed calculation of the momentary 
heat losses P st of the storage tank. For this purpose, it uses a two 
layer model dividing the tank volume into a upper hot volume 
and a lower colder volume. Integrating the heat transmission 
over the hot surface only, the dynamic model allows an correct 
determination of the real influence factor. The momentary 
losses are proportional to the remaining hot and warm surface 
areas of the tank. 
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= 106 , kR = 10 AND Da = 10-3 • 

porous layer therefore produces a higher heat transfer rate. 
This is illustrated by the streamline and isotherm patterns 
shown in Figs. 5 and 6 respectively. 

The effect of the Darcy number on the heat transfer rate 
is illustrated by the results given in Fig. 7. The magnitude 
of the increase in the heat transfer rate at low values of 
the porous layer thickness increases with increasing values 
of Da because the higher the value of Da, i.e., the lower 
the porosity, the smaller is the alteration of the flow caused 
by the porous layer near the heated wall and the less the 
reduction in the temperature gradient at the heated wall. 

The results presented above were all for Ra = 106 . To 
illustrate the effect of Ra, some typical results for Ra = 105 

for kR of 10 are shown in Fig. 8. 

CONCLUSIONS 
The use of relatively thin porous layers can produce an 

enhancement of natural convective heat transfer rates in the 
situation here considered. 
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ABSTRACT 
Temperature distribution and thermal buckling 

analyses were performed on square composite plates with 
central cutouts exposed to a uniform temperature increase. The 
cutouts were square holes. Analysis shows buckling 
temperatures generally increase with hole size. The results 
show that introducing appropriately sized holes in a composite 
plate can actually increase its thermal buckling strength and at 
the same time reduce the weight of the panel. 

INTRODUCTION 
Buckling may adversely affect structural performance 

and lead to significant performance penalties [1]. For example, 
if the Space Shuttle Orbiter were exposed to excessive buckling 
of the aluminum skin, debonding of the tiles used in the thermal 
protection system (TPS) could occur. This can lead to a failure 
of the TPS, which could have catastrophic results [2]. In 
hypersonic flights, aerodynamic heating can cause non-uniform 
temperature distributions, induce thermal stresses and cause 
thermal buckling. Critical compressive stresses can build up in 
panels due to non-uniform temperature distributions [3]. 
Uniform temperature distributions under clamped edge 
conditions and coefficient of thermal expansion (CTE) 
mismatches in composite materials can also induce thermal 
stresses that can cause buckling. Definition of edge constraints 
is another significant problem when modeling the 
aformentioned buckling. While modeling tends to be done with 
either fixed or free boundaries, the actual restraint often lies 
somewhere between a simply supported panel and a clamped 
panel, thus creating difficulty in the proper modeling for a 
finite element analysis [ 4]. 

Material properties are affected by temperature and 
generally increase the probability of buckling [5] as 
!emperature increases. With temperature dependent properties, 
It then becomes necessary to perform material property 
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iterations to determine the most accurate critical buckling 
temperature in an analysis. 

Thermal stresses found in simply supported composite 
plates are due to temperature gradients found within the 
material and/or CTE mismatches between the fiber and the 
matrix [6] or tangential and longitudinal differences in CTE 
between lamina in a cross-ply laminate. Clamped edge 
composite plates will buckle due to these conditions as well as 
to uniform temperature increases. 

DESCRIPTION OF THE PROBLEM 
The geometry of the perforated plates to be studied is 

shown in Figure I. All plates are assumed to be perfectly flat 
initially. The basic configuration is a plate with a central square 
cutout. Analysis was done on plates having a length /, width w, 
total laminate thickness t, individual lamina thickness t', and 
square central cutout of side length c. An aspect ratio (//w) of 
1.0, 1.5, and 2.0 was used for each cutout size and fiber 
orientation. A range of cutout sizes was considered from c/w = 
0.00 (no hole case) to c/w = 0.70 in 0.05 increments. The plates 
used in this analysis have width w = 20 inches, laminate 
thickness t = 0.064 inches and lamina thickness t' = 0.008 
inches. Table I summarizes the physical dimensions used in 
each case. 

Two fiber orientation schemes were used in the 
analysis. All fiber orientation angles are measured 
counterclockwise positive from the positive x-axis. Models I 
and 2 consist of [90/0/0/90h and [45/-45/-45/45h laminations 
respectively. The composite plates were assumed to consist of 
eight perfectly bonded layers with no debonding of the matrix 
and fibers in any of the lami~a layers. The square hole 
geometry was chosen because it has been shown to exhibit 
higher critical thermal buckling temperatures than plates with a 
circular hole geometry [7]. This geometry adheres to the 
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models used by Ko [8] for comparison with mechanical 
buckling load data. 

The plate material used is a standard titanium matrix 
composite (TMC) with two different fiber orientation schemes. 
The material properties used are for a silicon carbide silicon 
fiber reinforced titanium alloy matrix (SCS-6/Ti-15-3) [9]. 
Material properties for the TMC used are shown in Table 2. 

Mechanical constraints were applied to each plate. For 
the purposes of this work, it was assumed that all four outer 
edges of each plate were clamped. The plate was considered to 
be in the x-y plane and the z-rotation was restricted. Each plate 
was then subjected to a uniform increase in temperature (~T) 
across the entire plate. 

FINITE ELEMENT ANALYSIS 
A finite element analysis was performed using STARS 

(STructural Analysis and RoutineS), developed at NASA 
Dryden Research Center [ 1 0]. The models shown in Figure 1 
were modeled in STARS as a quarter plate making use of the 
symmetry about the x and y axes. 

Due to changes in the value of the material properties 
as a function of temperature, the critical buckling temperature 
~Tcr would have to be solved for iteratively. If ~Tcr was not 
within an acceptable temperature range of the material 
properties, the iteration process would be repeated until the 
value ofthe calculated ~Tcr falls within an acceptable range [7]. 

Validation of the numerical results uses the modified 
Timoshenko solution. This method is based on a simply 
supported plate with fixed edges (no in-plane translational 
motion). Using the modified Timoshenko solution for the no 
hole case, it can be seen in Table 3 that the pyrcent error is 
quite small. 

EFFECT OF HOLE SIZE 
Figures 2a-2c show ~Tcr (change in critical buckling 

temperature above the reference temperature of 70°F) as a 
function of clw (cutout size) for both the TMC fiber 
orientations under each plate aspect ratio. 

The symmetric and antisymmetric buckling 
temperatures each exhibit similar shapes for both fiber 
orientations. It was observed that the antisymmetric buckling 
modes appeared at a lower temperature than the symmetric 
mode for a given range of moderately large cutout sizes for 
most of the plate cases studied. As cutout sizes increase, the 
critical buckling temperature increases for both materials. This 
increase in buckling temperature with the increase in cutout 
size does not seem to be intuitive, however in this case, 
anomalous behavior is observed as was the case with the work 
of Ko [8]. Conventional wisdom says that as the plate loses 
more material, it becomes weaker. Therefore, a larger hole 
should decrease the buckling temperature. However, increases 
in the buckling temperature are observed for larger hole sizes. 
This effect could be explained as follows. As the hole size 
increases, most of the thermal load is carried by the narrow side 
strips of material along the edges of the plate. While the 
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clamped edge boundary condition increases the buckling 
strength, the stress concentration can reduce the buckling 
strength. Square holes tend to produce fairly uniform stress 
fields, thus allowing the clamped edge effect to dominate. This 
in turn, increases the buckling temperature for larger hole sizes 
[7,8]. As the hole size increases, the bending moments along 
the centerline of the plate decrease. This requires a larger force 
i.e., larger temperature difference to produce the same effect. ' 

EFFECT OF FIBER ORIENT A TION 
Figures 2a-2c show essentially the same buckling 

temperature pattern for both fiber orientations in all three plates 
aspect ratios. Fiber orientation can affect the critical buckling 
temperature, however, the effect appears to be minimal as the 
critical buckling temperatures only varied by a few degrees at 
most. The maximum difference due to fiber orientation is less 
than 5.85 percent. These results lead to the conclusion that 
while fiber orientation has been shown to have an effect on 
mechanical buckling [8], it has no appreciable effect on the 
critical buckling temperature under the given conditions. 

EFFECT OF ASPECT RATIO 
Plate aspect ratio can be seen to be a key factor in the 

critical buckling temperature of plates. Figures 2a-2c show that 
as the aspect ratio decreases, the critical buckling temperature 
increases. This holds true for all fiber orientations and cutout 
sizes. 

Figure 3 shows the mode 1 symmetric buckling curves 
for all three aspect ratio plates. Here it can be seen that square 
plates (aspect ratio = 1.0) have the highest critical buckling 
temperatures of the three aspect ratios studied. This advantage 
is most pronounced for the larger cutout sizes. 

CONCLUSIONS 
The effects of cutout size, plate aspect ratio and composite 

fiber orientation on the buckling temperature of various plates 
have been observed to verify the following conclusions. 

• Increasing the cutout size initially results in a slightly 
lower critical buckling temperature, but as the cutout 
size increases, the critical buckling temperature 
increases significantly. 

• Plates with an aspect ratio of 1.0 provide higher 
critical buckling temperatures than plates with higher 
aspect ratios. 

• The cutout size can cause antisymmetric buckling 
modes to appear in a range of moderately large cutout 
sizes. As the cutout size increases, the symmetric and 
antisymmetric modes tend to converge. 

• The increase in buckling temperature with the increase 
in cutout size does not seem to be intuitive, however, 
this anomalous behavior allows for weight reduction 
and improved thermal buckling performance. 

• The critical buckling temperature is not affected 
significantly by fiber orientation for the two 
orientations used. 
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• By applying the methods used in this analysis, aircraft 
structural members can be optimized for weight, 
strength, and thermal buckling tolerance. 

• Removing material from the center of flat plates can 
result in weight savings and at the same time increase 

Table 1. Composite Plate Physical Dimensions 

the thermal buckling temperature of the plate. Both of 
these benefit the aerospace industry in the area of 
hypersonic flight and point out the possible 
implications TMCs have for the future. 

w, in. t, in. t: in. 1/w c!w 
···o.ao=o:7o 
0.00~0.70 

0.00~0.70 

··· ···· 26 ····· ······ ·· --· --- ·-··o.o64--------··---··a .oo-f--·- ·····-···· ----·- - ······~:o 

20 0.064 0.008 1.5 
20 0.064 0.008 2.0 

Table 2. TMC Material Properties 

EL, 106 1b/in2 ET, 106 lb/in2 UL =aT, 10-S (in/in·°F) p, lO_j 
(lbm/in3

) 

···········Ts:o9 8.15 0.3 ············· ·o:I ··············· ···oj7s:r··--····· 

Table 3. Validation of ~Tcr Numerical Results 

Aspect Ratio 

1.0 
1.5 
2.0 

D 
1.0 

Numericai·Result 

12.985328 
9.599750 
8.459723 

Analytical Result 

12.957019 
9.357847 
8.098137 

D 
1.5 

Figure I: Plate model with three aspect ratios 
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Percent Error 

0.218 
2.585 
4.465 

D 

2.0 
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ABSTRACT 
The problem of piping system dead-legs are frequently 

encountered in high purity water systems throughout the 
pharmaceutical and semi-conductor industries. The installation 
of a pipe tee in sterile process pipework often creates a stagnant 
dead-leg zone which can result in the formation of bio-film and 
compromise the entire system. Considerable basic research is 
required to address the lack of understanding of this problem 
and to assist during design, manufacture, installation and 
operation of these critical systems. This research involves the 
application of CFD (computational fluid dynamics) techniques 
to study of turbulent flow and also dead-leg flow in 
pharmaceutical pipe tee-junctions. 

A numerical model has been developed to study turbulent 
flow in a 50mm diameter 90° pharmaceutical tee-junction during 
divided flow conditions and also under dead-leg flow conditions. 
Numerical predictions were compared with previously presented 
experimental results based on Laser Doppler Velocimetry 
(Sierra-Espinosa eta/, 1997) where static pressure distributions 
were used as exit boundary conditions. The Reynolds-Stress 
Model was used to analyse the complex flow patterns. A back 
flow region was found in the branch of the divided flow 
configuration. Regions of low turbulence were identified within 
the dead-leg branch. The wall region, which is critical to bio­
film formation in the pharmaceutical industry, was also found to 
be a region of low velocity under dead-leg conditions and of low 
shear stress providing conditions conducive to bio-film 
formation. Measurements in both the branch and straight 
through legs indicate that the flow is highly complex and the 
most consistent results are found using the RSM model. 

INTRODUCTION 
Stainless steel pipe tees are employed extensively and play 

an important role in power plants, chemical plants, dairy and in 

particular the semi-conductor and pharmaceutical industries. 
High quality process tubing and fittings were developed to meet 
the needs of the highly regulated phannaceutical and 
biotechnology industry. Increased quality demands have recently 
been accompanied by rigorous validation procedures in these 
areas. These tubes and fittings (including tee-junctions) create 
the processing environment of many of these processes the inner 
surface of which are in contact with the process fluid. These 
surfaces must be smooth, corrosion free and without dead-legs 
which can entrap harmful bacteria. 

The formal definition of a pipe dead-leg, as given by the 
Food and Drug Administration in GMP (LVP) Sect 212.49 
CFR21 1972, requires that~ 
'Pipelines for the transmission of purified water for 
mamifacturing or final rinse should not have an unused portion 
greater in length of 6 diameters (the 6d rule) of the utmsed 
portion of pipe measured from the axis of the pipe in use' (see 
Fig. 1) 

Dead Leg> 6d 

* Figure 1. Dassie dead-leg config•mtion 
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Dead legs are a misunderstood problem in lugh purity water 
systems and much confusion exists within industry related to this 
topic. The FDA suggest the above 6d rule, however industrial 
experts are designing systems with dead legs limited to 3d or 
less. Some systems and fittings claim to have zero dead legs. 
The result of this confusion is an escalation in design and 
manufacture cost within an already highly expensive industry. 

Manufactured from 316L stainless steel these fitting have 
tow carbon content (<0.035%) which eliminates carbide 
precipitation during welding. Class AA fittings are generally 
specified for use in high purity applications including Water for 
Injection (WFI) systems and have an internal finish of0.5J.1rn to 
o.25J.lm Ra. This is achieved following mechanical and/or 
electro-polishing. The problem of piping system dead-legs is 
frequently encountered in high purity water systems throughout 
the phannaceutical and semi-conductor industries. The 
installation of a pipe tee in sterile process pipework often 
creates a stagnant dead-leg zone. The current literature contains 
few detailed reports related to dead-legs caused by the 
installation of pipe tee-junctions in these high purity water 
systems. Problems arise due to the following 

1) Dividing flow through the pipe tee (50/50) 
2) Full flow through the tee branch 
3) Full flow across the top of the tee 

Problems I and 3 will be addressed in this publication while 
results related to problem 2 were considered to be outside the 
scope of this paper. 

Ito and Imai (1973), Miller (1978) and Hager (1984) 
provide detailed reports of loss coefficients associated with flow 
through 90° tee-junctions. These relate to dividing flow through 
both right angled and short radius comer tees between the inlet 
and straight through legs of the tee and the branch. Pollard 
(1981) investigated flow in a symmetrical uniformly dividing 
tee-junction with equal area exit legs and a wedge shaped inlet 
duct. He found that due to symmetry in the flow minimum time 
and computer resources were necessary during modelling. Kired 
et al ( 1975) identified a closed region of reversed flow in 
dividing tees with rounded comers. Karino et al (1979) noted 
that the use of a sharp edged tee increased the vorticity within 
the branch of the tee. 

Bates et al (1995) used Laser Doppler Anemomerty (LOA) 
measurements to study flow in a 90° tee-junction. The branch to 
inlet flow rate ratio of this study was unity. Highest velocities 
were found adjacent to the down stream wall of the branch and 
details were provided on the size and strength of the branch 
recirculation zone. Numerical comparisons made between the k­
e, RNG and RSM turbulent models in FLUENT V4.2 found that 
the most consistent results were achieved using the RSM model. 
Recent work by Sierra-Espinosa et a1 (1997) studied dividing 
flow of water at high Reynolds Number in a 50mm diameter 
equal tee-junction. Numerical predictions were compared with 
experimental results based on LDA measurements. Static 
pressure distributions were used as exit boundary conditions and 
separation and recirculation regions presented. Again the RSM 

model was found to be the most consistent model in analysing 
tee-junction flow. 

To date the authors have found little published data related 
to the problem of piping system dead-legs. This configuration 
arises when the branch exit of the tee is closed off often by use 
of an isolating valve. Research data presented in this report will 
investigate the problem of divided flow through an equal branch 
tee and then study the effects induced by closing the branch 
valve fully (ie a classical dead-leg configuration). 

NOMENCLATURE 
d Diameter of the tee Junction 
Q 1/Q3 Ratio of branch exit to inlet flow rate 
r Radius of curvature of tee 
u mean axial velocity 
Ux bulk velocity at inlet of the tee 
Re Reynolds number 
X Streamwise co-ordinate in x-direction 
Y Strearnwise co-ordinate in y-direction 

COMPUTATIONAL MODELLING 

The computational model used in this report was 
developed within the latest version of FLUENT CFD software 
(version 5.5). Construction, preprocessing and meshing of the 
model was carried out using FLUENT'S current preprocessing 
package GAMBIT I .3 . The model was developed using recently 
published data by Sierra-Espinosa et al (1997). This research 
offered detailed analysis of divided flow within a 50mm pipe tee. 
A Section of the grid developed to represent the 90° tee is 
presented in Figure 2 . . Careful consideration was given to 
decomposition of the grid to reduce numerical diffusion and to 
accurately model the geometry used in this investigation. The 
mesh quality was evaluated within Gambit and found to be weU 
within current guidelines for Aspect Ratio, EquiAngle Skew etc 
(Figure 3). This ensured that profiles verified experimentally by 
the use of Laser Doppler Anamometry and by individual 
pressure measurement by Sierra-Espinosa were valid as 
boundary conditions within the current model (Figure 4). 

The boundary conditions at the inlet of the pipe 
junction were set up with velocity profiles from the LDA 
measurements at xJD= -2 (ie lOOmm upstream of the branch). 
Measured static pressure distributions were entered as individual 
pressure boundary conditions in the straight through leg and the 
branch exit. The tee junction iritemal diameter was 50mm and 
the brancb radius 12.5mm. Flow conditions included a Reynolds 
number of 1.26*105 based on an inlet velocity of2.56rnls. The 
ratio of branch to inlet flow rate for divided flow was set to 0.5 
with dead-leg flow flow conditions resulting in a straight 
through to inlet flow rate ratio of 1. Fluent's default values 
were used for all empirical constants and the pipe radius 
declared as the characteristic length. The convergence criteria 
was set for each residual to I x l 0-4 
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Figure 2: Compldlltional grid developed in Gambit 

Flg~~n J: Mesh QIUillty Analysis witltln Gambit 

Numerical predictions were conducted within the 
FLUENT VS.S CFD package. This package accommodates a 
range of turbulence models. These include the standard k- & 

model, the Renormalisation k- & model, the Realisable k- & 

model and the Reynolds Stress Model. Following numerous 
trials and using experimental results of Bates and Sierra­
Espinosa (1997) the Reynolds Stress Model was found to 
accurately predict the flow field. All the k- & models had 
difficulty predicting flow profiles particularly in regions of high 
swirl, deficiencies which have been well documented by 

previous researchers (Martin and Bates, 1992). The C<H>rdinate 
system of the tee was set up with respect to the centre of the tee 
junction (denoted as 0,0,0) and all distances have been 
measured in positive and negative directions from this point 
(Figure 5). 
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Figure 4: Inlet velocity profile 

BRANCH ANTICIPATION AND VELOCITY PROFILES 
Analysis of the velocity profiles as the fluid 

approaches the tee branch (Figure 6) indicate that the flow 
anticipates the branch during divided flow. The fluid was found 
to accelerate towards the branch in the region between y/D = · 
0.2 to +0.4. When dead-leg flow conditions were induced, by 
preventing flow through the branch, the inlet velocity profile 
retained its initial profile with a slight anticipation within the 
branch wall region. A gradual acceleration along the wall of the 
branch was noted indicating a slight penetration of the flow 
from the main pipe into the branch. 

Flg~~n 5: Tee-junction co-ordilfaJe system 

Figures 7 and 8 present velocity contours for divided and dead· 
leg flows respectively along the centreline of the tee. Figures 
ll imd 12 illuStrate velocity contours within the branch of tbe 
tee. Analysis of the divided flow contours indicate that the inlet 
velocity profile is maintained along tte length of the inlet 
section 

721 

Digitised by the University of Pretoria, Library Services, 2015



Position o.oo.-oo 
(m) 

••••••• ._......... S/:Jitf briVlr:/1 
• .. ~, -. •nftt:IJ;Wflon 

Ottld·l~ brll'lr:/l 
1nftt:IJ;Wf1on If 

J</Oz-0.5 

.. .. - . .. .. . . .. .. -

~ U ~ U ~ U U ~ M 

ulux 

Figure 6: Branch anticipation for divided and dead-leg flow 

of the tee apart from some branch anticipation acceleration as 
the fluid approaches the upstream radius of the branch. A 
separation region emanating from the upstream branch wall can 
be identified, as the highly strained fluid flows into the branch. 
A stagnation point was also found on the downstream branch 
wall at xiD = 0.5 along with a region of low flow in the straight 
through branch. By preventing flow through the branch leg a 
flow induced cavity was created in the dead leg. Fluid from the 
main straight through pipe enters the branch to a depth of the 
radius of curvature of the branch inlet. The stagnation point 
moves further into the branch for this configuration again to a 
depth of the radius of curvature. 
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Figure 7: Divided flow velocity contours 

The fluid separates around the stagnation point. Fluid above the 
stagnation point re-enters the main pipe flow. Fluid below the 
stagnation point impacts the downstream wall of the branch 
dead-leg and flows down the wall into the cavity. Some of the 
fluid was found to bounce off the wall and contribute to a 
region 
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Figure 8: Dead-leg velocity contours 

of high swirl adjacent to and below the stagnation point (Figure 
13). Typical fluid flow within the dead-leg included flow down 
the branch wall, across the branch exit and up the upstream 
branch wall. This pattern induced a slow rotating cavity within 
the dead-leg. Maximum velocities of 0.58m/s were noted along 
the downstream wall of the branch while upstream wall 
velocities peaked at 0.23m/s. 
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Figure 9: Divided flow branch velocities at 30, 40, 62 and 
1 02mm into the branch 

* X!-

The mean axial velocity profiles across the branch centerline 
plane from y/D = 0.6 to y/D = 2.04 are shown in Figures 9 and 
10 for divided flow and dead-leg flow respectively . For 
divided flow it is evident that the flow separates at the entrance 
to the branch creating a reverse flow region. Outside this region 
the flow was found to accelerate to a maximum of 3.3m/s and 
then decelerate to zero on the downstream wall of the branch. 
Analysis of velocity profiles within the branch indicate that 
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high velocities are maintained on the downstream side of the 
branch. The separated flow region was found to almost reach 
the centreline of the pipe. Reattachment of the flow was found 
to occurs at y/D = 1.6. Following the introduction of a dead-leg 
configuration the separated flow region was eliminated at the 
entrance to the branch. Fluid from the main pipe was found to 
enter the branch only slightly giving rise to a ripple effect. This 
ripple effect was noted across the top of the branch as fluid was 
prevented from entering the branch by fluid already within the 
dead-leg. This ripple effect coupled with fluid separation 
around the stagnation point induced a region of swirl or a small 
vortex between the centreline of the dead-leg and the branch 
downstream wall. Maximum velocities on the downstream side 
ofthis region were 0.23rnls and on the upstream side 0.117m/s. 
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Figure 10: Dead-leg branch velocities at 30, 40, 62 and 
1 02mm into the branch 

The higher values on the downstream side may be attributed to 
reflection form the branch wall. Velocities at the base of the 
dead leg were found to be 0.0003rn!s indicating little, if any, 
movement. 

2.81c•OO 

Figure 11: Divided flow branch velocity profiles at -10, 0 and 
+ 10mm across the branch 
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Figure 12: Dead-leg branch velocity profiles at -10, 0 and 

+10mm across the branch 

Apart from the vortex region mentioned above, movement 
within the dead-leg was divided approximately along the 
centreline of the branch. Fluid on the downstream side of the 
dead-leg flowed down into the dead-leg with a reversal of 
patterns occuring on the upstream side. Higher velocities were 
clearly noted on the down stream side of the dead-leg. 
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Figure 13: Dead-leg high swirl region and separation point 

WALL SHEAR STRESS 

Figure 14 presents data related to upstream and downstream 
wall shear stress for divided and dead-leg flows. Analysis of the 
data indicated that maximum values of wall shear stress are 
achieved on the down stream wall of the branch during divided 
flow. A maximum value of 35Pa is achieved 25 mm into the 
branch decreasing to 25Pa as the fluid flows further into the tee 
junction. On the upstream wall lower levels of 1 to 2Pa were 
noted with the shear stress reaching zero at the reattachment 
point of y/D = 1.6. 
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Figure 14. Upstream and downstream wall shear stress for 
divided and dead-leg flow. 

In contrast to these values the dead-leg configuration resulted in 
extremely low levels of shear stress within the entire cavity. 
Again maximum levels were noted on the downstream wall of 
the branch peaking at 7.5Pa close to the stagnation point 
previously noted. However the wall shear continually decreased 
with increasing penetration into the dead-leg. Wall shear stress 
on the upstream wall of the dead-leg was found to be virtually 
non-existent over the entire length of the branch. 

FLOW VISUALISATION STUDIES 
Using a flow plate developed to analyse patterns within a dead­
legs, flow visualisation studies were carried out to examine 
activity within the branch dead-leg (Figure 15). The rig 
consists of a flat plate on top of which sits a perspex viewing 
screen separated only by an 0-ring seal thus generating a small 
gap of 2mm. A dead-leg configuration was set up within the rig 
using two thin sheets of aluminum. A series of holes drilled 
within the dead-leg area of the flow plate allowed dye to be 
injected from beneath the rig. Water entered the rig at the 
inflow and flowed across the plate at high velocity to the 
outflow. No fluid was allowed to flow out of the dead-leg 
branch. 
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Figure 15: Flow visualisation plate 

Initial studies investigated the degree of depreciation 
(penetration) of the bulk fluid into the branch of the dead-leg. 
(Photo 1). 

Photo 1: Dead-leg depreciation 

It is clear that the fluid flowing across the top of the branch only 
'dips' slightly into the dead-leg. This concurs with data 
generated during CFD modeling of this configuration. Fluid 
entering the dead-leg is quickly re-entrained into the fast 
flowing outflow fluid. Further visualisation studies investigated 
the near wall region by moving the inflow aluminium sheet 
closer to the dye injection points while maintaining the main 
pipe to branch diameter ratio at unity (Photo 2). 

Photo 2: Near wall flow investigation 

Following injection of the dye along the upstream wall of the 
branch, the dye was found to coagulate with little dispersion 
occuring. This clearly indicated an area of little activity. Some 
dye was eventually drawn, over a long time period ( 1 to 2 
minutes), towards the centre of the branch and continued 
gradually drifting down into the dead-leg. These slow moving 
currents dragged the dye across and towards the downstream 
wall of the branch. These findings again corrobate the CFD 
results of a slow moving cavity within the dead-leg. 
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Further into the branch towards the bottom of the dead-leg less 
movement was fowtd. Dye injected at this point simply 
remained stagnant indicating a region of very low velocity. 
After three to four minutes the dye began to creep up slowly 
along the upstream wall of the branch (Photo 3). This lack of 
motion does not concur with the industrial and FDA accepted 
policy that turbulent flow in the main pipe will flush the dead­
leg branch and prevent stagnant regions. 

Photo 3: Stagnant region at base of dead-leg 

CONCLUSION 
Purified water systems often use pipe tee fittings to divert flow 
from a main distribution pipe into a reaction vessel. Initially 
flui<;l _ is allowed to flow into these vessels through an isolating 
valve. The closing of this valve following filling often creates a 
dead-leg zone within the branch of the pipe tee. FDA 
regulations have limited this dead-leg drop to six pipe 
diameters in the hope that turbulent activity within the 
distribution pipework will flush this dead-leg and prevent 
stagnation (Bukay, 1987). The results of this investigation 
indicated that this is not the case. This research carried out on a 
3D dead-leg clearly shows a lack of activity within the branch. 
Very little exchange of fluid occurs between the branch and the 
main distribution pipework. Wall shear stresses were foWld to 
be low and conducive to bio-film build up. Velocities within the 
dead leg were so low that contaminants entering the dead-leg 
could easily proliferate in regions of low flow rate along the 
upstre~ wall. and the. base of the branch. A particularly 
worrymg area IS the region of separation noted during divided 
flow in the branch. This section of the upstream wall remains 
Wldisturbed during both divided and dead-leg flow conditions. 
Even during 'cleaning in place', a process employed to scour 
and clean the walls of pipework, this area would not be 
exposed to high velocity scouring (Nobel, 1994). Flow 

visualisation studies also confirm the lack of activity within the 
branch. 
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ABSTRACT 
This work presents a numerical model based on the finite 

volume approach to predict the ice temperature distribution 
around buried habitation modules in cold regions such as the 
Antarctic continent. The model allows for the prediction of the 
potential melting of the ice surrounding the module, which 
stems from the heat load generated inside it to ensure the 
specified comfort conditions. Analytical equations for the 
atmospheric temperature variation, and for the ice temperature 
distribution without the influence of the habitation module, 
based on monthly averaged experimental data, are obtained 
and used in the present work to specify the boundary and 
initial condition required for the numerical solution of the 
governing energy equation. The value of the convection heat 
transfer coefficient between the atmosphere and the soil was 
calculated using the atmospheric and thermal boundary layer 
theories. The specify conditions of the place under study 
yielded a value of38.6W/m2K for this parameter in spite ofthe 
fact that a value of 25W/m2K can be found in building 
technology handbooks. The model is applied to an ice volume 
surrounding a cylindrical habitation module, having 2m of 
radius and 2m height, with the walls composed of two layers: a 
4cm thick layer of insulation (polyurethane) and a layer of 
structural reinforcement (glass fiber) with tern. The results 
show that for the conditions simulated herein, that is, for the 
heat load required to ensure a comfort temperature of l5°C 
inside the module, the ice temperature is kept everywhere far 
below its melting point throughout the year and, therefore, the 
module's sinking will not occur. 

INTRODUCTION 
During the last decades several countries have marked 

their presence in the Antarctic continent in order both to 
establish a strategic position and to develop scientific research 
in areas like meteorology, glaciology and geology, among 
others. As a consequence, numerous permanent habitation and 
laboratory stations exist in this continent. Countries with 
permanent research stations (as of 1999) in Antarctica are: 
Argentina, Australia, Brazil, Chile, China, France, Germany, 
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India, Italy, Japan, New Zealand, Poland, Russia, South Africa, 
South Korea, Ukraine, United Kingdom, United States and 
Uruguay. 

In the present work, sulrsuperficial habitation modules 
(SSHM) are studied as they avoid snow accumulation problems 
that require regular and expensive snow removal operations. In 
fact, in the interior of the Antarctic continent the precipitation 
is hardly any. The main reason for the snow accumulation is 
the existence of buildings or other obstacles at a level higher 
than the ice surface, that act as barriers for the snow dragged 
from the coast by the wind. Although the snow accumulation is 
clearly minimised with this constructive method, there is a 
considerable increase of the heat transfer area between the 
module and the ice, which may lead to ice melting around and 
beneath the module, causing its sinking. This event will 
depend simultaneously on the heat load required to maintain 
comfort conditions inside, on the construction materials used 
and on the exterior atmospheric conditions. Clearly, this 
problem has to be analysed prior to the modules' construction. 

The potential melting of the ice surrounding the SSHM is 
dependent on a considerable number of parameters. Indeed, 
atmospheric air temperature, wind velocity, construction 
materials, inside comfort temperature, ice thermal inertia, 
SSHM geometry and convection heat transfer coefficient are 
all variables that exert a determinant influence on the ice 
temperature value close to the SSHM. Notice that radiation 
was not considered in the present study. In fact, incident 
radiation flux can be as high as 900W/m2 in Antarctica and its 
penetration into snow and ice is considerable. However, snow 
and ice surface present very high albedo (~0.8) and emissivity 
(:<::0.95). This will result in a negative radiation heat balance 
and, therefore, neglecting radiation makes the present study 
conservative. In [I] data referring to Mizuho Station (700S) for 
a typical summer day can be observed. It shows that the largest 
energy gain due to radiation occurs at about noon and that it's 
value (~80W/m2) is only about 10% of the incoming solar 
radiation. It further shows that that although the day length is 
2lh the total daily net radiation balance is negative, 
confirming what was said above. 
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The place under study is know as Patriot Hills and is 
located at approximately 800S, 80°W. In the last few years, this 
region has been used both as a research site for the Instituto 
Antarctico Chileno and as a tourist resort by the travel agency 
Adventure Network International. The particularity of this 
region, that makes of it one excellent alternatives to maintain 
human activities in this continent, is the existence of a blue ice 
field. This field possesses the appropriate characteristics to be 
used as a runway for large transport aeroplanes, such as the C-
130 Hercules, without the need to resort to special landing 
devices such as skis [2]. The meteorological data for this place 
was obtained mainly from the Antarctic Network of Automated 
Meteorological Stations (AWS). 

The study was performed for a cylindrical module (r=2m, 
x=2m ), with the walls composed of two layers: a 4cm thick 
layer of insulation (polyurethane) and a tern thick layer of 
structural reinforcement (glass fibre). The interior comfort 
temperature was set to l5°C. Notice that, as the very simple 
geometry indicates, this is a preliminary study. Therefore, 
there are some important details, such as the access to the 
module, the dept of the module's roof and the snow removal at 
the entrance, that have not been addressed at this stage. 

NOMENCLATURE 
Cf Friction coefficient 
h Convection heat transfer coefficient [W/m2K] 
k Thermal conductivity [W/mK] 
Nu8 Nusselt number based on o 
Pr Prandtl number 
q Convection heat flux [W/m2

] 

Re8 Reynolds number based on o 
t Time [month] 
T Ice temperature [0C] 
L Air temperature at a height of z metres [0 C] 
T / Dimensionless air temperature at a height of z metres 
Too Air temperature outside the atm. boundary layer [0C] 
Tsurface Ice temperature at the surface [OC] 
uT Friction velocity [m/s] 
Uz Wrnd velocity at a height of z metres [ m/s] 
Uz • Dimensionless wind velocity at a height of z metres 
Uoo Wind velocity outside the atm. boundary layer [m/s] 
x Depth [m] 
z Height [m] 
z0 Reference height [m] 
o Atmospheric boundary layer thickness [m] 
0, Thermal boundary layer thickness [ m) 
K Von-Karman constant 
v Kinematic viscosity [m2/s] 

Meteorological conditions for Patriot Hills were calculated 
from a linear interpolation of the data from the Byrd (USA), 
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Siple (USA) and General Belgrano II (Argentina) AWs 
stations [3]. These stations were selected in order to fonn 
mesh with Patriot Hills inside of it, and a local rectangu~ 
coo~dinate. system was constru~ed to m~e the interpolati(l 
easter - Ftg.l. The values obtamed from mterpolation b the 
temperature and wind velocity at Patriot Hills compare weU 
against isolated in situ measurements supplied by Adve~~tutt 
Network International [4]. 

The data o~tained by the above-described linear 
interpolation, referring to experimental monthly averages 0~ 
the last 25 years [3], was fitted to simple expressions using the 
least squares method, yielding a constant value for the wind 
velocity (U3=5.8m/s) throughout the year and an harmonic 
variation for the air temperature represented by Eq.(l). 
Subscript 3 means that all measurements were taken at a 
height of 3m. 

T3(t) = -22.37 + 8.83 cos(O.S24 t)+ 3.92 sin (0.5241) {I) 

In Eq.(l) t is the time of the year in months, t=l 
representing January, t=2 February and successively up to t=13 
representing January again. 

:IO"WE9T 0" 30°EAST 

. - ,_ ... 
I " I " II I I 

Figure 1 - Patriot Hills an<r ~eighbouring A ws stations 
location in the Antarctic continent. 

As for the heat transfer coefficient, it can be obtained from 
the Nusselt number based on the atmospheric boundary layer 
thickness, Nu,=hlilk. This latter parameter can be calculated if 
the friction coefficient, Cfi Prandtl number, Pr, and the 
Reynolds nmnber based on 0, Re,=Uoolilv are known, as 
expressed in Eq.(2)- see, e.g., [5]. 

_ Nu6 =(C1 j2}Re6 Prl/3 (2) 

The friction coefficient is obtained from: 

U a,/ur = (2jC f )1/2 (3} 

To obtain both the values of the wind velocity at the 
exterior of the atmospheric boundary layer, Uaoo and of the 
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friction velocity, Un recourse can be made of Eq.(4). This 
equation has often been used in the atmospheric boundary 
layer theory as a possible wind velocity profile- see, e.g., [6] 

or [7] - and runs: 
Uzfur = (1/K)ln(z/zo) {4) 

In the previous equation Uz is the wind velocity at a height 
of z meters and z0 is a reference height. The value of the Von­
Karman constant, .r-0.4, was used following [8] and the value 
of z0=0.03m was obtained from [9]. With the pair of known 
values (z=3m, U3=5.8mls) the friction velocity may be 
calculated as ur=KU;/ln(31zo). With this Ur value, and assuming 
that the boundary layer thickness has the value of 8=275m -
see, e.g., [9] - the wind velocity outside the atmospheric 
boundary layer is given by Uoo=(u/K)ln(&'z0). 

Performing the calculations indicated above the value of 
h=38.6W/m2K is obtained. This value is about 50% higher 
than the h values commonly used values for building 
calculations: around 25W/m2K. Different factors may 
contribute to that discrepancy. Two of the most important are 
the low air temperature at Patriot Hills, much lower than at 
most of inhabited locations in the earth, which increases the 
value of h in about 25%, and the smoothness of the ice surface 
- the value of z0 is 0.03m in opposition to a value rounding 
25m for the surface roughness in cities - which causes the 
velocity profile of the atmospheric boundary layer to exhibit a 
deeper gradient at the air/ice interface, fact that also 
contributes to the increase of h. 

The value of h had to be corrected to account for the 
effects of the thermal boundary layer as a consequence to the 
fact that the known values of the wind velocity and 
temperature refer to a height of 3m, deep inside the boundary 
layer. Defining a dimensionless air temperature by r"z=(Tz­
Tsurface)I(Too-I'surface) it is easy to demonstrate that the convection 
heat flux can be calculated through Eq.(5) instead of the usual 

formula q~h(Tsu~ce-Too). _ 
q - (hj T;- } (T.urface T3 ) ( 5) 

To calculate r" 3 based on the available wind velocity data 
an analogy between the thermal and aerodynamic boundary 
layers was used: defining a dimensionless wind velocity by 
u*z=U/Uoo and assuming that r"=Uf(Pr) [10] it is possible to 
demonstrate that when 8,=8 (the case of turbulent flows [10]) 
we have r"z=Uz. Therefore, since of T3 ·=U3 ·=0.505 the value 
h!r"3=76.4W/m2K is obtained. 

To obtain analytically the formulation of the ice 
temperature distribution (without the SSHM), which 
constitutes the problem's initial condition, the ice was 
considered a semi-infinite solid with a transient surface 
convection boundary condition. This is a one-dimensional heat 
transfer problem very similar to that described by [II], and 
that can be solved in a like manner. Using the above value for 
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hlr"3, Eq.(l) to represent the annual variation of T3 and 
standard thermophysical properties of ice at -22°C, the 
following expression results for the variation of the ice 
temperature with time and depth: 

T(x,t) = -22.37 + e-{) 296
x [8.73 cos(0.524 t- 0.296 x )+ (

6
) 

+ 3.96 sen(0.524 t- 0.296 x )] 

The cylindrical shape of the SSHM determines the 
problem's geometric character: cylindrical coordinates with 
axial symmetry. The SSHM and a large cylindrical volume of 
ice surrounding it constitute the problem's physical domain. 
The module's dimensions are r=2m and x=2m, as said before, 
and those of the ice surrounding it were set to R= I OOm and 
X=lOOm. These values were chosen in order not to allow the 
heat flux from the SSHM to influence the values of the 
temperature at the domain boundaries, which, ideally, would 
be set at infinity. 

All the surfaces of the SSHM - walls, roof and floor - have 
a thickness of Scm being composed by a 4cm layer of 
polyurethane for insulation and a I em layer of glass fibre for 
structural reinforcement [I2]. This combination of materials 
exhibits a thermal conductivity of 0.03W/mK [13]. This value 
along with interior convection thermal resistance [I4] yielded 
the following values for the overall heat transfer coefficients: 
walls - 0.57W/m2K; roof- 0.55W/m2K; floor - 0.56W/m2K. 
As said before, the interior comfort temperature the SSHM was 
set to I5°C [I2]. 

The two-dimensional, cylindrical coordinates, transient 
heat equation that governs the present problem was solved 
numerically using the control volume formulation [15] and the 
pure implicit method for the ice volume surrounding the 
SSHM. Convection heat transfer boundary conditions were set 
at the interface with the atmosphere and in the contact surfaces 
with the SSHM's walls and floor. All other boundaries were 
made adiabatic. A non-uniform grid of 68x68 nodes, 
respectively in the axial and radial directions, was generated to 
obtain the solution of the governing energy equation. This 
grid, which is partially sketched in Fig.2, was chosen after a 
grid independence study. In fact, other grids comprising 
51x51, 85x85 and I02x102 nodes, respectively in the axial 
and radial directions, were also tested and the results showed 
that the 68x68 nodes grid was refined enough. 

The results obtained from this analysis in what concerns 
the temperature distribution in the ice surrounding the SSHM 
were calculated for all the months of the year. Among the 
entire set of results those referring to January, March and July 
are presented in this work, as they are the months 
representative of the different seasons and heat flux 
phenomena. 

The month of January is the one that establishes the 
pattern of the summer season. In this month the atmospheric 
air temperature attains its maximum value (-12.8°C at a height 
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of 3m) and the ice temperature at a depth of 15m is -22.4°C. 
This temperature difference originates a heat flux from the 
atmosphere to the ice: not surprisingly, in the summer the ice 
is being heated up by the atmosphere. 

)( 

10 

15 

Figure 2 - The grid in the SSHM vicinity. 

Fig.3 displays the ice temperature distribution around the 
SSHM for the month of January. In this figure it is possible to 
observe the influence of the SSHM on the initial ice 
temperature field. Indeed, it is clear that the non-parallel 
isothermals arrangement is a consequence of the heat flux 
from the SSHM. On the other hand, away from the SSHM, the 
temperature decreases with the ice depth up to 5m, as it can be 
observed at a radial distance of 20m away from the SSHM. 
This parallel distribution of the isothermals represents the 
temperature distribution of the ice in the absence of the SSHM. 

15 
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Figure 3 - Ice temperature around the SSHM in January. 

The heat load from the SSHM acts as a heat source to the 
ice mass surrounding the buried module, and if its value is 
intense enough it may lead to the ice melting and to the 
consequent module sinking. However, in January, the intensity 
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of such heat flux is not sufficient to melt the surrounding ice 
as its maximum registered temperature is -8.50C. The effect of 
the heat flux from the module is felt until a depth of 
approximately 12m. In the radial direction the effect of the 
heat flux from the SSHM is less pronounced. Due to the 
counter-influence of the heat flux from the atmosphere to the 
ice, the direction of the heat flux originated in the SSHM 
penetrates obliquely into the ice mass. 

The month of March is presented herein as it is during 
this month that the ice temperature reaches its maximum 
value, -7.90C, for the studied conditions. Fig.4 depicts the ice 
temperature distribution for the above-mentioned month. As it 
can be observed from this figure, and relatively to January, in 
March the influence of the heat flux from the SSHM in the 
radial direction is more pronounced as the hotter isothennals 
exhibit a deeper penetration into the ice mass in that direction. 
The location of the ice highest temperature value is the 
symmetry axis close to the floor of the SSHM (see Fig.5), as 
this is the most distant point from the surface in contact with 
the SSHM and, therefore, it is the less affected by the 
atmospheric conditions. Considering that the wanner month in 
terms of atmospheric temperature is January, this should be the 
month for which the ice temperature was highest. However, 
this maximum value occurs later on, in March, due to the 
thermal inertia of the ice that appears to delay two months the 
ice response to the atmospheric temperature changes. 

Figure 4 - Ice temperature around the SSHM in March. 

July is chosen as the typical month to establish the winter 
pattern of the ice temperature distribution, the atmospheric 
temperature being at its minimum value (-32°C at 3m height). 
As for this_month the air is at a lower temperature than the ice, 
the latter is being cooled down, in opposition to what happens 
in January. Heat is, therefore, being transferred from the ice to 
the atmosphere. As a consequence the ice temperature exhibits 
the distribution depicted in Fig.6. 
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Figure 5 -Ice temperature around the SSHM in March: 
Magnification of the SSHM vicinity. 

As observed for the summer situation, the isothermals 
away from the SSHM (R=20m) are parallel to the ice surface. 
This pattern represents, as mentioned earlier, the temperature 
distribution of the ice when the habitation module is absent. As 
far as the penetration of the heat flux .from the SSHM into the 
surrounding ice is concerned, this month represents the most 
critical situation of the three cases presented. In fact, the heat 
flux from the habitation module changes the isothermal lines 
below it up to a depth of 15m. However, the maximum ice 
temperature is around -II oc wich makes this situation fairly 
safe. 
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Figure 6- Ice temperature around the SSHM in July. 

In order to quantify better the problem under study and to 
test the robustness of the numerical tool described herein, two 
additional parametric studies were performed. The first 
envisages the analysis of the effect ofthe SSHM walls' thermal 
resistance, Ilk (/ being the wall thickness~and k it's thermal 
conductivity), on the ice temperature distribution. The second 
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parametric study intends to quantify the effect of the comfort 
temperature inside the SSHM on the ice's temperature 
distribution. 

The parameter Ilk, that is a measure of the module walls 
thermal resistance, is very influent as it determines the ice's 
annual maximum temperature at the SSHM surroundings. 
Therefore, its is the subject of a parametric study performed in 
order to determine the minimum value of Ilk that induces the 
maximum annual ice temperature close to the melting point. 
The month of March was used to set exterior atmospheric 
conditions and a comfort temperature of 150C was used. 

Figure 7 shows the results obtained. As expected, the 
maximum temperature of the ice in the surroundings of the 
SSHM is inversely proportional to the thermal resistance Ilk 
and exhibits a limit value (approximately 0.6m2KIW) below 
which the ice starts to melt. As it can be observed from Fig.7, 
the thermal resistance value used in this work (1.67m2KIW) is 
rather conservative and leads to a safe value of -7.9°C for the 
maximum annual ice temperature. 
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Figure 7 - Maximum annual ice temperature as a function of 
the walls thermal resistance. 

• - Standard conditions. • - Parametric study values. 

The maximum annual value of the ice temperature at the 
surroundings of the SSHM is also dependent on the comfort 
temperature, established as l5°C in the present work. In order 
to evaluate its effect on the ice temperature, keeping the walls 
thermal resistance at the reference value of 1.67m2K/W, the 
model was applied to several interior conditions while 
considering the most unfavorable ·weather conditions for the 
ice melting: March. The results are shown in Tab. I. As it can 
be observed, the comfort temperature inside the SSHM can go 
up to 21 oc without melting the surrounding ice. 

With the reference value for the walls' thermal resistance 

(1.67m2K/W), the total heat flux from the SSHM varies 
from 700W to I OOOW along the year. The highest value occurs 
during the winter, in July, while the lowest value is attained 
during the summer, in January. As far as the required heating 
power is concerned, .and considering that 25% ofthe air inside 
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the module is hourly renewed, the total heat power required to 
keep the inner temperature at the reference comfort value 
(15°C) varies from 825W to 1200W. 

Comfort temperature Maximum annual ice 
inside the SSHM (0 C) temperature (°C) 

13 -8.56 

15 -7.88 
17 -7.20 
19 -6.52 

21 -5.84 

Table 1 - Effect of the comfort temperature mside the SSHM 
on the maximum annual ice temperature. 

Concluding: 

Ice melting in the surroundings of sub-superficial 
habitation modules (SSHM) in cold regions, such as those in 
the Antarctic continent, is a possibility that requires a study 
prior to the modules' construction. This possible ice melting 
stems from the heat load generation inside habitation modules 
required to maintain the comfort temperature. 

A numerical tool to predict the ice temperature 
distribution, based on the finite volume approach, was 
presented in this work. This model was applied to the ice 
volume surrounding a cylindrical SSHM (r=2m, x=2m) in 
Patriot Hills, Antarctica, with Scm thick walls possessing a 
thennal resistance of 1.67m2KIW, and with a comfort 
temperature of 15°C. 

An analytical equation for the annual variation of the 
atmospheric air temperature, characterized by a monthly 
frequency, was obtained from linear interpolation of data 
gathered in three selected neighboring AWS stations. The 
analytical equation for the ice temperature distribution in the 
absence of the SSHM was derived and used as initial 
condition. The convection heat transfer value h=38.6W/m2K 
for the ice/atmosphere interface was calculated. 

The results have shown that, for the above conditions the 
maximum ice temperature reached (-7.9°C) was far beiO\~ the 
ice melting point. 

A parametric study for the walls thennal resistance Ilk 
yielded the minimum value of 0.6m2K/W required in order t~ 
avoid the melting of the ice surrounding the cylindrical SSHM. 
This value is considerably below the reference value used in 
this work ( 1.67m2K/W), for which the comfort temperature 
can go up to 21 OC without the risk of ice melting. 
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Abstract 

Three methods are used for measuring the 
evaporation rate . These methods include 
change in the water height, water weight, and 
air humidity. Two evaporation modes are 
considered; the first is for water at ambient 
temperature into hot air and the second for 
heated water into air at ambient temperature. 
The air and water temperatures are varied over 
a range of 25-60 °C. As for the air velocity it 'is 
varied over a range of 2-4 m/s. Also, the water 
salinity is changed from 26 ppm for fresh 
water up to 69,000 ppm for rejected brine in 
desalination processes. The measured data is 
correlated as a function of the evaporation 
mode, the pressure difference of the water 
vapor at the water surface and in the air bulk, 
and the air velocity. Measured rates compares 
favorably against a number of literature 
correlations. Results show decrease in the 
evaporation rate upon the increase of the water 
salinity because of the reduction in the water 
vapor pressure at the water surface. 

Introduction 

Water evaporation in air occurs in nature and 
industrial processes such as: drying, air 
conditioning, air fogging in gas turbines, 
thermal desalination, production of 
concentrates, and film cooling. In all systems, 
it is necessary to have good predictive models 
for the evaporation rate as a function of 
various system parameters. Examples of such 
variables are: temperatures and flow rates of 
the air or water streams, system geometry, 
presence of dissolved or suspended material in 
the water, biological activity, and deviation 
from saturation conditions. 

Figure 1 shows psychometric charts 
for two modes of water evaporation. The first is 
for hot air flow past water at ambient 
temperature (line A-C), and the second is for 
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air at ambient temperature flowing past heated 
water (line A-Bl. 

10 15 20 25 30 35 40 45 50 

Dry BlAb Temperattre, •c 

Since the early 1990's, water evaporation is 
investigated in several configurations that 
include: water evaporation in air and 
superheated steam, evaporation from flat pans, 
wetted-wall columns, and water droplets. The 
following is a summary for the main findings in 
these studies (1): 

Measurements of the water evaporation 
rates are very sensitive to various effects 
within the system, which includes the 
following: heat loss to surroundings, 
contamination of the water surface, and 
error in measurement of water surface 
temperature. 
Compiling available literature correlations 
show wide deviations among a large 
number of these correlations. However, a 
number of the older and newer 
correlations provide compatible results. 
Investigators reported an inversion 
temperature of 250 °C, below which the 
water evaporation rate is highest in dry air, 
followed by humid air, and then 
superheated steam. The opposite trend is 
found above the inversion temperature . 
Presence of thin oil films on the water 
surface reduces the evapor~tion rates . 

• Presence of dissolved salts in the 
evaporating water reduces the water 
evaporation by as much as 20%. 
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Fig. 2a. Schematic ofthe water level measurement method. 

This paper focuses on measuring the effect of 
water salinity on the evaporation rate of water 
in moving air. The experiments are performed 
for two evaporation modes; the first is for water 
evaporation from heated water in air at 
ambient temperature and the second is for 
water at ambient temperature into heated air. 

Water Evaporation Rate 

Three methods are used for measuring 
the water evaporation rate, which include 
change in the air humidity, water weight, and 
water level. The results for various measuring 
methods are only accepted if the deviations 
among the different measuring techniques are 
below 5%. 

Calculations of the change in the water 
absolute humidity require measurement of the 
dry and wet bulb temperatures for the inlet 
and outlet air. The two temperatures are used 
to calculate the absolute humidity at the inlet 
and outlet conditions, Therefore the water 
evaporation flux is defined by 

R = Md (W 0 - Wi )/A (1) 

Evaluation of the evaporation rate by Eq. (1) 
involve the following calculations: 

1. Determine the saturation pressure at the 
wet bulb temperature, Pw 

Siphon 

Thermocouples 

Air Duct 
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2. Calculate the water vapor pressure at the 
dry bulb temperature (3 &4) 

3. Calculate the air humidity at the inlet and 
outlet points (3 &4) 

4. Calculate the air specific volume (3 &4) 
5. Calculate the air density 
6. Calculate the mass flow rate of moist air 
7. Calculate the mass flow rate of dry air 

Measuring the change in the water 
level is shown in Fig. 2a. As is shown the 
measuring system includes an electric circuit, 
a sharp end needle, a lever arm, and a length 
scale. Since, variations in the height of the 
water level in the water pan are very small, 
then, the length of the lever arm is adjusted to 
reduce the measuring error. Therefore, the 
ratio of L1 and ~ is adjusted at a value of 50. 

For a ratio of 50, lowering the needle a 
distance of 0.02 mm would correspond to 1 
mm on the length scale. The following equation 
is used to calculate the evaporation rate from 
the water level measurements 

R = p Llli (At +A2) 

A 2 ~t 
(2) 

where h is the water level, A 1 is the surface 

area of the small pan, A2 is surface area of the 

large pan, pis the water density, and M is the 
time interval. 
The weight change measuring system is shown 
in Fig. 2b. The system constitutes, the water 

Air Heater 

1\ Suction 
Fan 

Intake Air 
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pan used for evaporation, a small water pan 
with covered surface or zero evaporation, a 
weighing balance, and a connection between 
the two pans. The mass of the small and large 
pans is given by 

m1=pA1h P) 
m2 = p A2 h (4) 

where 
m 1 and m2 are water mass in the 

small and large pans. 

(5) 

Since the cross section area for both pans 

Equations ( 11) and ( 12) are combined to yield 
the following relation 

R=(~mi)(AI +A2) 

A1A2 ~t 

Experimental Apparatus 

(6) 

The experimental system for water 
evaporation in air is shown in Fig. 2a. The 
system specifications include the following: 

The air duct and water holding tank are 
made of Plexiglas and reinforced with 
aluminum frame. 
The water tank dimensions are 
0.575x0.195x0.1 m in length, width, and 
depth. 
The air duct dimensions are 1.583x0.2x0.3 
m in length, height, and width. 
The air fan is axial flow type with a power 
rating of 0.9 kW. 
The air heaters have power rating of 1 kW. 
The water heaters have power rating of 1 
kW. 

The system instrumentation include the 
following: 

An anometer is used to measure the air 
velocity with an accuracy of 0.1 m/ s. 

• Ten thermocouple probes are used to 
measure the temperature at various points 
within the system. The accuracy of the 
thermocouples is ~0.01 °C. 
Two humidity probes are used tP measllre 
the relative humidity of the intake ambient 
air and the outlet air. The accuracy of the 
humidity probes is rated at 0.1 %. 
The weight balance has a measuring 
accuracy of 0.01 gm. 
Conductivity meter for measuring the 
water salinity with an accuracy of~ 0.01 
1-1S/m 

Temperature and relative humidity 
measurements are stored in a data logger. 
Data logging is made at intervals of 10 
minutes. The logger allows for automatic 
calibration of the thermocouples and relative 
humidity probes. 
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Experimental Procedure 

System operation and 
conducted according 
procedure: 

measurements are 
to the following 

Prior to system operation and calibration 
of instruments, all power and 
thermocouple wiring are visually inspected 
as well as fitting of the fan, the air duct, 
and the water pan. 
Water sample is prepared, which include 
deionized tap water, seawater, rejected 
brine water from the desalination plant, 
and their mixtures. 
All instrumentations are calibrated, which 
include the thermocouples, velocity probe, 
relative humidity probes, level meter, 
conductivity meter, and weight balance. 
The water pan is filled with water to a 
specified level and the beaker placed on 
the balance is also filled with the same 
water to have a constant density. 
Operation starts with switching the air fan 
and adjusting to the desired velocity. Also, 
the air or water heaters are switched on to 
the desired power rate. 
Automatic data logging commences for 
various system temperatures, humidity, 
and weight or level. 
Each power setting experiment is 
conducted for period of 3 hours with 
measurements at 10 minutes interval. 

Error Analysis 

Error analysis in calculating the evaporation 
rates is performed using the Kline-McClintock 
Procedure. The following is the estimated 
errors in calculating the evaporation rates, 
which depends on the method for measuring 
the amount of water evaporated: 

Change in inlet/outlet absolute humidity 
of the air stream: 
The measured errors in the temperature, 
air velocity, time, surface area of the water 
pan, and air relative humidity are 1.5%, 
0.5%, 0.1%, 0.1%, atfd 1%, respectively. 
These errors give an error of 1.3% in the 
calculated evaporation rate. 
Change in water mass: 
The measured errors in the water mass, 
time, and surface area are 0.5%, 0.1 %, 
and 0.1 %, respectively. These errors give 
an error of 0.4 7% in the calculated 
evaporation rate. 
Change in the water level: 
The measured errors in the water level, 
time, and surface area are 3%, 0.1%, and 
0.1 %, respectively. These errors give an 
error of 2.75% in the calculated 
evaporation rate. 
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Results and Discussion 

The experimental parameters include the 
following: 

• Air velocity of 2, 3, and 4 m/ s. 
• Air temperatures of 20, 30, 40, and 50 

oc. 
Water temperatures of 25, 30, 40, 50, 
and 60 oC. 
Water salinity of 26, 34,000, 56000, 
69000 ppm. 

The measured evaporation rate for the 
mode of heated water as a function of the 
water salinity and air velocity is shown in Fig. 
3. As is shown, the evaporation rate increases 
upon increasing the air velocity and decreasing 
the water salinity. Increasing the air velocity 
results in increase of mixing, turbulence, and 
reduction in the boundary layer resistance. All 
these effects enhance the water evaporation 
rate. Increasing the water salinity increases 
the boiling point elevation, which reduces the 
temperature of the evaporated water and its 
vapor pressure. 
Results for water evaporation into a hot air 
stream are shown in Fig. 4. As is shown, the 
evaporation rates can increase by as much as 
100% upon the increase in the air velocity at 
the same vapor pressure difference. The 
salinity effect in these experiments is very 
evident. 
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Fitting Correlations 

The dimensional correlation for the case of 
water evaporation from hot water into 
unheated ambient air is given by: 

R=l 69 v(l.S) x(-0.1) ~p(0.654) (7) 

The correlation predictions versus the 
measured evaporation rate is shown in Fig. Sa. 

The dimensional correlation for the case of 
water evaporation from unheated water into 
heated air is given by: 

R=(294 .s)v(l.OS8Jx(-O.l6)~p(0.376) (B) 

The correlation predictions against the 
measured evaporation rate is shown in Fig. Sb. 

The dimensionless correlatiOn for the above 
correlation's include three dimensionless 
groups, which include Reynolds number, Re = 

pVD I J...l, the dimensionless evaporation rate, R 
= R/(pV), and the dimensionless difference of 

the water vapor pressure, ~p = ~P/(pV2). The 
dimensionless correlation for the case of water 
evaporation from hot water into unheated 

-ambient air is given by: 

R =l.lxlo-7 L\P 1.78x-0.103Re0.65 (9) 
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Display of the correlation predictions versus 
the measured evaporation rate is shown in Fig. 
6a. 

The dimensionless correlation for the case of 
water evaporation from hot water into 
unheated ambient air is given by: 

R =o.o 11 ~p 0.81x-0.16Re0.38 (lO) 

Display of the correlation predictions against 
the measured evaporation rate is shown in Fig. 
6b. 
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Evaporation Rates 

Comparison Against Literature Correlations 

The literature includes a number of 
empirical correlations for water evaporation. 
All correlations are developed for distilled water 
and for the case of water evaporation from hot 
water pool into a moving air stream at ambient 
conditions. The most common correlations are 
summarized below: 

Pauken (5) 

J = a (P w - P a) b ( 11) 

a =74 + 97.97 v + 24.91 v2 

b = 1.22-0.19 v + o.038 v2 
The above data is valid over a temperature 
range of 25-50 oC and air velocity of 0.33-
1.45 mfs. 
Carrier (6) 

J 3370 (95 + 83.7 V) (Pw- Pa)/A. (12) 

The above data is valid for air velocity of 0-
7 mfs. 
Hinchley and Himus (7) 

J = (232.5 + 101 V) (Pw- Pa) (13) 

The above data is valid for air velocity of 
0.95-5.8 mfs. 
Rowher (8) 
J=(125 + 75.5 V)(Pw- Pa) (14) 

The above data is valid for air velocity of 0-
0.67 mfs.~ 

Comparison for the predictions of the 
above correlations is shown in Fig. 7 against 
the correlation for the distilled water developed 
in the previous section. The figures correspond 
to air velocities of 2, and 4 m/s, respectively. 
As is shown, the measured 

evaporation rates are well within the 
predictions of the correlations by Hinchley and 
Himus (5) and by Rowher (6). The highest 
evaporation rates are obtained for the 
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correlation by Pauken (3) followed by the 
relation of Carrier (4). 
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Fig. 7 Comparison of Evaporation Rates against 
Literature for Fresh Water 

Conclusions 
Experimental measurements are performed to 
determine the evaporation rate of water in air. 
Two evaporation modes are considered. These 
include evaporation from hot water in moving 
air at ambient temperature or evaporation from 
water at ambient temperature in a stream of 
hot air. The experiments are performed as a 
function of the water salinity, which includes 
fresh water with a salinity of 26 ppm and brine 
with a salinity of 69,000 ppm. The experiments 
are performed over a temperature range of 25 -
60 oc and air velocity of 2-4 mf s. 

Results show increase in the 
evaporation rate upon the increase in the 
temperature, air velocity, and reduction in 
water salinity. Also, evaporation rates for the 
hot water mode is much higher than 
evaporation for the hot air mode. Measured 
data are correlated in dimensional and 
dimensionless for both modes of evaporation. 
The developed correlations are compared 
against literature correlation. The comparison 
is only limited to the case of evaporation from 
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hot water and low salinity water. Results show 
good agreement with literature correlations. 

The data and results presented here 
are of importance to the desalination industry 
and other applications that may include 
environmental considerations, food drying, 
indoor air conditions, and evaporative cooling. 
The experimental system can be further 
exploited to examine effects of chemical 
additives on the evaporation. This can be of 
great value for flashing and evaporation 
desalination processes. 

Acknowledgement 

The authors would like to acknowledge 
financial support of the Kuwait University 
research administration, Project # ELCO 12 . 

REFERENCES 

(1) El-Dessouky, H.T., Ettouney,H .M., Al­
Atiqi, I.M., and Al-Shamari, M.A., 
Evaporation Rate from Fresh and 
Saline Water in Moving Air, Ind . Eng. 

(2) 

(3) 

Chern Res., In print. 
Jones, F. Evaporation of Water; Lewis 
Publishers, Michigan , 1992 
Olivierie, J. ; Singh, T.; Lovodocky, S. 
Psychometrics: Theory and Practice, 
American Society of Heating 
Refrigeration and Air-Conditioning 
Engineers, Georgia, 1996. 

(4) El-Dessouky H., and Ettouney,H , 
Fundamentals of Salt Water 
Desalination, Elsevier, 2002. 

(5) Pauken, M.T. An Experimental 
Investigation of Combined Turbulent 
Free and Forced Evaporation. 
Experimental Thermal and Fluid 
Science. 1999, 18, 334. 

(6) Carrier, W.H. The Temperature of 
Evaporation. ASHRAE Trans. 1918, 
24, 25. 

(7) Hinchley, J.W.; Himus, G.W. 
Evaporation in Currents of Air. J. Soc. 
Chern. Indust. 1942, 7, 57. 

(8) Rowher, C. Evaporation from Free 
Water Surface. US Department of 
Agriculture in cooperation with 
Colorado Agricultural Experiment 
Station. Technical Bulletin no. 271, 
1931. 

Digitised by the University of Pretoria, Library Services, 2015



st • HEFAT2002 
1 International Conference on Heat Transfer, Fluid Mechanics, and Thermodynamics 

8-10 April 2002, Kruger Park, South Africa 
FJ2 

HEAT AND MOISTURE TRANSFER THROUGH FIBROUS INSULATION 
WITH PHASE CHANGE AND MOBILE CONDENSATES 

J. Fan* and X. Wen** 
*Associate Professor; **Research Associate 

Institute of Textiles and Clothing 
Hong Kong Polytechnic University 
Hung Hom, Kowloon, Hong Kong 
E-mail:tcfanjt@inet.polyu.edu.hk 

ABSTRACT 
This paper reports on a transient model of coupled heat and 

moisture transfer through fibrous insulation, which for the first 
time takes into account of evaporation and mobile condensates. 
The model successfully explained the experimental 
observations of Farnworth, and the numerical results of the 
model were found to be in good agreement with the 
experimental results of a drying test. 

INTRODUCTION 
Condensation in fibrous insulation is a serious problem in 

clothing and many other applications such as building insulation 
and refrigerated space envelopes, as it can result in drastic 
reduction in thermal insulation of the system. 

Despite of the vast published work on heat and moisture 
transfer in fibrous insulation, little has been done on the coupled 
heat and moisture transfer with phase change until 1980s. 
Ogniewicz and Tien [ 1] are the first workers who have 
contributed the subject through theoretical modeling and 
numerical analysis, assuming heat is transported by conduction 
and convection and the condensate is in pendular state. The 
analysis was limited to a quasi steady-state, viz. the temperatute 
and vapor concentration remain unchanged with time before the 
condensates become mobile. Motakef and El-Masri [2] first 
considered the quasi steady-state corresponding to mobile 
condensate, and presented an approximate solution by 
neglecting the condensation during the initial transient period 
and effects of condensate motion on the temperature 
distribution. This theoretical model was later extended by 
Shapiro and Motakef [3] to analyze the unsteady heat and 
moisture transport processes through the calculation of quasi­
steady fields in time-varying domains and compared the 
analytical results with experimental ones under some very 
limited circumstances. This analysis was only appropriate when 
the time scale for the motion of the dry-wet boundary in porous 

media is much larger than the thermal diffusion time scale, 
which may however not be the case with frosting and small 
moisture accumulation [ 4]. 

Farnworth [5] presented the first dynamic model of coupled 
heat and moisture transfer with sorption and condensation. This 
model was rather simplified and only appropriate for multi­
layered clothing as it was assumed that the temperature and 
moisture content in each clothing layer were uniform. Vafai and 
Sarkar [6] first modeled the transient heat and moisture transfer 
with condensation rigorously. For the first time, the interface 
between the dry and wet zones was found directly from the 
solution of the transient governing equations. In this work, the 
effects of boundary conditions, the Peclet and Lewis number on 
the condensation process is numerically analyzed. Later Vafai 
and Tien [7] extended the analysis to two-dimensional heat and 
mass transport accounting for phase change in a porous matrix. 
Tao, et al [4] first analyzed the frosting effect in an insulation 
slab by applying Vafai and Sarker's model to the case with 
temperature below the triple point of water. They [8] have also 
for the first time considered the hygroscopic effects of 
insulation materials in the modeling. Murata [9] first considered 
the falling of condensate under gravity and built the phenomena 
into his steady-state model. The effect of condensates on the 
effective thermal conductivity and radiative heat transfer were 
for the first time considered in Fan et al's transient model [I 0] 
on condensation in porous media. 

Although considerable work has been carried out in the 
past on heat and moisture transfer with phase change, the 
transient solution to the problem with mobile condensates has 
not been found. The present work is to extend the previous 
transient model [I 0] to take into account of the movement and 
evaporation of condensates. 
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NOMENCLATURE 
Ca water vapor concentration in the inter-fiber void space (kg m"3) 

Ca • saturated water vapor concentration in the interfiber void space 
(kg m·3) 

c1 water vapor concentration in a fiber over its radius at a position 
of the fibbrous batting at a certain time (kg m·3) 

Cv effective volumetric heat capacity of the fibrous batting (k.J m·
3 K 

/) 

Cy() volumetric heat capacity of the dry fibrous batting (k.J m·3 K 1
) 

Cw volumetric heat capacity of water (k.J m·3 K 1
) 

Da diffusion coefficient of water vapor in the air (m 2 s·1
) 

D1 disperse coefficient of free water in the fibrous batting (m2 s·1
) 

E the evaporation coefficient, dimensionless 
ec surface emissitivity of the lining fabrics (I: inner lining; 2: outer 

lining) 
F total thermal radiation incident on a point (W) (i.e. R: travel to 

the right, L: travel to the left) 
H, convective mass transfer coefficient (m s·1

) 

Hr convective thermal transfer coefficient (k.J m·2 K 1
) 

ke effective thermal conductivity of the fibrous batting (k.J m·1 K 1
) 

kt thermal conductivity of fiber (k.J m·1 K 1
) 

k0 thermal conductivity of air filling in the fabric batting (k.J m·1 K 
/) 

kw thermal conductivity of water in the fabric batting (k.J m·1 K 1
) 

L thickness of the fabric batting (m) 
M the molecular weight of the evaporating substance, 18.0152 

(g/mol) for water 
p pressure of water vapor in the inter-fiber void (mmHg) 
ps:d saturation vapor pressure of water at absolute temperature T. 

(mmHg) 

Psnr the saturated vapour pressure at the temperature Tv(mmHg) 

Pv vapor pressure in vapor region at Ts (mmHg) 
r radius of fibers (m) 
R the universal gas constant, 8 .31447lxl07 (joules K 1 mof1) 

R1c resistance of direct heat transfer (s m·1)(i.e. O:inner fabric, I :outer 
fabric) 

Rwc resistance of water vapor transfer (s m·1Xi.e . O:inner fabric, 
I :outer fabric) 

RHc relative humidity (%Xi.e. 0: surface next to human body, 
I :surranding air) 

T,0 temperature of the boundaries (K) (i.e. 0: surface next to human 

body, I :surranding air) 

Cae moisture concentration at the boundaries (K) (i.e. 0: surface next 

to human body, I :surranding air) 

r. temperature at the interface (K) 

Tv temperature in vapor region (K) 

real time from change in conditions (s) 

w resistance to water vapor resistance (i.e. O:inner fabric, I: outer 

fabric) 

Hf water content ofthe fibers in the fabric, WrC/p 

W water content of the fibrous batting 

W, Critical level of water content above which the liquid water 

becomes mobile 

W; Initial water content 

x distance (m) 

E porosity of the fabric 

A. latent heat of(de)sorption or condensation of water vaporb7ythe 

fibers (k.J kg-1
) 

p density of the fibers (kg m·3
) 

r effective tortuosity of the fabric 

p radiative sorption constant 

a Boltzmann constant 

r the rate of (de)sorption, condensation, freezing and/or 

evaporation (kg s·1 m·3
) 

MATHEMATICAL MODEL 
We consider a physical system (i.e. a clothing assembly) 

consisting of a thin inner fabric layer close to human body, a 
thick porous fibrous batting and a thin outer fabric next to the 
cold environment as shown in Figure 1. The following 
assumptions are made: 
( 1 ). The porous fibrous batting is isotropic. 
(2). Volume changes of the fibers due to changing moisture and 

water content are neglected. 
(3). Local thermal equilibrium exists among all phases and as a 

consequence, only sublimation or ablimation is considered 
in the frozen region. 

(4). Convective heat transfer in the fibrous batting is negligible. 
This is justified based on the past experimental work on dry 
heat transfer in fibrous insulation [ 11]. 

(5). The moisture content at the fiber surface is in sorptive 
equilibrium with that of the surrounding air. 

-jLO~------L-------;l1 r 
r adi at ion 
--------· 

conduct i on ________ .,. 

evaporation 
· i ~ 

Cold 

Air 

T1, RH1 

i nner porous batt i ng outer f abr i c 

Fig.l schematic diagram of the porous fabric assemblies 

Consider the heat and moisture transfer within the porous 
batting, based on the conservation of heat energy and applying 
the two-flux model of radiative heat transfer [10,11], at position 
x and time t, we have 
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(1) 

According to mass conservation, moisture transfer in the 
inter-fiber void is governed by the following equation: 

(2) 

The diffusion of free water in the porous batting is 
govemedby: 

C(W-W) if(W-W) 
~1-&) 1 =1(1-&).q 2 

1 +nx,t) (3) a at 

where, W1 (x,t) = C1 (x,t)/ p, which is the water absorbed 

within the fibre; W is the total water content including that 
absorbed by the fibres and on the fibre surface, 

l··r W(x,t) =- r(x,t)dt; 
p 0 

(4) 

W- Wt is the water content on the fibre surface and is defined as 
the free water content. D1 is defined phenomenologically, and is 
dependent on water content, temperature and properties of the 
fiber batting. DFO when the condensate is immobile, which is 
the case when the water content is less than a critical value We, 
or when the free water is frozen. Equation (3) only applies when 
W> w1 

When the relative humidity is less than 1 00%, viz. there is 
no condensation, r(x, t) is the rate of absorption or desorption, 

which may be determined according to the Fick's law of 
diffusion with a diffusion coefficient D 

1 
dependent on the 

temperature and water content in fibers [ 1 0], viz. 

(5) 

where, r is the radius, c~ is the volumetric moisture 

concentration in the fiber. The boundary condition for equation 
{5) can be determined by assuming that the moisture 

concentration at the fiber surface C ~ ( x, R 1 , t) (R1 is the 

radius of the fiber) is instantaneously in equilibrium with the 

surrounding air. Consequently, C 1 ( x, R 1 , t) is a known 

function of the relative humidity of the surrounding air RH(x,t), 
i.e., 

C~(x,R1 ,t) = f(RH(x,t)) (6). 

The function, f , is a known empirical functional 

relationship, which can be found in textile textbooks in data or 

graphical form. With C f , the water content absorbed by the 

fibers W1 may be integrated by 

W 2 JR r 
1 ( x , t ) = { 2 /( p R f ) } 

0 
C 1 rdr (7), 

where, p is fiber density. After determining the fiber water 

content, the absorption rate r(x,t) in the non-condensation 

region can then be calculated by: 

f(x,t) = rs (x,t) = p(l- &) aw ~~x,t) (8) 

When the relative humidity reaches I 00%, condensation 
takes place in addition to absorption. The water condensation 
rate rc (x, t) can be uniquely determined by the mass balance 

equation, i.e. 

r ( )-(Da o2
C;(x,t) ac;(x,t)) (9) 

c x,t - ' (h-2 ___ o_t_ & 

where, c;(x,t) = 216.5xP.ar xl0-6 IT(x,t) 

When liquid water diffuses to the region where the relative 
humidity is below I 00%, evaporation takes place. Many models 
had been proposed to determine water evaporation [12]. The 
model applied in the present study is expressed as follows: 

(10). 

Base en the definition of relative humidity, we have: 

RH = Pv ~· , therefore 
, ~~at 

(11). 

According to our third assumption, Tv=Ts, therefore 

~~t =~at (12), 

Substitute Pv in Equation (I 0) with Equation (II), and then 

substitute ~~t with ~at , we get: 
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re = E .J M I 27rR. (1- RH)Psal I fi: (13) 

The effective thermal conductivity in Equation (I) is 
calculated by 

(14) 

and the effective volumetric heat capacity of the fibrous batting 
is calculated by 
Cv = Cvo +WCw (15) 

The boundary conditions to main differential equations ( 1) 
and (2) are the same as those reported previously [I 0]. Consider 
the conductive heat transfer at the interface between the inner 
thin fabric and the fibrous batting and that between the outer 
thin fabric and the fibrous batting, we have 

Ton+l -Tho 

Ro 
T. _ T n+l 

bl N 

(16). 

Consider the moisture diffusion at the interface between the 
inner thin fabric and the fibrous batting and that between the 
outer thin fabric and the fibrous batting, we have 

!
D £ ac;+l I = c;;l -cabO 

a ax x=O Wo 

(17) 
acn+l c - cn+l 

D £--a-1 = abl al 
ll ax x=L WI + 1 I H c 

Consider the radiative heat transfer at the interface between 
the inner thin fabric and the fibrous batting and that between the 
outer thin fabric and the fibrous batting, we have 

NUMERICAL COMPUTATION 
The differential equations in the above section were solved 

by the Implicit Finite Difference Method, with assumed initial 
conditions simulating different practical circumstances. The 
computational procedure was such that, at each time step and 

each position, the computed vapor concentration C a (x , t) 

was compared with the saturation vapor 

concentration C ; ( T ( x, t )) at the corresponding 

temperature. If the calculated vapor concentration was greater 

than, or equal to, the saturation one, C a (X, t) was then set to 

c ; ( T ( x , t )) . The condensed water content was then 

calculated by equation (9). At each time step and position, the 
free water content is checked, if W> Wfi Equation ( 13) was used 
to calculate the rate of evaporation and Equation (3) was used 
to calculate the free water diffusion. The liquid water 
diffussivity D1 will initially be set to be zero as there is no liquid 
movement at the start. At each time step and position, the 
calculated water content W was also compared with the critical 
water content We. If W was greater than We and the temperature 
was greater than 0°C, D1 will be set to Dt(W). With the new 
water content, the effective thermal conductivity k(x. t) was 
updated at each position and time step. 

ANALYSIS AND VERIFICATION OF THE MODEL 
Farnworth [5] reported qualitatively based on his 

experimental observation that, heat flux through wet fibrous 
batting was 3 to 5 times as much as that through dry batting. 
This dramatic increase in heat flux must be caused, he believed, 
by the extra heat transport due to the evaporation and diffusion 
of water vapor, since the increase in conductive heat transport 
due to the increased water content could only explain for an 
increase of 1 0% or 20%. 

Table I: Parameters used in the Calculation 

p A E 't 

Dry Wet Freezing 

region region region 

910 .0 2522.0 2260.0 2593 .0 0.87 1.2 

D. D! D, C.o c.,() E 

2.5x10·5 1.3x10·1l 9.0x1Q-4 1715.0 4200.0 7.0x10 

3 

R,o R,., R,o R,o RHo RHt 

0.1 0.1 0.3 0.3 96% 90% 

ka k, k,. p (J' w, 

O.D25 0 I 0 .57 8 5.672x10·12 5 

£, eJ Tbo h , R L 

0.9 0.9 306 253 1.03x10·5 0.04 

(33 "C) (-20°C) 

Note: the fibrous batting was assumed to be made of 
polypropylene 
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Fig. 2 Predicted heat flux for an initially dry and wet batting 

The new model proposed in this paper and the old model 
reported previously [I 0] were both applied to calculate the heat 
flux through an initially dry and an initially wet batting to see 
whether the inclusion of evaporation and liquid water 
movement in the new model can better explain the experimental 
observation by Farnworth [5]. The parameters used in this 
calculation are listed in Table I. The results are plotted in 
Figure 2. As can be seen, when the fibrous batting is initially 
dry, the heat flux predicted by the new model and that by the 
old model are very similar, indicating that evaporation and 
movement of liquid water considered in the new model have 
only small effect on the insulation property of the batting. 
However, when the initial water content is 50%, simulating a 
initially wet batting, the heat flux predicted by the new model is 
about 3 time of that by the old model, which indicates that 
evaporation and movement of liquid water in the batting are 
very important mechanism accounting for the dramatic increase 
in heat flux. The calculated results are in agreement with 
Farnworth's observation. 

To better understand the mechanism of the phenomena, 
change of water content distribution with time predicted by the 
new model was plotted in Figure 3 for the initially dry batting 
and in Figure 4 for the initially wet batting, respectively. As can 
be seen, when the batting is initially dry the accumulation of 
condensed water is slow even under the cold condition of -
20°C. The condensed water may diffuse to areas having lower 
water content and re-evaporate, resulting a rather flat water 
content distribution as shown in Figure 3. However, the 
situation is very different for an initially wet batting. In this 
case, the water content in the inner region (i.e. close to the 
warm human body) reduces very quickly due to evaporation and 
the released moisture is diffused towards outer (or cold) region, 
where it is re-condensed. The condensed, but unfrozen (liquid) 
water in the outer region may move back to the inner warm 
region by liquid water diffusion and get re-evaporated in the 
inner region. The evaporation, moisture diffusion, condensation 

and liquid water movement create a cyclic effect, which greatly 
increases the heat flux through the system. 

~ MAX=6.08% 

~~ 
i ~ 
t ~ 

'"l 
..j 

<~~-;:2~?:::~·~· 
U,;'~;·-?''; 

Fig. 3 change of water content distribution with time in batting. 

,.., 
..,j MAX=50.92% 

, .. ·1··· 
·~~; '!lti>:.. .• .(~) 

0 .......... . 
1 rt/1 

tt,~c!o..'. ~-1 
-"""(~). 

.;. 

Fig. 4 change of water content distribution with time in batting. 

The model was also used to fit the experimental results of a 
drying test carried out by Farnworth [5]. In this test, a 13mm 
thick polyester batting of 1.3% fiber volume (230g/m2), having 
an initial water content of 150%, was contained in a polyester 
mesh within a cylindrical holder (There was a 5 mm hole drilled 
through the holder to permit the exchange of water or moisture). 
The assembly was prepared and placed on a hot plate controlled 
at 35°C in an atmosphere of 22°C and 30% RH. In the 
theoretical calculation, some parameters listed in Table I were 
adjusted to reflect the experimental condition. The value of 
adjusted parameters are listed in Table II. 

Tab e II. Value of the Ad.iusted Parame ters 
p £ L Initial 

water 

1361.0 0.987 0.013 ISO% 

Tbo Tbt RH; 

307 255 30% 

(35 "C) (-22"C) 

Figure 5 compares the calculated results using our model 
with the experimental ones. The theoretically predicted results 
matches well with the experimental ones in trend. The generally 
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lower heat loss may be due to the fact that additional heat 
energy was required in the experiment to dry off the water on 
the holder and absorbed by the polyester mesh. 

0.014 

0.012 ~ -··o-- Farnworth's experiment result 
-simulation result 

0.010 

"'s o.oo6 
~ x ii: 0.006 

iii 
~ 0.004 

0.002 

0.000 +---r--.---.-,--.---,----r--,---.-.---.---r---r----r---.--, 
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CONCLUSIONS 
Water evaporation and movement in porous media are 

important phenomena, which can greatly affect the coupled heat 
and moisture transfer. In our work, this phenomena has been 
modeled incorporating radiative heat transfer, evaporation and 
mobile condensates. Based on the comparison between the 
theoretical and experimental results, the proposed model is 
believed to be appropriate for porous fibrous insulation. The 
model may be further extended to other porous media. 
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ABSTRACT 
The flow through a distal anastomosis has been studied 

experimentally with the aid of a Particle Image Velocimetry system. 
Trends of axial wall shear stress with Reynolds number were produced 
for two blood analogues: a non-Newtonian power-law fluid, and a 
Newtonian fluid. By using two separate scaling methods for the two 
fluids it has been possible to investigate the effect of assuming that 
blood can be modeled with a Newtonian liquid without the rheological 
effects and Reynolds number effects becoming confused. It has 
further been possible to investigate two common methods of 
comparing Newtonian flows with non-Newtonian flows and assess 
their respective ability to predict the wall shear stress trends of a 
power-law fluid (such as blood). 

It is found that the Newtonian assumption can lead to errors well 
in excess of l 00% in the prediction of peak wall shear stress, although 
general flow parameters such as stagnation points are largely 
unaffected. It is concluded that in any scaling procedure where a non­
Newtonian fluid is being modeled, it is preferable to include some 
measure of the non-Newtonian nature of that fluid. 

INTRODUCTION 
Scaling methods for Newtonian fluid flow are well established 

and are in widespread use throughout engineering research and 
practice. However, the majority of synthetic fluids are non-Newtonian 
and the methods of scaling are far more complex. Many natural 
liquids e.g. blood, synovial fluid and sputum are also non-Newtonian. 
One reason for the scaling complexity is that it is difficult to separate 
the effects of Reynolds number from the viscous (or rheological) 
effects in any comparison between the flow of fluids of a different 
rheological character. In the case of blood flow through an artery, for 
example, the flow of blood in vtvo is usually modeled using a 
Newtonian liquid in vitro. Various methods for calculating 
'equivalent' flow rates for blood flow are currently employed in the 
literature, but there is uncertainty as to which method is most 
appropriate. For this reason, a suitable approach to scaling applied to 

experiments in which both non-Newtonian and Newtonian blood 
'analogues' are employed is needed. 

The specific case under consideration in this study is the flow in 
an arterial bypass graft (a distal anastomosis). Ideally, any model used 
to study this (or any other) type of flow will be dynamically similar to 
the in vivo case, i.e. all the relevant forces will be in the same ratio for 
both model and life scale and therefore all the flow phenomena at life 
scale will be reproduced in the model. Since blood is a non­
Newtonian fluid, this would clearly involve including at least one 
parameter to describe the non-Newtonian nature of the fluid. 
However, in an effort to simplify what is a complex collection of 
conditions, many authors [e.g. l, 2, 3) have chosen to neglect the non­
Newtonian character of blood. This has generated considerable debate 
as to how big an effect this has on the flow conditions being studied. 

Unfortunately, despite many years of research there is still 
considerable confusion in the literature about the comparison between 
non-Newtonian and Newtonian blood analogues. Some authors [e.g. 
4] report no differences in the essential flow characteristics, with 
errors limited to 50% in the prediction of secondary flows. The 
majority of authors conclude that there are differences, but due to the 
myriad of different flow conditions in the body, cannot come to a 
consensus about the magnetude of these differences, or the conditions 
under which they appear. 

For example, Ballyk et a/ (5) report in a study of a distal 
anastomosis that the rheological effects are important in steady flow 
conditions, but largely disappear under pulsatile conditions, while 
Rodkiewicz et a/ [6] conclude that for a straight artery, the non­
Newtonian effects only appear in pulsatile flows. Chakravarty and 
Mandai [7] also fmd seemingly contradictory results, reporting that a 
Newtonian fluid can model blood flow satisfactorily in the parent aorta 
of the aortic arch, but ' drastic change' is seen further downstream in 
the daughter artery. 

Much of the confusion arises from the fact that most authors do 
not give due attention to the scaling procedures that arise from a 
process of dimensional analysis. The approach taken in much of the 
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literature is to assume the non-Newtonian fluid (blood) can be 
satisfactorily represented by a Newtonian fluid if the viscosity is 
chosen correctly. Doing this makes it possible to then study the two 
fluids (of different rheological character) at apparently similar 
Reynolds numbers. In general there are two schools of thought as to 
how best to generate a representative viscosity for blood. Since blood 
has a high shear Newtonian plateau, many [e.g. 8] use this value as a 
representative viscosity (in the order of 3.5mPa.s). Others [e.g. 9] 
prefer to take into account more of the low shear behavior of blood 
and choose to use a higher 'characteristic' viscosity. Either way, since 
the Reynolds number depends fundamentally upon a measure of the 
viscosity, any such assumption will lead to changes in Reynolds 
number effects, rendering this method of comparison somewhat 
clouded. This paper aims to avoid this problem by dealing with two 
separately defined Reynolds numbers; the Metzner-Reed Reynolds 
number for describing the non-Newtonian conditions, and the standard 
Newtonian Reynolds number for describing the Newtonian conditions. 

DIMENSIONAL ANALYSIS AND SCALING 
In this study it is assumed that blood rheology can be described 

by a power law relationship (equation 1) with n = 0.63 and K = 
0.015Pa~, and that blood density, p = 1060kg.m·3. It is further 
assumed that the blood flows at a steady rate with mean velocity U, 
through rigid-walled arteries of diameter D = 6mm (typical of femoral 
artery). 

(n-1) 

(1) 

It can be shown using standard dimensional analysis that the 
conditions described above can be entirely characterised by two non­
dimensional groups. The first is the well-established Metzner-Reed 
Reynolds (Re MR) number, and the second is the non-dimensional 
power law index, n (equation 2 ). 

n (2) 

Since the power law is a simple relationship, the scaling 
procedure is straightforward, with only one extra dimensionless group 
compared with the Newtonian case. If more detailed rheological 
models are used, it should be borne in mind that one more 
dimensionless group has to be incorporated for each extra parameter 
employed, making practical experimentation very difficult. It should 
also be noted, perhaps more importantly, that it is impossible to 
achieve dynamic similarity between a non-Newtonian and a 
Newtonian flow, and any attempt to compare the two can only be for 
practical purposes. For this reason the procedure adopted in this study 
will avoid a direct comparison between the Newtonian and power-law 
fluids, and deal with the two types of fluid separately. In particular, 
trends in axial wall shear stress with the Metzner-Reed Reynolds 
number will be studied using a power-law fluid and then similar trends 
will be produced with a Newtonian fluid but will be characterised by 
the standard Newtonian Reynolds number. Thus no assumption as to 
how best to relate the power-law to a Newtonian viscosity will be 
necessary and, by comparing the two sets of trends, conclusions can be 
made about which of the Newtonian trends best represents any given 
power-law trend. 

Experimental Methods and Procedure 
The experimental apparatus is shown schematically in figure 1. 

The test section (shown in inset) consists of a 45° end to side jWlction 
(representative of an end to side anastomosis graft) made from 
borosilicate glass tube of internal diameter 38.5mrn. Typical fillet 
radii were 5mrn and lOmrn for the heel and toe respectively. An entry 
length of 47 pipe diameters is formed by lm of 38.5mrn glass tubing, 
together with the flowmeter section. Flow is provided by means of 
two gear pumps, whose speeds are controlled via a computer. (The 
two pumps enable the rig to produce a pulsatile flow, although only 
steady flows are reported in this paper.) The flow rate was measured 
using a combination of the Electro Magnetic flowmeter (Fischer & 
Porter DS4111A) and a PC30AT data collection card. Two flow 
control valves were positioned downstream of each branch of the 
testing section to allow the flow to be split in any proximal: distal 
ratio. Each of the three ratios used in the study (100% distal, 75% 

WaD._.._......._ cMIIDedllaaaAB ... bocJottbe pft 

A1F================T=====~ 

Fiaure 1 Schematic Diagram ofTestiog Apparatus 
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d.stal and 50% distal) were mea.sw-ed by the rotameters (Fischer & 
p~~ 10A3500) located at the end of each retw-n branc~. 

As has already been stated, the test was conducted m two separate 
parts: power-law trends and Newtonian trends. The power-law fluid 
employed was an aqueous solution of 0 .07%~ Xanthan G~ (a high 
molecular weight polymer). Its rheological charactenstics (see 
equation 1) were measw-ed using a TA _ARJ OO~N cone and plate 
rheometer (n = 0.63, K = 35.6mPa.s), and Its density was found to be 
l002kgtm3. An aqueous solution of 60%wt glycerine (viscosity = 
!1 .0mPa.s, r = 1152kg/m

3
) was used as the Newtonian fluid. Since the 

experimental rig was l_arger (approx. 6 times) than _a ~f~-scale ~ery, 
some· scaling calculations were necessary to obtam ng-scale flow 
rates that were equivalent to the flow rates in vivo. For the power-law 
fluid the Metzner-Reed scaling procedw-e outlined by equation 2 was 
employed, while for the Newtonian case a suitable range was found to 
be 130- 1200. The in vivo flow rates are typical of conditions in the 
femoral artery. Table 1 sw-nmarises these values. 

Flow rate 
in vivo 

(mllmin) 

120 
270 
415 
563 

Table 1 Metzner-Reed Reynolds Numben 
calculated from in vivo parameters 

Mean velocity (rnmls) Metzner Flow rate in rig 
(in vivo diameter -Reed (1/rnin) 

= 6rnml Re (from MR scaling) 

70.1 76 4.16 
159.2 232 9.39 
244.6 420 14.49 
331.9 640 19.70 

Fluorescent seeding particles were added to the testing fluid to 
enable a Particle Image Velocimetry (PIV) system to be used to record 
the velocity distribution in the center plane of the graft. This raw 
information was then represented by a velocity vector map, an 
example of which is shown in figw-e 2. Each vector on the map 
represents an average of 100 readings. 

1n order to investigate dynamic similarity, it was necessary to use a 
parameter that showed a clear trend with Reynolds number. It was 
fotmd that axial wall shear stress information along the bed of the 
graft, extracted from the velocity vector maps could be used for this 
purpose. These trends provided a clearer, more exact means of 
comparison than could be afforded by the vector maps alone, or by a 
comparison in the shape of velocity profiles. Wall shear stress is also 
of central importance to the study of arterial disease. Estimates of 
axial wall shear stress were found using the following equations: 

(from equation 1) 

so that: 

(3) 

(where u is the velocity a distance o from the wall) 

Thus the wall shear stress distributions along the bed of the graft 
(A-B in fig . I) were detennined using the local velocities nearest to the 
wall, the distance of these velocities from the wall, and the rheological 
characteristics of the fluid. In order to eliminate errors in the 

.... 

measw-ement of o due to refraction, a calibration target was used to 
fmd a relationship between the pipe radius recorded by the PIV system 
and the actual radius. (The measw-ements were taken typically 1mm 
from the wall.) 

Discussion of Results 
The first test performed was a check to demonstrate that the 

Metzner-Reed scaling procedw-e worked experimentally. A second, 
thicker power law fluid (0.05%wt Xanthan gum, 50%wt Glycerine, 
aqueous) was used to obtain results that could be compared to the 
Xanthan gum results. The power law index (n) of this fluid was the 
same as the 0.07%wt Xanthan gum solution, but the value of K was 
increased (81.0 mPa.s). This enabled results to be obtained at the 
same ReMR but at different flow rates and the results can be seen in 
figure 3. The values of axial wall shear stress along the bed of the 
graft are plotted non-dimensionally by dividing by Y2pU2

, and 
similarly the axial distance along the bed is plotted without 
dimensions, the origin being at the intersection of the centerlines of the 
two pipes. 

The results show good agreement and therefore demonstrate that 
the Metzner-Reed procedw-e does work in practice, and can be used to 
accurately model a power law flow. These results also increase the 
confidence in the rig and instrumentation, since the trends are not only 
repeatable, but can be reproduced with fluids of different viscosities 
(with the same n value) flowing at different flow rates. 

0.15 

0.10 

e e 0.05 
::1 

,,, _____ ,.. . . .. ·I 

::::::::::~~:~~:::: ~. 

Figure 2 Velocity vector map for 
0.07% Xanthan Gum, 75% distal split. 

Example ofPIV output. 
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Figure 3 Wall shear stress predictions obtained using 
two fluids: Xanthan Gwn (closed symbols) 

and Xanthan/Glycerine (open symbols) 
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Figures 4-9 show the. resul~ obtained for th~ 0.0?0/owt Xanthan 
gum solution and Newto~an fl~td~ at the three different flow splits. 
The graphs are presented m a s~l~ w~~ t~ figure 3. Upon initial 
inspection it is clear that there are similanbes m the two sets of trends. 
Perhaps one of the most noteworthy points of similarity is that the 
stagnation points are in .th~ ~e ~egion for both types of fluid at each 
flow split. Another similanty ts the general shape of the curves, 
although the peaks tend to be more clearly defmed for the Newtonian 

tluid. 
To obtain a more thorough understanding of the extent to which 

the trends match up, it is necessary to consider the two main 
assumptions made about blood rheology that were outlined in the 
Introduction of this paper. Table 2 shows the four main in vivo flow 
rates that were given in ~ble 1. Alongside them is a list of the 
Newtonian Reynolds numbers that would be calculated if blood were 
asswned to have a Newtonian viscosity of 3.5mPa.s [8] and 7.8mPa.s 
[9]. It is now possible to compare the results obtained with a non­
Newtonian fluid with those obtained for the Newtonian one, and see 
what effect the above assumptions have. 

Table 2 Newtonian Reynolds numbers calcul:!ted from original 
flow rates, but assuming different blood viscosities (see above) 

Newtonian Re if: 
Flow rate Metzner-Reed J.1=3.5mPa.s J.1=7.8mPa.s 

in vivo (rnmls) ReMR [8] f91 

70.1 76 127 57 

159.2 232 286 129 

244.6 420 440 198 

331.9 640 597 268 

For example, consider the 50% distal flow split trends. To 
ascertain which Newtonian Reynolds number should be used to model, 
say, the second power-law trend (ReMR=232), it is a simple matter of 
looking at the set of Newtonian trends and deciding which is closest to 
the ReMR=232 trend. From table 2 it can be seen that the first 
assumption (blood viscosity = 3.5mPa.s) would suggest a Reynolds 
nwnber of 286. By glancing across to the Newtonian graph, it can be 
seen that this would give an over-prediction of peak axial wall shear 
stress of approximately 50%. If the viscosity were assumed to be 
7.8rnPa.s, the suggested Reynolds number would be 129. This time a 
glance across to the Newtonian graph demonstrates that this would 
generate a peak stress value of double the true value. According to the 
graph the best Newtonian Reynolds number to predict the wall shear 
stress would be 800. It can be shown that this would be the equivalent 
of assuming a blood viscosity of only 1.25mPa.s, i.e. below the second 
Newtonian plateau level. 

Unfortunately this does not present an end to the problem. If a 
similar analysis is performed with the second trend in the l 00% distal 
split group the result is quite different. It would appear that the 'best' 
Reynolds number for this case would be 1200 (equivalent to a blood 
viscosity of 0.84mPa.s). Thus markedly different assumptions are 
needed to even accommodate a change in the flow split. 

There is one more point that needs to be made to highlight the 
dangers of assuming that blood behaves as a Newtonian fluid. In the 
analysis performed so far, the aim has been to fmd a Newtonian trend 
that is numerically similar to a given power-law trend for one flow 
parameter (the wall shear stress). However even when a numerical 
match is found, there is no guarantee that the Reynolds number 
suggested will produce flow conditions able to predict any other flow 

characteristic. When studying flow through an anastomosis model, it 
is possible to observe three distinct flow regimes. In the first, at very 
low Reynolds numbers, the flow is simply two-dimensional with very 
little secondary flow. As the Reynolds number is increased, three­
dimensional flow develops, and the classical helical flow patterns can 
be seen. If the Reynolds number is increased further, the beginnings 
of unsteady flow can be observed. It would therefore be entirely 
possible to fmd conditions that predicted one parameter (e.g. wall 
shear stress) well, but was actually in a completely different flow 
regime, totally uncharacteristic of the in vivo conditions. 

Conclusion 
A comparison has been made between the axial wall shear stress 

along the bed of a distal anastomosis predicted by a Metzner-Reed 
scaling method and a Newtonian scaling method. By using two 
separate scaling methods, it was possible to draw conclusions about 
the results without Reynolds effects confusing the issue. 

It was found that by using the most popular Newtonian 
assumption (i.e. blood viscosity = 3.5mPa.s), errors well in excess of 
100% were generated in the prediction of the wall shear stress values. 
Furthermore, if a higher value for blood viscosity is assumed these 
errors will increase, not decrease. It was also found that there is no 
single value of Newtonian viscosity that can be assumed to give a 
close numerical match with the non-Newtonian flow for every case. 
In light of this, and due to excellent agreement obtained when the 
Metzner-Reed scaling procedure was used, it must be concluded that 
in experiments in which the numerical values of wall shear stress are 
not irrelevant, the Metzner-Reed Reynolds scaling procedure is highly 
preferable. 
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ABSTRACT 
Besides space heating warm water supply is the second 

largest energy consumer in the domestic sector, covering 
around 10 to 20% ofthe residential energy consumption. 

In a first step, the paper shows the present situation 
concerning the standard standing losses of electric storage 
water heaters. For that purpose, a simulation model was 
developed calculating the standard standing losses as a 
function of the geometrical dimensions of the tank and the used 
insulation performance. The simulation model also allows to 
determine the optimal insulation thickness to reach minimum 
life cycle cost for given electricity and insulation prices. 

Standard standing losses are characteristic energy figures 
which only allow to compare the performance of similar 
appliances. For further analyses like estimation of energy 
savings or C02 emissions the knowledge of the real standing 
losses is of importance. Therefore, another simulation model 
(WATERSIM) calculating the real energy demand was 
developed. With this simulation model the real energy demand 
for each tapping profile can be determined. 

Both models - for standard standing and real standing 
losses -form the basis for an economical analysis to find out 
the optimal insulation thickness for electric storage heaters and 
the resulting C02 emission saving potential. 

INTRODUCTION 
About 30% (42,5 million) ofthe 142 million households in 

the European Union are using electric water heating systems, 
mostly electric storage water heaters (ESWH)- see figure 1. 

Storage water heaters allow to provide a larger amount of 
hot water with only a small heating power. However, due to 
unavoidable heat transmission those hot storage tanks cause 
remarkable standing losses. 

The goal of this paper is to perform a technical and 
economical analysis to figure out the design characteristics of 
efficient appliances and to calculate the resulting energy and 
cost saving potentials for electric storage water heaters, - by 
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means of an exact technical simulation model on the one hand, 
and a dynamic cost analysis on the other. 
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Figure 1: Households using Electric Hot Water Systems in 
European Countries 1995 

STANDARD STANDING LOSSES 
Standard standing losses Ls~,st are the characteristic figure 

which allows energy classification and makes storage heaters of 
the same capacity comparable, but they do not describe real life 
conditions. The situation of the electric storage heaters 
concerning standard standing losses is shown in the data base 
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supplied by CECED (the organisation of the European 
manufactures) - see figure 2, which is covering about 80 % of 
the European market. 
As can be seen, the situation of the European ESWHs shows an 
extremely large spread of standard standing losses for heaters of 
the same capacity. For nearly all capacities a ratio in the 
standing losses up to four between the most inefficient and the 
best models was found on the market. 

4,0 

3,5 

3,0 

~ 2,5 

12.0 

" j 1,5 

1,0 

0,5 

Vertical (V = 50 ... 1000 Lifer): 

L.o.ec K 0,2 + 0,051 . y'1J3 

Small (V < 50 Lifel1: 

L.o.ec K 0,13 + 0,0553 · vm 

100 200 300 400 500 
Volumen [Liter] 

Figure 2: Standard Standing Losses Lst,st of different Capacities 
of Hot Water Storage Tanks·- CECED Database 1995 

A Base Case Lst,BC is defined as the average of the existing 
models in the CECED data base and is expressed by an 
approximation formula as a function of the capacity of the 
storage tank. 

Vertical Capacities (50 ... 1000 litres): 
Lst,BC = 0,2 + 0,051 V213 [kWh/d) (1) 

Small Capacities(< 50 litres): 
Lst,BC = 0,13 + 0,0553 V213 [kWh/d] (2) 

• Testing conditions: 
Standard standing losses Lst,st have to be measured under 

standardised conditions according IEC 379/HD 500 with: 
- ambient temperature T amb = 20 °C 
- and hot water temperature T h = 65 oc 

without any draw-off during the test(> 48 hours). 

• Technical influences: 
A simulation model for the calculation of the standard 

standing losses has to consider the physical behaviour of the 
heat transfer losses of the storage tank as a function of all 
energy relevant conditions. At a given temperature difference 
L\ T between hot water and ambient air, the standing losses of 
the full hot tank depend on the quality of heat insulation, i.e. the 
insulation thickness on side and top, the thermal conductivity of 
the insulation material, the effect of heat bridges (water outlets, 
thermo-sensors, anodes, circulation lines, mounting 

constructions, etc.) and the geometrical dimensions of the tank 
(i.e. mainly the ratio height to radius HIR). 

V Volume pitres) 
2R, outside diameter [m) 
2R, inside diameter [m) 
H outside height [m) 
h, inside height [m] 

insulation side [m] 
s. insulation top [m) 

A. heat conductivity of 
the insulation [W/m K] 

Figure 3: Simplified Storage Heater Model 

• Sensitivity analysis: 
A sensitivity analysis for the standard standing losses 

identifies and quantifies the main influence factors on the heat 
transfer and the resulting heat losses. The sensitivity analysis 
shows that the main influence on the standard standing losses 
follows from the ratio s/'A. All other design parameters are of 
minor influence and can not explain the big range for Lst,st of the 
market models in the CECED data base - see figure 2. 
Assuming that the same insulation foam is used for nearly all 
models the most important influence factor is the insulation 
thickness. 

~ -,;.;o 
j 

h/R, 

jRIIfe;~~ Point: i 
1 insulation 1hiclmess: s = 0,04 .. 0,05 m 
! 1-' conductivity: A= 0,035 Whn K 
I higtl/radus atla1k: h,.R, = 5 
[file losses: P. = 5 W 

P., 5./s 

s/A, s.;s P,.., h,IR, [%) 

Figure 4: Sensitivity Analysis of Standard Standing Losses 

REAL STANDING LOSSES 
Standard testing conditions neglect all usage conditions, 

they only describe the stationary standing condition and 
quantity the resulting losses of a 24hour hot standing period 
after a 48 hour warm-up. Real life conditions, in contrary, take 
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The lower layer is heated up as soon as the power supply of 
the heating element is activated and as long as the thermo­
sensor, which is situated above the heating element, gets "less 
than the set temperature". Heating procedure is assumed to take 
place only in the lower layer as long as its temperature is less 
than in the upper part, afterwards the total volume is heated up 
till the set temperature is reached. 

Basis for further analysis 
- system comparison 
- saving potential 

(energy, C02 errission) 

Storage Tank: 
- Real standing losses L.t 
- Real loss factor t,.., 
-Efficiency 1111 

Storage Tank and Distribution: 
- Efliciency (total system) TJ-
- End Energy Dernald E 

Figure 7: Simulation Model for the Calculation of the 
Real Losses - WATERSIM 

With this simulation model the real energy demand of low 
and high tariff storage heaters for each tapping profile is 
possible. It needs the input of the parameters for the storage 
tank, the heating system, the distribution system and the desired 
tapping profile. 

In a next step, by introduction of some simplifications and 
by concentration on the most relevant influence factors, an easy 
to use approximation formula for the calculation of the real 
standard losses was developed on the basis of the exact 
calculation. With this tool it is now possible to estimate the real 
standing losses of electric storage water heaters in a simple way 
from the measured standard standing losses. The detailed 
simulation model and the simple approximation formulas were 
examined by measurements under standardised and under real 
conditions and showed sufficiently high accuracy [1]. 

The time schedule of draw-otis is determined by people's 
living habits which usually lead to a concentration of draw-otis 
in the morning and evening time in the bath-room, and a 
distributed demand, sometimes concentrated to noon in the 
kitchen. Therefore, as a simplification for some of the following 
energy analysis it is useful to define a 3-point tapping pattern by 
concentrating the draw-otis to only three time points expressed 
by the parameter v8 and v19-

As an approximation function for the real influence factor 
frea1 the following formulas for the selected capacities can be 
derived: 

200 litres low tariff: 
frea1 = 0,92-0,03·Qst +0,014·(v19 -v8 )·Qst (4) 

ISO litres low tariff: 
freal = 0,92-0,038·Qst +0,018·(v19 -v8 )·Qst (5) 

SO ••• 100 litres high tariff: 

~=~8 w 
Qst daily hot water output of the storage tank [kWh/d] 
v8 morning demand between 6 and 10 a.m. 

in percentage of the daily energy demand ~ 
V19 evening demand after 4 p.m. 

in percentage of the daily energy demand Qst 

ECONOMICAL ANALYSIS 
For an economical analysis, besides the technical 

parameters and the real conditions, expressed by the real 
influence factor frea1 (exact simulation or approximation 
formula), all economical parameters must be introduced. 

Technical parameters: 
Volume V [litres] 
Ratio between height and radius h/Rt [-] 
Fix losses PriX [W] 
Thermal conductivity of the insulation A. [W/m K] 
Ambient temperature T amb [

0 C] 
Hot water temperatu,re Th [0 C] 
Real standing losses Lst = frea1 · Lst,st [kWh/d] 

Economical parameters 
the energy price (electricity) Pel [€/kWh] 
the insulation price Pins [€/litres] 
the life cycle LC [years] 
the real interest rate ir [%] 
(discount rate minus inflation rate) 

Life cycle cost LCC is the sum of the purchase price and 
the discounted operating cost of an appliance. For the 
investigation of energy saving measures the life cycle cost 
analysis, however, only comprises the (additional) cost of 
insulation or performance jmprovement on the one hand, and 
the resulting savings in the operating cost on the other. 
Therefore, only the cost for the insulation and the cost for the 
real standing losses of the storage tank have to be considered. 
By means of the economical analysis, for example, the optimal 
insulation thickness, i.e. the one with the minimal life cycle 
cost, can be calculated. Furthermore, other ways to express 
economical cost effectiveness, like payback period, internal rate 
of return etc, can be introduced. 
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LCC = PP + PWF · OC(s) 

LCC Life Cycle Cost [€] 
PP Purchase Price for the Insulation [€] 
OC Operating Cost for the Storage Losses [€/year] 
PWF Present Worth Factor 

iii 
0 

(.) 
Q) 

~ 
(.) 

~ 
0 
0 
...I 

Cost Saving I 

I 

s,,. 

Energy Saving 

Figure 8: Life Cycle Cost 

s (Insulation Performance) 

(7) 

(8) 

The economic optimum with the lowest life cycle cost is 
reached at the optimum Sopt· This optimum insulation thickness 
is independent from the initial status. On the contrary, the 
payback period depends on the initial status. Improving from a 
worse situation leads to a shorter amortization than improving 
from a rather good status. 

The pay back period represents the duration of time it 
takes, to pay back the additional investments as a result of lower 
operating cost. The pay back period can be used as a quick and 
clear indicator if the cost effectiveness of an improvement is 
given. Cost effectiveness is reached, if the pay back period is 
shorter than the life cycle of the appliance. 

Therefore the developed simulation model - see figure 9 -
for an economical analysis is a good tool for calculating the 
saving potentials and a helpful basis for introducing a labelling 
scheme. 

Figure I 0 shows the optimal insulation thickness. for 
different storage capacities. Compared with the Base Case 
Models and Poor Models there are considerable differences 
which lead to remarkable energy saving potentials. 
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The economical analysis showed very low payback periods 
from 0,5 to 5 years, depending on the tank size and the initial 
insulation state before improving. 

This could be realized in two ways. As a first step, a 
minimum efficiency requirement should be introduced - legally 
or voluntary- e.g. corresponding approximately to the existing 
Base Case. 

Optimal Insulation 

(.) 

~ 

Isolations 

Figure 9: Simulation Model - Economical Analysis 

0,14 

II/R,=5 JlHr_A•0,155€Jl<Wh 

0,12 ).=0,035WhnK PHr_EU•0,123€il<Wh 
.1T=45K Pt.TA=0,085€il<Wh 

f~ = 0,65iowtariff P\.T-EU = 0,058 €J1<Wh 

o.1o ~ hightariff ~~=~0s~;:,htariff;,=4.o% 
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j 0,06 low tariff ___ _:===========~ 
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0,00 +----+--+----+---t----+--+---+----+--+---+--___,f---4 
25 50 75 1 00 125 150 175 200 225 250 275 300 

Volume V (litres) 

Figure I 0: Optimal Insulation Thickness for different Storage 
Capacities (High Tariff and Low Tariff) 

The second step - to reach the best existing model and the 
various national economical optima - could be properly done 
on the basis of labelling. A labelling scheme (see also other 
household appliances e.g. washing machine) visualises the 
energy efficiency of a product by means of quality symbols 
which have to cover the whole range of quality from the (future) 
best model on the market to the most inefficient models on the 
market or to a (negotiated) minimum requirement threshold. 
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ENERGY SAVING AND C02 EMISSION REDUCTION 
POTENTIALS 

In the following, based on the distribution of the market 
model stock - see figure 2 - and applying average usage 
conditions, the energy saving potential and the C02 reduction 
potential due to the improvement of the insulation performance 
from Poor Model or from the Base Case up to the optimum 
have been investigated. 

For the calculation of the C02 saving potentials- see figure 
11 it is assumed that electricity is produced with the Austrian 
mix of hydro thermal power plants. 

Austrian mix of hydro thermal power generation: 
C02 = 0,25 kg/kWh 

Austrian mix of(only) thermal power generation: 
C02 = 0,82 kg/kWh 

1500 
'1:' 
1 12So 

~ 1000 

l 750 

J 500 

250 

25 50 75 100 125 150 175 200 225 250 275 300 

Volume V [litres] 

Figure 11: Annual Energy Saving and C02 Emission 
Reduction Potential for different Storage Capacities 

CONCLUSION 
Market data of electric storage heaters show a large range 

of standard standing losses for each storage capacity. Therefore, 
underlined by the economical analysis, there are high cost and 
energy saving potentials on the market with already existing 
technology - see figure 11. 

For the technical and economical analysis for electric 
storage heaters several simulation models 

determination of the standard standing losses 
- determination of the real standard losses 
- economical analysis 
were developed. 

As an overall result, for electric storage water heaters a 
very high energy and cost saving potential was found which 
could be realised in a very short pay back period, and which, in 
consequence, also represents a high C02 reduction potential. 
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The profitable situation (pay back periods down to 0,5 
years), seems to be a rather seldom result of energy saving 
studies. Taking into account that warm water is the second 
largest domestic energy consumer after room heating it seems to 
be of highest priority that this very cost effective and energy 
efficient saving potential will be realized as soon as possible. 

Similar technical and economical analyses were performed 
[1] for electric hot water direct heaters and, including a 
comparison of different energy sources, also for non electric 
warm water supply systems. 
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ARE VISCOELASTICITY, HIGH APPARENT EXTENSIONAL TO SHEAR VISCOSITY 
RATIO AND THREADLIKE MICELLE NETWORKS VITAL FOR SURFACTANT DRAG 

REDUCTION? 

ABSTRACT 

Yunying Qi 
Chemical Engineering Department 

The Ohio State University 

Certain surfactants which form large network 
microstructures in solution are effective drag reducers. Due to 
their "self-repairability" after mechanical degradation, they are 
very promising for use in recirculating water flow applications 
like district heating or cooling systems. 

Viscoelasticity (in the forms of non-zero first normal stress 
difference, quick recoil and stress overshoot), high extensional 
viscosity and threadlike micellar microstructures are three 
characteristics found in many drag reducing surfactant 
solutions. It has been frequently postulated that they are vital to 
surfactant drag reduction. However, drag reducing surfactant 
solutions with low viscoelasticity have been found by Lu 
(1997a & b) and Lin (2000). Thus, it does not appear that 
viscoelastic behavior (Criterion 1) is vital for a surfactant 
solution to be drag reducing. Large ( 100 or more) apparent 
extensional viscosity to shear viscosity ratios are commonly 
observed in drag reducing surfactant solutions. However, one 
drag reducing surfactant solution was found by Lin (2000) with 
low apparent extensional viscosity to shear viscosity ratio in the 
shear/extensional rate range of 20 to 1000 s-1

• However, the 
extensional viscosity of that system began to increase at higher 
extensional rates so that Criterion 2 may be valid. Finally, cryo­
TEM images of some drag reducing surfactant micelle 
microstructures were observed which lacked threadlike 
structures. However, Zheng et al. (2000) showed that vesicle 
microstructures in the quiescent state can change to threadlike 
micelles under shear, supporting the third criterion. 

INTRODUCTION 

Drag reduction, first reported more than 50 years ago, is a 
turbulent flow phenomenon in which friction energy losses can 
be significantly reduced with the addition of small amounts of 
drag reducing additives such as polymers or surfactants (Zakin 
et al., 1998). 
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The first major commercial application of drag reduction 
was injection of a high molecular weight polymer into the 
Alaskan pipeline in 1979 allowing throughput increases up to 
25% without increasing pumping capacity. Polymer additives 
are now used extensively in oil pipelines all over the world. 
Polymer additives have a major deficiency, however, as they 
are susceptible to irreversible mechanical degradation in high 
shear regions such as passing through a pump. Thus, fresh 
polymer must be injected downstream of each pump feeding a 
"bottleneck" section of a pipeline. So they are useful only for 
"once through" applications. 

Another potentially important application of drag reducing 
solutions is district heating and cooling systems where hot or 
chilled water is circulated through a district to heat or cool 
buildings. Pumping energy in these systems are costly with 
water circulating day and night. There is, therefore, 
considerable interest in reducing the pumping energy of the 
systems by adding drag reducing additives into the circulating 
water. For these circulating systems, polymer additives are not 
suitable because of their irreversible mechanical degradation 
properties. 

Certain surfactants such as cetyltrimethylammonium 
bromide and cetyltrimethlammonium chloride with appropriate 
counterions, form large network microstructures at very low 
concentrations (a few ppm to 4000ppm), and are very effective 
in reducing friction factors in turbulent flow. These surfactant 
solutions also degrade under shear, but their microstructures are 
thermodynamically stable and self-assemble quickly after 
degradation enabling them to be used in recirculation flows like 
district heating or cooling systems. 

Despite the low concentrations required for effective d~a~ 
reduction, most drag reducing surfactant solutions exhtbtt 
strong non-Newtonian fluid properties. However, the non­
Newtonian fluid properties of drag reducing solutions and how 
they interact with the turbulent flow are not well-understood. 
Possible drag reduction mechanisms such as damping of small 
turbulent eddies by the elastic properties of the solutions, high 
extensional viscosity providing resistance to vortex stretching 
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and turbulent eddy growth, etc. have been proposed but are 
difficult to verify experimentally. 

For practical applications, however, it is important to be 
able to predict the drag reducing ability of solutions from 
small-scale laboratory tests such as rheological experiments or 
from their microstructures. Since viscoelasticity, high 
extensional viscosity and threadlike micellar microstructures 
are three properties commonly found in many drag reducing 
surfactant solutions, it has been frequently postulated that they 
are necessary for surfactant drag reduction. In this paper, these 
three proposed criteria for surfactant drag reduction are 
examined to see if they are valid criteria. 

VISCOELASTICITY 

Most drag reducing surfactant solutions exhibit viscoelastic 
properties in the form of non-zero first normal stress difference 
(N 1), quick recoil and stress overshoot. Many researchers (for 
example, Savins, 1967; Ohlendorf etc., 1986; Bewersdorff and 
Ohlendorf, 1988; Rose et al., 1989; Gyr and Bewersdorff, 
1995) who studied drag reducing surfactant systems, have 
stated that viscoelastic properties of the surfactant solutions are 
responsible for the drag reduction behavior. It was also 
suggested that elastic properties of the solutions help to damp 
small turbulent eddies (\nd to store and recover otherwise 
dissipated turbulent energy. However, drag reducing surfactant 
solutions with low viscoelasticity and solutions with strong 
viscoelasticity but no drag reduction have been found recently. 

Lu (1997a & b) described a dilute drag reducing surfactant 
solution Arquad S-50 (soya-trimethylammonium 
chloride)/NaSal (sodium salicylate) (5mM/12.5mM) with 
excellent drag reduction ability up to 70% drag reduction from 
20°C to 80°C as shown in Figure 1. These turbulent drag 
reduction experiments were conducted in a recirculation 
system with a 1.22 m long, 6mm inner diameter stainless steel 
tube test section. Surprisingly, first normal stress differences of 
the solution, which were measured in a Rheometric Scientific 
Inc. RMS-800 rheometer with a cone-and plate fixture (50 mm 
in diamter and 0.04 radians cone angle), were found to be close 
to zero up to a shear rate of about 1000 s·1 (Figure 2). In 
addition, no recoil was observed after adding a swirling motion 
to the solution and there was no stress overshoot in a step rate 
shearing experiment on the solution. However, this solution 
exhibits high apparent extensional/shear viscosity ratios 
indicating that there is also no correlation between 
viscoelasticity and extensional/shear viscosity ratio. 

Another drag reducing solution with water-like properties 
was found by Lin et al. (2000) using the same experimental 
equipment. The effective drag reduction temperature range of 
Arquad 16-50 (cetyltrimethylammonium chloride)/3,4-Cl­
Benzoate (5mM/10mM) solution is 20-80°C. This solution also 
showed no N1, no recoil after swirl and no stress overshoot. 

Conversely, Myska et al. (1996) found a system which has 
large first normal stress differences at 20°C but no drag 
reduction at the same temperature. The solution they studied is 

762 

Arquad 18-50 ( octadecyltrimethylammonium chloride )/sodium 
salicylate (NaSal) (1.6mM/4.0mM) and the first normal stress 
differences were measured in a Haake Rheometer Rotovisco 
RV 20 and CV20 N with a cone-plate fixture (0.035 radian 
angle). They also observed that, for this solution, the values of 
the first normal stress difference decreased with temperature 
while drag reduction effectiveness, observed at higher 
temperatures, increased with temperature. This again indicates 
that viscoelasticity does not correlate directly with drag 
reduction. 

100 

- 80 c 
= 60 ,g 
~ = "C 
~ 40 =: 
bJ) 
~ 
I.. 
~ 20 

0 

1.0E+04 1.0E+05 l.OE+06 

Reynolds Number 

Figure 1. Drag reduction of Arquad S-50/NaSal (5mM 
/12.5mM) system (Lu, 1997a) 

100~------------------------~ 

T=20± 0.5°C 

-100~------------------------~ 

Shear Rate (1/s) 

Figure 2. First normal stress difference of Arquad S-50 /NaSal 
(5mM/12.5mM) system (Lu, 1997a) 

From the above three examples, it can be seen that there is 
no necessary close relationship between viscoelasticity and 
drag reduction. Therefore, it does not appear that viscoelastic 
behavior is vital for a surfactant solution to be drag reducing. 
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EXTENSIONAUSHEAR VISCOSITY RATIOS 

There are only limited studies on extensional viscosities of 
drag reducing surfactant solutions due to difficulties in 
measuring extensional viscosities of low shear viscosity liquid 
solutions. The extensional viscosity measured in opposed 
nozzles instruments RFX (Rheometric Scientific Inc.) is not the 
"true" extensional viscosity of the liquids. It includes 
contributions from dynamic pressure, shear on the nozzles and 
liquid inertia. Therefore, RFX can be used as an indexer rather 
than using the measured apparent extensional viscosities 
quantitatively (Macosko, 1994). 

Although Gyr and Bewersdorff (1995) stated that 
extensional viscosity is of minor importance to surfactant drag 
reduction, relatively high apparent extensional viscosity to 
shear viscosity ratios ( 100 or more) are commonly seen in drag 
reducing surfactant solutions. It is said that high extensional 
viscosity of drag-reducing surfactant solution results in 
additional resistance to vortex stretching and turbulent eddy 
growth and leads to energy reduction or drag reduction (Zakin 
et al., 1998). However, using RFX to measure the apparent 
extensional viscosities of the solutions, Lin (2000) recently 
found two drag reducing solutions with low extensional 
viscosity/shear viscosity ratios in the extensional (shear) rate 
range tested. 

1000~--------------------------~ 

0.1 

10 

• 3,4-CID-benzoate (5rnM) 
1::. 3,4-Cl-benzoate (1 OrnM) 
x Experitrental Value ofW ater 

• • • Theoretical Value ofWater 

100 

Shear or Extensional Rate (1/s) 
1000 

Figure 3. Extensional viscosity/shear viscosity ratio of a). 
Arquad 16/50 (5mM)/3,4-Cl-Benzoate (10mM); b). Arquad 
16/50 (5mM)/3,4-CH3-Benzoate (5mM) solutions (Lin, 2000) 

The two solutions are Arquad 16-50/3,4-CH3-Benzoate 
(5mM/5mM) and Arquad 16-50/3,4-Cl-Benzoate 
(5mM/10mM). As mentioned earlier, the Arquad 16-50/3,4-Cl­
Benzoate (5mM/10mM) solution is a non-viscoelastic drag 
reducing solution. In addition to that, as shown in Figure 3, the 
extensional viscosity/shear viscosity ratio of the solution was 
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also found to be unusually low (around 10) for this drag 
reducing solution over the apparent extensional and shear rates 
tested from 20 s-1 to 1000 s-

1
• The uniaxial extensional 

viscosity/shear viscosity ratio should be around 3 for 
Newtonian fluids (Trouton ratio). Experimental values obtained 
with water in the same opposing nozzles instrument were 
around 10. From Figure 3, the extensional viscosity/shear 
viscosity ratio of Arquad 16-50/3,4-Cl-~enzoate (5rnM/10mM) 
solution is close to the experimental value for water. 

Good drag reduction ability has been observed with 
another surfactant solution Arquad 16-50/3,4-CH3-Benzoate 
(5mM/5mM) in the temperature range of 5 to 40°C. The 
extensional viscosity/shear viscosity ratio, as shown in Figure 
3, is however between 1 and 10, comparable or even lower than 
that of water measured in the same instrument. 

From the above two drag reducing solutions with low 
apparent extensional viscosity/shear viscosity ratios in the 
shear/extensional rate tested, it can be concluded that low 
extensional viscosity/shear viscosity ratio does not lead to no 
drag reduction of surfactant solutions. However, as can be seen 
in Figure 3, apparent extensional viscosity/shear viscosity ratios 
are rising at high extensional rates (above 1000 s- 1

). Thus, high 
extensional viscosity/shear viscosity ratios may be a valid 
criterion for drag reducing surfactant solutions. Stresses would, 
of course, have to be below critical wall stresses at which 
surfactant microstructures are degraded. 

THREADLIKE MICELLE NETWORK 

In turbulent flow, microstructures of surfactant solutions 
are deformed, stretched and aligned in the direction of the flow. 
For solutions full of threadlike micelles, this alignment in the 
direction of the flow can cause different resistances to the 
development and movement of turbulent vortices in different 
directions, low resistances in the flow direction and high 
resistances in the radial direction. The high resistances in the 
radial direction can suppress the frequency and amplitude of the 
flow fluctuations in the cross flow direction resulting in drag 
reduction. Therefore, the presence of threadlike micelle 
networks, which are similar to the long entangled polymer 
chains in drag reducing polymer solutions, is usually regarded 
as another vital criterion for drag reducing surfactant solutions. 

Microstructures of surfactant solutions can be observed by 
cryo-TEM techniques. In the cryo-TEM technique, a drop of 
the surfactant sample is placed on an electron micrograph grid 
mounted in a controlled environment chamber. The drop is 
blotted to form a very thin film which subjects the sample to 
high shear. The grid and sample are then rapidly plunged into 
liquid ethane. The cooling is so rapid that no crystallization of 
water which might disturb the surfactant microstructure can 
occur. The water vitrifies and allows the subsequent low 
temperature TEM images to reveal the surfactant 
microstructure present in the original controlled environment 
chamber. 
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As expected, threadlike micelle networks are commonly 
seen in drag reducing surfactant solutions. However, Zheng et 
al. (2000) showed that a commercial CTAC(cetyltrimethyl 
ammoniumchloride)/3-methyl salicylate (5mM/5mM) drag 
reducing (20°C to 80°C ), viscoelastic system surprisingly 
showed a vesicle microstructure in cryo-TEM images. 

To analyze the effect of shear on surfactant 
microstructures, Zheng et al. (2000) chilled one blotted sample 
very quickly (within 0.5 second of the high shear caused by the 
blotting) and he observed a network structure. When the 
chilling was delayed 15, 30 and 90 seconds after blotting, the 
microstructure was transformed to a more and more vesicle-like 
structure depending on the time allowed for relaxation after 
blotting (see Figure 4). Thus, for certain systems like 3-methyl 
salicylate, the microstructure in the quiescent state is vesicles, 
but under shear, network structures which can be drag reducing 
are formed. 

Figure 4: Structure Transition due to Shear & Relaxation 

The results of Zheng et al. (2000) showing that threadlike 
micelles are present in drag reducing solutions even when their 
microstructures are vesicles in the quiescent state, !;Upports the 
criterion that threadlike micelle networks arf' required for 
surfactant solutions to be drag reducing. 

CONCLUSIONS 

1). Nonviscoelastic drag reducing solutions Arquad S-
50/NaSal (5mM/12.5mM) and Arquad 16-50/3,4-Cl-Benzoate 
(5mM/IOmM) indicate that viscoelastic behavior, though 
common, is not vital for surfactant solutions to be drag 
reducing. The opposite trends of drag reduction and 
viscoelasticity with temperature observed in Arquad 18-50 
/NaSal (1.6mM/4.0mM) solution supports this conclusion. 

2). Two drag reducing solutions, Arquad 16-5/3,4-Cl­
benzoate (5mM/10mM) and Arquad 16-50/3,4-CHJ-benzoate 
(5mM/5mM), with low extensional/shear viscosity ratios in the 
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tested range were observed. However, the extensional/shear 
viscosity ratio began to increase at extensional/shear rates 
above 1000 s-1

• Therefore, high extensional viscosity/shear 
viscosity ratios may be required for surfactant solutions to be 
drag reducing but experiments at very high extensional/shear 
rates are needed to confirm this. 

3). Threadlike micelles are commonly observed in drag 
reducing surfactant solutions. The fmding that the drag 
reducing surfactant solution (cetyltrimethylammonium 
chloride-3-methyl salicylate) which has a vesicle structure in 
the quiescent state is transformed into a network of threads 
under shear supports the conclusion that thread-like 
microstructures are associated with surfactant drag reduction. 
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ABSTRACT 

This report presents results theoretical and experimental in­
vestigation of a new type of the heat-mass exchanger with the 
strong rotated supersonic flows for gas lasers and plasmatrons. 

It has been shown that heat transfer inside supersonic vortex 
flow can be related to convection-diffusion type and electrical 
power coupling in discharge can reach the level of 300 W/cm2

• It 
is more than two order higher than in ordinary gas discharge. The 
relations of similarity and scaling laws for vortex electro­
discharged laser has been proposed 

The idea of using strongly rotated supersonic flows as a basis 
of the vortex electro-discharged lasers (VEL) and plasmotrons 
consist in the fact that near the axis of the vortex tube there is re­
gk>n with low pressure and temperature. The vortex tubes have 
strongly rotated flows as their basis. The investigation of the self­
vacuumed vortex tube (SVVT) (Merculov, 1969) is special interest 
because inside the SVVT the coefficient of turbulent kinematic 
viscosity and diffusion are I 04 times higher than in the correspond­
ing laminar flows. Combining those fucts, the purpose of this re­
search was to design of new type of heat-mass transfer for the laser 

the vortex electro-discharge systems, portable, water-cooled free 
source for biological, agricultural and forestial processing. 

Keywords: Vortex tube, strongly rotated flows, radial diffuser, 
electrical coupling, turbulent diffusion. 

THE PURPOSE OF INVESTIGATION 

The idea of using strongly rotated supersonic flows as a 
basis of the vortex electro-discharged lasers (VEL) and 
plasmotrons consist in the fact that near the axis of the vor­
tex tube there is region with low pressure and temperature. 
The vortex tubes have strongly rotated flows as their basis. 
The investigation of the self-vacuumed vortex tube (SVVT) 
(Merkulov, 1969) is special interest because inside the 
SVVT the coefficient of turbulent kinematic viscosity and 
diffusion are 104 times higher than in the corresponding 
laminar flows. Combining those facts, the purpose of this 
research was to design of new type of heat-mass transfer for 
the laser the vortex electro-discharge systems, portable, 
water-cooled free source for biological, agricultural and 
forestial processing. 

THEORETICAL INVESTIGATION AND 
BACKGROUND 

As shown Volov (1992), heat transfer from the dis­
charge area can be realized by heat conductivity to the cool­
ing wall of the discharge tube, or by way of changing a 
heated mass of gas to new a new portion of gas (the convec­
tional method). 

The investigated the vortex decaying discharge inside 
the self-vacuumed vortex tube (SVVT) can not be referred 
to ether the first or the second type of cooling, because in­
side the SVVT there are superior values of the turbulent 
diffusion DT ~ DL·104 and the average output velocity in the 
potential flow area can reach v = 50 + 1OOm/sec . 

Near the axis of the vortex tube there are only several 
percent of the gas mixture mass which is at the moment in 
the tube, because the output area is the potential flow area. 

That is why heat transfer from the axis area to the pe­
riphery potential flow area in realized by turbulent diffusion, 
and heat transfer from the periphery of the vortex area is 
realized by convection. 

Therefore the discussed new type of vortex decaying 
discharge can be referred to convectional-diffusional type of 
cooling. 

For the determining of the vortex discharge heating we 
should know the share of the total gas output taking place in 
the periphery because of turbulent diffusion can be on the 
axis for the period of renewal by the new gas portion. It can 
be described by the following equation 

dq = -flq 
qz 

(1) 

where q - is the share of the total gas output, which can not 

be on the vortex tube axis, p- is some dimensionless mul­

tiplayer. 
This equation has shown that increasing of the vortex 

tube length leads to decreasing this share q . 
The solution of this equation is the following formula 
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q = q0 exp{- P(z- z0 )} (2) 

That is why the following equation bas presented the 
related output share of the gas mixture which had been 
played near the vortex tube axis: 

where q = q0 when z = Z 0 , C - 1- is an experimental 

constant, IVK = L~ VT - is the related vortex tube length, 

dvr, Rvr- are the vortex tube diameter and radius, jj- is 

the average discharge area turbulent diffusion coefficient, 

Rd = R~VT - is the related discharge radius, vz -is the 

average output velocity of the potential flow. For the typical 
regimes and geometrical sizes of the svvr the heat ex-

change coefficient approximately equals T] ex - 1 , at the 

same time the first cooling method (diffusion cooling) bas 

the heat exchange coefficient volume 'l:X << 1 and· the 

second cooling way (conventional cooling) has the heat ex­

change coefficient volume 11! > > 1 
Thus the heat -mass transfer inside the strong rotated 

supersonic flows can mlate to special type of the heat trans­
fer - the convection - diffusion method of cooling. The av­
erage discharge heating can be determined in the following 
way: 

(4) 

where W r - is the total electrical power coupling into the 

vortex discharge, C P - is the heat volume under constant 

pressure, G 1 - is the gas mixture output through the vortex 

tube. The average temperature of the discharge area equals 

T~ = Tds + J1fh (5) 

where fds - is the average gas mixture temperature of the 

discharge area without discharge. 
Some theoretical research has been dedicated to the 

VEL and plasmatron (Volov 1992, 1986, 1988; Shmelev et 
al., 1980). In the author's investigations (1992, 1986, 1988, 
1986) the semi-empirical theory of the VEL and the vortex 
plasmotron has been suggested. This theory includes the 
mathematical model of the SVVT (Volov, 1983), the 

mathematical calculations for the electronic diffusion at the 
vortex decaying discharge, kinetic equation of the radiation 
in non-uniform turbulent flows with comparative analysis 
between the VEL and known types of the gas electro­
discharged systems. The theoretical analysis has shown that 
electrical power density distribution is non-uniform inside 
the vortex discharge (Fig. 1). 

Ws! 
! n~ = 3·1010 1/cm3 

0,8f-
I n; = 3·1011 1/crn3 

I 
\ ~: ~7-10nl/cm3 

0,6 ~ 

0,4 

0,2 \\ 
0 0,2 0,4 0,6 0,8 .; 

Fig. 1 Illustration of the electron power density coupling 
distribution as a function of the demationless 
radius 

In the case of a weak electrical power coupling into the 
vortex discharge adiabatic radial distribution of gas tem­
perature (cold model) is always assumed. Under the consid­
erable electrical power coupling into the vortex discharge 
we should take into account non-adiabatic gas temperature 
distribution (hot model)by using the following dimension­
less formula 

(6) 

where dimensionless constant t; can be written as: 

where 0 = Yr ax - is the related gas temperature, 

.IT = A;{ ax - is the coefficient of turbulent heat conduc­

tivity, w s = w /w sa. - is the dimensionless radial electrical 
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power coupling, Tax, A ax, wax- are the volumes of the gas 

temperature, coefficient of turbulent heat conductivity, di­
mensionless electrical power density coupling near the axis 

of discharge accordingly, Bad= Tad(~diJ/Tad• Tad- is 

the adiabatic volume of gas temperature under condition 

; =;dis. 
As shown in Fig. 2 the gas temperature distribution is 

similar to the electrical power density curve. Under the con­
siderable electrical power coupling inside the vortex decay­
ing discharge we can receive overheating near the discharge 
axis. Hence circular regime of radiation takes place inside 
the vortex discharge. 

Tg,K ,, 
\ n ~ = 3·1011 1/cm3

; 

500 \ T; = 300K; 

\ C02 : N 2 :He =1: 1:8 

300 '----~------~ 

100 '-------'----'---_!______ 

0 0,4 0,6 ~ 

Fig.2 The radial gas temperature distribution 
The adiabatic coefficient distribution inside vortex de­

caying discharge has shown in Fig. 3. 

Fig. 3. The radial adiabatic the VEL 
To reduce the number of trial experiment for the mak­

ing the required VEL, we have suggested the similar relation 
and scaling laws. The proposed relations of similarity and 
scaling laws of the VEL include the relations of gas dis­
charge similarity (Konuhov, 1970), the relations of the 
similarity theory for heat-mass transfer, and the vortex tube 
properties. Those relations are shown in the Table I. From 
the calculating results comparison we can see satisfactory 

agreement for the similar relations used (see Table 11) Wsp­
is the electrical power coupling for the unit length of the 
vortex discharge and discharge and deterioration of the one 

under invalidity of those relation5 (fable III, Wsp ). 
Thus the similarity relations and scaling laws allow us 

to design the vortex electro-discharged laser with certain 
parameters without additional e>..-pensive experiments. 

Table L 
(b-dimensionless discharge parameters) 

N Physical Volwne Law ofTransfonnation 

I. Radius of tube 

2. Gas density 

3. Current of Discharge 

4. Concentration of electrons I 
5. Voltage of the longitudinal 
electric field 

6. Temperature of electrons 

7. The electrical power on unit 
tube length 

8. The electrical power on unit 
tube length 

9. Average temperature of the 
gas in discharge 
10. The relative settlements of 
power levels 
11 . Frequency of the electronic 
and molecular hits 
12. Radius of the SVVT 
13. The dimensionless square of 
tangential nozzle entry 
14. Diameter of the diffuser 
15. Radius of the diffuser 
16. Split of the diffuser 
17. The whole gas pressure on 
svvr entry 
18. Available degree of the gas 
expanston 
19. The gas temperature at the 
SVVT entry 
20. Degree of gas expansion 
into swirl 

Nem =N~ 

Em =E;{ 

r;n =Ten 

ws; = ws; 

-

1~ = Tn 

(NnfNt = (NnfNt 
Zm = Znfh 

R:; = R; ·b 

Fcm = }•:n 

D;1 = D;if ·b 

R';if = R;!r · b 

!lm;if = M;if 

pm =Pn/b 

Table II. 
Numerical modeling of the vortex discharge 

0 u p 1[ . 
wsp Rdis Ee"or 

n, 7r 

em 3 V/cm Pa W/cmJ % 

3x.l011 2490 5x.IO' 5 30 580 0.76 
2.3xl0 1992 4x.10' 5 30 554 0.69 4.4 
l.9xl011 1660 3.3xl0' 5 30 690 0.691 13.3 

Table III. 
N 'cal urn en modeling of the vortex dischar e. 

no u p 1[ * w sp Rdis Eerro e 1[ 

em 3 V/crn Pa - W/cmj ~-0 
- --

3xl011 2490 5xl05 4 20 200 0.5 190 
2.3xl0" 2138 4xl0' 5 30 1468 0.73 !52 
l.9xl011 2483 3.3xl0' 5 30 1150 0.61 106 
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EXPERIMENTAL METHOD OF THE VORTEX 
ELECTRODISCHARGED LASER INVESTIGATION 

Figure 4 shows a principle scheme of the VEL. 

n 
I I 

1,2 
v 

/ 
/ 

!======- I 0,8 
I 
I 

I 0,4 
0 0,2~ol 0,4 

n:::::K -
I ?j I 

I / 
/ 

, 

/ 

Fig. 4. The Principal scheme of coefficient distribution 

The vortex consist of the tangential inlet (I), the vortex 
tube (2), radial diffuser (3), circular electrons (4), Mirrors 
(5) and gas mixture supply systems (6). The VEL works the 
following way: the gas mixture (C02: N2:He) is injected 
through the inlet ( 1 ), where velocity of flow is increasing. 
Then flow of gas mixture goes to the vortex tube (2), where 
the latter is intensively rotating. In the vortex tube the en­
ergy separation is realized: near the axis of the tube we have 
low pressure and temperature. On the periphery of the tube 
we have considerably higher pressure and temperature. At 
the moment of the minimum pressure voltage is applied to 
the circular electrodes ( 4 ). The decaying discharge was re­
alized in the svvr. Optical feedback is provided with mir­
rors (5). In our experiment resonators length was 0, 13 m, 
and diameter of the SVVf was d=O, 05 m. Table IV shows a 
comparison between experimental data and corresponding 
theoretical calculations one can see that an experimental 
electrical power coupling into discharge can reach the level 
of300 W/cm3 without contraction. As shown (see Table IV) 
theory predicts the experiment with satisfactory accuracy. 
The optimization of the VEL is the next step of our research. 

Table VI. 
Comparison of calculated and experimental parameters of 

the decaying discharge of VEL 

Rdis 
pex' th U, I, A W" w:. J!..·~rror ' p, ' , 

KV W / em ' W ! cm ' % 
Torr Torr 

0.21 10 10.3 3.36 1.275 241 205 4.2 
0.31 20 21.8 4.5 0,28 63 55.78 11.4 
0.357 80 81.6 11.2 0.05 28 20.8 25.7 

APPLICATIONS OF VORTEX LASER AND 
PLASMOTRON 

Even without optimization of this type of laser, the 
VEL can find a variety of application for agricultural, bio­
logical productions plants. It is due compactness, higher 
efficiency and absence of cooling system. Besides, the VEL 
can work by using the surrounding air. In this case the VEL 
will be working under non-optimal mixture ratio 
(C02:N2:He). In addition, the efficiency of the VEL will be 
increased due to the absence of gas mixtUre system and the 
system of cooling. The vortex plasrnatron and the VEL can 
be used for plasma-chemical investigations, medical appli­
cations, technological processing. 

SUMMARY 

At has been shown that electrical power coupling into 
discharge can reach level of 300 W/cm3

• i.e. it is more than 
two orders of magnitude higher than in ordinary gas dis­
charge. The similarity relations and scaling laws for the 
vortex discharge have been proposed. The vortex electro­
discharge systems arc related to convection-diffusion type 
of cooling. 
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ABSTRACT 
Amorphous silica (Si02) and calcium oxalate monohydrate 

(COM) deposit on the surfaces of calandria tubes and foul sugar 
mill evaporators. No study on the composite fouling of these 
components has ever been carried out. This work investigates 
the mechanisms and behavior of COM precipitation and Si02 

polymerization in binary systems. Batch tests conducted at 
various pH values (6-8) and temperatures (60-80°C) show that 
the presence of Si02 decreased the precipitation rate of COM 
and invariably increased COM solubility. The presence of COM 
in Si02 precipitation, on the other hand, accelerated the 
polymerization of Si02 and lowered the level of initial silica 
supersaturation required for polymerization. The effect of 
COM on the solubility of Si02 was comparatively small. 

INTRODUCTION 
One of the main problems found in many sugar mill 

evaporatqrs is the deposition of amorphous silica and calcium 
oxalate· monohydrate on the surfaces of calandria tubes. These 
deposits reduce the heat transfer co-efficient of the evaporator 
station and are intractable rendering current cleaning methods 
either costly or ineffective [ 1]. 

Calcium oxalate (CaOx) is present in evaporator scales in 
two hydrate forms, viz., calcium oxalate monohydrate (COM) 
and calcium oxalate dihydrate (COD) with COM being the 
thermodynamically stable form [2]. CaOx is sparingly soluble 
in water and the solubilities of both CaOx and Si02 in sugar 
solutions decrease with increasing sucrose concentration and 
decreasing temperature [1, 3, 4]. Consequently, their deposition 
occurs in the later effects of the evaporator units [2, 5]. 

There is no information in the literature on the mechanisms 
of composite fouling of amorphous silica and calcium oxalate. 
The objective of this work was to investigate the interactions 
between COM and Si02 and how these interactions would 

influence the thermodynamics and kinetics of CaOx (as COM) 
and Si02 precipitation in binary systems. This paper presents 
the results of the preliminary investigations on the precipitation 
kinetics and thermodynamics of COM and Si02 in both single 
and binary systems in aqueous solutions. 

EXPERIMENTAL 
Materials 

Stock solutions of calcium chloride, sodium oxalate and 
silica were prepared by dissolving known amounts of AR grade 
calcium chloride, sodium oxalate and sodium metasilicate in 
C02 free distilled water, respectively. All other reagents used 
were also AR grade. 

Methods 
Batch experiments were carried out at initial pH 6.0, 7.0 and 

8.0 and at temperatures of 60°C, 70°C and 80°C. The initial 
concentrations for COM (all concentrations of CaOx will be 
represented in COM hereafter) were between 20ppm and 200 
ppm and between 50ppm and 600 ppm for Si02• The initial 
molar ratio of calcium and oxalate ions for all the runs was kept 
constant at I. 

Spontaneous precipitation of calcium oxalate monohydrate 
from supersaturated solutions was conducted by mixing calcium 
chloride and sodium oxalate solutions. The initial pH values of 
the individual and mixed solutions were adjusted to desired 
values using dilute HCI or NaOH. All COM and Si02 solutions 
were then transferred to capped plastic tubes and placed in the 
water bath until equilibria were reached. 

For COM precipitation kinetics tests, samples were 
withdrawn from the plastic vessel in the water bath at 
predetermined intervals and immediately filtered through 0.22 
Jlm syringe end membrane filters (Millipore Corporation). To 
prevent further reaction after the filtration, samples were 
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immediately treated with concentrated HCI to pH <1.5. The 
solutions were analysed for calcium and oxalate contents using 
ICP-AES (Inductively Coupled Plasma Atomic Emission 
Spectrometer; Varian Vista AX) and UV-visible 
spectrophotometer (Varian Cary I E), respectively. 

Similar sample preparation procedures were followed for 
the batch tests of amorphous silica polymerization except that 
the filtration step was omitted because it was difficult, if not 
impossible, to differentiate between dissolved and colloidal 
silica with 0.22 f.lm membrane filter. Alternatively, we utilized 
different analytical methods to characterize Si02 in solution 
based on its reactivity [ 6]. Silica molybdate colorimetric 
method was used to selectively determine soluble silica species 
('reactive' silica) because of its capability to form rapidly the 
silica molybdate complexes under acidic conditions. ICP was 
used for the measurement of 'total' Si02 content, a collective 
term including all reactive and non-reactive (colloidal) forms of 
Si02, as small Si02 colloidal particles can be destroyed in the 
plasma and quantified together with soluble species. Thus the 
difference in the concentration of Si02 measured by these two 
methods can be interpreted as the evidence for the appearance 
of colloidal Si02 particles in solution. 

Following the determination of thermodynamics and 
kinetics of COM precipitation and Si02 polymerization in 
single systems, comparative COM/Si02 binary tests were 
carried out by mixing neutralised sodium metasilicate solutions 
with freshly prepared supersaturated solutions of calcium 
oxalate using identical experimental conditions to the 
corresponding single systems. 

RESULTS & DISCUSSION 
Single Systems 
COM Precipitation 

The rate equation generally used to describe the kinetics of 
COM precipitation can be expressed as [7]: 

(1) 

where C is the molar concentration of COM, k is the rate 
constant, cr is the relative supersaturation and n is the order of 
reaction. The relative supersaturation, cr, may be defined as [7]: 

(2) 

where q1 and qe are the ionic products ((moi/L)2
) of Ca2

+ and 
Ox2

• at time t and at equilibrium, respectively. After combining 
Eqn 2 with Eqn I and applying boundary conditions, t = 0 to t = 
t and q1 = q0 to q1 = qt> the integrated form of Eqn. I becomes: 

q, = [ qo -q. ]1/n-1 +qe 

I+ [(qo- q.) I q. r-1 l ;. n kt 

(3) 

Equation (3) can be used to calculate the kinetic parameters of 
COM precipitation at constant pH and temperature. 

Under the current experimental conditions, the spontaneous 
precipitation of calcium oxalate from a supersaturated solution 
was rapid and the equilibrium was reached within several hours 
of reaction (data not shown). However, for the thermodynamic 
tests, all samples were allowed to equilibrate for at least 24 h, 
prior to analysis to ensure complete COM precipitation. 

The observed solubility of calcium oxalate in dilute aqueous 
solutions, is expressed in terms of concentration solubility 
product, K.:sp ((moi/L)2

) is given· as: 

(4) 

where [Ca2+] and [Ox2
'] are the concentrations of calcium and 

oxalate ions (mol/1) at equilibrium, respectively. The solubility 
concentration of calcium oxalate, C*=[Ca2j=[Ox2

·] (mol/L). 
Therefore Eqn. I can be written as: 

C*=~Kcsp (5) 

Table I summarizes the average solubility product values and 
solubility concentrations of COM calculated using Eqns. 4 and 
5 for different pH and temperatures, showing good agreement 
with data published in the literature. As shown in Table I, the 
solubility concentration increased with the increasing 
temperature but there were only minor changes in the solubility 
concentrations with pH within the range tested. The differences 
between C* values obtained in the present study and 
those in the literature may be due to the differences in the 
experimental conditions used. 

Table 1. The average solubility concentrations, C* 
(xl05(moi/L)) and ~sp (x10-9(moi/L)2

) values for COM in 
coml!arison with literature values 181 

TemEerature {0q 
60 70 80 

K£SJ2 C* K.:sl2 C* KCSI1 C* 
pH6 9.3 9.6 Il.O 10.5 I7.0 13.0 
pH'7 9.2 9.6 11.6 10.8 I7.0 13.0 
pH 8 8.7 9.3 Il.5 10.7 16.4 I2.8 

Average 9.1 9.5 11.4 10.7 I6.8 12.9 
Literature 

8.8 I0.1 11.5 
data 

%Diff. 7.4 5.6 I0.9 
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Silica Polymerization 
Table 2 shows the effect of initial silica concentration and 

pH on the kinetics of silica polymerization at 60°C. An increase 
in the rate of polymerization could be observed when the initial 
pH increased from 6.0 to 8.0. At pH 8.0, the polymerization rate 
was also found to increase with increasing initial silica 
concentration between 350 and 500ppm. These effects are 
consistent with results obtained in the previous studies [9, 1 0]. 

Amorphous silica has been shown to be able to deposit onto 
surfaces in two different modes, depending on the level of 
initial concentration. One mode is the direct or molecular 
deposition onto solid surfaces; the second mode is 
homogeneous formation and growth of a colloid in the bulk or 
boundary layer and its subsequent deposition on the surface. 
The latter process usually requires a supersaturation factor of 
about 2.5 or higher to take place [ 6, 11]. 

Table 3 illustrates the effect of initial supersaturated 
concentration of Si02 on the type of silica deposited at 60°C. At 
high supersaturation (initial [Si02]>400ppm) the total silica 
concentrations became higher than the reactive silica 
concentrations indicating the presence of non-reactive (e.g., 
colloidal) forms of silica in the solution, some of which 
eventually deposited leading to a decrease in the total Si02 

concentrations. The deposition of dissolved silica directly onto 

Table 2. Estimated equilibration times and induction 
periods for silica polymerization at different initial silica 

concentration and pH levels at 60°C 
Equilibration 

time (hr) 
Induction 

periods (hr) 
pH 6.0, [Si02]=400ppm 
pH 7.0, [Si02]=400ppm 
pH 8.0, [Si02]=350ppm 
pH 8.0, [Si02]=400ppm 
pH 8.0, [Si02]=450ppm 
pH 8.0, [Si02]=500ppm 

336 
264 
290 
100 
100 
100 

168 
4.0 
120 
0.5 
1.0 
0.5 

Table 3. Silica polymerization at different initial silica 
concentrations at initial pH 8.0 and 60°C 

Initial Reactive [Si02] Total [Si02] 

[Si02] at equilibrium at equilibrium 
(ppm) (ppm) (ppm) 
350 227 243 
400 222 225 
450 222 351 
500 225 408 

tube surface was the only reaction found at low supersaturation 
levels. The formation of colloidal Si02 and eventual deposition 
was able to occur from an initial supersaturation ratio of 2.0 
(initial Si02 concentration: 450ppm) instead of 2.5, probably 
because our experiments were conducted at higher temperature, 
which resulted in high reaction rate [9]. 

As shown in Fig 1, the solubility of amorphous silica is little 
dependent on pH in the range of 6-8 (diff. <6%) and increased 
with increasing temperature (from -225ppm at 60°C to 
-295ppm at 80°C), agreeing well with results obtained in the 
literature [9, 12]. 

350 

300 

'E 2so 
c. 
,3; 

~ 200 
:.c 
:I 

"£ 150 

g 
u; 100 

50 

......-- I 

jl 
,.-- ,------

I i 
pH 6.0 pH 7.0 pH 8.0 pH 8.0 pH 8.0 
60°C 60°C 60°C 70°C 80°C 

System designation 

Figure 1: Silica solubility at different pH and temperatures 

Binary Systems 
Kinetics 

Table 4 presents the calculated kinetic parameters (Eqn. 3) 
for COM precipitation in the presence and absence of Si02• The 
results show the kinetics of COM precipitation was affected by 
the presence of amorphous silica, as indicated by lower rate 
constants and higher n values. The extent of rate reduction 
increased with increasing initial Si02 concentration. 

As illustrated in Fig 2, the rate of silica polymerization at a 
low initial supersaturation level at 60°C was enhanced by the 
presence of COM in comparison to that of the corresponding 
single system. As reflected by the differences between total and 
reactive silica concentrations, colloidal particles of Si02 were 
found to occur in all binary mixtures (Fig 2) in contrast to direct 
deposition of dissolved silica in Si02 single systems. 

Table 4 Kinetic parameters for COM precipitation in 
binary systems with different initial Si02 cone. at initial 

COM cone. 150ppm, at pH 8.0 and 60°C 

Initial Si02 log(k) %Equilibrium 
cone. (ppm) N reached in 4h 

0 0.5 3.4 97 
150 0.06 3.6 90 
200 -1.1 3.8 90 
300 -2.1 4.5 92 
400 -2.8 5.6 86 

Thermodynamics 
- The precipitation thermodynamics of a compound is usually 

studied in a 20 plane, where the initial concentration of a 
compound is plotted against its final equilibrium (solubility) 
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concentration. However, when more than one precipitating 
species is present in the solution, the evaluation, interpretation 
and representation of precipitation equilibria become more 
complicated. In the c;ase of binary systems, the evaluation of 
precipitation thermodynamics leads to a series of three­
dimensional (30) equilibrium (solubility) surfaces. 

The 30 solubility surfaces in this study were obtained by 
plotting the initial concentrations of COM and Si02 on the x 
and y co-ordinates, respectively, against the solubility 
conceqtration of either one of them on the z co-ordinate. 
Computer software Matlab (version 6.0) was adopted for this 
purpose to connect random data points using an interpolating 
mesh. 

550~------------r===================~ 

'E • Rea [SI02), Initial [COMJ=O 

.9; 500 0 Total [Si02), iritial [COM):O 

1: ... Rea [SI02), Initial [COM)=20ppm 

0 'V Total [Si02), iritial [COM)•20ppm :s 450 .A Rea [Si02), initial [COM)=200ppm 

~ 6. Total [Si02), iritial [COM)•200ppm 

·= 400l ~ 
0 eooooooo~ 
1: 6. • ~ 8 350 

. ~ .. 0 v 
~ 300 v 'V v vv~vvvv (ij ... 
::J • 6. 6. 6,6. 0 ~ 6. .6, " 250 '(ij • I zlft~O Q) Z+ a: 

200 
0 2 4 6 8 10 12 14 16 18 20 

Time (day) 

Figure 2: The effect of COM on the kinetics of Si02 

polymerization at initial Si02 cone. 400ppm, initial pH 6.0 and 
60°C 

Figs. 3 and 4 show the 30 solubility surfaces of COM and 
SiOz, respectively. The solubilities of COM were increased with 
increasing Si02 concentrations in the binary systems when 
compared with those obtained for COM single systems (upward 
surface curvature along y co-ordinate), indicating potential 
interferences of Si02 species on COM precipitation (see next 
section). However, the solubilities of Si02 in binary systems 
were found to be virtually unchanged compared to the situation 
where Si02 was present alone (plane B levelled off after an 
initial rise along x co-ordinate). 

To obtain two-dimensional solubility curves for Si02 at 
constant initial concentrations of COM, the 3-D solubility 
surface can be "cut" by the constant COM concentration planes 
representing various initial COM values. 

This surface-cutting exercise (data not shown) indicated that 
colloidal silica was formed at a lower initial supersaturation 
level in the binary systems than that in the respective single 
systems, i.e., at initial Si02 concentration of -250ppm in binary 
systems as against ~-400ppm in single systems. These results 
are similar to those obtained in the kinetics runs (Fig. 2). 

Mechanisms 
A number of mechanisms may be proposed to explain the 

results obtained for the binary COM/Si02 mixtures. Iler [13] 
demonstrated that Si02 was able to form a variety of soluble or 
insoluble silicates in the presence of non-alkali metals such as 

Figure 3: Interpolated solubility surface for COM in binary 
systems at initial pH 7.0 and at 60°C 

Figure 4: Interpolated solubility surfaces for Si02 in binary 
systems, initial pH 7.0 and at 60°C, (A) Total Si02 cone. (B) 
Reactive Si02 cone: 

calcium and magnesium (pH ~8.5). In another study, Her [14] 
examined the coagulation of colloidal silica by calcium ions. 
The author proposed that calcium ions act as bridging units 
between negatively charged Si02 particles. 

It is likely, therefore, that the above-mentioned mechanisms 
are applicable to the interactions between COM and Si02 

observed in this work. The reduced precipitation rate and 
increased solubility for COM may be the result of the formation 
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of COM-Si02 species through complexation and bridging etc., 
thereby maintaining high COM concentration in solution. 
Previous work [15] on COM crystallization also showed that 
many agents could inhibit COM crystal growth by binding 
selectively to the COM crystal faces. Hence, the decreased 
precipitation rates for COM might possibly be attributed to the 
blocking of active growing sites of COM by the adsorption of 
Si02 ions or COM-Si02 species. 

Furthermore, the formed COM/Si02 complexes may act as 
additional nucleation sites for Si02 polymerization, leading to 
high Si02 polymerization rates in the binary systems. 

Because the total Si02 concentration dropped in the binary 
systems, it is also postulated that some soluble or colloidal Si02 

may be co-precipitated with COM by specific adsorption onto 
COM crystal faces, or as a consequence of coagulation of 
colloidal COM-Si02 complexes. Further work on crystal 
characterization is underway to verify these assumptions. 

CONCLUSION 
Batch experiments have been conducted to evaluate the co­

precipitation of amorphous silica and COM in pure solutions. 
This work has shown that the presence of Si02 hindered the 
rates of COM precipitation and increased the observed 
solubilities of COM, the extent of which increased with 
increasing initial Si02 concentration. The presence of COM in 
Si02 precipitation, however, was found to enhance the Si02 
deposition, but had little effect on the solubility of Si02• COM­
Si02 complex formation and specific adsorption may be used to 
explain the co-precipitation of COM and Si02• 

Foulant characterization studies, batch tests of COM/Si02 

co-precipitation in sugar solutions and dynamic tests based on a 
circulating heat exchange unit are underway to further establish 
composite fouling mechanisms of amorphous silica and calcium 
oxalate monohydrate under conditions similar to those in the 
sugar mill evaporator. 
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ABSTRACT 
The molten slags that are used not only in the continuous 

caster but also in many metal industries play an important role 
and affect the quality of products. The authors initially 
developed the double hot thermocouple technique (DHTI) for 
in situ observation of mold slag crystallization. 

In this study, the DHTT was further developed to allow the 
measurement of the overall thermal diffusivity of molten slag 
applying the principle of the laser flash method. The affecting 
factors (finite pulse time, shape of pulse and heat loss from 
sample surface) on the measurement of thermal diffusivity using 
DHTT were discussed theoretically using both the analytical 
and the numerical methods. New relationship between the 
thermal diffusivity a and the time at half-maximum temperature 
to.s was obtained as follows: 

a ( x 104 m2 Is)= 0.000707{t0.5 /tP}-1.8946 

The thermal diffusivity obtained from the experimental half­
maximum time to.5/tp (tp is the time of peak on the heat pulse) 

was in good agreement with the one from the literatures. 

INTRODUCTION 
The physicochemical and the thermal properties of molten 

slag have large influences on the quality of products not only in 
the continuous caster but also in the every high temperature 
process using a slag-metal reaction. The former properties such 
as the viscosity and melting-solidifying behavior have been 
widely investigated. Although the thermal conductivity (or 
diffusivity) was also measured by many researchers, the 
interests might mainly be fucused on the inherent value such as 
a phonon conduction to eliminate the effect of radiation and the 
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effect of other phenomena (convection, crystallization and 
bubble formation). Scientifically it would be important, 
however, practically, the overall heat transfer that includes the 
complicated phenomena such as the bubble formation and the 
crystallization will be more important and useful. Under such 
situation, the direct observation during measurement of the 
thermal diffusivity can be a key technique to understand the 
obtained results adequately. The authors initially have 
developed the double hot thermocouple techni~ue (DHTI) for 
in situ observation of mold slag crystallization 1

• >. These studies 
have indicated that the overall heat transfer rate in the actual 
process must be very complicated due to the interaction of 
crystallization of slag with the primary mechanisms of heat 
transfer: radiation, conduction and convection. DHTI has a 
superior feature on the rapid heating and cooling of melted 
sample during observation, whereas the extremely high 
sensitivity on the temperature change makes it unamenable. The 
measurement of thermal diffusivity using DHTI should be 
overcome the following problems belonging to two categories: 

(i) contents of effective thermal diffusivity (effects of 
phonon conduction, radiation conductivity, electron 
conductivity and effect of convection) 

(ii) influences of experimental setup on the measured value. 
In the present study, we focused on the problem in the second 
category (ii). The problem in the first one (i) will be discussed 
in the following paper. 

The final purpose of present project is to clarify the effective 
thermal diffusivity during the bubble formation and 
crystallization. In this study, the DHTI was further developed 
and the measurements of thermal diffusivity using the standard 
sample (B20 3) were carried out. The affecting factors (finite 
pulse-time effect(shape of pulse) and heat loss from sample 
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surface) on the measurement using DHTT were elucidated and 
new relationship between the thermal diffusivity a and the time 
at half-maximum temperature to.s was obtained. which was the 
modified relationship of Parker's method 3.4>. 

EXPERIMENTAL 
The details of experimental apparatus have been shown in 

previous study1.2>. Figure 1 illustrates the principle of the 
thermal diffusivity measurement and the comparison of the 
alignment of heat source and detector between DHTT and laser 
flash method. The laser flash method is excellent method and 
can predict a relatively suitable value of thermal diffusivity 
using Parker's Method 4

> (Eq.(3)). However, it will need a 
special alignment for the measurement of liquid and/or 
transparent material. Furthermore, a direct observation during 
measurement is almost impossible. On the other hand, the 
DHTT can observe the molten sample in situ. As shown in 
previous study, 1•2> the solidification of mold slag is complicate 
phenomena including the bubble formation/breaking and the 
ctystallization. It would be vety important to know the sample 
image during measurement. The thermal diffusivity obtained 
from DHTT, however, is not yet established and it is not 
reported what kinds of factors affected on the measurement 
until now. 

CH-I ~D CH-2 

lmfiTI ~~ l 
S.type ) 1 PoSr temperature 

Thermocouple Sample melt meuaremeat 
(Heat eoarc:e) (Weldiaa poiat) 

Fig.1 Principle for the measurement of thermal diffusivity by 
DHTT and the laser flash method. 

For the preliminary approach to the application of DHTT 
on the measurement of thermal diffusivity, the affecting factors 
on the measurement were elucidated both from the theoretical 
and experimental method. In the case of laser flash method, an 
instantaneous laser pulse was used as a heat source and the 
temperature increase at rear surface was measured by an 
infrared pyrometer (IR detector). In the case of DHTT, the 
temperature of one side thermocouple (CH-1, in Fig.l) 
increased in a pulse shape and the other side of thermocouple 
(CH-2 ) was used as a detector. The typical temperature profiles 
both ofCH-1 and CH-2 are shown in Fig.2. The time to.s at the 
half-maximum temperature (112 6Tmu) was defined as shown in 
Fig.2 and used for the calculation of thermal diffusivity 
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according to the laser flash method (the details will be shown in 
below). The large differences between the laser flash method 
and DHTT are as follows: 

810 1 203 melt at 773K 

-840 
:.:: 

1820 

1
100 

.... 780 

780 

o 10 20 ao 40 

Tlme ( •) 

Fig.2 TYPical temperature profiles for measuring the 
thermal diffusivity 

(1) Heat source is the order of several seconds (millisecond 
order in laser flash method). 

(2) Shape of pulse is not square. This factor might be decisive 
in both the methods, however, the extent of delay on the 
pulse (finite pulse-time) is significant on the DHTT. 

(3) Heat loss owing to the radiation and the conduction to the 
thermocouple (CH-2) for detection is significant for the 
DHTT. 

Fig.3 Sample melts on the double hot thermocouple. (B20 3) 

In the present paper, these difficulties will be overcome for 
using the DHTT on the measurement of thermal diffusivity, 
because it can provide us with the other benefits such as the 
measurement of transparent slag melt and the direct 
observation. Figure 3 shows the examples of the observations 
du_ring measurements. Figure 3(a) shows the clear and 
transparent B203 melt, in which many reflections could be seen 
because it was working as a lens. In this experiment, the 
bubbles were eliminated and the clean melt was used. 
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RESULTS AND DISCUSSIONS 
The one dimensional heat transfer under an insulating 

condition with an instantaneous heat source was given by 
Carslaw and Jaeger. 3

> 

1 JD ( u.. 2 "' j -n
2
tr

2at) nntJD nnt T(x,t)=D 0 T x,O,.._.+D~ex'\. ----r;r- xcosD 
0 

T(x,O)cosDdt 

(1) 
where r(x, o) is the initial temperature distribution, r(x, 1) is 

the temperature distribution at any later time t and a is the 
thermal diffusivity. D means the thickness of sample. The 
temperature history V at the rear surface ( x=D) can be 
expressed by Eq.(2). 

V=T(D,t)=1+2f(-Itxexp(-n
2

~
2 at] (2) 

TM ,.,J D 

where T M is the maximum temperature at the rear surface (T M 

=Q/pCPD, Q is the radiant energy of pulse, p is the density of 
sample and Cp is the heat capacity). From Eq.(2), Parker, et 
al4

> gave the simplest equation expressed by Eq.(3). The time 
fG.s can be defined by that at V = 0.5, which means the half­
maximum temperature. Then, the thennal diffusivity a can be 
calculated by Eq.(3). 

D2 
a= 0.1388- (3) 

to.s 
Eq.(3) is very useful equation to obtain the thermal 

diffusivity. Many commercial devices for measuring the thermal 
diffusivity have been developed on the basis of Eq.(3). 

Since the Eq.(3) was very convenient one to obtain the 
thermal diffusivity, the meaning of Eq.(3) was analyzed. Then, 
the analogical and fundamental equation was derived as 
follows : 

a=81 ·t~~ (4) 

where 81 and 82 are the parameters determined by the sample 
thickness D, the heat loss and finite pulse time (pulse shape). In 
the case of instantaneous pulse and insulated condition 
(81 = 0.1388D2 and 82 = 1), Eq.(4) is equal to Eq.(3) (Parker' 

equation). In the present study, the parameters, 81 and 82 were 
obtained for getting the adequate thermal diffusivity using 
DHTI. 

EFFECT OF HEAT LOSS 
In the DHTT, the heat loss from the sample surface is 

relatively large and the conduction to the thermocouple for the 
detection (CH-2) is considerably large comparing to the 
radiation loss. Watt 8

> has shown the theoretical approach for the 
radiation loss from the sample surface based on the equation by 
Carslaw et al 3>. Heckman 9> has studied the finite pulse-time 
effect and the heat loss using Green's function based on the 
result of Watt. For the triangular heat pulse (Fig.4), Heckman 
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has presented the relationship shown as Eq.(S). 

V= T~,t) =2~Y.(O)Y,(D{M,.(t)+N,.expC~;t)] (5) 

where 

Yn(x) 21
'
2{8; + L;Y[pn cos(pnx/ D)+ L1 sin(pnxl D)] (6) 

({o; + L: X/J}. + L~ + L2 )+ L1 (8; + L~ )t 
and the Pn(n = 1,2,3 .... ) are the positive roots of the following 
equation. 

{p;- LIL2)tan /3n = /3n(LI + L2} (7) 
where Lt and ~ mean the heat loss by radiation at the front and 
rear surface, respectively 8>. 
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Fig.4 Effect of heat loss on the temperature profile. 

In Figure 4, the calculation results using Heckman's 
equation (Eq.(5)) under two conditions (L1=L2=1 and 
L1=~=1000) are shown in comparison with Parker's equation 
(Eq.(2)). It was found that the existence of heat loss made the 
temperature profile lower and the local maximum point 
appeared on the temperature profile. Furthermore, the maximum 
point decreased with the increasing heat loss, intensely. It 
should be noted that the temperature profile never decrease in 
an iniUlated condition (Parker's equation, Eq.(2)) and the actual 
one must decreased more or less, because some extent of heat 
loss always exist. 

These temperature profiles from Heckman's equation were 
compared in Figure 5 with experimental data ofB20 3 melt using 
DHTT at 773K (the curves were normalized with Tmax (the 
maximum temperature) and tmax (the time at Tmax)). Even if the 
fairly large heat loss was assumed in the Heckman's equation 
(L1=L2=1000, broken line), the calculated temperature profile 
could not represent the experimdltal data, especially, the 
decreasing curve beyond the tmax did not represent the 
observation. 
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Fig.S Comparison of temperature profile between the 
observation and the calculation by Heckman's equation. 

NUMERICAL METHOD FOR DHTT MEASUREMENT 
From above results, it was found that the analytical 

method was difficult to express the experimental results owing 
to the complex pulse shape and the heat loss in the present 
study. Then, the numerical analysis was carried out based on the 
following fundamental equation 

OT fiT 
pCp-=K-

Ot at 
(8) 

where p is the density, Cp is the heat capacity and x: is the 
thermal conductivity. The finite difference method with the 
forward differences was adopted for numerical analysis and the 
equation could be rewritten as follows3>: 

Tt+l =Tt +a~l,t -2Tt +Tt ) 
n n /lx2 \l n+l n n-1 

(9) 

where 'n' means the position corresponding to the space­
derivative and 'i' means the time corresponding to the time­
derivative. The numerical calculation using Eq.(9) was carried 
out with bJ = 4x 10~ (s) and ax= 0.001 (em). The boundary 
condition at the front surface (heat source) was changed 
according to the experimental heat pulse. 
r: =f(t) (10) 

and the initial condition was 
Tn° = 0 (11) 
Using Eq.(9), the temperature variation at the rear sur Lace r~ (D 
means the position of rear surface) was calculated and 
compared with the analytical method (Eq.(2}}, when the 
maximum temperature was kept at the rear surface for 
simulating the thermally insulated condition (without heat loss) 
and the instantaneous heat pulse was defined as T~ = 1 in 

Eq.(IO). The calculated results between the numerical method 
(Eq.(9)) and the analytical method (Eq.(2)) were compared and 
it was confirmed that the present numerical method was in 
excellent agreement with the analytical method. 

Using experimental heat pulse ( Fig.6(a); the curve of 
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pulse was divided into two region at the maximum point tp (0 
::=;ts;tp and t>tp) and the two curves were expressed by the three 
dimensional polynomial), the numerical calculations were 
carried out and the temperature variations with different thermal 
diffusivities (a=O.OOlxlO""'- O.OOSxlO""' m2/s) were compared 
with the observation in Fig.6(b). It was found that the 
calculation result using the thermal diffusivity, a=0.003xl0_. 
m2/s was in good agreement with the observation. In this C$e, 
the heat pulse and the response curve were normalized by the~ 
that was the time at the maximum temperature in the heat pulse. 
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Fig.6 Results of numerical analysis and comparison with 
the observation. 

From these results, it could be concluded that not only the 
shape of pulse but also the heat loss affected the measurement 
of thermal diffusivity significantly in the DHTT measurement. 
The numerical method was useful to analyze the experimental 
heat response curve, because the shape of heat pulse was not 
geometric one and the heat loss from sample surface to both the 
ambient and the thermocouple was large. However, it is not 
practical method for getting a thermal diffusivity to use the 
numerical method owing to the necessity of huge work. 

The Eq.(4) will be convenient to obtain the thennal 
diffusivity. The parameters ( a, and a

2 
) were determined as 

shown in the following section. 

PARAMETERS FITTING ( 81 AND 82 ) 

Using two kind of heat pulses, the numerical method w~ 
carried out as mention above. The obtained results are shown m 
Fig. 7. The values of the parameter 8

1 
in both conditions were 

one order of magnitude smaller than that obtained using 
Heckman's equation 13). The result was caused by the difference 
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of the amount of heat loss. The numerical method could 
simulate the situation that the large heat loss occurred in the 
oHIT. The relationship between a. and to.s obtained can be 
expressed as follows in the case of experimental heat pulse: 

a ( x104 m2 Is)= 0.000707{to.s !t)-1.8946 (12) 

0.01 

,..!! 
E 0.001 

~ 
~ 

t5 0.0001 

Experiment•! pulse 

CX•0.000707(to.,ltp)'1•1148 

Trl•ngul•r pulse 

CXII0.000380(to.,ltp)·1.424 

1'80.998 

1'80.992 

104L-~0.~1------~1--------1~0~ 

to.,ttp (-) 

Fig. 7 Relationship between the thermal diffusivity a. and the 
time at half-maximum temperature to.s by the numerical 
method. 
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Fig.8 Comparison of thermal diffusivity between the 
observation and the literatures. 

In the present experiment, to.sltp was measured at the 
desired temperatures from 630K to 1373K using reagent grade 
B203 and also the thermal diffusivity a. of B203 was calculated 
from the literature value 13> Figure 8 shows the temperature 
dependence of thermal diffusivities obtained in the present 
study (using the observed to.sltp and Eq.(12)) and the references 
value13

> The excellent agreement was obtained and the 
relationship between a. and to.s expressed by Eq.(12) was quite 
useful one to determine the thermal diffusivity using the DHIT. 

However, another factor might govern the value obtained in 
high temperature range. That is a effect of radiation in a 
transparent sample10

•
11

•
12l Moreover, this effect must dominant 

in both the data from the present study and the reference data 
13

>, which was obtained by the steady-state method for thermal 
conductivity measurement, because both the thermal 
diffusivities increased with increasing temperature (normally, 
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the thermal conductivity of glasses decreased in high 
temperature range12l 

CONCLUSION 

New method to measure the thermal diffusivity using double 
hot thermocouple technique (DHTT) was developed. The 
factors affecting on the thermal diffusivity measurement were 
elucidated. The finite pulse-time effect and the heat loss were 
quite different from that of laser pulse method and it was found 
that the analytical method could not used for the DHIT. Then, 
numerical method was applied to analyze the heat conduction 
on theDHIT. 

The results obtained are as follows: 
(1) The heat loss in DHIT was quite high and the analytical 

method presented by Heckman could not apply. 
(2) In addition , since the shape and duration of pulse in the 

heat source was entirely different from the laser flash 
method, the numerical method was useful to simulated the 
heat transfer on the DHIT. 

(3) The new relationship between the thermal diffusivity a. and 
the time at the half-maximum temperature tos was obtained 
using the numerical method, which was in excellent 
agreement with the observation. 

a ( x 104 m2 Is)= 0.000707~05 It P)-
18946 
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ABSTRACT 
The present study pertains to the numerical 

investigation of human thermal response to extreme 
environmental conditions with the help of a human 
thermal stress model. The human thermal model based 
on finite element method is implemented. This model 
utilized as a "Computational Environmental Chamber" to 
conduct simulations for examining human thermal 
responses under different environmental conditions. It is 
well established that thermal discomfort causes 
degradation of human performance. This leads to drain of 
attentional resources and vigilance capabilities of 
decision makers (e.g. pilots, aircrew). Thus, extreme 
environmental conditions can cause significant changes 
in human thermal stress responses. The purpose of this 
study is to investigate the human core and skin 
temperatures behavior under different humidity ratios and 
extreme air temperature. The study is expected to provide 
deeper understanding of the combined effect of relative 
humidity and air temperature on human thermal 
responses. 

INTRODUCTION 
Considerable fundamental research has been 

conducted in response to the increased interest in the 
development of computer models to study the human 
thermal behavior. The human body continuously 
exchanges heat with its environment to maintain the 
inner body temperature within a certain range. Heat is 
not generated uniformly throughout the body, nor it 
dissipated uniformly [ 1]. Consequently, human body 
must exchange heat with the environment in a controlled 
manner to keep the human body temperature in certain 
range. The system responsible for maintaining the inner 
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or core temperature at a normal level is thermoregulatory 
system, which enhances or inhibits heat production and 
heat loss. 

Mathematical models have been used by several 
investigators in the past fifty years to study the human 
thermoregulation [2]. From early forties to late sixties, 
human thermoregulation was studied primarily using 
analog computers. Some of the well-known thermal 
models developed during this period were those of Pennes 
[3], Mach and Hatch [4], Wyndarn and Attkins [5,6], and 
Smith [7]. With the advent of digital computers, from 
seventies onward, new and more sophisticated models 
have been developed. Description of some of these 
models can be found, for instance, in studies by Gagge 
[8], and Stolwijk (9]. 

Presently, there is a strong need to develop a model 
that can study the human-environment interface more 
accurately. Smith [ 1 0] developed a comprehensive three­
dimensional thermal model for the nude body. Finite 
element method used for the numerical solution provides 
more realistic model for the human body in this model. 
Jones et al. [11] developed a new unsteady-state thermal 
model for the whole clothing system. 

This is the first stage of the study in which the aim is 
to develop code validation and to apply this code to study 
the human thermal response to extreme environmental 
conditions for nude body. Subsequently, other 
applications for modeling clothed human body will be 
implemented. 

NOMECLATURE 
A area (cm2

) 

Cp specific heat or heat capacity (J/g-0 C) 
DAB mass diffusivity of water in dry air (crn21hr) 

Digitised by the University of Pretoria, Library Services, 2015



h 
hrg 
K 

surface heat transfer coefficient (Jihr-°C-cm2
) 

latent heat of vaporization (J/g) 
thermal conductivity (Jihr- °C-cm) 

M 
mresp 

metabolic rate of entire body (J/hr) 
moisture transfer rate between the atr m the 
respiratory tracts and the surrounding tissue 
(cm2/hr) 

p 

z 

internal heat generation by metabolic reactions 
per unit volume of tissue (Jihr- cm3) 
pressure or vapor pressure (KPa, mm Hg) 
blood vessel radius (m) 
humidity ratio 
respiration quotient 
temperature (C) 
air temperature (0 C) 
time (hr) 
volumetric blood flow rate (cm3/hr) 
volumetric oxygen consumption rate (cm3/hr) 
humidity ratio (g H20/g dry air) 
volumetric blood flow rate in capillary bed 
(cm3/hr) 
coordinate or length along axial direction of I-D 
elements 

Greek Symbols 
a fraction of the total body mass in the skin node 
J.1 viscosity (glhr-cm) 
p density (g/ cm3

) 

GENERAL FORMULATION 
The human thermal model shown in Fig. I is 

investigated. It has three important interactive systems 
[2], namely: 

I. Passive System: This has the body tissues, 
internal organs, circulatory, and respiratory 
systems. 

2. Control System: Which represents thermal 
control functions of the body. 

3. Clothing Systems: In which the thermal 
functions of the clothing is taking into account. 

The development of the thermal model for the 
clothed human includes governing energy equations of 
these three systems. The human thermoregulatory 
responses are obtained by solving these systems of energy 
equations. Auxiliary equations, such as the blood pressure 
governing equation of the macro circulatory system, the 
humidity ratio equation of the respiratory system, mass 
transfer equation of the clothing system, etc., form the 
complete system of governing equations. 
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Figure I Human thermal model [7] 

The governing equations for the three systems can 
be classified as follows [ 12]: 

(I) Blood pressure governing equation 
(2) Humidity ratio governing equation 
(3) Thermal energy governing equation 

(i) Tissue energy governing equation 
(ii) Blood energy governing equation 
(iii) Air energy governing equation 

(4) Control system governing equation 
(i) Vasomotor response equation 
(ii) Sudomotor response equation 
(iii) Metabolic response equation 
(iv) Cardiac response equation 

(5) Clothing system governing equation 

(1) Blood pressure governing equation 
To determine the blood pressure distribution, Navier­

Stokes equations were applied to blood flow in the macro 
circulatory system. 

The basic assumptions include: blood is a Newtonian 
fluid flowing in the axial direction, 1-D, incompressible, 
steady, constant viscosity, laminar, fully developed, and 
axisymmetric flow. Navier-Stokes equations, with the 
above assumptions, in cylindrical coordinates simplify to 
[I2]: 
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or 

V. _ -r0

2 
dP 

bl- 8~t dz 
(1) 

(2) 

where z is the coordinate along the axial direction. of the 
blood vessel, Vb1 is the mean blood velocity in the blood 
vessels, and P is blood pressure. Equation (2) may be 
expressed in terms of average volwnetric blood flow rate, 
vb. as 

V 
- -wo4 dP 

b-
8f.J dz 

(3) 

(2) Hwnidity ratio governing equation 
The quantity of water vapor in a mixture relative to 

the amount of dry air represents the humidity ratio. Inside 
the respiratory tract, latent heat loss due to respiration is 
a function of the hwnidity ratio. The respiratory tract 
walls experience a cooling effect due to heat and mass 
transfer between the inhaled air and the surrounding 
tissues. 

For any given respiratory tract 
balance equation may be expressed 

humidity ratio wair [12], as: 

D d2Wair - v dWair + mres = 0 
AB dz2 a dz Ares 

element, a mass 
in terms of the 

(4) 

where Ares is the cross-sectional area of the windpipe, V8 

is the air velocity (constant). 
The magnitude of the air velocity can be calculated 

from the volumetric oxygen conswnption rate, vo1 [12], 

as: 

M v 2 = ---------
0 21.21(0.23RQ+0.77) 

v 
va = 4.762--;-

JU'o 

(5) 

(6) 

where RQ is the ratio of volwnetric flow rate of exhaled 
carbon dioxide to that of inhaled oxygen. 

(3) Thermal energy governing equations 
Three thermal energy differential equations 

governing the thermal response in the passive system. 
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These equations are tissue, blood, and atr energy 

equations. 

(i) Tissue energy governing equation 
The energy balance equation for a tissue element, is 
given by [12]: 

8T 
{£- = '\l.KVT +qb + qm +qa + qv +aqres (7) at 

The left-hand side of Eq. (7) is the rate of 
accumulation of thermal energy per unit volume due to 
changing temperature of the tissue. It equals the sum of 
six different terms on the right-hand side which are 
swnmarized as follows [12]: 

1) VJ0lT= net rate of heat conduction into unit volume. 

2) fJJ, =f.l~Cp}J(~ -1:,) rate of heat transfer into unit 

volume due to capillary blood perfusion. 

3) qm =rate of heat generation by metabolic reaction. 

4) q a = 27Uaha (Ta - T) = rate at which heat IS 

transferred from the blood the in large arterial vessels 
to tissue. 

5) qv = 27lrv(J: -1) =rate at which heat is transferred 

from the blood in large venous vessels to the tissue. 

6) q res = 2trrreshres (J',es -1) + 2trrreshresp dah fg (Wair - W..at) = 
rate at which heat is transferred from the respiratory 

system to the tissue. Where a = 1 at the head, neck, 

and torso and a = 0 for other body parts. 
(ii) Blood energy governing equation 

The energy balance equation for a blood vessel 

element, is expressed as [12]: 

c ar;, d
27;, dT;, qbd (S) 

Pb p,b ---at= Kb dz 2 - pbCp,bvbl "d; + ---:4'; 

~ refers to the cross-sectional area of the large blood 

vessels. 
(iii) Air energy governing equations 

The energy balance equation for a respiratory 

tract element, is given by [12]: 

C 8Tres - K d zTres 
pres p,res at - res dz2 

(9) 

_ p C V dT,es + q res 
res p,res res dz Ares 

(4) Control svstem governing equations 
Due to the lack of understanding of the thermal 

control function of the hwnan body, development of any 
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thennoregulation model is limited. It is known that 
thermo receptors sense local temperature changes and 
transmit these thermal signals to the hypothalamus [4]. 
However, at this time it is not understood how the 
hypothalamus integrates these incoming signals [12]. 
Whatever the form and relative significance of thermal 
signals utilized by the hypothalamus, the 
thermoregulatory responses are known: vasodilatation 
and sWeating to enhance heat loss, vasoconstriction to 
inhibit heat loss, and shivering to increase metabolic heat 
production. The governing equations for this system have 
been discussed in detail in Ref. [12], and therefore, will 
not be repeated here. 

(5) Clothing System Governing Eguations 
The clothing system to be investigated is developed 

by Jones et al. [ 11]. Because of its moisture adsorbing or 
desorbing mechanisms, clothing system plays a very 
important role in affecting the thermal responses. Only 
nude human cases will be considered in this study, and 
therefore, governing equations for clothing system will 
not be needed here. 

INITIAL CONDITIONS 
The thermo-neutral conditions are used as initial 

conditions for the human body. Temperature distribution 
of the whole human body is needed for the initial thermo­
neutral, instead of just the core and skin temperatures 
because of the finite elements used in the body. The 
model is simulated for a nude sedentary human body, in 
order to obtain initial condition, starting with an 
approximate initial thermo-neutral temperature 
distribution. The relative humidity (RH) and air 
temperature used in the simulation are 32% and 28 °C 
respectively. The obtained temperatures are used as the 
initial condition for all other simulations. 

RESULTS AND DISCUSSION 
A transient model for the nude human thermal 

system has been developed to simulate the thermal 
responses to various conditions [ 1 0]. The validation of 
any computer code involves the comparison of the code 
result with one or two of the independent sources such as 
experimental data and exact solution. This model has 
been validated by comparing model skin and core 
temperatures with experimental data of Hardy [13]. 

Figure 2 shows the core temperature comparison of 
the experimental data and the computer model. In this 
experiment, a quietly sit nude human exposed to 23.3 oc 
air temperature with 40% relative humidity for 60 
minutes. Then the subject walked quickly to another 
chamber that has 43.5 °C air temperature with 38% 
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relative humidity for another 60 minutes. Figure 3 shows 
skin temperature comparison of the experimental data 
and the computer model for the same above case of two­
hour period time. 
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Figure 2 Core temperature comparisons 
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Figure 3 Skin temperature comparisons 

Computer simulations were conducted for a variety 
of environmental conditions. The environmental 
temperatures are 0 °C and 43.33 °C, humidity ratios are 
10%, 50% and 90%, and the activity level was 
maintained 'at 1.0 MET (metabolic activity). The radiant 
temperature of the environment is approximated to be the 
same as the environmental air temperature. The radiation 
heat transfer coefficient is 1. 7 Jlhr-cm2

- °C and the 
convection heat transfer coefficient is taken as 1.12 J/hr­
cm2-0C [1]. 

Figures 4-6 show the influence of air temperature on 
core temperature with metabolic rate of 1.0 MET (21 
Jlhr-cm2) which corresponds to resting condition for 
10%, 50%, and 90% relative humidity respectively. It is 
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clear that the effect of the relative humidity is 
insignificant at low air temperature (0 °C). However, 
relative humidity effect is noticeable at high air 
temperature 43.33 °C . 
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Figure 6 Core temperature for 900/o RH 
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Figures 7-9 show the influence of air temperature 011 
skin temperature with metabolic rate of 1.0 MET for 
10%, 50%, and 900/o relative humidity respectively. The 
air temperature of 43.33 oc causes the skin temperature 
to remain hi h. 

Fi 

28 

~ ~ » ~ ~ ~ 
Tl,.(min.) 

Figure 9 Skin temperature for 900/o RH 
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CONCLUSIONS 
An attempt has been made to characterize human 

thermal response under extreme thermal environment for 
nude human body. In this study, air temperatures of 0 °C 
and 43 .333 °C have been used along with 10%, 50% and 
90% relative humidity to simulate extreme thermal 
environment. In general, the effect of relative humidity is 
insignificant compared to the effect of air temperature. At 
high air temperature, the effect of the relative humidity is 
important. 

The ultimate goal is to characterize human thermal 
responses under extreme thermal environment for nude 
as well as clothed human . 

REFERENCES 

I. ASHRAE 1993, "ASHRAE Handbook of 
fundamenlals," Chapter 8, Atlanta, American 
Society of Heating, Refrigerating, and Air 
Conditioning Engineers Inc. 

2. Alfahaid, A.F., Chaturvedi, S. K. and Tiwari, S. 
N. "Evaluation of Aerospace Environmental 
Control System Using an Objective Thermal 
Stress Index (OTSI)," AIAA Paper No. 99-3502; 
37th Aerospace Sciences Meeting & Exhibit, 
Norfolk, VA, July 12-15, 1999. 

3. Pennes, H. H., "Analysis of Tissue and Arterial 
Blood Temperatures in the Resting Human 
Foream," Jomal of Applied Physiology, Vol. I, 
No.2, pp.93-l22, 1948. 

4. Machle, W., and Hatch, F. F., "Heat: Man's 
Exchanges and Physiological Responses," 
Physiological Review, Vol. 27, pp. 200-227, 1947 . 

5. Wyndam, C. H., and Atkins, A. R., "An Approach 
to the Solution of the Human Biothermal Problem 
with the Aid of an Analogue Computer," 
Proceedings of the Yd International Conference on 
Medical Electronics, London, England, pp. 32-38, 
1960. 

6. Wyndam, C. H., and Atkins, A. R., " A 
Physiology Scheme and Mathematical Model of 

784 

Temperature Regulation in Man," Pflugers 
Archives, Vol. 303,pp. 14-30, 1969. 

7. Smith, P. E., " Analog Simulation of the 
Physiological Responses of Men Working in Hot 
Environments," Proceedings of 2nd Symposium 
for Biomedical Engineering, San Diego, CA, 
1962. 

8. Gagge, A. P., " A Two-Node Model of Human 
Temperature Regulation in FORTRAN," 
Bioastronautics Data Book, 2nd ed.,ed: J. F. 
Parker and V. R. West, Washington D.C., pp. 
142-148, 1973. 

9. Stolwijk, J. A. J., " A Mathematical Model of 
Physiological Temperature Regulation in Man," 
NASA Technical Reoort No. NASA CR-1855, 
1971 . 

10. Smith, C. E.," A Transient Three-Dimensional 
Model of the Human Thermal System," Ph.D. 
Thesis, Kansas State University, Manhattan, 
Kansas, 1991 . 

11. Jones, B. W., Ogawa, Y., and McCullough, E. 
A.," Transients in Clothing System," Submitted 
to Textile Research Jounal, 1993. 

12. Boregowda, S. C., " Thermodynamic Modeling 
and Analysis of Human Stress Responses," 
Ph.D. Thesis, Old Dominion University, 
Norfolk, Virginia, 1998. 

13. Hardy, J. D., and Stolwijk, J. A. J., "Partitional 
Calorimetric Studies of Man During Exposures 
to Thermal Transients," Journal of Applied 
Physiology, Vol. 31, No. 6, April 1 %6, pp. 
1799-1806. 

Digitised by the University of Pretoria, Library Services, 2015



HEFAT2002 
tst International Conference on Heat Transfer, Fluid Mechanics, and Thermodynamics 

8-10 Apri12002, Kruger Park, South Africa 

CKl 

SADDLE POINTS IN THE OPTIMIZATION OF THERMOFLUID SYSTEMS 

K.J. Craig 
Professor 

Multidisciplinary Design Optimization Group (MOOG), 
Department of Mechanical and Aeronautical 

Engineering, University of Pretoria, Pretoria 0002 
South Africa 

ken .craig@ eng. up.ac.za 

ABSTRACT 
This paper describes the use of saddle points in the design 

of thermofluid systems. With saddle points are meant points in 
the design space where in a mathematical optimization process, 
the objective function is maximized with respect to one set of 
design variables, while it is minimized with respect to other 
design variables simultaneously. For saddle points to exist, the 
maximization variables have to be separable from the 
minimization variables, otherwise a transformation is necessary. 
The philosophy behind the saddle-point optimization approach 
is described first and applied to a simple analytical saddle-point 
function. Thereafter, the process is illustrated through the 
design optimization of two thermofluid systems. Both 
thermofluid studies employ the coupling of Computational 
Fluid Dynamics (CFD) with a version of the DYNAMIC-Q 
optimization algorithm of Snyman, modified to locate saddle 
points instead of minima. The studies illustrate how parameters 
over which the engineer has little control, can be treated as 
maximization design variables in a worst-case sense, thereby 
providing thermofluid designs which will perform at least as 
well as the saddle-point performance. 

INTRODUCTION 
The general plant optimization process can be depicted as 

in Figure 1. Shown are the successive steps that are typically 
followed when a new plant or any machinery is first designed 
using mathematical modeling techniques, then built, 
commissioned, and optimized during operation and upgrades. 
Also shown in Figure 1 is the influence of environmental, or 
random, variables. These variables represent those over which 
the engineer has no control. The influence of these variables is 
usually countered using feedback or even optimal control 
techniques, but the ability of the plant to reject this influence 
using optimal control may be limited due to the fixed nature of 
the plant already in operation. In this paper, it is shown that it 
would be advantageous to consider these variables in a worst­
case scenario framework during the mathematical modeling 
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pnase using so-called saddle points. In this plant design 
optimisation stage, the main advantage is that the plant is not 
yet built, implying that changes are cheaper to implement. 
Examples of these environmental variables are environmental 
temperature, plant operating parameters that are not measured 
or controlled, unknown disturbances, manufacturing 
uncertainties, etc. The influence of these variables would 
typically be rejected using an optimal control strategy when 
operating a plant provided the variables are measurable or can 
be constructed from measurements, but when the plant is 
designed, and major decisions as to plant lay-out and 
geometrical parameters are still being made, their effect could 
be minimized in the optimal design process or synthesis 
described in this paper. Another field where worst -case design 
can be applied, is that of design optimization where dimensions 
or material properties are uncertain due to some manufacturing 
process. The variation due to manufacturing can then be 
investigated using the worst-case concepts described here. 

To the best of the author's knowledge, no systematic 
algorithm exists that is specifically tailored to search for saddle 
points instead of the usual minima. As the optimization method 
used in this study is gradient-based and uses gradients only, i.e. 
no explicit function information, it is relatively straightforward 
to modify it to search for saddle points instead of minima. It 
should be mentioned that because the method is gradient-based, 
it is not generally applicable to discrete or integer programmi~g 
problems, unless dynamic rounding can be used. ThiS 
modification has been implemented by other authors using the 
core solver of the algorithm presented here[1,2]. In the ~rst 
instance, it was used during the optimization of chermc~l 
molecular structures, while in the second study it was used lfi 

the optimal synthesis of planar mechanisms. In the latter c~se, 
the eigenvalues of the Hessian matrix (second-order derivauves 
of the objective function with respect to the design variables) 
was used to transform the problem by rotating the variable axes, 
and switching the sign of the gradients corresponding to the 
negative eigenvalues, such that a saddle point could be found. 
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1 

repeat design optimization 1 

Figure 1 - General plant optimization process 

To test how the optimization algorithm operates when the 
function that contains the saddle point is not separable, i.e. there 
exist a cross influence between the design variables, the 
methodology is first applied to a simple analytical function with 
varying degrees of rotation. The degree of rotation is 
determined where the cross influence of the variables lead to 
sufficient inaccuracy in the objective function gradients that the 
saddle point cannot be found. 

Two engineering tests are presented in the paper. The first, 
that of urban air pollution minimization, was the first 
implementation of saddle points performed by the author[3]. In 
this study, the geometrical plant variables considered are those 
of the lay-out and configuration of an idealized urban design, as 
represented by street width and building height. The 
environmental (random) variables considered are the wind 
direction and speed. 

The second case study presented extends the concept to the 
continuous casting field. The plant to be designed is that of the 
tundish of a continuous caster. The tundish acts as both a 
reservoir and a flow control device during the casting of liquid 
steel. The geometrical variables chosen for this study are related 
to the configuration and position of the so-called furniture in the 
tundish. The environmental (or saddle-point) variable is the 
steel inlet temperature to the tundish. This variable is chosen as 
it is not measured directly in the plant and typically has some 
unknown variation that could have a large impact on the flow 
patterns due to the density-driven buoyancy in the tundish. 
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The next section will define the saddle-point optimization 
problem and its solution methodology. This includes a 
description of the DYNAMIC-Q algorithm and how it is 
modified to accommodate saddle points. To illustrate the effect 
that separability has on the success of the optimization, the 
process is first applied to a simple analytical saddle-point 
function. This is followed by two thermofluid case studies, each 
with its own formulation, theoretical modeling, and results 
section. Conclusions made from the results conclude the paper. 

METHODOLOGY 
The saddle-point problem to be solved is as follows. 

Determine (X* , y * ) such that 

f(x,y*) ~ f(x* ,y*) ~ f(x* 1Y) (1) 

subject to 
xtn ~ XJ ~ x;ax and Ytn ~ YJ ~ Y7ax 

Assume that the solution lies at the saddle point (x •, y \ 
and thatfis convex with respect to x, and concave with respect 
toy. If these two sets of variables are separable (i.e., 

f(xs) = ft(x) + fz(y), (2) 

so that they do not have a significant cross-influence on 
each other), then this problem becomes tractable. In order to 
solve this problem, a modification is made to an existing 
minimization algorithm, DYNAMIC-Q. 

For pure minimization problems, the DYNAMIC-Q 
method of Snyman et al[4,5] involves the application of a 
dynamic leap-frog trajectory method for unconstrained 
optimization[6,7], adapted to handle constrained problems 
through appropriate penalty function formulations[8]. The 
penalty function used is defined by 

m 

p(x) = f(x) + Z:a;g;2 (x) 
i=l 

where aj = { 
0 

pi 

if g;(x) ~ 0 

if g; (x) > 0 

(3) 

For simplicity the penalty parameters, P; , i = 1,2, ... , m 
take on some positive value, P; =fl. The unconstrained 

minimum of p(x) tends to the constrained minimum of problem 
(1) as Jl tends to infinity. The choice of Jl has received a lot of 
attention. In the application of the dynamic trajectory method 
(LFOPC[8]) used here, the penalty parameter Jl is introduced at 
a certain specified value, here Jl = 102

, during a so-called Phase 
0, and then increased to Jl = 104 for Phase 1, when during Phase 
2 the intersection of active constraints is found. The dynamic 
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trajectory method is applied to approximate subproblems as 
follows. 

Successive approximate quadratic subproblems, P[k] : 
k = 1,2, ... , are formed at successive design points x<k>. For 
simplicity, only the approximation of the objective function is 
described here, but the inequality constraints are approximated 

in a similar fashion. The approximation f (X) to fl.x) is given 

by 

(4) 

where V f denotes the gradient vector. The approximate 

Hessian matrix is given by 

(5) 

The initial value a <I> or curvature is taken as 0.0 for the 

first subproblem, i.e. a linear approximation is formed initially. 

Thereafter the curvatures a<k> are calculated using the 

expression: 

~f(x<k-1))- f(x<k))-VT f(x<k))&<k-1)} 

ll&(k-l)r (6) 

with Llx<k-t) = (x<k-I> - x<k>) 

As a further aid in controlling convergence, a spherical 
intermediate move limit is imposed on the design variables 
during the minimization of the subproblem. This constraint is 
described by 

(7) 

where 8 is an appropriately chosen move limit. 

The gradient vector of the objective function at a specific 
design point x, with respect to each of the design variables x;, is 
approximated by the first-order forward differencing scheme 

Cf(x) f(x + Lixi)- f(x) 
(8) 

where L1xi = [0,0, ... ,~;,. .. ,of,&; is a suitable step 

size and.f{x) represents the objective function. 
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The DYNAMIC-Q minimization algorithm has been 
applied with success to a number of minimization problems in 
fluid flow and heat transfer[9-11]. 

To illustrate the implementation of DYNAMIC-Q in the 
determination of saddle points, consider the unconstrained 
problem: 

minimize 
w.r.t.x 

If the values of fl.x,y) and the associated gradient vectors 
are known at two successive design points (x<k·I>, y<k·I>) and 
(x<k> ,y<k>), then the spherical quadratic approximation to the 
objective function (Equation 4) is modified to become 

j(x,y)= f(x<k>,y<k>)+V~fk(x-x<k>) 

+ v~ fk (y- y<k)) + ~a(k)llx- x(k)ll2 

-~a(k)IIY- y<k)ll2 
(10) 

with a<k> (previously Equation 6) given by 

2{Jk-t _ fk -V~fkilx<k-t> -V~fk~y<k-1)} 

{IILlx (k-1) 112 -liLly (k-1) r} 
(11) 

For application in DYNAMIC-Q, the saddle point of a 
fictitious function fie( x, y) is found if the gradients in the 

dynamic trajectory algorithm are chosen as follows: 

(12) 

and 

(13) 

By switching the sign of the actual gradient with respect to 

Y of J in Equation 10, as shown in the latter expression (13), 

the algorithm, since it uses only gradient information, 
effectively minimizes a 'fictitious' convex function fie( X, Y) • 

the minin:um of which ((x<k+t>, y<k+I))) corresponds to the saddle 

point of f ( x, y) . 
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The computed function and gradient values at the point 
(x<k+l>, y<k+l>) ~ay now be used to construct the next 

approximation f(x,y) toftxJ'), as given by Equation 10 but 

for (x<k+l>, y<k+l>), and the approximation procedure is continued 
until convergence is obtained to (x •, y "). It is further assumed 
that this procedure, as applied to the objective function above, 
is also valid in the presence of constraints with, of course, no 
such adjustment (Equations 12 and 13) applied to the gradients 
of the constraint functions. 

CASE 1: INVESTIGATION INTO SEPARABILITY OF 
ANALYTICAL SADDLE POINT 

Consider the simplest analytical function of a saddlepoint 
in two variables, namely 

f(x) = x: -x~ (14) 

To investigate the effect of separability on this function, the 
variable axes are rotated by an angle 8. Equation 14 then 
becomes 

f(x) = (x1 cosO+ x2 sin BY-(- x1 sinO+ x2 cosBY 
= y(- y~ 

(15) 

When solving for the saddlepoint of Equation 15 using the 
procedure outlined above, the gradients are obtained with 
respect to x1 and x2o and not with respect to the rotated variables 
(yJ and y2). This means that as 8 is increased, these gradients 
will become less accurate in their indication of which direction 
to proceed towards the saddlepoint. Therefore, by increasing 8, 
one can illustrate the effect of trying to locate a saddlepoint of 
an objective function where there is a cross-influence between 
the variables, i.e. they are not purely separable. 

Shown in Figure 1 is the optimization history from a 
starting location of x = ( -10; -5) for no rotation and a spherical 
move limit on the design with a radius of 1. The function in 
Equation 11 is also plotted to show the location of the 
saddlepoint. As expected, for no rotation (8= 0°), the solution 
history shows that the solution path proceeds directly to the 
saddlepoint (0;0) independent of the move limit. But as the 
rotation is increased, i.e. separability breaks down, the 
optimization algorithm still proceeds rapidly towards the 
location of the saddlepoint, but it takes longer to converge 
absolutely to this point. An example of this is shown in 
Figure 2, where the rotation is 15°, as can be seen by the 
contours on the base of the plot. The solution path proceeds 
towards the saddlepoint in an arc because of the inaccurate 
gradient information. 
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Figure 2 - Convergence history of analytical saddlepoint 
optimization- With rotation (8= 15°) 

Apart from the rotation angle, 8, the move limit was also 
varied. Although not shown here, the convergence process was 
sensitive to the move limit used in the optimization. In general, 
the smaller the move limit, the more direct the solution path 
towards the saddlepoint, but the longer the solution takes to 
reach the region of the saddlepoint. Once in the region of the 
saddlepoint, the move limit prevents the solution from 
wandering too far way from this point due to inaccurate 
gradient information. Nevertheless, the fact that the algorithm 
quickly proceeds to the region of the saddlepoint, is the 
property that is valuable in the use of this procedure for worst­
case design in engineering applications. This is because in such 
applications, a design in the region of the optimum or 
saddlepoint is usually a sufficient result given the inherent 
inaccuracy of the modeling method. 

Now that it has been shown that the optimization algorithm 
can find the saddle point of a function with some cross 
influence of the design variables, it is next applied to some 
thermofluid engineering case studies. 

CASE 2: OPTIMIZATION OF URBAN GEOMETRY TO 
MINIMIZE THE EFFECT OF AUTOMOTIVE POLLUTION 
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Problem definition and formulation 
Refer to Ref. 3 for a detailed motivation and background to this 
problem. In short, the idealized urban automotive air pollution 
optimization problem shown in Figure 4 is solved. Shown is a 
3x3 array of buildings with two streets in each of the two main 
directions. The buildings are square-shaped when viewed from 
above, and the streets are assumed to have a constant width with 
uniform spacing. The geometrical design variables considered 
are street width and building height. The size of the urban 
section considered is 500m by 500m, while an up- and 
downwind fetch of 5km and 300m high is modeled. 

The two urban geometry design variables are shown in Figure 4. 
x1 = w is the street width and x2 = h is the building height, i.e. 
x = (x1h)- The upper and lower limits on ware 5 and 14m, and 
for h, 6 and 30m. Due to the symmetric lay-out of the geometry, 
the range of wind directions that needs to be considered is only 
one quarter of all wind directions, i.e. from oo to 45° in Figure 
4. The atmosphere is considered as neutrally stable in this study. 
The wind profile is assumed to be steady and to follow a power 
law distribution. In general, pollutant episodes with transient 
wind conditions can be considered if instantaneous pollutant 
levels are required. The current type of analysis is more suited 
for averaged or accumulative pollutant scenarios. The wind 
direction, a and wind speed V are variables that affect the 
pollutant level and are allowed to vary continuously between 
the limits: 0 - 45° for a. and 2 to Sm.s-1 for V. The aim is to 
find values of the variables Y1 = a and y2 = V, i.e., y = (yl>y2), 

that would produce the worst-case scenario as far as carbon 
monoxide (CO) pollutant concentration level is considered, and 
then minimizing this level by varying the geometrical variables, 
x. The objective function,flx,y) (refer to Equation 1), is the CO 
level obtained from a Computational Fluid Dynamics (CFD) 
simulation given a specific geometry (defined by x) at a 2-m 
level in the streets for the specified wind speed and direction 
(defined by y). Refer to Ref.3 for a detailed description of the 
CFD modelling performed. The numerical grid contained 
approximately 300 000 cells, and the commercial CFD code, 
STAR-CD [12], solving for the Reynolds-average Navier­
Stokes equations with turbulent closure provided by the k-E 
turbulence model, was employed in the solution of, first, the 
steady-state wind field, and then the dispersion and convection 
of the pollutant, CO. 
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Figure 4- Graphical representation of automotive urban air 
pollution problem 

Results 
The histories of the objective function as well as that of the 
design variables for Case 1 are given in Figure 5. The first 
design has the lowest CO pollution value, but it does not 
represent a worst-case scenario as far as wind speed and 
direction are concerned. The saddle point (where the objective 
function is minimized with respect to the geometrical variables, 
and maximized with respect to the meteorological (wind) 
variables), is essentially found in 6 iterations. 

30,------------------------.---------------, 
-a-CO Concentration [kglkg]'1e5 

~Wind velocity [m/s] 
25+-----------------------~ 

... street width [m] 

-+-Building height [m] 

Iteration 

Figure 5 - History of CO concentration, wind speed and 
direction, and street width and building height. 

CO source: 15glkrn!lane (Initial design: a.= 20°; 
sV = 3.000m.s·1

, w =lOrn, h =15m) 

CASE 3: MINIMIZATION OF TUNDISH DEAD VOLUME 
BY VARYING BAFFLE CONFIGURATION AND 
POSITION FOR RANDOM TEMPERATURE VARIATION 
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Problem definition and formulation 
A diagrammatic view of the continuous casting process is given 
in Figure 6. The figure shows the position of the tundish 
relative to the other components of the caster. The molten steel 
is poured from the ladle into the tundish. The steel flows 
through the tundish and exits the tundish through the submerged 
entry nozzle (SEN) into the mold. The purpose of the tundish is 
to remove impurities and as well as to act as a reservoir during a 
ladle change. 

Lad I 

Submerged Entry Nozzle 

Torch Cutoff 

Figure 6 - Diagram of the continuous casting process [ 13] 

Time i~ normalized by the theoretical average mean residence 

time ( t = V I Q = tundish volume/flow rate through tundish) 

for easy comparison. For the tundish under consideration this 

time was calculated to be, t = 3 8. 7 8 sec . The tundish 
geometry considered is shown in Figure 7. This geometry 
corresponds to the single-strand stainless steel continuous caster 
in operation at the Middelburg plant of Columbus Stainless. 
Only a two-dimensional center-line section of the tundish is 
considered here. Related work by the authors [14-16] 
considered three-dimensional effects. The flow rate is 
controlled by the position of a stopper in the outlet (not shown). 
When injecting a tracer element at the shroud (inlet), this tracer 
is detected at the SEN (outlet) after a certain amount of time. 
The concentration at the outlet increases to a maximum where 
after it decreases. This time history of the tracer concentration 
as measured at the outlet is called the residence time 
distribution (RTD). The rate of decay is of interest since it 
correlates with the ratio of plug flow versus mixed flow in the 
tundish. 

The amount of tracer left in the tundish after 2 t (twice the 
mean residence time) is defined in this study as the dead 
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volume, and is minimized in the optimization problem, i.e. it is 
the o~jective function, f = dead volume = ( 1 - concentration at 

t = 2t ), in Equation (1). The geometrical variables (x = (x" x2)) 

are shown in Figure 7, together with the environmental or 
saddle-point variable (y = (y1)). The objective function is 
minimized with respect to the former, while it is maximized 
with respect to the latter. The location of the baffle shown is the 
starting design, i.e. x 1 = 0. 

SEN 

Figure 7 - Side view of tundish showing baffle position and 
configuration 

The evaluation of the objective function is done through a CFD 
simulation with the commercial CFD code, Fluent[ 17] and its 
pre-processor, Gambit[18]. The realizable k-€ turbulence model 
is used, while the influence of temperature is modeled through a 
Boussinesq approximation. A new 2-D mesh is obtained in each 
iteration for the tundish based on the geometry prescribed by 
the optimizer. The environmental variable is posed as part of the 
boundary condition specification in Fluent. The mesh is 
solution-adapted using land velocity gradients. A steady-state 
solution is first obtained, where after only the convection and 
dispersion due to a step input of a tracer scalar are solved for in 
a transient simulation. The result is a concentration history at 
the tundish outlet (SEN), of which a sample is shown in 
Figure 8. 

Results 
The optimization history for first a case excluding the 

saddle-point variable and then a case including it, are shown in 
Figures 9 and 10, respectively. For the two-variable 
minimization problem in Figure 9, the inlet temperature is taken 
at a constant value of 1850K, while the temperature of the 
surroundings is held at 310K. Note how the optimizer pushes 
the baffle towards the inlet, while a maximum baffle angle of 
around 20° appears to be the optimum. The variable ranges 
allowed were x, = (-500mm, 1000mm) and X2 = (0°, 50°). Note 
that the dead volume decreases by about 1% from over 11% to 
just over 10%. 
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Figure 9 - History of dead volume (f), relative baffle 
position (x1) and maximum baffle hole angle (x2) 

When the saddle-point variable (inlet temperature) is 
included, the optimum geometrical design tends towards 
x1 = -500mm and x2 = 50° (minimum and maximum bounds, 
respectively), while the inlet temperature tends towards an 
average value of 1775K. 

The higher baffle angle can be explained by the fact that 
the lower inlet temperature has reduced the buoyancy of the 
steel in the tundish. Previous research has shown that one of the 
main contributors to dead volume is the region in the corner 
above the outlet, and this region is only reached if a 'jet' is 
directed towards it. In the current design, the direction of this 
jet is determined both by the baffle position and the baffle hole 
angles, and this combination is influenced by the temperature 
patterns in the tundish. 
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Figure 10- History of dead volume (f), relative baffle 
position (x1), maximum baffle hole angle (x2), and inlet 

temperature (y1) 

With the addition of the saddle-point variable, the dead 
volume minimization shown in Figure 9 now becomes 
irrelevant, as a fixed inlet temperature of 1 S50K was used there. 
The aim is now to find the best design for a worst-case inlet 
temperature scenario. The difference in dead volume 
percentages for similar geometrical designs (xi> x2) between the 
two cases is due to the fact' that the reduction in inlet 
temperature brought about by the simultaneous maximization 
(worst-case) process, changes the flow field to such an extent 
that the dead volume is increased to the value of 12.5% as 
shown in Figure 10. The temperature of the surroundings is held 
at 293K in the Figure 10 results. The oscillatory nature of the 
baffle distance and the inlet temperature history is indicative of 
numerical noise that exists in the design space of this problem. 

CONCLUSIONS 
The following conclusions can be made from this study: 

1. Worst-case design can be performed using an 
optimization algorithm modified to search for 
saddlepoints instead of minima when the 
minimization and maximization variables are 
separable. 

2. Using an analytical function, it was shown that 
the algorithm used can find saddlepoints even 
when there exists a cross influence between the 
minimization and maximization variables. 

3. Finally, the saddlepoint approach was illustrated 
using two diverse case studies from the 
thermofluids field. 
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ABSTRACT 
This paper describes experimental performance of a 

ceiling type free convected thermoelectric (TE) air 
conditioner. A lab-scale free convected TE Air 
Conditioner (TEAC) was designed and built. Two types 
of heat exchangers were considered: free convected 
inclined rectangular fin heat exchanger at the cold side 
and force convected skive fm heat exchanger at the hot 
side of TE modules. Seven TE modules (Tianjin Lantian 
model TEC1-12708) were used. The TEAC was fixed 
along the long side of a rectangular test chamber volume 
of 0.024 m3

• The whole set-up was slightly inclined (5°) 
from the horizontal plane to collect the condensed water 
at the fins of the cold fin heat exchanger. Various 
operating conditions were considered to assess the 
cooling performance of the TEAC. It was found that the 
cooling performance of the system depended on three 
factors: the electrical supply, the ambient air temperature 
and flow rate of air circulated through the skive fin heat 
exchanger. The suitable conditions are 3 amps electric 
and 0.027 kg.s-1 and the corresponding cooling capacity 
is 169 W with an average chamber temperature of 16°C. 
Thus, the design concept used here can be used for 
limited cooling load. 

INTRODUCTION 
Today, thermoelectric (TE) cooling technique is 

receiving increased attention for air conditioning 
systems. In recent years the feasibility of large-scale TE 
air conditioning systems have been investigated. For 
example, a TE air conditioner was used on railway coach 
[ 1]. The railway coach has operated the TE system for 
over 20,000 hours without aTE failure. TE cooling has 
also been considered for naval application [2], military 
vehicle [3] and parked aircraft [4]. Apart from the 
research work above mentioned, most TE air conditioner 
is done by considering forced convection mode at the hot 

and cold side heat exchangers. A first study of free 
convected TE air conditioner [ 5] was investigated 
considering vertical configuration (wall-type). It was 
found that the wall-type TEAC was not appropriate to 
cooling a room as the COP was relatively low and higher 
temperature difference was deserved at different levels 
of the chamber. Therefore, in this paper a slightly 
inclined (ceiling-type) configuration is investigated in 
order to improve the cooling performance of free 
convected TEAC. A free convected rectangular fm heat 
exchanger was used at the cold side and force convected 
skive fin heat exchanger was used at the hot side of TE 
modules. The effect of various operating parameters 
namely the current supply, the ambient air temperature 
and flow rate through the skive fin heat exchanger is 
examined. 

SYSTEM DESCRIPTION AND EXPERIMENTAL 
METHODOLOGY 

First, a lab-scale free convected TE air conditioner 
was designed using a computer model [ 6] developed 
earlier. The principal components of the air conditioner 
are shown schematically in Fig. 1a. The volume of the 
chamber is about 0.024 m3 as shown in Fig. 1 b. The 
walls were insulated using Aeroflex insulator. The skive 
fin heat exchanger used on the hot side is made of 
aluminum. The fins are 2.5 em high, spaced at 10 fins 
per inch. The base dimensions of commercial units are 
8.9 em long and 8.9 em wide. Therefore, four skive fin 
heat exchangers were used on the hot side. They were 
installed in an air duct as shown in Fig. 2. The 
rectangular fin heat exchanger used on the cold side is 
also made of aluminum. The fins are 0.2 em thick, 34 em 
long in the vertical direction and have a height of 3.9 em 
from the base and a fin space of 0.6 em. It was installed 
in the test chamber. The system (including the chamber) 
was inclined at 5° from the horizontal plane. A high 
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performance DC blower with two rotors was used to 
reject the heat from the hot side of TE. Seven TE 
modules (Tianjin Lantian model TEC1-12708, 127 
couples) were used. Several series connections of TE 
modules were made to accommodate the 4 amps supply 
current. 

I 
Skive fin beat exchanger 

(a) 

Cold heat exche11ger 

Nde: Alldimaims•eill mm 

Hllllidlty 

(b) 
Figure 1: Schematic view of the free convected TEAC 
and position of the temperature and humidity 
measurement in the chamber 

The instrumentation in the test setup included 
temperature, humidity and flow sensors. Temperature 
sensors were T -type (accuracy ±0 .1 °C) thermocouples 
connected to a datalogger. Testo humidity sensor 
(accuracy ±3%RH) was used to record the relative 
humidity of the air chamber. Hot wire anemometer 
(accuracy of 0-1 V ±1%) was used for airflow 
measurement. The distribution of the sensors is shown in 
Fig. 1b and 3. Two DC power supply, which can provide 
variable voltage were used to power the TE modules and 
drive the blower respectively. A data acquisition system 
was used to collect the data at regular intervals every 5 
minutes. 

Note: AldilasiliL'I are il em 

Figure 2: Air duct design and dimensions 

SIDE VIEW 

TOP VIEW 

~ 

C• Coldsri; 
Ca•Coldlir 
H•Hotsri; 
Ha•Hotlir 

V~lirveklc:iy 

Vb=Hotar>ebcity 

NoR: AI diDellliom min am 
I •TeqJei'IIIR 
o •Veloc:ily 

Figure 3: Position of temperature measurement at cold 
and hot heat exchangers 

RESULTS 

30 

Fig. 4 shows an example of temperature profiles of 
hot and cold heat exchangers at 3 amps current supply. 
The minimum cold heat exchanger temperature was 
about 5 °C. The temperature of hot heat exchanger 
increased as the long side of heat exchanger increases. 
The maximum temperature was 45 oc at the exit of heat 
exchanger. Fig. 5 shows the air temperature profiles near 
the hot and cold fins. The temperature of air near the 
cold fins decreased from 31 to 7.8 oc while at the hot 
fins, it increased from 31 to 45 °C. 
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Figure 5: Air temperature profile close to the hot and 
cold flns at different positions (3 amps,airflow rate 0.027 
kg.s·I, Slope: 5°, Vol: 0.024 m3

, Tamb: 31°C) 

Fig. 6 shows the effect of varying the electrical 
current on the cold and hot fluid temperatures. Tests 
were conducted at four different currents: 1, 2, 3 and 4 
amps. When electric current increases, the cold air 
temperature decreases from 17 to 8°C. At 4 amps, the 
cold air temperature re-increased and was higher than at 
3 amps. This is due to the Joule heating effect, which 
prevail over the Seebeck cooling i.e. too large 
temperature difference is applied to TE modules. The hot 
air temperature increases steadily as electric current 
increases. At 4 amps, the air temperature leaving the 
skive fm heat exchanger is about 47°C. Fig. 7 shows that 
the cooling capacity increases as electric current 
increases and vary between 7 4 to 216 W. However, the 
COP decreases significantly as electric current increases. 
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Figure 6: Hot and cold air temperatures versus time for 
different supply electric current (airflow rate 0.027 
kg.s·I, Slope: 5°, Vol: 0.024 m3

, Tamb: 31°C) 

Figure 8 shows the effect of varying the supply 
current on the water condensation and chamber air 
temperature. The water condensation increased from 3.2 
to 7.5 g as electric current increases. Meanwhile, the 
chamber air temperature decreases as electric current 
increases expect at 4 amps. Thus under design conditions 
used here a 3 amps electric current is recommended. Fig. 
9 shows the effect of ambient air temperature on the hot 
and cold TEAC air temperatures. Tests were conducted 
at two different ambient conditions: 25 and 30 °C. 
Obviously when the ambient temperature decreases, 
more heat could be released at the TE hot side leading 
therefore to better cooling performance. Consequently 
the cold air temperature decreases from 7.5 to 2.7 oc and 
the cooling capacity and COP increased to 190.9 Wand 
1.22 respectively {Table 1 ). Therefore, ambient 
temperature is a determining factor and a special care 
must be paid when designing such TEAC. 
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~200 

-f 175 
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•, 1.5 ~ 

~ 125 
' uu 

0 ...... 1.1 
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so 0.5 
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Electric curent ( 81J1>S) 

Figure 7: Effect of electric current supply on cooling 
capacity and COP (airflow rate 0.027 kg.s·I, Slope: 5°, 
Vol: 0.024 ml, Tamb: 31 oc ) 
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Figure 8: Effect of electric current on water condensation 
and chamber air temperature (airflow rate 0.027 kg.s·', 
Slope: 5°, Vol: 0.024 m3

, Tamb: 31°C) 

The effect of ambient airflow rate circulating through 
the skive fin heat exchanger at the hot side of TE 
modules is shown in Fig. 10. Tests were conducted at 
two different airflow rates (0.009 and 0.027 kg.s·'). It 
can be seen that the cold air temperature decreased when 
the airflow rate increases as more heat can be rejected to 
the ambient. Thus, when airflow rate increases from 
0.009 to 0.027 kg.s·', the cooling capacity and COP 
increased from 10.71 W to 169 W and 0.074 to 1.05 
respectively as shown in Table 2. Consequently, a high 
airflow rate (0.027 kg.s'1) is recommended which should 
be considered depending on the efficiency of heat 
exchanger used. 
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Figure 9 : Hot and cold air temperatures versus time for 
different ambient air temperature (3 amps, airflow rate 
0.027 kg.s·', Slope: 5 °, Vol: 0.024 m3

) 

Table 1 Comparison between the cooling capacity and 
COP for different ambient air temperatures (3 amps, 
airflow rate 0.027 kg.s-1

, Slope: 5 o, Vol: 0.024 m3
) 

Air temperature (°C) Cooling capacity (W) COP 
25 190.9 1.22 
30 169 1.05 

Table 2 Comparison between cooling capacity and COP 
for different ambient airflow rates (3 amps, Slope: 5 o, 

Vol: 0.024 m3
, Tamb: 31°C) 

Air flow rate (kg.s-1
) Cooling capacity (W) COP 

50 

_40 
~ 
~ 30 

t 20 
~ 
~ 10 

0.009 10.7 0.07 
0.027 169.3 1.05 

~··~·············~················ 
.~· 

.. · 
._ 

•• 
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- Ha2(0.027 IcWs) · · ·• · · ° Ca2(0.009 kgls) 
· · ·• · · · Hal{0.009 kgls) · · ·•· · 0 Ha2(0.009 kgls) 

Figure 10: Hot and cold air temperatures versus time for 
different ambient airflow rate (3 amps Slope: 5 °, Vol: 
0.024 m3

, Tamb: 31°C) 

CONCLUSION 
The cooling performance of a lab-scale free 

convected TEAC was investigated experimentally. Test 
results showed that the unit can cool the air in the 
chamber (0.024 m3

) from 30.5 to 16°C. The 
corresponding cooling capacity is 169 W with a COP of 
1.05. Therefore, this concept is found to be appropriate 
for limited cooling capacity such as small refrigerator or 
special boxes. Further investigation implies large-scale 
testing ofTEAC in cooling and dehumidifying. 
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ABSTRACT 
Many methods can be used to perfonn a thermodynamic 

analysis of a thermal systems. The most established 
thermodynamic approaches, Exergetic Analysis, EA [ 1], and 
Entropy Generation Minimisation method, EGM [2], usually 
identify the components that are responsible of thermodynamic 
losses trying to minimise local and/or global irreversibility 
and, considering also economic principles, the 
Thermoeconomics analysis allows to evaluate and minimise the 
total costs associated with the energy systems. The above 
mentioned methods compare the perfonnance of an actual 
energy conversion systems with a reference model: the well­
known full reversible equipment, Camot Machines. The aim cf 
this paper is to find thermodynamic model more useful than the 
Camot model: in fact, linking thermodynamic balances, energy 
and entropy, and basic heat transfer, irreversible thermodynamic 
model is able to predict efficiency upper boundary more realistic 
than common limit of reversibility for all the plant. 

Therefore the results provided by a model of a vapour 
compression refrigeration, that takes into account the 
irreversibility allocated in the heat exchangers due to finite 
temperature differences between the heat reservoirs and the 
working fluids, have been compared with those of a refrigerator 
simulation program, based on manufacturing data. To this aim 
three water-cooled water-chillers have been analysed in different 
operation conditions and with different working fluids, R-134a 
and R-22. 

INTRODUCTION 
Particular attention must be paid to improve energy 

savings of refrigerators and heat pumps due to their increasing 
influence in global energy consumption. The traditional 
methods of process analysis, EA and EGM, are based on the 
evaluation of the thermodynamic losses of an actual vapor 
compression system when it departs from fully reversible 
processes. 

Unfortunately an accurate evaluation of the degree cf 
thennodynamic perfection of all the devices of an energy plant 
requires complex simulation of the components and of the 
working fluids. 

It is possible to introduce simplified thermodynamics 
models that take into account only the irreversibility in heat 
exchangers due to heat fluxes under finite temperature 
differences, in this way two aims can be achieved: 
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to introduce upper boundary of the perfonnance index 
more realistic than the common limit of reversibility; 
to predict a first approximation of the actual 
perfonnance. Obviously these simplified models are 
not able to realise an accurate prediction of thennal 
plant performance that takes into account all the 
irreversibility sources and consequently cannot 
compete with a simulation allowing an in-depth 
investigation. 

For this reason a simulation program for vapor 
compression refrigerators able to predict the perfonnance of the 
components one by one and assembled in a whole plant has 
been used. The thermodynamic analysis has been carried out on 
two different water-cooled liquid-chillers using two different 
working fluids, R-134a and R-22. The results obtained have 
been compared to those provided by an irreversible model of a 
refrigerator and to the reversible one. These examples prove 
how the use of simple thermodynamic methodology in 
refrigeration could contribute to address a correct design of new 
equipment, in a sector characterised by emerging technologies 
and by new working fluids. 

NOMENCLATURE 
ai with i=l,9 coefficients in Eq. (1) 
hi with i=l,9 coefficients in Eq. (2) 
C Thermal conductance (kW/K) 
Ci with i=l,4 coefficients in Eq. (3) 
COP Coefficient OfPerfonnance 
di with i=l,4 coefficients in Eq. (4) 
m mass flow rate (kg/s) 
Q thermal flow rate (kW) 
S entropy rate (kW/K) 
T temperature ec or K) 
T thermodynamic mean temperature of the 

working fluid (°C or K) 
W work transfer rate (kW) 

Greek symbols 
lln second law efficiency 
lliiT normalized COP referred to irreversible 

thermodynamic model 
lliiT• normalized COP referred to simplified 

irreversible thermodynamic model 
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Subscripts 
gen 
H 
HT 
HT* 

i 
L 
MC 
0 

w 

Superscripts 

external temperature ratio 

refrigerator temperature ratio 

generated 
referred to high thermal reservoir 
referred to irreversible thermodynamic model 
referred to simplified irreversible 
thermodynamic model 
inlet 
referred to low thermal reservoir 
Carnot Machine 
outlet 
water 

co condenser 
ev evaporator 

THE SIMULATION ALGORYTHM 
The components making up a plant never work in isolation 

but are combined into a system so that their behavior is 
interdependent; therefore to simulate steady state performances 
of an assembled refrigerating plant it is necessary to determinate 
its "balance point" [3]. To this aim the procedure performs the 
simultaneous solution of an algebraic equations set representing 
the functional relationship between appropriate independent 
variables and the performances of the components one by one. 
Assuming polynomial relationships, the related coefficients are 
determined, with an accuracy within the range 1-3%, by an 
equation-fitting procedure based on data supplied in 
manufacturer's catalogues, [ 4, 5, 6], usually as curves or tables. 

The procedure will be resumed in the following, a more 
detailed description can be found in [5]. 

Compressor 
For the convenience of users, the refrigerating effect ci 

compressors, Qev, is usually tabulated or given in graphical 
form, and is shown as the net cooling capacity based on the 
evaporating, Tev, and condensing, Teo, temperatures. Such 
published data will include power input, W, as a function ci 
T"v and Teo. 

The compressor performance can be represented 
immediately by the following relantionships, [3, 5]: 

Qev = at + a2 Tev + aJ(T"v)2 + ~Teo+ as(r)2 + li6 Tev {Teo)+ 
+a7(Tev)\ro)+ asT.v{Tco/ + a9(Tev/{Tco/ (1) 

W = b1 + b2 Tev + b3(Tev )2 + b4 Teo+ bsfTc0
)
2 + b6 Tev (Tc0 )+ 

+b7(T"v )2Tco + bs T"v (ro/ + b9(Tev )2(Tco)~ (2) 
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Evaporator 
For this equipment, and generally for the. heat exchangers, 

the availability of rating data at different operatmg conditions is 
really scanty. The lack of information is due to the diffusion cf 
packaged units incorporating the heat exchangers. Furthennore 
often these devices are designed "ad hoc" and manufactured in­
house. 

For an evaporator used to chill water, the refrigerating 
capacity can be expressed as a function of evaporating 
temperature, inlet water temperature, Tev w,;, and mass flow rate, 

ev , 
m w· 

Qev = Ct + C2(Tevw,i- T"v) + C3 mevw + 
+ C4 (T"v w,i - T"v)m ev w 

Condenser 

(3) 

The rating curves or tables of manufacturer's catalogues 
show the heat rejected at a water cooled condenser as a function 
of water mass flow rate, m cow, and of the difference between 
condensing temperature and water inlet condenser temperature, 
Tc0 w,i. 

The polynomial relationship adopted is: 

Qco = dt + d2(Tco - row,;) + d3 mco w + 
+d4 (T'0

- r 0w,;)mcow (4) 

Performance of complete system 
In a simplified analysis of the refrigeration plant the system 

consists of the three above listed components. 
In this way it has tacitly been assumed the valve is able to 

regulate the flow of refrigerant that matches the required 
refrigerating capacity. The simulation program assumes the 
valve outlet enthalpy is equal to the inlet one. 

The program determines the actual operating conditions, 
by solving the system ofEqs. (1) to (4) and the energy balance 
referred to the whole plant, for a given set of external variables. 

By means the iterative solution technique of the 
"successive substitutions", the software is able to calculate the 
evaporating and condensing temperatures starting by a set ci 
trial values. 

By interacting with the code, EASY [7], which supplies 
the thermodynamic properties of twenty refrigerants, the 
simulation alghorytm is able to perform the energetic and 
exergetic analysis of the assembled sy&_em as well as of each 
equipment. 

The program has been tested with different types cf 
refrigerators: the results of the software are in good agreement 
with the ones provided by the manufacturers of assembled plant. 
For example, referring to a commercially available water cooled 
liquid chiller (Qev=l16 kW, COP=4.60), the software perfonns 
with a percentage deviation of about ±0.50 % for the cooling 
capacity and about ±5.0% for the COP. 
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IRREVERSIBLE THERMODYNAMIC MODEL 
Perfonnance of energy conversion systems is based on a 

comparison of the system under study with the ideal system: 
using EA and EGM techniques the Camot Machine, {Sgen = 0), 
is assumed as ideal system, and simple perfonnance relations 
are obtained tbr the efficiency. To approximate the real working 
condition of the plant, different irreversibility causes have to be 
considered: in a simplified approach the irreversibility, allocated 
in the heat exchangers, due to finite temperature differences 
between the heat reservoirs and the working fluids can be 
considered. In fact, heat transfer theory allows to evaluate the 
heat flow rate in a heat exchanger as a function of the thennal 
resistance and, obviously, temperature difference between the 
working fluids. 

In this case the reference thennodynamic model, HT, is 
shown in Fig. I. The refrigeration system interacts with two 
different heat reservoirs at temperature T H > T L: if the working 
fluid of the equipment does not interact with thennal reservoires 
but with secondary fluid streams, T H and T L are the 
thennodynamic mean temperatures (ratio of enthalpy variation 
to entropy variation) between inlet and outlet of the secondary 
fluids. An actual refrigerator departs significantly from the ideal 
reversible Camot Machine, MC: one of the most important 
departures is related to heat transfer between refrigerants at 
temperature f (thennodynamic mean temperature), and the 
surrounding heat reservoires at different temperatures. 

The actual thennal flow rate through the wall of an heat 
exchanger is a function of finite temperature difference and 
thennal resistance, 1/C: the coefficients CH and CL in Fig. I are 
respectively the thennal conductance of condenser and 
evaporator. They represent the product of the heat transfer area 
times the overall heat-transfer coefficient based on that area. 
Therefore, considering steady state conditions, the heat flow 
rates in the heat exchangers are: 

QH = CH(TH- TJ 

QL=CL{TL -TJ 

(S) 

(6) 

The first law of thennodynamic applied to the refrigerator 
provides the equation: 

(7) 

If the equipment is endoreversible, the second law ci 
thennodynamics is: 

~L = QH 
TL TH 

(8) 

defining 't'c as follows: 

(9) 

it is possible to demonstrate that from Eqs. {5, 6, 7, 8, 9) 
the refrigerating capacity and the power input can be obtained: 
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'tc CL TL + TH 
QL = cl TL - _c__,_,_Hc __ _ 

'tc{ ____!_ + 1) 
CH 

'tc CL TL + TH 

_c--""c'---- ( -rc -1) 
'tc(____!_+1) 

CH 

(10) 

(11) 

Finally the Coefficient ofPerfonnance of the refrigerators is: 

COP =-
1

-
trr 't'c -1 

(12) 

It can be noted that the perfonnance of the irreversible 
thennodynamic model are function only of the ratio between the 

mean working fluid temperatures, 't'c. Furthennore, COPHT 
fonnula is very similar to the well known COP of the reversed 

refrigerating Camot machine, COPMc = ('t' -Ir1 with r = T" , 
TL 

that is referred to the temperatures of the external reservoires 
rather than the working fluid ones. 

It is important to observe that the energy flow rates are 
function of: 

In particular 't'c depends on the condensing and evaporating 
temperature of the refrigerants: these temperatures, and 
pressures, are not independent variables, but as previously 
demonstrate, vary with the external conditions (mass flow rates 
and temperature levels of the fluids interacting with the 
refrigeration machine). So to evaluate the perfonnance of the 
irreversible model (Eqs. (10, 11, 12)) many infonnation must 
be assigned. 

Therefore, a further simplification can be introduced: it is 
assumed CH = CL and conductance calculated by empirical 
equations (usually adopted by heat exchanger manufactures fir 
different models and size) as a function of the refrigerating 
capacity. Fixing the refrigeration capacity, T H and T L by Eq. 

(10) 't'c can be calculated and then W by Eq. (II). Finally the 
COP of this simplified irreversible approach, COPHP, can be 
evaluated by Eq. (12). 

WATER COOLED LIQUID CHILLER SIMULATION 
The analysis has been perfonned on three plants consist ci 

water-cooled water-chiller. Chosen the plant components, the 
actual operating conditions are fixed by the value of the 
following variables [5]: 
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Figure 1: Model of refrigerator with thermal 
resistances. 

working fluid; 
water flow rate at the evaporator, mevw; 
water flow rate at the condenser, meow; 
water temperature at the evaporator inlet, rv w,i; 
water temperature at the condenser inlet, -r:o w,i· 

Two different working fluids have been considered, R-134a 
and R-22, and for each of them a suitable compressor has been 
considered too. 

The main characteristics of the cases analised are reported 
in Tab. 1: 

the working fluids and the vapour compression 
components are reported (all the compressors are 
cooled by the refrigerant); 
the input variables such as load temperature, water 
cooling temperature and mass flow rates, are showed 
too. 

The schemes # 1 and #2 are able to chill the same mass 
flow rate of water using different refrigerants, while the case #3 
is related to a small size plant. 

In order to analyse the sensitivity of the plant operating 
parameters to external factors, in the cases # 1 and # 2 the 
evaporator inlet water temperature has been assumed to vary. In 
the case #3 the analysis has been detailed by varying the 
condenser inlet water temperature. 

The results provided by the simulation have been 
compared to those available using the previously described 
irreversible thermodynamic model. The independent {T H, T L, 
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CH, CL, 'tc) ofthe Eqs. (10, 11, 12) are calculated using the 
results of the plant simulation. Moreover, a further comparison, 
at fixed Qe\ has been accomplished with the simplified 
irreversible approach. 

T bl 1 M . h t . . a e : am c arac enst1cs o the plants. 
Case #1 Case #2 Case #3-

Compressor Accessible- Accessible- Hermeti~ 
type hermetic hermetic 
Evaporator Shell and tube Shell and tube Shell and tub; 
type drv expansion dry expansion drv expansion 
Condenser Shell and tube Shell and tube Coaxial 
type COWlter flow 
Workin~ fluid R-134a R-22 R-22 
m••w {kg/s) 5.2 5.2 0.70 
meow (k~/s) 6.5 6.5 0.50 
r·wd° C) 6- 18 6- 18 12 
'r0 w;(° C) 30 30 25- 15 

In order to evaluate how different thermodynamic models 
can predict the performance of the plants the COP has been 
normalized to a reference COP. 

In a second law approach the COP upper boillldary is the 
common limit of reversibility for all the plant devices, COP Me, 
and the second law efficiency is: 

lln= COP/COPMc (13) 

If the reference thermodynamic model takes into account 
only the irreversibility, allocated in the heat exchangers, due to 
finite temperature differences between the heat reservoirs and the 
working fluids, the corresponding COP can be evaluated by 
(12) and consequently a normalized COP can be calculated as 
follows: 

llHr =COP/COPHr (14) 

In this case TH and TL, and consequently their ratio 't'c, 

can be evaluated by means of the thermodynamic properties ci 
R-134a and R-22 at the inlet and outlet ofthe heat exchangers. 

Finally as previously described a further simplification can 
be done to evaluate the upper boWld of COP, COPHr-· In this 
case the COP can be normalized as follows: 

(15) 

Results 
Varying one of the characteristics of external load the 

operation conditions of the plant vary. In order to Wlderstand 
the refrigerator performance behavior it is interesting to analyse 
the trend of temperatures levels ofwater and refrigerant. 

In Fig. 2 for the case # 1 the mean temperatures of the 
water and of the R-134a are showed as a ftmction of the water 
temperature at evaporator inlet. Increasing Tev w,i the 
temperatures of the fluids interacting in the evaporator are very 
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influenced while the mean temperatures at the high level show a 
constant behaviour. The increase of T'v at constant Teo , causes 
the increase of the refrigerating capacity from 90 to 130 k W, 
(Eq. (1)) and a small increase ofthe power input, in the range cf 
27.1- 31.2 kW, (Eq. (2)). As a consequence the COP increases 
from 3.35 to 4.16. A further consequence of the variation of the 
condensing and evaporating temperature, the pressure ratio 
decreases, from 3.64 to 2.80. 

50----~--~----T---~--~----, 
jH 

40~--~---+--~~--~--~~T:=1 
H 

0 ''''!''"''"""''l''""""""'l""""""''!"''""""' 
• 106~---8----1~0--~1~2--~14~--1~6~-7.18 

rev [OC] 
w,l 

Figure 2: Thermodynamic mean temperatures of the 
secondary fluids and of the R-134a in the case #1. 

The figures of merit, COP Me and COPHT are only functions 
of the temperatures showed in Fig. 2: COPMc ranges from 9.80 
to 16.5 while COPHT increases from 6.59 to 8.18. 

In Fig. 3 a sensitivity analysis has been performed in order 
to evaluate the influence of the variation of Qev on the second 
lawefficiency and on the two normalized COPs (Eqs. (13, 14, 
15)). The results ofthe comparison shows: 

- the reference model influenced by irreversible heat 
transfer gives results closer to actual performance than 
the full reversible one; 
llHT is lightly influenced by external variation while t?e 
second law efficiency lln strongly decreases w1th 
refrigerating capacity (T'vw,i) from 34.2 to 25.9%. 

At least also using the simplified model it is possible to 
obtain accurate information on the plant performance. 

The results obtained in the case #2 using a different 
working fluid, R-22, are in agreement with the ~e ~1. The 
COP ranges between 3.76 and 4.80 and, as shown m F1g. 4: 

llHT assumes a constant value of about 57%; 
lln decreases with refrigerating capacity from 38.2 to 
29.7%. 

In the last case #3 a small size plant utilizing R-22 has 
been analyzed. Dec:eashtg Teo w,i the temperatures of the fluids 
interacting in the condenser are very influenced while the mean 
temperatures at the low level show a constant behaviour. The 
decrease of Teo at constant Tev , causes the increase of the 
refrigerating capacity from 16 to 18 kW and COP increases from 
3.07 to 3.87. 
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COPMc ranges from 13.7 to 25.5 while COPHT increases 
from 6.41 to 7.91. In Fig. 5 the results of the comparison has 
been reported: 

- the reference irreversible thermodynamic model, also in 
the simplified version, gives results closer to the 
simulation than the Camot one; 
llHT is lightly influenced by external variation while the 
second law efficiency lln strongly decreases with 
refrigerating capacity (ro w,i) from 22.5 to 15.2%. 

CONCLUSIONS 
Water-cooled water-chillers, operating with different 

components and working fluids, have been studied by means a 
simulation procedure based on manufacturing data. 

The results of the energetic sensitivity analysis on external 
variables have been compared to the ones obtained by two 
reference thermodynamics models: the Carnot inverse machine 
and an endoreversible refrigerator. In the first case the second 
law efficiency is in a large range of variation, 15-34%, with a 
mean value of about 27%; in the second case the ratio between 
plant COP and its endoreversible limit is within the range 48-
57%, with a mean value of about 52%. Furthermore, a 
simplified irreversible approach has been considered too. 

It is important to observe that the irreversible 
thermodynamic system considered, in which only the 
irreversibility due to heat transfer under finite temperature 
differences have been considered, is in agreement with the so­
called Finite Time Thermodynamics approaches, FTT: recently 
many examples of FTT applications appear in literature [8, 9, 
1 0], involving a large amount of criticisms basically focused on 
the impossibility to separate the different irreversibility 
contributes, on the consideration that the FTT approach is 
fundamentally nothing other than the well established EGM 
method, and finally on the accuracy of the results provided by 
its models, [11, 12, 13]. This paper tries to demonstrate that 
some of the above mentioned criticisms derive by an 
inappropriate use of FTT approach and of its results: in fuct 
FTT theory, linking thermodynamic balances, energy and 
entropy, and basic heat transfer equations is not able to realise 
an accurate prediction of thermal plant performance that takes 
into account of all the irreversibility and that can compete with 
a simulation allowing an in-depth investigation. A F T T 
approach can supply a more realistic upper limit of the 
performance figures of merit, that seems to be not very 
influenced by variation of external operation conditions. 
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A quite new and unique system for the thermal treatment of 
gas wastes (incineration of volatile organic compounds 
contained in polluted air) has been developed. This comprises a 
process placed into one compact equipment consisting of a 
combustion chamber (incinerator) combined with heat 
exchanger (polluted air preheater). It can be used in various 
branches of industry. 

The equipment is characterized by a cylindrical combustion 
chamber which is placed inside a heat exchanger - polluted air 
preheater. This cylindrical preheater consists of several 
concentric stainless sheets. Both flue gas from the combustion 
chamber and polluted air (which is heated by flue gas) flow in 
the spaces between each couple of cylindrical sheets. Narrow 
distance strips which are helically placed between the sheets 
form helical rectangular ducts. Thus we can reach counter­
current flow of process fluids. 

It was necessary to develop a mathematical model for the 
calculation and/or simulation of the equipment. This model 
consists of submodels of heat exchanger, combustion chamber 
and annular space in between them. Based on results of 
measurements on an industrial scale experimental facility new 
correlations for the thermal and hydraulic calculations of the 
heat exchanger were developed. Some industrial applications 
are briefly mentioned. 

INTRODUCTION 
Air polluted by organic compounds or carbon monoxide is a 

consequence of industrial production. However, it can be 
encountered in the municipal sector, too. The thermal 
processing can be considered due to its simplicity and reliability 
as the most effective way of the polluted air treatment. Heat of 
exhaust flue gas can be utilized for preheating the air in a 
recuperator. 

Units in common use consist of two main independent 
pieces of equipment (Fig.la) - combustion chamber 
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(incinerator) and a sizeable heat exchanger (polluted air 
preheater). A unit like this where two pieces of equipment are 
connected with piping also involves thermal expansion systems, 
bulky refractory lining and a thick insulation. Therefore it 
occupies a large space. A quite new and original solution [I, 2] 
is based on integration of the two main pieces of equipment into 
one compact unit and thus it eliminates the above problems 
(Fig. lb}. 

The fully integrated unit has several advantages. Since the 
combustion chamber equipped with a burner is installed inside a 
recuperative cylindrical heat exchanger the equipment is very 
compact, and heat losses from the combustion chamber are 
effectively utilized to share in preheating the polluted air. 
Therefore the equipment has lower weight and increased 
thermal efficiency comparing with a conventional arrangement. 

Due to a wide scope of applications a systematic research 
and development of this equipment has been performed as 
follows: 
• idea and basic conception of this incineration unit (a 

compact equipment consisting of the combustion chamber 
and heat exchanger) taking into consideration industrial 
demands 

• using simulation [3] for setting basic process parameters 
• developing a computer program for thermal and hydraulic 

calculation of this equipment 
• design of a research facility in an industrial scale 
• experimental research and measurements 
• verification of mathematical models and CFD 

(Computational Fluid Dynamics) simulation 
• evaluation of results, discussion and recommendation for 

industrial applications 
A mathematical model for thermal and hydraulic 

calculations of the equipment (after being validated) provides 
the researcher with a useful tool for evaluation of basic 
parameters. 
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Some examples of applications in various branches of 
industry include: treatment of polluted air from paint shops, 
chemical cleaning systems, degreasing processes, printing 
machines, gas wastes from various chemical processes, for the 
thermal treatment of off-gases originating in refmeries, in 
production of plastics, pharmaceutical industry, food industry, 
laboratories etc. 

----
Heat losses -­--

--

/ -
--
--
--Heat losses ----
--

.- --. ..- -. 
a) Two independent pieces of equipment 

y ~ 

b) Fully integrated compact unit 

Figure 1: Comparison of conventional and new arrangement 
of unit for thermal treatment of gas wastes 

NOMENCLATURE 
A 
B 
D 
De 
~ 
f 
g 
H 
h 
htt 
k 
m 
n 
Nu 
p 
dp 

heat transfer area (m2
) 

width of the heat exchanger duct (m) 
diameter (m) 
central diameter (m) 
hydraulic diameter (m) 
friction factor (-) 
symbol for gas zone (-) 
height (m) 
heat transfer coefficient (W/m2K) 
lead of helix (=height of the heat exchanger duct) (m) 
overall heat transfer coefficient (W/m2K) 
exponent in equation for Nusselt number (-) 
symbol for number of items in relation to geometry (-) 
Nusselt number (-) 
pressure (Pa) 
pressure drop (Pa) 
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Pr Prandtl number (-) 
Q heat duty (W) 
Qc heat flux through the combustion chamber wall (W) 
Re Reynolds number (-) 
St. s2, s3 symbols for surface zones (-) 
T temperature (°C) 

Subscripts 
a air 
crit critical 
d ducts 
fg flue gas 

inner 
0 outer 

Greek symbols 
~ angle of lead of helix (0

) 

EXPERIMENTAL FACILITY, MEASUREMENTS AND 
DATA ACQUISITION 

Equipment 
An industrial scale experimental facility is shown in Fig. 2 . 

It can be briefly described using a three-dimensional schematic 
drawing showing a cut through the equipment (see Fig. 2). 

Figure 2: Experimental facility in full industrial scale 

Air polluted by organic compounds and CO enters the unit 
at its upper part. As obvious from Fig. 2 the area of the 
exchanger consists of several concentric stainless cylindrical 
sheets surrounding the combustion chamber. There are helical 
coiled fms around each of the cylinders' outer surface. In 
addition to a supporting effect they form rectangular ducts for 
process fluids flows between each couple of cylinders. The heat 
exchanger is designed in such a way so that a counter-current 
flow of the polluted air and flue gas would be achieved. A 
simplified scheme of the heat exchanger and fluids flows is 
shown in Fig. 3. 
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Figure 3: Heat exchanger and fluid flow 

The combustion chamber is placed inside the heat 
exchanger, and therefore an annular duct separates these two 
pieces of equipment. Polluted air preheated in the heat 
exchanger flows through this annular duct and enters the 
combustion chamber at the top where a burner is installed. 

A swirling generator rectifies the fluid flow of air into the 
combustion chamber and ensures relatively good flow 
distribution. In some cases an auto-thermal process can occur, 
depending on type and concentration of pollutants. Then the 
burner takes only a stabilizing function. Flue gas leaves the 
combustion chamber at the bottom and enters the cylindrical 
heat exchanger where it is cooled by polluted air. 

Basic parameters 
Basic process parameters of the experimental equipment 

were evaluated with the aid of software for simulation of 
processes for the thermal treatment ofwastes [3]. Input data for 
simulation (given parameters characterising the equipment 
capacity and process conditions) and results of simulation are 
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summarised in Table I. These parameters were considered f<>r 
the design of the research experimental facility. However, 
flowrate of polluted air can range within the interval I 50 to 
I200 mN3/h and temperature of flue gas at the combustion 
chamber outlet ranges from 600 to I 000°C. (Note: The flowrate 
in cubic meters per hour (m/!h) refers to reference conditions, 
i.e. T = 0 °C and p = I01.3 kPa.) 

Table 1: Basic process parameters 

input data inlet outlet 

polluted air flowrate, mN3/h 
inlet temperature of polluted air, °C 
temperature of polluted air preheating, °C 
temperature of flue gas at combustion 
chamber outlet, oc 
excess air, -

main results 

600 
20 

1.05 

635 

750 

atural gas flowrate necessary, mN lh 3. 7 
lue gas flowrate, mN3/h 637 
em perature of flue gas at the equipment outlet, oc I90 

Process data were used as basic input parameters for the 
equipment design. Some constraints were determined as 
follows: maximum allowable pressure drop in the equipment 
D.Pmax = 3 kPa, maximum outer diameter Dmax and maximum 
height Hmax measured from the foundation up to the burner 
flange should not exceed I400 and 2000 mm, respectively. 
Further, basic dimensions of the combustion chamber (inner 
diameter Dki = 600 mm, outer diameter Dko = 840 mm and 
minimum height Hmin = I 000 mm) were determined with respect 
to the required time of residence ofthe polluted air. 

Unfortunately, no relations exist for this type of heat 
exchanger. Therefore, a tentative mathematical model with an 
approximate description of transfer phenomena was necessary 
to be created and applied for the design of the experimental 
equipment (as described below). Basic geometrical parameters 
obtained from thermal and hydraulic calculations can be found 

in Table 2. 

Table 2: Geometrical and other selected parameters of heat 
exchanger 

HEAT EXCHANGER 
Parameter Polluted-air 

heat transfer coefficient, W/m2.K 48 
pressure drop, Pa I303 
heat exchanger area, m2 39.2 
outer diameter, mm I222 
inner diameter, mm 995 
height of cylindrical sheets, mm I250 
number of cylinders, - 9 
heat exchanger duty, kW 139 

Flue gas 
54 

I443 

COMBUSTION CHAMBER AND ANNULAR DUCT 

burner duty, kW 40.7 
temperature at the combustion chamber inlet, oc 64 7 
average temperature in the combustion chamber, oc 8II 
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Layout of facility 
The experimental research facility provides a possibility for 

testing a wide range of operational regimes, which can be met 
in industry. Since the unit was built as that in full industrial 
scale it can serve as a reference base for testing various 
conditions of operation. 

The research facility is equipped with action controllers that 
afford a possibility to change process parameters while all 
measured data are prO<:essed by a computer in-line system in 
real time. Due to this process control system it is possible to 
verify the unit functionality in a wide range of regimes of 
operation, to acquire and evaluate all the important data and to 
make suggestions for further improvement of the unit. The 
layout of the research facility together with measured points 
within the equipment is obvious from Figure 4. This figure 
shows the screen of the computer monitor. 

Experimental research was aimed at the following 
achievements: 
• measurements for verifying the functionality of the 

equipment 
• systematic data acquisition for validating the mathematical 

model of the equipment 
• experiments based on changing regime of operation and 

investigating an optimum regime of combustion in case of 
the thermal treatment of various pollutants considering: 

a) conventional way of combustion 
b) catalytic treatment 

Measured parameters ....... 
AIR 

POU.UTAHTS 

r~-- --- IH 
e~~l 

Figure 4: Experimental facility layout with real-time data 
monitoring and operation 

Level of process control is solved in such a way to enable 
both fully automatic operation and changing parameters by an 
operator in the frame of systematic measurements. The main 
aim of measurements is to obtain data necessary for validating 
the mathematical model, therefore flowrates of both process 
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fluids as well as temperatures and pressures in various points of 
equipment are measured. 

Layout of the facility and measured parameters as shown on 
the monitor screen of the computer-aided measurement and 
control system are obvious from Fig. 4. E.g. symbols F51, F52, 
F53 indicate flowrates of fuel (natural gas), air and flue gas, 
respectively. Measurement of pressures represents a double 
system based on both local and remote manometers. Installation 
of four manometers guarantees evaluation of both polluted air 
and flue gas sides pressure drops. A total of thirteen shell-type 
thermoelectric thermometers are installed inside the unit. NiCr 
and NiAl conductors of these thermocouples are placed in 
stainless capillary tubes with diameters of 3 mm, which can be 
shaped according to need to locate it at optimum measurement 
points. Each of the process fluids occupies five rectangular 
ducts formed by the cylindrical stainless sheets and helically 
coiled fms. Therefore both air {T03 to T07) and flue gas (TOS 
to T012) temperature sensors are installed at the duct outlets. 
Temperatures at the heat exchanger inlets are measured by 
thermocouples T02 at the air side and Tl3, T14 at the flue gas 
side, however, the value of T14 (and/or exactly TIC14) is used 
as that for the burner control system. The temperature of air at 
the combustion chamber inlet is measured by the thermometers 
TIS and T19. Based on the difference of measured 
temperatures T03 to T07 and TIS, T19 a quantitative 
evaluation of heat losses from the combustion chamber is 
possible. Polluted air in the annular duct between the 
combustion chamber and the heat exchanger is heated by these 
heat losses. This fact represents one of principle advantages of 
the new equipment as mentioned above. Thermometer T15 
measures temperature of flue gas at the equipment outlet. 

The combustion chamber is equipped with a burner having 
heat duty of 160 kW with a control system consisting basically 
of PID (Proportional + Integral + Derivative) controller with a 
control flap. This system can be considered from the process 
control point of view as an autonomous system maintaining the 
given temperature of flue gas at the outlet in cases of a change 
in flowrate of treated polluted air. 

Data acquisition 
A systematic data acquisition has been carried out especially 

with a view to validate and/or modify equations for calculation. 
These equations based on combustion, heat and mass transfer 
and equipment geometry form the core of the mathematical 
model. 

Distribution of measured points is obvious from the layout 
in Figure 4. A wide range of flexibility in operation was 
considered, therefore regimes with flowrates (150 to 1200 
mN3/h) and temperatures of flue gas (600 to SOO 0 C)occuring in 
industrial practice were considered. Experimentation started 
with a minimum flowrate of polluted air and increasing the 
flowrate by 1 00 mN 3/hr while temperatures of flue gas 600, 700 
and SOO °C were set up for each flowrate. 

Digitised by the University of Pretoria, Library Services, 2015



MATHEMATICAL MODEL 
From the point of view of the equipment character it was 

necessary to consider a related structure of the mathematical 
model. This model has been developed with the aim to provide 
a designer or an operator with a tool for evaluation of all the 
parameters important for a successful design and/or operation. 
A relatively simple model is a core of a computer program, 
which is used for this purpose. 

Structure of the model 
A structure of the complete mathematical model is obvious 

from Fig. 5. The model consists of submodels of the heat 
exchanger and combustion chamber connected through a 
submodel of the annular space which represents an interface 
between them. Selected parameters put together the submodels 
in such a way that an output parameter from onesubmodel is at 
the same time an input parameter of consequential submodel. 
The structure shown in Fig. 5 indicates an iterative character of 
calculations. 

temperature of air 

heat exchanger oudet 

tCmiK!Jiture o[ajr 

annular space oudet 

ftue potemperature 

canbustion chamber oudet 

heat exchanger inlet 

Figure 5: Structure of overall mathematical model 

Heat exchanaer 
As it can be understood from the foregoing description the 

conception of the equipment is of primary importance. 
Therefore a non-conventional design including the heat 
exchanger was necessary. 

Equations for the thermal and hydraulic calculation and 
relations describing geometry of the heat exchanger form a core 
of the exchanger mathematical model. General equations for 
heat balance and heat transfer are used as in case of any heat 
exchanger. However, a specific design has to be taken into 
consideration. It means we need to have relations for the 
evaluation of heat transfer coefficient h and friction factor fat 
our disposal. Unfortunately, no relations exist for this type of 
heat exchanger. Therefore, a tentative mathematical model with 
an approximate description of transfer phenomena was 
necessary to be created to be able to make a design of the 
experimental equipment (as already mentioned above). We 
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selected equations based on a geometrical and hydraulic 
similarity from reputable literature like e.g. [4 to 6]. Experience 
from the research of shell-and-tube heat exchangers was utilized 
where equations used for the calculation of segmentally baffled 
heat exchangers were used as a basis for those derived for a new 
type of heat exchangers with helical baffles [7, 8]. 

Many equations for fluid flow in various types of ducts 
exist. Equations for systems with a high degree of similarity 
were taken into account, tested and analyzed in details and the 
results were compared and evaluated [9]. Finally, relations for 
the calculation of helically coiled tubes were selected. This 
geometrical arrangement appeared to be very close to that of the 
heat exchanger in question. Therefore all the calculation is 
related to a central channel with diameter D, (see Fig. 6) and a 
rectangular (non circular) cross section of the channel can be 
considered as the only difference. Hydraulic diameter for 
rectangular cross section provided hd > > B is as follows: 
dh = 2B [5]. However, in case of laminar flow we cannot obtain 
exact results with the aid of this substitution and only data from 
experiments provide us with a possibility to derive correct 
relations. Nevertheless, for the purpose of designing research 
experimental facility the relations for helically coiled tubes 
were helpful and satisfying. 

n 

nz 
"' ..... cross section area 
fld ...... number of ducts 
nh ...... number of cylinders with heat exchange areas 
nz ...... number of turns 

Figure 6: Heat exchanger 

A review of newly derived correlations (using results of 
experiments) for calculation of heat transfer is given below. 

Based on evaluation of experimental results and taking into 
account convenient shapes of correlations [9] the following 
relation for Nusselt number is obtained: 
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Nu =(3.66+0.0+ +0.{ ~ f}Re" ·Pr'" }(1-121·Re-'"') (I) 

where 

and 

J d )0.194 

m = 0.5 + 0.2901._ ~ 

All the characteristic dimensions are obvious from Fig. 6. 

(2) 

(3) 

When Reynolds number increases (Re > Recrit) we use a 
correlation which revises expression derived for straight ducts 
so that the curvature of the rectangular channel would be 
involved. The resulting relation based on regression is as 
follows: 

Nu=(1+1.77 2~h }o.0184·Re
0

-
792

·Pr113 (4) 

The critical value of Reynolds number which determines a 
boundary between laminar flow (Eq. (1)) and turbulent flow 
(Eq. (4)) is evaluated as follows: 

Re~=•[l+b(~J] (5) 

where a= 2300, b = 8.6 and c = 0.45 [5]. 
Since there is an acceptable continuity in Nusselt number 

(between laminar and turbulent region (see Fig. 7)) a transition 
region need not be considered and evaluation ofRecrit using the 
above relation can be used [9]. 

A similar approach is applied for evaluation of friction 
factors. The following correlations have been derived for 
laminar and turbulent flows, respectively: 

f=~[1+0.128·Re· (d;] 
Rel.393 fn (6) 

f =,0.3164 [1 + 0.095. /c4. Reo42s] 
R-e0.296 fn (7) 

Like in the case ofNusselt number we can consider continuity 
in calculations of friction factor (see Fig. 8). 

Data necessary for creating and further improving equations 
( 1) to (7) were obtained from measurements at the research 
experimental facility and processed using professional statistic 
software packages ADSTAT [10] and STATGRAPHICS [11] for 
evaluation of regression parameters, dispersion variance 
analysis, and determining intervals of reliability and residue 
analysis. Data processing for regression like this is as follows: 

• From the measured data heat duties both at the air side (Q.) 
and flue gas side (Qrg) are calculated. If the relation: 

I (Q, ~ 0• ~ :S 0.05 where Q = (o. + Q0 )12 is valid then it 

can be stated that the measured data are acceptable and 
convenient for further processing. 
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• Overall heat transfer coefficient k is evaluated from the 
heat transfer equation based on the exchanger heat duty Q, 
and known heat transfer area A. 

• Heat transfer coefficients ha and hfg for air side and flue gas 
side, respectively, are based on the known overall h.t.c. k 
and consequently the related values ofNusselt number are 
evaluated. Thus a Nu - Re relation is obtained which is 
convenient for the regression analysis mentioned above. 

• Pressure drops of both process streams are also determined 
based on measured data and then we can evaluate values of 
friction factors f. As in the above case a Re - L1p relation is 
obtained which is necessary for fmding unknown 
regression parameters. 

A special computer program for processing measured data 
has been created. All the necessary data are extracted directly 
from the database of measured values. In Fig. 7 heat transfer 
results in the form "Nusselt number vs. Reynolds number" are 
plotted. Experimental work covers a wide range of flowrates 
common in real industrial applications with different 
operational regimes to ensure the equipment flexibility. The 
graphical representations show us also a comparison with a 
geometrically closest system with helically coiled tubes. A 
similar graphical representation can be obtained for friction 
factors as shown in Fig.8. 
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Figure 7: Nusselt number vs. Reynolds number 
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Combustion chamber 
The zone method was applied for creating the submodel of 

the combustion chamber based on the fact that it was from the 
point of complexity consistent with the model of heat 
exchanger. It is convenient for solving a problem like this one 
where radiation prevails. 

From the radiation point of view the combustion chamber is 
considered as a cylinder with diameter Dk; and height H (see 
Fig. 9). The combustion chamber is substituted by a simple one 
gas zone (g) with dimensions of the above cylinder. This 
simplification is quite appropriate for modeling. While surface 
zones Sj, s1 represent bases of the cylinder, the surface zone s3 

represents the inner cylindrical wall of the combustion chamber. 
After completing the calculation (consisting of evaluating 
direct, total and oriented exchange areas, emissivity of gas, and 
solving heat balance [ 12, 13] ) we obtain values of an average 
and/or effective temperature of flue gas in the combustion 
chamber, surface temperatures, and heat flux Qc from the 
combustion chamber through the cylindrical wall into the 
annular space between the combustion chamber and the heat 
exchanger as main results. 

For example provided the average temperature of flue gas in 
the combustion chamber was T8 = 650 oc heat flux Qc ranged 
from 100 to 4000 W for flowrates of polluted air within the 
interval12Qto 1150 mN3/h. 

Figure 9: Combustion chamber 

Annular space between combustion chamber and 
heat exchanger 

The annular space can be considered from the 
computational point of view as an interface between the 
combustion chamber and the heat exchanger (see Fig. 10). 
Consider that polluted air leaving the heat exchanger (with the 
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temperature T 1) is heated in the annular space by the heat flux 
(and/or heat losses) Qc from the combustion chamber up to the 
temperature T 2• Heat exchange between flue gas in the inner 
duct of the heat exchanger and air in the annular space can be 
neglected. These channels are separated by a refractory wall 
and taking into account all the other simplifications this 
assumption can be considered as an appropriate one. 

From the above description it is obvious that the complete 
model (consisting of submodels of the combustion chamber, 
heat exchanger and the annular channel in between them) is in 
fact that for a simulation mode with given input process 
parameters, geometry and estimated other parameters necessary 
for running the computer program. If this model is used for a 
design mode the related software is conceived in such a way 
that repeating runs for a certain range of geometrical parameters . 
provide us with required results. 

Figure 10: Annular space between combustion chamber and 
heat exchanger 

Using CFD (Computational Fluid Dynamics) and 
experimental validation 

CFD analysis shows us parts of the system or phenomena 
happening within the system that would not otherwise be visible 
through any other means. CFD gives possibility of visualizing 
and enhancing the understanding of our designs. 

The commercial software system FLUENT [14] was used 
for simulation based on three-dimensional CFD modelling. A 
detailed description of this approach including experimental 
validation can be found elsewhere [15]. Based on a current 
evaluation of simulation results, some conclusions and 
suggestions for improving the equipment can be made (e.g. 
improving the burner arrangement, considering a different 
inclination of blades of the swirl generator or considering an 
alternative with two swirl generators, increasing inclination 
angle of the heat exchanger hellical channels) [15]. (Note: 
Improvement of the swirl generator has been realized.) 
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PRACTICAL INDUSTRIAL ALTERNATIVE 
ARRANGEMENTS AND APPLICATIONS 

Requirements coming from the industrial practice influence 
the further development of the equipment and give rise to 
various alternatives of units based on this new equipment. 

It is possible to specify several eligible options of 
arrangement. According to equipment type one can consider a 
conventional one (e.g. basic alternative of research facility as 
described above) and that for catalytic treatment. Taking into 
account fluids transport and compactness, i.e. room for 
installation and conditions of operation it is possible to make a 
design of a compact arrangement, over-pressure or under­
pressure one. It consists in a convenient assembly of air and flue 
gas fans or in installing only one of them. One can also speak 
about waste to energy alternative, especially in case of 
excessive concentration of combustibles when energy of flue 
gas can be utilized e.g. for heating water or steam generation. 
Some industrial cases (e.g. thermal treatment of air polluted by 
methyi-ethyl-keton or off-gases from natural gas production) are 
described in [ I6]. 

CONCLUSION 
A complex approach in research and development of new 

equipment for the thermal treatment of polluted air, where heat 
transfer and fluid flow play a predominant role, is shown. A 
mathematical model of this equipment, consisting ofsubmodels 
of heat exchanger for preheating the polluted air, combustion 
chamber and annular space in between them, is described. New 
correlations for thermal and hydraulic calculations of the heat 
exchangers have been developed based on experimental 
validating the model. 

REFERENCES 
[! 1 Stulir, R., Stehlik, P., Oral, J. and Fabikovic, V., 200 I, 

"Fully Integrated Unit for Thermal Treatment of Gas 
Wastes," Applied Thermal Engineering, Vol. 21, No. 12-13. 

[2] Oral, J. and Stehlik, P., I999, "Equipment for Combustion 
of Wastes- Incinerator," Patent No. PV1999- 3651 (Czech 
Republic). 

[3] Stehlik, P., Puchyr, R. and Oral, J., 2000, "Simulation of 
Processes for Thermal Treatment of Wastes," Waste 
Management, Vol. 20, pp. 435-442. 

823 

[4] Hewit, G. F., (ed.), 1998, "Heat Exchanger Design 
Handbook," Begell House, New York 

[5] Verein Deutscher Ingenieure, 1987, "Waermeatlas," VDI. 
Verlag GmbH, DUsseldorf. 

[6] Hewit, G. F., Shires, G. L. and Bott, T .. R., 1994, "Process 
Heat Transfer," CRC Press, Florida. 

[7] Kral, D., Stehlik, P., van der Ploeg, H. J. and Master, B. I., 
1996, "Helical Baffies in Shell-and-Tube Heat 
Exchangers, Part I: Experimental Verification," Heat 
Transfer Engineering, Vol. 17, pp. 93-101. 

[8] Stehlik, P., Nemcansky, J., Kral, D. and Swanson, L. W., 
1994, "Comparison of Correction Factors for Shell-and­
Tube Heat Exchangers with Segmental or Helical Baffles", 
Heat Transfer Engineering, Vol. 15, pp. 55-65. 

[9] Stulir, R., 200 I, "Design of Heat Exchanger for a Specific 
Purpose," PhD. Thesis, Technical University of Bmo, 
Czech Republic. 

[IO] "Adstat 2.0 - User's Guide", I992, Trilobyte Inc., 
Pardubice, Czech Republic. 

[II] "Statgraphics 7.0 - User's Manual", 1993, Manugistics 
Inc., Rockville, USA. 

[I2] Hottel, H. C. and Sarofun, A. F., 1967, "Radiative 
Transfer," McGraw-Hill, New York. 

[13] Fabikovic, V., 1998, "Modelling of Specific Equipment 
for Thermal Treatment of Wastes," MSc. Thesis, 
Technical University of Brno, Czech Republic. 

[I4] "User's Guide for FLUENT 5", Vol. I-4, 1998, Fluent 
Inc., Lebanon, NH, USA. 

[15] Fabikovic, V., Stehlik, P., Strasak, P., Kolar, P., Stulir, R. and 
Oral, J., May 2001, "Simulation of Compact Equipment for 
Thermal Treatment of Wastes Using CFD and 
Experimental Validitation," 2nd International Symposium 
on Advances in Computational Heat Transfer CHT'OI, 
Palm Cove, Queensland, Australia. 

[16] Stulir, R., Oral, J., Behar, L., Stehlik, P. and Trunda, P., 
July 2001, "Integrated Unit for Thermal Processing of 
Polluted Gases - Alternative Arrangement," 3rd 
International Symposium on Incineration and Flue Gas 
Treatment Technologies, Brussels, Belgium. 

Digitised by the University of Pretoria, Library Services, 2015



HEFAT2002 
1ST International Conference on Heat Transfer, and Thermodinamics 

8-10 April2002, Krugher Park, South Africa 
TP2 

OPTIMIZATION OF THE EQUIPING AND OPERATION OF THE THERMAL PROCES 
SUBSTATIONS IN THE DISTRICT HEATING SYSTEMS 

Petre TERZI 
President of SPERIN-

Promotions Society for Renewable, Inexhaustible and New Energies 
Energetic Faculty POLITEHNICA Univ. Bucharest - Romania. 

Head of Investigations Group for Efficient Management ofEnergy 
Bucharest District Heating Company 
Str. Anastasiu Constantin nr.4 Ap.4 
75253 Bucuresti sector 5 ROMANIA 

E-mail: terzi_p@yahoo.com 

ABSTRACT 
The article presents an assessment algo-ritm ofthe 

investement and operation expences, to be used in the 
analysis of the equipping variants or in determining the 
operating mode of the thermal process substations, in the 
district heating for residential buildings. It is designed to be 
used by designers, as well as by the operating personnel in 
the district heating units. 

The rehabilitation works, for the refurbishment 
with modern heat exchangers, should be carried out to 
provide for a maximum thermal efficiency. The algorithm 
submitted adopts as its main optimisation criterion the 
minimisation of the cost per transferred thermal energy 
unit, in order to prepare hot water for heating and tap water 
for domestic use. 

INTRODUCTION 
The expenses for the modernisation of the thermal 

process substations in the residential buildings are one of 
cost of the thermal transferred energy unit, -CTTEU -
supplied by the thermal power distributors, to the tenants' 
associations, is made up. 

The technical solution as to the thermal process 
substation refurbishing within the modernisation action, 
brings about, in this turn, changes in the annual 
amortisation expenses - AAE - in the expenses for the 
second heat carrier pumping, - SHCP - as well as in 
maintenance and repair expenses - MARE. 

Tubular heat exchangers, were applied as early as 
1962, that is when type were thermal process substation in 
district heating were built in Romania. They proved to be 
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thermally low efficiency, of low warranty bulky and extremely 
difficult to remote, with a view to their cleaning and 
repairing. Consequently, the heat exchangers used to get 
clogged up quite during operation, which caused high 
hydraulic load loses, and therefore transferred power 
consumption, in order to pump up the secondary heat carrier. 

With a view to improving this situation, modem 
plate ex-changers are resorted to at present, to eliminate the 
above shortcomings, yet they are found out to cost more than 
the tubular ones. In order to point out the share of the above 
mentioned expenses in the prices of the energy distributed 
through the thermal process substations, an assessment 
algorithm is submitted in what follows, which should allow 
for the economic operation for thermal process substations, to 
be determined. 

The same algorithm allows as well selecting out of 
the exchangers types provided by various suppliers, so that 
the most economical refurbishing solution may be chosen, as 
offers are very numerous and diversified at present. 

It is considered that help can be given thus to the 
decisions makers in the operation line, and to the designers 
drawing up the technical documentation's for the thermal 
process substations modernisation. 

NOMENCLATURE 
Ve- equipment prise value; 
Snec - is the heat transfer surface necessary to the heat 
exchangers a modernised thermal process substation is to be 
refurbished with [ m 2 

] ; 

CFISTU - the cost of the transfer surface unit installing 
expressed in [ROL /m 2

] 
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N- Is the amortisation duration [years]; 
D - The bank interest with which the credit for the 
modernisation expenses could be been (expressed as a 
decimal number). 
N - The term for paying back the credit used for the 
financing of a thermal process substation modernisation 
[years]. 
PAEP- the electric pump- absorbed power [kW]; 
EPP- electrical power price [ROL/kWh]; 
YOTP- yearly operation time period [hours/year] 
T4- exit temperature on secondary circuit [<1<]; 
T3 - inlet temperature on secondary circuit [<1<]; 
EYT - yearly transferred energy [kJiyear] can be 
determined by means of the following: EYT = pGs. Cs (t4-
t3). YOTP I 10 3 [ROL/kJ] . . 
Qp - is the thermal power yielded by the hot water m the 
primary circuit [k W] . 
Qs - The thermal power taken over from the prunary 
circuit by the secondary circuit [kW] 
Qt - the thermal power transferred by the heat exchanger 
surface [k W]; 
Gp and Gs - circulating flows on the primary, and the 
secondary circuits, respectively [m 3 l.s]; 
Cp and Cs - specific heats of the heat carrier on the 
primary and the secondary circuits, respectively [J I kg.K]; 
<p - Dirt coefficient of the heat exchanger surfaces; 
s- Heat exchange surface [m 2

]; 

k - Overall heat exchange coefficient of the heat exchanger 
[W lm 2 .K]; 
DTML - average logarithmic temperature difference [K]; 
Cp and Cs- specific heats of the primary heat carrier, and 
the secondary heat carrier, respectively [J/Kg .K]; 
p- Primary and secondary heat carrier density [Kg/m 2 

]; 

g- Acceleration of gravity [m/s3
]. 

Hs - Discharge head on the secondary circuit, resulting out 
of the relation: 
Hs = (P3-P4)1 (pg) [m]- see fig. I, where pressures P3 and 
P4 [Pa]; correspond to the notations on figure 1 
llp - Pump efficiency; 
Q and r are dimensionless indexes 
p- Exchanger design factor [J.s<P+q-I) lm 3 

(p+q)-
2 .K] in rel.(6) 

q and r exponents in rel. ( 6) 
Msc - stand for the hydraulic resistance module of the heat 
exchangers; 
Mcd - - stand for the hydraulic resistance module of the 
distribution network; 
Mic - stand for the hydraulic resistance module of the 
installations inside the buildings. 
PAE- is the electric pumps- absorbed power [kW]; 
EPP- electric power price [ROL/kWh]; 
YOTP- annual operation period [hours]; 

PREZENTATION OF THE ALGORITHM FOR 
ASSESSING THE THERMAL ENERGY UNIT 
COST-CTTEU 

The leading equipment in a thermal process 
substation is the heat exchanger, as it holds the biggest share 
in the annual amortisation expenses, and also an important 
share in the expenditures for circulating the heat carrier for 
heating or domestic hot water, as a result of hydraulic load 
losses introduced into the secondary circuit. As the heat ex­
changer main feature, in from the point of view of 
construction and operation is the transfer surface, the cost for 
installing the transfer surface unit, as expressed in ROL/sq.m 
and referred to as CFITSU , has been adopted as an appraisal 
indicator of the investment expenses determining the annual 
amortisation expenses- AAE. For this indicator to be more 
relevant for a thermal process substation, it shall be 
determined by considering both the price of the heat 
exchangers, and that of its related equipment, such as the 
circulating pumps, fittings, filters, sludge separators, 
expansion tanks, etc. 

The value of the equipment replaced in a modernised 
thermal process substation is determined with the following 
relation: 

Ve = Snec · CFISTU [ ROL] 

In order to evaluate the annual amortisation costs 
expressed in ROL lsq.m (referred to as AAE), the following 
relation will be used: 

AAE = Ve {1/N+d (l+d)n]l [(l+d) n-1]}, [ROL/year] (1) 

Relation (1) takes into account the proportional 
amortisation rule over a determined period, and it allows the 
bank interest to be ignored, when the modernisation is 
financed out of public or government funds, bearing no 
interest. (When d=O) 

Another component part of the costs of the supplied, 
transferred thermal energy unit-CTTEU, as already shown 
above, are the expenses for circulating the secondary heat 
carrier (for heating or for domestic hot water) by means ofthe 
circulating pumps, in the case of the heating circuit, and of 
the pressure raising pumps, in the case of domestic hot water 
(refereed to as SHCP), expressed in [ROL /kJ]. 

In order to evaluate the expenses for pumping the 
secondary heat carrier (referred to as SHCP), the following 
relation was adopted: 

SHCP = (PAEP · EPP · YOTP)IEYT [ROL/kJ] (2) 

Summing up the amortization costs AAE, related_to 
the Energy transferred, over the annual operation period, wtth 
the costs for the secondary heat carrier pumping SHCP and 
with the annual ones for maintenance, repairs and operation, 
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referred to as CIRE, can be get with below the relation, 
(who represent the evaluation relation for the 
modernization participation share in the cost of the thermal 
energy unit supplied to the consumers) 

CTIEU = AAE I EYT + SHCP + CIRE [ROL lkJ] (4) 
In order to determine the analytical calculation 

formulas for the component factors in relation (4), the 
energy 'balance relation shall be considered, using the 
notation in figure 1. 

Thermal substation 
n,a P~o 

Primary Circuit Secondary Circuit 

PI, t1 P4, t4 

Figure 1: Heat transfer process in a substation 

The energy balance relation in a substation is 
following: 

Qp = pGp. Cp (tl-Q)I 10 3
; 

Qs = pGs. Cs (t3-t4)1 10 3; 

Qt =<p.ks. DTML; 

ASSESSMENT OF ANNUAL 
AMORTIZATION COSTS. 

(S) 

In order to get a correlation between the heat 
exchange on the two transfer surfaces in contact with the 
primary and the secondary heat carrier [ 1 ], the following 
relation shall be adopted for the overall heat exchange 
coefficient: 

k= <p.p ·(Gs) r · (Gp) q [Wim 3 .K] (6) 

If it considering a null heat losses in substation, 
out of relation (5) their results: 

Gp = Gs [ Cs . (t4-t3)] [m 3 Is]; (7) 

This allows us to write the relation which points 
out the dependence of the heat exchange overall coefficient 
upon the flows on the secondary and the primary circuits, 
as follows: 

k= p. Gs<q+r). [ Csr. (t4-t3)r] I [ Cpr(u-ar]; 
[W I m 2 .K] (8) 

Considering that, in keeping with the regulations 
in force, the thermal energy distributor for the urban 

consumers may control only the secondary circuit thermal 
and hydraulic condition, the secondary circuit flow Gs h~ 
been adopted as reference flow in relation (7). 
Out of relation (5) and (8) their results the following relation 
for the annual amortization costs: 

AAE = {1/N + [d (l+d) 0
] I [d (1+d) 0

• 1]}. {[0,278. Cpr. (t1-t2) r. 
CFISTU]/ [q>p. as<q+r>. (t4-t3) r. DTML. YOTP]}; [ROL I kJ] (9) 

As one can notice, the specific annual amortization 
costs, [ROL I kWh], depend on the thermal operation ofthe 
thermal substation, as well as on the hydraulic operation on 
the secondary circuit, which are actually at the operating 
personnel's disposal. 

ASSESSMENT OF THE SECONDARY HEAT 
CARRIER-CIRCULATING COSTS. 

The electric power absorbed by de electric pumps in 
order to circulate the heating heat carrier on the secondary 
circuit, according to the discharge head and the flow 
circulated results out of the following relation: 

PAE = (p. Gs. HsO I (102.TJp); [kW] (10) 
(were: 102 is a conversion factor be twin HP and kW) 

The actually required discharge head depends on the 
hydraulic resistance of the heat exchangers, the distribution 
network, and the inside installations; thus, the actual 
discharge head can be assessed by means of the following 
relation: 

Hs = Msc. Gsb + (Mcd +Mic).Gs 2 [mWH] (11) 

In this case, relation (2) for the assessment of the 
secondary heat carrier circulating electric pumps drive power 
can be written as follows: 

PAE = [p. Gs (Msc.Gsb+ (Mcd+Mic).Gs2 ]I (102.1lp> [kW] (12) 

In order to assess the expenses for secondary heat 
carrier pumping - SHCP - the following relation will be 
used: 

SHCP = 2.78*PAE*EPP*YOTPII0 4
· YET (13) 

By analyzing relations (9) and (13) can be find out 
that the flow circulated on the secondary circuit (Gs) is a 
main parameter common both to the determining term 
assessing the specific annual amortization costs (AAE), and 
to the costs for the secondary heat carrier pumping (SHCP). 

Thus, for a modernized thermal process substation, 
there can be determined the optimum hydraulic condition 
able to allow for thermal energy supplying at minimum 
distribution costs. This condition is reached by minimizing 
of cost of the thermal transferred energy unit CTTEU 
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[ROL/k:J] as per relation (4), which represents the share of 
the modernization cost to the thermal energy unit cost to be 
supplied to the end users. 

Analytically, this condition is reached by zerowing 
of the first derivative, of relation (9) as to the flow 
circulated by the circulating pumps Gs, and therefore also 
of that of the thermal load corresponding to a certain 
temperature difference between the flow and the return of 
the secondary circuit for heating or for domestic use hot 
water, as expressed by the following relation: 

o (CTIEU) I o (Gs) = 0 ) [ ROL/kJ] (14) 

Figure 2 shows as an example, an assessment of the 
economic effect of the modernization of a thermal station 
where the heating exchangers should be replaced; two heat 
exchangers types shall be considered to this effect. 

The algorithm means for the refurbishing of the 
thermal substations in the district heating system is found 
to be efficient, in that the computing programs elaborated 
allows on one hand, for the total cost variation per thermal 
energy unit to be pointed out according to the thermal load, 
and, on the other hand, for the cost elements variation to be 
shown, which provides extremely useful information to the 
operation personnel. 

... , 
f\ ·' 

=~~\,~--~~-4--+-~~ .. ~-4,~+-~ 
1---+--· ~:0~--+-+--l ~-.... ~~ ,.,L-+--+---1 

emu ' - :~~-:-.;. .,.~ J,.,.;_ 
2100 ' - . - """"' ...... 

~~~~,4--~-'~·~-~~-~/:~~v 
......... .......~·~r~ 

For old heat exchangers - dado curves for 
new heat exchangers - solid curves 

Legend: 
AAE- annual payment as revenue ROL/kJ; 
SHCP- pumping costs ROL/kJ; 
CTIEU - total costs for unity of transferred energy 
ROL/kJ. 

Figure 2: An assessment at the economic effect at the 
modernization at a thermal station 

In case a maximum acceptable cost is imposed as &.r 
as the modernization costs are concerned, so that it should not 
required for any change in the thermal energy distribution 
price, there result the optimum operation ranges. 

Mention should be made that in the example given 
in figure 2, the maintenance and operation expenses have not 
been considered, out of lack of data; however, as these 
expenses do not vary according to the thermal load, including 
these expenses as well in the calculation shall not influence 
the optimum operation range. 

The calculation program elaborated based on the 
algorithm shown referred only to the case of modernization 
as financed from budget sources, as, considering the 
population's present incomes, the price charged for the heat 
supplied is granted from the local bodies budget. 

The calculation program elaborated can also bring a 
solution to modernization supporting by financing credits 
obtained from the banks, when the bank interest must be 
covered by the economic effect. 

In this case, a modernization share able to cover the 
bank interest should be included into the thermal energy sales 
tariff. A quite interesting aspect is that when the 
modernization economic effect can cover the bank interest to 
excess; then, what is left is a benefit obtained as a result of 
modernization. 

The program can also analyze the effect of the 
modernization per sections of a thermal process substation a 
condition of separating the expenses related to domestic hot 
water preparing from those for preparing the heating heat 
carrier. 

In case a maximum allowable cost is imposed for the 
modernization costs, there can be determined o solution for 
the refurbishing of a thermal process substation, so that it 
should not call for any change in the thermal energy­
supplying tariff. 

It should be specified that, in the analysis made, no 
maintenance and operation expenses have been included 
(CIRE =0) out of lack of data; however, as these expenses do 
not differ according to the thermal load, the optimum 
operation range shall not be influenced. Yet by knowing 
them, the contribution of these expenses to the operation costs 
shall be pointed out as well. 

CONCLUSIONS 
The application on particular cases, as shown in 

figure 2, points out the utility of the proposed method, for 
assessing both the thermal condition effect on the cost of the 
thermal energy supplied, and the refurbishing solution for the 
modernization of a thermal process substation for district 
heating networks. 
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ABSTRACT 
A new refrigeration system using specially designed finned 

plate heat exchanger and working with zeolite and methanol is 
presented. The integration of heat transfer and adsorption via a 
finned surface coated with zeolite CBV 901 and the use of 
connected, twin active bed system to enable heat recuperation, 
are novel features. The thermophysical properties of zeolite and 
methanol were first studied with the intention of designing a 
high performance heat exchanger (generator) for adsorption 
refrigeration system, where the major problem is connected 
with poor conductivity at the interface between heat exchanger 
and zeolite. The adsorbent must be heated (desorption phase) 
and than cooled (adsorption phase) back to ambient temperature 
in order to complete a thermodynamic cycle. The system, as the 
cycle, should be small. This requires high rates of heat transfer 
in and out of the adsorbent. Therefore, the surface of the heat 
exchanger is finned in order to increase the heat transfer area 
(which is coated with 2-mm layer of specially prepared zeolite 
paste). The following characteristics were estimated from initial 
calculation: heating temperature 120 °C, outside tube 
temperature 119.6 °C, middle fin temperature 117 °C and coated 
layer of zeolite paste temperature 115.3 °C. 

The mathematical mode developed to calculate the effects 
of operating conditions and Coefficient of Performance (COP) 
has been presented at HPC'200 1 in Paris •. It is based on 
Dubinin-Astakhov equation and thermodynamic analyses. The 
results obtained shows that for single bed the COP is 0.535 and 
0.935 for a twin bed. 

INTRODUCTION 
The research development on adsorption cycles for heat 

pump/refrigeration increased noticeably in the last few years. 
Additional costs associated with the efficiency of using 
conventional refrigeration unit, as well as the greenhouse gasses 
emanating from the refrigerants used, have taken their toll on 
both the wealth of society and ozone layer. Therefore, 
conventional refrigerants have to be replaced with new 
substances, which are non-toxic, efficient, and flexible. The 
successful design of an adsorption refrigeration system could 

'Heat Powdered Cycles Conference, 5-7 September 2001, Paris, 'Analysis of 
adsorption refrigeration system using zeolite and methanol', S. Waszkiewicz, 
H. Saidani-Scott, M. Tierney 

potentially solve the problem of ozone depleting chemicals and 
provide a cheaper alternative to recent systems in the form of 
higher overall energy conversion efficiencies. This will in turn 
lower primary fuel costs through less demand. Additionally, 
current methods of refrigeration are not portable and require a 
ready source of electricity. Consequently, the adsorption 
systems are considered interesting but more efforts are needed 
for their development. 

The main disadvantage of the gas-solid systems proposed is 
related to the high weight and volume of the solid adsorber, 
which make the system not compact, expensive, thus not well 
suitable for domestic applications. [1-3] 
Other limitations originating from the inefficient nature of heat 
and mass transfer inside the adsorber may lead to significant 
reductions in the performance of the adsorption system. The 
two types of resistance to heat transfer that can be observed 
originate from the lack of good physical contact at the metal­
adsorbent interface and from the generally low thermal 
conductivity values of the adsorbent bed. ( 4] On the other hand, 
resistances to mass transfer depend on the magnitude of the 
diffusion coefficient value of the adsorbate in the adsorbent as 
well as thickness of the adsorbent bed. It is difficult to achieve 
an optimum compromise between the high porosity necessary 
for fast vapour diffusion and the high density required for good 
thermal conductivity. (5] 
Therefore, research has focused on improvement of the heat and 
mass transfer inside the adsorber bee!, in order to increase COP 
of these systems. Additionally, new adsorbent-adsorbate pairs 
have been studied to improve energy efficiency. New designs of 
heat exchangers, use of additives to get better heat transfer and 
different bed constructions have been proposed. (6], [7] 

In this work a review of a design of a finned plate heat 
exchanger as part of a novel twin-bed adsorption system that, in 
principle, would halve the heat demand for a given refrigeration 
effect is given. The characteristics of this system are: 
(a) by using twin bed, heat rejected from the first bed can be 

recuperated and used to regenerate the second; 
(b) to mitigate mass and heat transfer limitations , the 

adsorbent is coated onto a compact heat exchanger, as 
opposed to being in a packed bed; 

( c}- a new type of zeolite, CBV 901, requires a lower 
regeneration temperature than normally expected. 
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NOMENCLATURE 
Nu- Nusselt number[-] 
Re- Reynolds number [-] 
Pr- Prandtl number [-] 
d- diameter [m] 
u- velocity [ m/s] 
p- density [kg/m3

] 

j.i- dynamic viscosity [Ns/m2
] 

cp- specific heat capacity [kJ/kgK] 
V- volume [m3

] 

8- thickness [ m] 
"A- thermal conductivity [W /mK] 
h- heat transfer coefficient [W/m2K] 
ltyp- typical length [m] 
A- area of body [m2

] 

C- circumference ofthe cut body area [m] 
n- number [-] 

Subscripts 
f- fin 
p- pipe 
z- zeolite 

TWIN-BED SYSTEM 
A system, which consists of an evaporator, two beds 

and condenser, is schematically presented in Figure I. It is 
envisaged as working continuously; one bed is cooled (and 
adsorbing), the other one is heated (and desorbing). 
Periodically, opening valve VI allows the two-beds to achieve 
equilibrium. This not only reduces the adsorbate inventory in 
the lower bed, but also facilitates the recuperation of the heat 
and a higher COP. 

VALVE 

CONDENSER 

BED 
2 

BED 

Figure 1: Twin bed system 
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ADSORBENT-ADSORBATE PAIR 
There are several limitations to the use of conventional 

granular forms of adsorbent. Firstly, heat transfer through 
packed beds is slow, limiting the refrigeration effect. Secondly, 
most conventional adsorbents require a regeneration 
temperature in the range of 200°C to 250°C, restricting the 
coefficient of performance. Issues related to the choice of 
adsorbate include flammability, toxicity, stability and gas 
dynamics. 

It has been proposed that monoliths, prepared by 
binding powder to a substrate, would result in effective heat and 
mass transfer [3], [8]. However, it has been difficult to prepare 
sufficiently resilient layers with thickness in excess of 2mm. 

The specific volume of the adsorbate also limits 
performance, either because of choking or frictional resistance. 
Generally, water is not useful for high heat loads. Alternatively, 
ammonia is toxic and corrodes copper and brass fittings. Most 
alcohols are environmentally friendly but are dehydrated and 
catalytically decomposed during desorption at 150 °C to 200 °C. 
Zeolite CBV 90 I and methanol were selected as a pair by 
Tchernev [9], because this new type of zeolite needs only I 00 
°C to be fully regenerated. This temperature does not cause 
methanol to decompose. The adsorption properties of selected 
pair were studied in order to establish its performance. 
Specially designed vacuum chamber was used. Samples of 
zeolite were placed inside (under vacuum) and small amounts of 
methanol were added in time intervals. The chamber was kept 
in a thermally controlled bath. (See figure 2) Pressure changes 
were recorded. 

Fi!!ure 2: Vacuum svstem in a hath 

Experiments were done for different temperatures. Results can 
be seen on figure 3. It can be seen from the experiments, as 
expected, that high adsorption, around 25%, can be observed at 
low temperatures of zeolite. The amount of methanol adsorbed 
is decreasing when system temperature is increasing. 
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In twin-bed system model, the minimum temperature of 
adsorbent 35 °C (16.5% adsorption) and the maximum 100 °C 
(2% refrigerant concentration within zeolite) were taken into 
consideration. 

GENERATOR DESIGN 
The most important aspect when designing the generator is 

to maximize the heat transfer within the bed. This is because 
rapid heating and cooling is necessary for an efficient cycle, 
which in tum means that good heat transfer is essential. 
Unfortunately, adsorbents, like zeolite, are very poor thermal 
conductors. Therefore, a finned heat exchanger, which is the 
best known system for increasing effective heat transfer, has 
been chosen. If the fin-tube heat exchanger is used to better heat 
transfer, the adsorbent will have to be packed on and between 
the fins. Coating the fins with an adsorbent paste could be a 
suitable way of performing this task. The surface area of the 
fins is a factor that should be taken into serious consideration 
when designing a heat exchanger for this purpose. A larger fin 
surface area would not only lead to better conduction, but 
probably a better adsorption due to more mass of adsorbent. 

2 

3 

4 

Figure 4: Shell and tube heat exchanger with coated fins; 
1- shell, 2- zeolite coating, 3- fin, 4- inner tube. 
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It was decided that the best heat exchanger for the 
generator in the adsorption cycle is a shell and tube type with 
fins on it. (See figure 4) 

The heat exchanger consists of a single tube with circular plates 
fitted on it. All plates are coated with zeolite paste. First, the 
fluid that will circulate through the tube of the heat exchanger 
needs to be heated and cooled rapidly. Hence, it requires having 
good thermal conduction and specific heat capacity. Therefore a 
turbulent flow is the best and it was decided to use mineral oil 
Transcal N. Also, aluminium was votes as the most suitable 
material for heat exchanger because it does not react with 
methanol. The methanol vapour is designed to pass through the 
shell of the heat exchanger. 

HEAT TRANSFER 
The heat exchanger (generator) was designed as a part of 

refrigeration system. The type of the heat exchanger was chosen 
in relation to the good heat transfer to the zeolite. The effective 
U-value of a shell and tube heat exchanger with coated fins was 
calculated as a function of the tube diameter, the diameter of the 
fins and thickness of the layer. (Figure 4) 

Initially, zeolite volume per plate coated on both sides, was 
calculated from: 

V = 2·;r ·(d 2 -n ·d 2 )·<5. (l) 
z 4 f p p • 

Zeolite mass per plate: 

mz = Pz · Vz (2) 

After that the number of fins situated on a pipe were obtained 
from: 

mz,needed 
nf = 

mz 

(3) 

It was found that 50 fins of 60-mm diameter and 2 mm 
thickness were needed. They were placed on Y2" tube. 

Then, the heat transfer coefficients were calculated. The 
assumptions were: 

I. a fully developed flow 
2. physical properties apply to the mean oil temperature 
3. pipe wall is highly conductive 
4. steady flow 
5. temperature is constant across pipe diameter. 

Hence, if the speed of the oil is I rnls, the heat transfer 
coefficient can be calculated using the Dittus Boelter equation 
for Nusselt number: 

Nu = 0.0023 · Re 08 
· Prn (4) 

where n=0.4 for heating and 0.3 for cooling. 
The Reynolds and Prandtl numbers were calculated from the 
following equations: 

U·p·d 
Re = P (5) 

Jl 
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c •f.i 
Pr=-P __ 

A 
(6) 

Heat transfer coefficient is connected with Nusselt number: 

h·d 
Nu =--P (7) 

A 
Now, by substituting equations (5), (6), and (7) in equation (4), 
the heat transfer coefficient of oil can be calculated for heating 
and cooling at different temperatures. The necessary data were 
inputted into an Excel spreadsheet and the variations of the heat 
transfer coefficient with pipe diameter and oil temperature were 
generated. These predictions calculated for oil velocity of 0.5 
m/s is graphically represented in figures 5 and 6 given below. 

100~----~--~=:r:====~;:==~~~==~~----~ 
0.005 0.01 0.015 0.02 0.025 0.03 0.035, 

pjpe Inner diametw (m] 

Flg...-e 6: Variation of heat transfer coetriCient with pipe 
diameter end oillemperaii.A FOR REGENERATlON 

{=~~~~ 
i,..l. ~ 1 I ~I . .... L. ) ) : T j 

150 ~ . . . -- _)_.---- . . . --. ·:-.--.-.--- .. ·\·.- .. ----.- ·1 .. -.--.--- "1 
I : : :t dtidr 

1
dd ··d··.· d dd! 

0.005 0.01 0.015 0.02 0.025 0.03 0.035 
Pipe Inner clillnlelorlml 
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As can be expected and seen in a figure 5 and 6, the heat 
transfer coefficient is high for higher oil temperature and 
decreases with pipe diameter. In addition, the heat transfer 
coefficient for regeneration process (figure 6) is lower than the 
one for adsorption (figure 5). 
Some comparisons can be made after calculating h in various 
environments plotted on figures 7, 8 and 9. 

Figure 7: v.neuon of heat transfer coetncient with oil 
temperature for pipe diemeter0.01 m 

liT.I)TLffi 
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! 200 ---- -- -~-- ---. - : ----- i - . - -- -- ~ . -- - -- -~-- - -- .. - ... - -: .. -- .. -~ . -... -~-- .. -- . ; 

: : : : ' 

. . 
- -------;-.-.-- -~--.--- .!. ------ ~-- ... --:-- .. -- -~.----. ~- ...... ; . . . . ., __ ==;] : 

~~0---3=0---7.40~~~~~~=---~70~~~~--=---~--~--~1~ 
011 1emperotu,. ('C) 

In figure 7, the h has been plotted for a fixed diameter ofO.Olm. 
A noticeable difference appears after 80°C. The heat transfer 
coefficient is stabilizing from 1 00°C for adsorption, so the 
higher value of h is not possible to obtain with rising the oil 
temperature. It can be done in regeneration process. 

Flgl.nl 8: Variation of heat transfer coemctent with pipe 

1000 ·---~-~~-m-~t~~~~-~~~~:.O.~-~-~~~~-~~~-~-~-~~~~~-~-~~~-~?:~-----· 
: : : : ~ ~~.: 
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200 
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Pipe Inner diameter (m) 

Both shapes of curves from figures 8 and 9 are similar. It can be 
observed that heat transfer coefficient is decreasing with lower 
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velocity values and it is higher for adsorption for the same 
velocity than regeneration. 

100 
0.005 0.01 0.015 0.02 0.025 

Pipe lnrwr <hmeler [m) 
0.03 0.035 

The following calculations were made with an oil temperature 
120 °C, the pipe diameter of 12mm, velocity 0.5 m/s and the 
zeolite temperature 100 °C. 
It was assumed that the methanol vapour is the temperature of 
7.5 °C and under vacuum. Heat transfer coefficient from 
methanol to aluminium fins can be obtained using the same 
Dittus Boelter method described earlier. However, when 
calculating the Reynolds number, instead of diameter d, a 
typical length ltyp used as defined by: 

A 
llyp = c (8) 

The predictions of heat transfer coefficient are shown in figure 
10. 

11.2 
0.15 0.2 0.25 0.3 0.35 0.4 

Pipe length [m) 
0.45 0.5 0.55 
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The figure shows a variation of the heat transfer coefficient with 
the length and outer diameter of the pipe. The outer diameter 
has been estimated when the pipe wall is 3mm thick. Again, the 
results show a predicted shape and variation. 

All heat transfer coefficients for various parts of heat exchanger 
were calculated, using the data and equation above. The values 
are given in table 1. 

OIL- METHANOL METHANOL 
TUBE -FINS -ZEOLITE 

Heat transfer 
coefficient 355.31 9.11 9.02 
[W/m2K] 
Table l: Heat transfer coefficients 

The temperature distributions from inside the tube to the outer 
surface also calculated and given in table 2. 

TUBE FINS ZEOLITE 
Temperature 

119.6 117 115.3 [OC] 

Table 2: Temperature d1stnbutwn 

Then the temperature distribution in the part of plate coated 
with zeolite (figure 11) was modeled using Femlab. [10] 

(a) Zeolite plate view (b) Cut through plate 

---.. Aluminium 

__,... Zeolite 

__,... Oil 

Figure ll: Fin coated with zeolite scheme 

Temperature distribution was obtained for different values of 
heat transfer coefficient. (See figure 12 and 13) 
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Figure 12: Heat transfer from oil to aluminium fin (top layer) 
and zeolite coating (bottom layer), h=IOO W/m2K 

T ome=:Dl Surface: temperature (T) 

0.04 

0.005 

Figure 13: Heat transfer from oil to zeolite, h=50 W/m2K 

It can be seen that lower temperatures in zeolite will be 
connected with higher heat transfer coefficient. 

CONCLUSION 
This project, which has been looking at a novel adsorption 

pair, mainly zeolite and methanol, has shown very promising 
results. The simulations done using real data gave a first insight 
into the temperature distribution as well as heat transfer 
coefficients variation in the heat exchanger. 
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The values are attainable and can be achieved 
experimentally hopefully give a decent COP. Experimental 
work to confirm the good results obtained by the model will be 
done in the near future. 
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ABSTRACT 

When a new nuclear system such as the ADS (Accelerator 
Driven System) [1] is proposed, design basis accidents 
(DBAs) analyses are very important because they may 
influence the ongoing design. 

In the present paper, a demonstration facility of the above 
system, named XADS (Experimental Accelerator Driven 
System) [2], is analysed during total and partial loss of flow 
accidents (LOF As). A LOF A event with loss of offsite 
power is also presented. 

For these analyses, the plant behaviour is analysed by 
RELAP5/MOD3.2.2~ code, modified to take into account 
the fluids used in the plant as well as to allow proper 
simulation of its peculiar features [3]. 

INTRODUCTION 
The final disposal of radioactive wastes resulting from the 

industrial nuclear energy production represents a problem 
not yet fully solved in terms of environmental and social 
acceptability. 

In the last years, in some countries (Europe, US and 
Japan) different strategies have been studied for the incine­
ration or transmutation of long lived fission products in 
subcritical nuclear reactors, supported by an external source 
of spallation neutrons. Such neutrons are foreseen to be 
produced in suitable accelerator driven systems (ADS). 

Among the alternatives presented to the international 
attention, the Energy Amplifier (EA) plant [1) has been 
recently proposed. 

A preliminary design for a demonstration facility of such 
a plant, called XADS [2], has been the object of several 
basic R&D activities involving ENEA (the italian national 
research body energy), INFN (the italian national research 
institute for nuclear physics) and Ansaldo industry. 

Such a demonstration plant, is a low power system (about 
80 MWt) cooled by Pb-Bi eutectic liquid 

In the primary system, the coolant natural circulation is 
enhanced by injecting inert gas into the bulk of the coolant 
flowing through suitable vertical pipes (risers) located at the 
core outlet. The density difference between the two-phase 
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mixture in the risers and the liquid flowing down through 
the heat exchangers located in the downcomer, promotes the 
coolant circulation. 

In the framework of the research activities of CIRTEN 
(Consorzio Interuniversitario per Ia Ricerca Tecnologica e 
Nucleare) and in a collaboration with Ansaldo Nucleare our 
research group is carrying out an extensive research actlvity 
on XADS plant safety analyses, which includes different 
thermal hydraulic transients following several hypothesized 
initiating accidental events. These analyses are performed 
by using RELAP5/MOD3.2.2~ code, suitably modified to 
take into account the Pb-Bi eutectic and the diathermic oil 
employed in the above mentioned plant, as well as, to allow 
proper simulation of its peculiar features [3]. 

The present paper presents and discusses the results 
obtained in the analyses of loss of flow accidents (LOF As), 
due to partial or total gas injection failure. In the last case, 
the transient will be analysed with or without offsite power 
availability. 

XADS PLANT DESCRIPTION AND RELAPSIMOD3.2.2~ 
NODAUZATlON 

The XADS primary system configuration is presented in 
Fig. 1. The core, placed in the lower part of the vessel, is 
shaped like an annulus coaxial with a vacuum pipe carrying 
the protons coming from the accelerator (proton beam). 

The protons interact with Pb-Bi eutectic that, at core level, 
acts also as target for spallation reactions. The spallation 
neutrons allow the subcritical core to sustain the neutron 
chain reaction. The power generated in the core, together 
with the one deposited in the target (about 3 MWt), is 
removed by the eutectic circulating through the whole 
primary system. 

The above described scheme, with the core in the lower 
part of the vessel and the intermediate heat exchangers 
(IHXs) in the upper part of the downcomer, allows in 
principle the coolant natural circulation without pumping 
systems, limited only by the available height of the vessel. 
In the XADS plant, in order to reduce the vessel height the 
coolant natural circulation is enhanced by injecting inert gas 
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(argon) into suitable vertical pipes (risers), 22 of which, 
placed at the core outlet, are fed by a single gas compressor 
(two more risers, collecting the eutectic coming from the 
above core volume, are supplied by a separate gas feeding). 
The increased density difference between the two phase 
coolant flowing through the risers and the single phase one 
through the downcomer, allows primary coolant flowrates 
greater than that achievable by single phase natural 
circulation alone. Moreover, the coolant flowrates can be 
controlled by the amount of injected gas. 

1. Core 
2. Reactor vessel 

Rotating plugs 
Target unit 

5. Transfer machine 
6. IHX 
7. Handling channel 
8. Gas compressor 
9. Cover gas cooler 
10. RVACS 
11. Risers 

Figure 1: XADS primary system 

In normal conditions the coolant in the primary system 
works between 573 K (inlet core) and 673 K (outlet core) 
temperatures. If, following an accident, the coolant core 
outlet temperature reaches 693 K (core outlet high 
temperature set point), the proton beam trip occurs reducing 
the generated power to decay value, with a delay of2.5 s. 

In case of complete loss of the secondary system (loss of 
heat sink) the decay heat is removed by a passive Reactor 
Vessel Air Cooling System (RVACS). 

The secondary system consists of two closed loop circuits, 
filled by subcooled diathermic oil (working in forced 
circulation between 551 K and 591 K), each one removing 
power from primary coolant in two IHXs, and releasing it to 
the environment by a series of three air coolers (ACs), 
equipped by regulating fans and louvers. 

In case of pumps failure, pumps by-pass lines allow the 
oil natural circulation through lower friction losses paths. 

In Fig. 2 the primary system nodalization of the plant, used 
for the RELAP5/MOD3.2.2f3 analyses, is reported. 

A quite detailed nodalization was used, where all the 
components were schematised by cylindrical volumes 
(single volumes as well as pipes), connected to each other 
by junctions; heat releasing or absorbing structures; control 
system components. The secondary system nodalization 
includes the above mentioned components and also pumps 
and valves (Fig. 3). To be conservative, for all analyses no 
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credit is given to reactivity feedback which could mitigate 
both the plant heat up and cool down. 

Figure 2: XADS primary system nodalization 

LOSS OF FLOW ACCIDENTS DESCRIPTION AND 
RELAP5/MOD3.2.2f3 SIMULATION 

In this section some postulated accidental events that 
result in reactor coolant flow rate decrease or loss (partial or 
total LOF As) are analysed. These events, classified as 
design basis accidents (DBAs) category 2 [4], can originate 
from total or partial loss of gas injection due to injection 
system malfunctions or gas compressor trip. In particular, 
the following accidental events will be discussed: 
- Gas injection malfunction leading to halve the total gas 

injection mass flow rate with respect to the nominal value; 
- Gas compressor trip, both with or without offsite power 

availability. 
In the last case the loss of offsite power is assumed to take 

place after the proton beam trip, to conservatively worsen 
the accidental sequence. In fact, under these circumstances, 
the heat removal from the primary system by the oil 
secondary coolant, as well as, from the secondary system 
by the ambient air in the ACs relies only on natural 
circulation. 

Besides, the external environmental temperature is 
assumed at the maximum design safety value of 315 K in 
order to conservatively reduce the plant heat sink capability. 

In all the simulations a steady state calculation of 100 s 
with plant at nominal conditions is performed before the 
accident begins. At t = 100 s argon flow rate reduction or 
loss within 2 s takes place. 
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Figure 3: XADS secondary system nodalization 

Gas mass flow rate reduction to 50% of nominal value 
For the accidental transient analysed in this section, the 

hypothesized initial event originates from a gas injection 
system malfunction leading the argon injection in the 22 
risers to be halved with respect to the nominal value. Two different 
alternatives have been tested according to whether all the 22 risers 
are fed by a single air compressor or they are subdivided in two 
groups, each one supplied by a separnte gas feeding. This in order 
to investigate which between these two design solutions minimizes 
the impact of the accident Consequently the two following 
nodalizations have been employed: 
- in the first one, all the risers are schematised by a single vertical 
pipe component, interested by the total gas mass flowrnte. When 
the accident occurs, the gas flowrnte is halved. 
- in the second, all the risers are schematised by means of two 
different pipes, each one supplied by SOO/o gas mass flowrnte 
Dgection. When the accident occurs, in one of them the gas 
Dgection is lost 

First nodalization 
Following the accident, the primary coolant flowrate 

through the core is reduced by about 10% (Fig. 4), reaching 
the value of about 4780 kg/s (from the initial 5350 kg/s). 
Early in the transient, the core inlet and outlet temperatures 
exhibit a slight increase. As the first one keeps below the 
maximum core outlet temperature set point (Fig. 5), the 
proton beam trip doesn't occur and new steady conditions 
are achieved (Fig. 6). In such a figure the little difference 
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between the generated and removed power has to be 
attributed to the RVACS heat removal. 

5500 
- IGas mass flow rate halvlng,1-' nodallzatlonl 

I--core outlet I 

4500 

0 1000 2000 time [s] 3000 

Figure 4: Primary coolant mass flowrate at core outlet 
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Figure 5: Primaiy coolant temperatme at core inlet and outlet 
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Figure 6: Generated and removed power 

Second nodalization 
In this case, after the accident initiation, the primaiy coolant 

mass flowrate through the core quickly undergoes a reduction 
(by about 40%), higher than the previous one, reaching the 
value of about 3210 kg/s (Fig. 1). This is due to the 
recirculation effects involving the two riser pipes (Fig. 8). In 
filet, the mass flowrate through the affected risers rapidly 
decreases and, after about 10 s, it reverses. Subsequently, it 
keeps negative values, exhibiting an oscillating course: damped 
at first, persisting with negligible amplitude during the 
remrurung~mthemm&ent 

As a consequence of the less core mass flowrate, its outlet 
temperature suddenly increases (see Fig. 9) and, when the core 
outlet high temperature set point is reached, the proton beam 
shutdown occurs (with a delay of 2.5 s). This causes the core 
outlet temperatures to drop as the generated power turns to 
decay one. During the subsequent ~ of the mm&ent, the 
primaly and secondaty coolant temperatures gradually go 
down, the rem.oved power being quite higher than the produced 
one (Fig. 10). 
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IGas mass flowrate halving, I 
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Figure 7: Primary coolant mass flowrate at core outlet 
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ll'igure 8. Flowrate recirculation between affected and 
unaffected riser 
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Figure 9 : Primaiy coolant temperature at core inlet and outlet 
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Figure 10 : Generated and removed power 

Gas compressor trip 
The initiating event consists in a total argon injection 

failure, with the plant at nominal power and flows 
conditions. 

As already said, the two cases of availability and loss of 
offsite power are considered. Obviously, in both cases until 
the proton beam trip occurs the transients exhibit exactly 
the same behaviour. Indeed, the initiating event leads to a 
sudden core coolant mass flow rate reduction of about 85% 
(Figs. 11 and 18) due to the transition to natural circulation 
as well as to the recirculation established between the 
downcomer and the IHXs components (Figs. 12 and 21). As 
a consequence, the eutectic coolant heats up and, when the 
core outlet temperature reaches the high temperature set 
point, the proton beam trip occurs. 

After the proton beam trip, the generated power turns to 
the decay one and the transient proceeds according to the 
two different scenarios described in the following. 

Offsite power availability 
As one can see from Fig. 12, the recirculation flow 

involving downcomer and IHXs components persists during 
the whole transient About half of the flow rate coming from 
the IHXs is directed to the core, while the remaining one is 
reversed through the downcomer. 

In Fig. 13 both the total generated thermal power (core 
and target) and that removed by the ACs are reported. 

As one sees, after the proton beam trip takes place, the 
heat sink heat removal capability is greater than the decay 
power, thus causing the primary and secondaty coolants to 
cool down (Figs.14 and 15). 

The fuel and clad temperatures in the hot pin, after a very 
slight increase (maximum reached values 1169 K and 787 
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K, respectively) decrease, first quickly due to the generated 
power reduction, subsequently lie down on low values (Fig. 
16) according to the primary coolant temperature behaviour. 
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Figure 11 : Primaiy coolant mass flowrate at core outlet 
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Figure 12 : Recirculation mass flowrate 
between two lliXs and downcomer 

I Gas compressor trip with I ...... offsite power available .. \ 
. 1--generated power . . 

I · · · · · ACs removed power ·-. .. ....... _ 
........... ________ 

··-·---------

0 1000 2000 time (s) 3000 
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Figure 14: Primaiy coolant temperature at core inlet and outlet 
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Figure 15: Oil coolant temperature at IHX inlet and outlet 
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Figure 16: Hot rod fuel and the cladding temperatures 

Loss of offsite power 
As above said, in this scenario, after the reactor shutdown, 

the loss of offsite power is supposed to suddenly occur. 
Subsequently the following events take place in succession: 
the pump in each secondary loop trips, the secondary loops 
by-pass lines open, the fans in all ACs stop. Moreover, two 
out of three louvers in each loop close. 

As it can be deduced from Fig. 17, the heat sink efficiency 
becomes very poor (Fig. 13), as both the secondary coolant 
oil and ambient air circulations switch to natural mode. This 
causes a primary coolant natural circulation reduction, with 
respect to the case with off-site power availability (Fig. 18). 
Also the primary coolant temperature experiences a milder 
cool down (Fig. 19). A different time history is predicted for the 
secondary coolant temperature. The decreased heat removal 
capability of the ACs causes the inlet oil temperature to increase 
during the first 1000s of the transient. After that time a secondaty 
side oil cool down starts (Fig 20). 

Finally, we note that the recirculation between the IHXs and 
downcomer considerably attenuates (Fig. 21). 

CONCLUSIONS 
In this paper with reference to the XADS system, a 

demonstration facility of a Pb-Bi eutectic cooled ADS, some 
postulated accidental events that result in reactor coolant 
flow rate decrease or loss (partial or total LOF As) have been 
analysed. These events, classified as design basis accidents 
(DBAs) category 2, can originate from total or partial loss of 
gas injection due to injection system malfunction or gas 
compressor trip. 

In particular, the following accidental events have been 
discussed: gas injection malfunction leading to the halving 
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of the gas mass flow rate and gas compressor trip. 
For the first case, two different nodalizations of the risers 

have been employed showing that the first noding, which 
simulates the present design solution, 
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Figure 17 : Generated and removed power 
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Figure 18: Primary coolant mass flowrate at core outlet 
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Figure 19 : Prirnaiy coolant temperature at core inlet and outlet 
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Figure 20: Oil coolant temperature at JHX inlet and outlet 

840 

4000 

lGas compressor trip wit~~ 
l offsite power unavailable 

2000 
:i 
~ L_ 

-: 
• • .. !-"-

.... _ ------.!! 0 
I!! 
~ 
0 

""' -2000 

-4000 

---; r--·····--··· 
I I • • • • • downcomer r-
I I --IHX 

I 
0 1000 2000 time [s] 3000 

Figure 21: Recirculation mass flowrate 
between two IHXs and downcomer 

minimises the impact of the accident on the plant response. 
For the second case the analysis has been performed 
assuming both availability and loss of offsite power, after 
the proton beam trip. The analyses of the transients show 
that the secondaiy coolant system, also when the heat sink 
capability is strongly reduced, is able to remove the decay 
thermal power. Indeed, in all cases the fuel maximum and 
cladding hot rod temperatures reach values well below the 
limits established for Category 2 events. 

For the case of gas compressor trip with loss of offsite 
power, high values of IHXs outlet secondaiy coolant 
temperature (exceeding 610 K) are predicted for about 1800 s, 
which in any case does not represent a violation of the 
maximum allowable time at temperature criterion for the 
category to which the accident belongs (Fig. 20, [4]). 
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ABSTRACT 
This paper proposes an empirical formula that 

could calculate the heat transfer coefficient between the 
fluidized bed and the immersed surface inside it. To verify 
the empirical equation, a series of experiments were 
conducted in a cylindrical reactor of 142mm ID and a height 
of 1m, at ambient conditions. The bed was heated by means 
of a cylindrical heater made of copper with a diameter of 
28.5mm and a length of60mm and a constant power of7W. 
Experiments were performed at a gas velocity ranging from 
0.03 - 1.6m/s, and for five different solid particles sizes. The 
predicted results were compared with the experimental data, 
as well as with models and experimental data of other 
investigations. 

INTRODUCTION 
Since their first large-scale application in the 

chemical processing in the early 1920s, gas-fluidized beds 
have been developed into one of the main types of 
commercial reactors used to carry-out gas-solid reaction. 
These reactors offer a number of potential advantages 
compared to packed beds. These included the isothermal 
conditions in the reaction zone, low-pressure drop when 
small particles are used, ease of solids transportation and the 
possibility of operation at increased gas velocities and even 
countercurrent operation (Holger, 1984; Perkle et al, 1988). 

As a consequence to the complete combustion 
reactions in these reactors, emissions of hann gases to the 
environmental are expected to be at their lowest level. In 
addition, the thermal efficiency of these reactors is usually 
high compared with typical columnar reactors (Al-Busoul, 
1999; Gunn et al, 1996; Ouyang et al, 1996). For these 
reasons gas-solid fluidized bed reactors is extensively used 
in different sectors of industry including combustion and 
gasification of coal and oil shale, drying and cooling of 
granules, cooling of granules surfaces and granulation in 
fertilizer technology. 

One of the most important parameters in the design 
of gas-solid fluidized bed reactors when used, as a 
combuster is its heat transfer characteristics. A limited 
number of publications concerning modeling of the heat 
transfer processes was published in 1984.inside the fluidized 
bed are found in the literatures. These limited studies 

include the boundary layer model, the double layer model 
and the packets model (Davidson et al, 1986). Subsequently, 
the more comprehensive model of Martin. 

In the previous models the researchers have used 
different analytical methods to illustrate the mechanism of 
heat transfer inside the bed. These analytical methods have 
lead to different empirical equations such as that ofBotterils 
(1975), Kunii and Levenspiel (1991). It is evident for these 
models that many differences are found between them 
because they were based on different assumptions. In 
addition, those models contain many parameters of limited 
practical use. 

The behavior of heat transfer between the bed and 
the immersed surface is usually considered as a tedious task, 
because it depends on iifferent parameters, such as the fluid 
and the solid particles properties, the heater and reactor 
shape and dimensions in addition to the operation 
conditions. For these reasons, this mechanism could be 
understood more easily if it is analyzed based on 
experimental work. 

There is a limited number of studies used the 
experimental approach to explain the mechanism of heat 
transfer process in gas-solid systems (Al-Busoul, 2000; 
Howard, 1989; Kharchenko et al, 1964 ). The results of these 
studies were simple and could not be extended to different 
conditions, but they reflect the individual experimental fact 
very well. 

In this study, the experimental approach is followed 
to explain the heat transfer mechanism. It is expected that 
the resulted experimental equations would cover a wider 
range of operational conditions, because many different 
parameters are included in this study. 

NOMENCLATURE 

A area ofheat transfer, (m2) 

Ar Archimedes number ( dp 3 Pg g (pp - pg)/ flg2
) 

D bed diameter, (m) 
dp particle diameter, (m) 
Ho static bed height, (m) 
H fluidized bed height, (m) 
h heat transfer coefficient, (W/m2 k) 
kg thermal conductivity of gas, (W/m k) 
Nu Nusselt number, (h dpl kg) 
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heat transfer rate, (W) 
Reynolds number (U p8 <V~ 
bed temperature, (k) 
temperature of heat transfer surface, (k) 
gas velocity, (m/s) 
minimum fluidizing velocity, (m/s) 
concentration of particles in fluidized bed 
concentration of particles in static bed 
density of gas, (kg/m3

) 

density ,of solid particles, (kg/m3
) 

apparent density of solid particles, (kglm3
) 

viscosity of gas, (kg/m s) 

EXPERIMENTAL APPARATUS AND PROCEDURE 

A schematic diagram of the experimental 
Apparatus is shown in Fig. 1. 
The unit includes the main column of 142 mm I.D., and lm 
height. The column was made of an acrylic to assist visual 
observations of the flow pattern. The distributor plate was of 
straight hole orifice type, located at the bottom of the main 
column, to ensure a uniform distribution of the fluidized gas. 
The air needed for fluidization was supplied by a blower, 
regulated by a valve, and measured by a digital flowmeter. 
A manometer was used to measure the pressure drop a cross 
the fluidized bed. 

Fig. 1. A Schematic diagram of the experimental unit: 1-
Reactor, 2- Distributor, 3- Blower, 4- Valve, 5- Digital flow 
meter, 6- Manometer, 7- Cylindrical copper heater, 8-
·Teflon, 9- Electrical resistance, 10- Thermocouple. 

To determine the convective heat transfer 
coefficient, an electrical heater was used. It was made of a 
28.5 mm diameter cylindrical copper heater with a length 60 
mm. The cylinder house imbedded the electrical resistance, 
and the ends of the cylinder were covered with Teflon 
support to reduce axial heat losses which is estimated to be 
less than 1%. The heater was mounted horizontally with its 
center axis 120 mm above the distributor. The power input 
to the heater was controlled by a variac, and measured with 

a multimeter. A thermocouple placed on the surface of the 
heater was used to measure the surface temperature (T J, and 
another thermocouple installed at 50 mm from the 
distributor plate, at the same axial plane of the previous 
thermocouple, was used to measure the bed temperature 
(Tb). 

Experiments were performed at a constant input 
power to the heater (Q = 7 W), at atmospheric pressure, and 
at low temperature to exclude the effect of radiation heat 
transfer. The air velocity was varied from 0.03 - 1.6 m/s, 
and five different solid particle sizes were used, as shown in 
Table 1. 

T bl 1 Pr a e . operttes o fs rd P · 1 01 artie es 

Substance 
dp Pp Pu Umr l-E0 

fll1l kg/m3 kg/m3 rnfs 

Oil Shale A 102 1500 975 0.033 0.65 
Oil Shale B 195 1500 930 0.090 0.62 
Oil Shale C 856 1500 .840 0.1652 0.56 

SandD 400 2600 1516 0.129 0.583 
SandE 743 2600 1482 0.162 0.570 

The concentration of solids in the fluidized bed ( 1-
E), was calculated using the following equation [4]: 

~ (1-E) = flo ( l-E0 ) ( 1) 

Where, l-Eo= Put Pp (2) 

The minimum fluidizing velocity for a given bed of 
the solid particles was determined using Kunii equation and 
measuring the axial pressure drop as a function of the 
fluidizing velocity. The minimum fluidizing velocity was 
established by the intersection of the linear plots describing 
the constant and decreasing pressure drop with decreasing 
fluidizing velocity. 

The convective heat transfer (h) was determined 
using the following equation: 

h 
Q 

(3) 
A(J: -7;,) 

RESULTS AND DISCUSSION 

Fig. 2 shows the experimental values of the heat 
transfer coefficient (~) as a function of gas velocity (U), 
for five different of solid particles. It is evident in Fig. 2, that 
a sharp rise in ~ was occured as U increased, until a 
maximum value was reached at a velocity 2 to 5 times the 
minimum fluidizing velocity (Umt). The maximum value 
was attained at smaller values of VI Umr for larger particles. 
This behavior occured because as U increases, the particle 
movement increases, and this behavior enhances the mixing 
between the particles. And hence, causes ~ to increase. 
The maximum hexp obtained in any one of the whole series 
of such experimental runs exhibit a non-monotonic variation 
with particle size ( dp). In addition, it could be seen in Fig. 2 
that, for higher gas velocities a fall in hexp occurred which 
persisted with further increase in U. This is because, as U 
increases to a value greater than five times Umr, the fluidized 
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bed expanded to a very large extent, and the solid particles 
swept faster past the test section, resulting in reduced hexp· 
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Fig. 2 Heat transfer coefficient as a function of gas velocity 
for various diameter of solid particles. 

Based on the experimental results shown in Fig. 2 
and applying both ofthe least square technique, and Gauss­
Jordan Elimination method the following correlation was 
obtained: 

Nu = 2.51 Re0.72 Ar-0.82 (1-E)0.50 (4) 

A comparison between the results predicted from the equ. 
(4) for dp = 400 Jlm particle sizes, and the experimental 
results (Al-Busoul, 2000; Wnmder, 1979) are shown in 
Fig. 3. 
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Fig. 3 Comparison of predicted model with experimental 
data. 

Fig. 3 demonstrates a very reasonable agreement 
between the predicted and the experimental data. This 
agreement extended over a wide range of fluidizing 
conditions. 

The effect of particle size on heat transfer 
coefficient estimated from the proposed empirical equ. ( 4 ), 
was compared with different models found in the literature, 
evaluated under the same operating conditions, are shown in 
Fig. 4. 
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Fig. 4 Comparison of predicted model with experimental 
data and models of other investigators at a gas velocity of 
0.7m/s. 

It is clear in Fig. 4, that the heat transfer coefficient 
(h) for all runs decreases as the particle size increase. This is 
because, as the particle size increases, the spontaneous 
surface area of the solid particles in contact with the heater 
decreases, resulting in a decrease in heat transfer coefficient. 
It is clear from Fig. 4, that the proposed equ. (4) shows a 
closer behavior to Al-Busoul and Kharchenko models and a 
reasonable agreement between the proposed equ. and 
another models can be seen. 

Comparison of the values of heat transfer 
coefficient, predicted by equ. (4), with the experimental 
values of present work is shown in Fig. 5. 

<) clpo866" m 
0 dp-40CIJ' m 
6 ~O&m 
0 

hexp.llhca 

100 200 300 40 
h cal Mfm"2 Kl 

Fig. 5 Comparison of heat transfer coefficient predicted by 
the model with the experimental results of the present work. 

The values computed from the equ. (4) corresponds 
to the operating conditions prevailing in each case. A very 
satisfactory agreement is clear, since the values are seen to 
cluster around the line of perfect agreement, and the 
deviation did not exceed beyond ± 16%. This indicates that, 
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the proposed equ. is capable of predicting, a satisfactory 
values of heat transfer coefficient obtained in the present 
experiments, at all operating conditions. 

CONCLUSIONS 
1) Based on this experimental study and calculations from 

different correlations the The proposed empirical equation 
successfully predicts the heat transfer following 
conclusions might be drawn: 
coefficient obtained experimentally under all operating 
conditions studied. 

2) The results indicate that the heat transfer coefficient is 
directly proportional to the gas velocity up to a value of 
two to five times the minimum fluidization velocity. (two 
for large particles and five for small particles). For higher 
gas velocities a fall in heat transfer coefficient occurred 
which persisted with further increase in gas velocity. 

3) The heat transfer coefficient is inversely proportional 
to the solid particle diameter in the range 102 - 856 J.Ull. 
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ABSTRACT 
The effect of a transverse magnetic field on the 

wall-to-bed heat transfer coefficient in a gas-solid fluidized 
bed was investigated. The effect of the magnetic field 
intensity and gas superficial velocities on the wall to bed 
heat transfer coefficient was studied using several sizes of 
magnetic particles. A correlation between Reynolds 
'lumber, magnetic field intensity, and Nuselt number was 
obtained. The results obtained indicates that magnetically 
stabilized beds show a better heat transfer characteristics 
than packed beds. On the other hand, magnetically 
stabilized have lower thennal efficiency that that of 
fluidized beds. 

INTRODUCTION 
The earliest contribution on the effect of magnetic 

field on fluidized beds was reported by Filippov [ 1] who 
described some hydrodynamic behavior of a liquid 
fluidized bed utilizing a magnetic field. After that the 
hydrodynamics of magnetically stabilized fluidized beds 
(MSFBs) as well as some of their applications, have been 
extensively studied. These communications have recently 
been reviewed by Liu et al., [2]. 

It is evident from the published studies that 
magnetic stabilization of fluidized beds of magnetically 
susceptible particles, could be considered as one of the 
technologies developed to modify the behavior of fluidized 
beds [3]. It has been shown both experimentally and by 
modeling that magnetic stabilization of fluidized bed results 
in an improved fluid-solid contactor that combines the most 
desirable characteristics of both fluidized and packed beds. 
The primary advantage of magnetically stabilized beds 
(MSFBs) is the combination of low-pressure drops of 
fluidized beds with the bubble-free operation at high gas 
flow rates of packed bed [3-8]. 

However, the suppression of the solid phase 
mixing movements is considered as one of the major 
consequences of the application of magnetic field on a 
fluidized beds. This consequence becomes very significant 
if this approach is applied to fluidized beds where 
exothermic reactions are taking place. In the case of 
exothermic reactions, temperature control throughout the 
bed may represent a primary requirement. In magntically 
stabilized beds, whers heat transfer rate is relatively low 
compared with fluidized beds. this control could not be 

attained [9, I 0]. The suppression of the solid phase mixing 
movements could be considered as drawback of magnetic 
stabilization process. Nevertheless, only a few studies have 
paid attention to thermal behavior of these systems [11-12]. 
Lucchesi et a!. [II] found in tests of bed-to-wall heat 
transfer, that the MSFBs performance agreed well with 
literature values for packed beds of the same superficial 
velocity. Neff and Rubinsky [12] studied the effect of 
magnetic stabilization on wall-to-bed heat transfer 
coefficient and found that each flow regime of the 
magnetized bed is characterized by a different heat transfer 
rate. 

Amaldos et a!., [13] studied the influence of 
different operating variables on the heat transfer coefficient 
and on the radial and axial temperature profiles inside the 
magnetized bed. They proposed a model to calculate the 
effective thermal conductivity of the bed from experimental 
data. Arnaldos et a!. [ 13] studied the effect of magnetic 
field stabilization on the temperature distribution for beds 
with an immersed heating surface under different operating 
conditions, and proposed a model to calculate the effective 
thermal conductivity of the bed from experimental data. 
Recently, Qian and Saxena [ 14] reported that the heat 
transfer rates in all flow regimes of the magnetized bed are 
similar. 

In previous studies [ 15, 16] the effect of a 
transverse magnetic field on the effect of a transverse 
magnetic field on the hydro-thermal behavior of fluidized 
beds with an immersed uniformed surface has been studied. 
The effect of the magnetic field intensity combined \vith the 
effect of gas velocity and particle properties on the thermal 
behavior of gas fluidized beds was investigated. As an 
extension, intent of this study is to characterize the effect of 
a transverse magnetic field and some hydrodynamic 
parameters on the wall-to-bed heat transfer coefficient in a 
gas-solid fluidized bed. 

EXPERIMENTAL 

EXPERIMENTAL SETUP AND MATERIALS: 
A schematic diagram of the experimental setup is 

shown in Figure 1. 
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Figure I: Schematic of the experimental setup: 
I. Gas entrance, 2. Polyethylene particles, 3. Flanges, 
4. Supporting grid, 5. Heater, 6. Magnetic particles, 
7. Magnetic system, 8. Column, 9. Manometer, 
10. Orifice, II. Gas suction, 12. Details of the maunetic 
sheets, 13- Details of the heater. "' 

The column is constructed from Plexiglas to 
facilitate visual observations. The column height is 0.9m 
with 0.07m I. D. At the base of the column. a stainless steel 
non-magnetic grid of 0.33-mm whole diameter is used to 
support the solid phase. Below the supporting grid, the gas 
enters from a calming section filled with polyethylene 
particles of 1.5-mm dia. This section serves to distribute 
the gas phase uniformly in the bed. The gas phase is 
withdrawn from the top of the column using a suction fan. 
In this way, the gas enters the bed unifor~Iv and at the 
ambient temperature. -

The magnetic system is made of a cast steel core 
and 1500 copper coils made of a copper wire of 0.9mm 
diameter. Glass wool was used as an insulator between the 
layers of coils. The core consists of 180 painted cast steel 
sheets with 0.9mm thickness. The cast steel sheets were 
formed as shown in Figure ( 1-12) in order to house the 
riser. The net height and~ weight of the magnetic system are 
0.2m and 40kg, respectively. The DC current can be varied 
:rom 0 to 5 ampere and the corresponding magnetic field 
Intensity changes from zero to 200 m T. Magnetic particles 
are prepared in the same manner as described earlier [ 17]. 
Some of their characteristics are shown in Table I. The 
magnetic particles consist of a ferromagnetic core of 
magnetite (Fe30 4) covered by a stable lay~er of activated 
carbon or zeolite by using epoxy resin as an adhesive. 
These particles are normally fluidized in the absence of the 
magnetic field. 
. The heating system (Figure 1- 13) consists of a 

Circular plate with a surface area of 6.6 x \0-~ m2
, mounted 

vertically on the internal wall of the column at 0.06m above 

the supporting grid and connected by a DC power supply. 
A copper constantan thermocouple with a diaital readout 
w:as joined with the heating probe to give the::>temperature 
difference between the heater and the inlet gas directly. 

PROCEDURE 
The effect of radiation heat transfer in this study is 

neglected. Temperature is measured with a copper 
constantan thermocouple that gives the difference between 
the heater and the inlet gas temperature. Gas flow rate was 
measured using an orifice meter (Armfield, England) 
located on the line between the suction fan and the top of 
the column. The magnetic field intensity is measured using 
Hall probe (Leybolo-Heraeus, Germany). 

Heat transfer coefficient is calculated from the 
following equation: 

q = h X A X ~T (I) 
Where q = V 2 I R 

A= 6.605 x \0-4 m2 

~ T =thermocouple readout. 
In this study, experiments were conducted in in two modes 
of operation: 

I. "Magnetizing first" mode of operation, which means that 
the m~gnetic field is set at the desired value and applied to 
a stat1c bed. After that the gas velocity is started. In this 
mode. of operation and before starting to carry out each 
expenment the bed is fluidized in the absence of the 
magnetic field for 3 minutes, and followed bv slow 
decrease of the gas flow down to the formation of th~ initial 
packed bed. 

2. "Magnetizing last " which means that the the bed is 
fluidized then the magnetic field intensity was varied. 

RESULTS AND DISCUSSION 
To understand the wall-to-bed heat transfer 

characteristics in magnetically stabilized beds it is 
necessary to combine the thermal behavior with the 
hydrodynamic behavior governed these systems as a result 
of the presense of a magnetic field. Both the magnetic field 
intensity and gas superficial velocity have majo~ effects in 
this behavior. 

. In magnetically stabilized beds, it is usually 
not1ced that as the superficial gas velocity increases, while 
maintaining a constant magnetic field intensity, the bed 
structures shows three distinguished flow regimes: The 
initial packed bed, the stable expanded bed, and the 
fluidized bed. The fluidized bed regime starts with the 
bubbling phase passing through a slugging phase and ends 
with a homogeneous fluidization of strings of particles. 
This order of flow regime agrees with that of Penchev and 
Hristov [18]. 

It could be noticed that in magnetically stabilized 
beds, the stabilized bed regime represents an additional 
regime to the packed bed and the fluidized bed regimes that 
are usually found in conventional fluidized b~ds. This 
stabilized regime is bounded between two transitional 
velocities. Beyond the first transitional velocity, which 
demarcates the stabilized bed regime from the packed bed 
regime, and called the expansion velosity Ue, the pressure 
drop starts to attain a constant value as the gas velocity 

846 
Digitised by the University of Pretoria, Library Services, 2015



increases and while the bed expands with restricted and 
fixed particles. At the second transitional velocity, the 
stabilized bed breaks down and unrestricted movement of 
the bed particles starts. As a result, the definition of Umr in 
magnetically stabilized beds represents a matter of 
argument between the researchers who are concerned in 
this technology. The properties of the bed regimes under 
the effect of a magnetic field are described earlier (16). 

Bed expansion behavior or bed void fraction, E, is 
considered as an important parameter affecting the heat 
transfer rate in fluidized beds. Beyond the the bed 
expansion velocity Ue, and as the gas velocity Ug increases, 
both the bed porosity and the gas turbulence inside the it 
usually increases. As a result the convection heat transfer 
coefficient h is expected to increase. 

In a previous study [ 16] it was found that an initial 
small expansion occurs in the packed bed directly after the 
application of the magnetic field and before starting the gas 
flow. This initial expansion increases from 0 to 8% of the 
initial porosity as the magnetic field intensity increases 
from 0 to 40m T. This expansion is attributed to the fact 
that as the bed height is shorter than that of the magnetic 
system, the field lines tend to stretch up the magnetic 
particles to cover the whole height of the magnetic system. 
In the stabilized regime i.e. Ue<Ug< Umr, E rapidly increases 
as the Reynolds number increases. For example, at B equal 
20mT, E increases from 0.435 to 0.51 as Re increases from 
0 to 48. Bed porosity at the onset of fluidization increases 
from 0.42 to 0.71 as the magnetic field intensity increases 
from 0 to 40 mT. In the fluidized regime, the bed porosity 
increases as Re increases in the same manner as in 
conventional fluidized beds. 

Variations of Nusseltnumber with magnetic field 
intensity 

Figure 2 shows the effect of Reynolds number on 
Nuselt number for various magnetic field intensities in a 
bed of ACM3 pa11icles. It is evident that Nuselt number 
increases as Reynolds number increases but in different 
rates depending on the magnetic field intensity . For 
example at 0 magnetic field intensity, Nu directly increases 
from 2 to II as Re increases from 15 to 40. The behavior of 
the bed changes with Re similar to what happened in 
conventional fluidized bed. The turbulance of the gas phase 
and that of the solid phase increases continuously with 
increasing Re and this increases the heat transfer coefficient 
and hense Nu. As Re increases beyound 40 the bed should 
contain large gas bubbles and this reduses the rate of heat 
transfer and Nu starts to decraese. At a magnetic field of 20 
m T where the bed is magnetized no increase in Nu is 
noticed until Re reaches a value of 23 because very little 
bed expansion occurs in this regime. As Re increases 
beyond 23, Nu increases in a similar rate of the 
unmagnetized bed but with a lower value. This behavior is 
reffered to the increase in the convective heat transfer rate 
in the porous stabilized bed. This behavior is attributed to 
the lower degree of turbulance in the solid phaes as a result 
of string formation. The solid particles tend to agglomerate 
in radial chains under the effect of the magnetic field . The 
movement of the se strings is limitted compared with the 
unmagnetized particles. As the magnetic field intensity 

changes to 40 m T, bed expansion is delayed until Re 
exceeds 45. In this case the onset of fluidization is 
postponded due to the high 'magnitizability of the bed. At 
Re Oof 45 fluidization of large string occur and sudden 
increase of the Nu is noticed. On the othe hand. at a 
magnetic field intensity of 50 m T the bed is said to be 
frozen. No fluidization takes place regardless of the value 
of the gas velocity. The bed behaves as a packed bed. In 
this case the slow increase in Nu is attributed to the 
turbulance in the gas phase only. 
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Figure 2: The effect of Reynolds number on Nuselt 
number at various magnetic field intensities. 

Figure 3 shows the variation of Nuselt number with the 
magnetic field intensity at five different Reynolds numbers 
of 22.5, 27.5, 32.1, 44 and 52 .9 in a bed of ACM3 particles. 
For a particular Reynolds number. Nuselt number decreases 
drastically at the onset of stabilization and continues to 
decrease until the value of B reaches that of the minimum 
stabilization intensity, Bn. At that point Nu reaches its 
minimum value. It can be seen that the minimum value of 
Nu decreases from 5.2 to 3.1 as Re decreases from 52.9 to 
22.5. This behavior could be attributed to the fact that the 
porosity and hence the gas holdup in the frozen bed 
increases as the gas velocity increases. 
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Figure 3: Variation of Nuselt number with magnetic 
field intensity at various Reynolds numbers. 

In the fluidized bed regime (particulate to strings 
fluidized bed), and as the magnetic field intensity increases, 
the heat transfer coefficient and hence Nu number slightly 
decreases owing to the particles agglomeration and the 
reduction of the intensity of particles mixing. This decrease 
continues at the same rate while passing in the stabilized 
regime. However, the range of the magnetic field intensity 
that correspond to the constant rate decrease depends on the 
value of Re. Higher values of Re cause a wider range of B. 
In the stabilized regime two processes of opposite effect on 
heat transfer rate take place: suppression in the solids 
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movement and reduction in the bubbles size. The effect of 
solids movement suppression on lowering the heat transfer 
coefficient is greater than the effect of reduction of the 
bubble size. As a consequence, a net decrease in the heat 
transfer rate is noticed. 

At the onset of the frozen bed regime where the 
whole bed behaves as a porous stationary mass, the heat 
transfer coefficient considerably drops to a certain level 
depending on the gas velocity. Then it keeps constant as the 
magnetic field intensity increases. 

When comparing these results with those of Neff 
and Rubin sky [ 12], who applied an axial magnetic field to a 
fluidized bed, one finds that h in the present study has 
higher values. This difference is attributed to the bed 
porosity, which, in this study increases as the magnetic field 
intensity increases, while in the former case the opposite 
behavior takes place. In addition, the rate of change in the 
heat transfer coefficient while passing from the fluidized to 
the frozen bed regimes is lower than that in reference No. 
[ 12], because in the present case the difference in the gas 
holdup between the different regimes is relatively low. 

Based on the experimental data. The following 
empirical equation, which represents the relation between 
the Nuselt number and Reynolds number was obtained: 

Nu = 1.04 Re05 (B/Bs )"01 (I) 
The range of parameters in this equation covers Re 

from 22.5 to 52.9 and B from 5 to 58 m T. 

Effect of Gas Super.fecial Velocity 

The effect of gas superfecial velocity on the heat transfer 
cpefficient for different particle size is shown in Figs 4, 5, 
and 6. The applied magnetic fields were 5, 20, and 40 m T 
in the experiments of of Fig. 4, Fig. 5 and Fig. 6 
respectively. It is evident in these figures that the values of 
hare always higher than those for the smaller particles. The 
smaller particles have larger surface area for heat transfer. 
For example at a magnetic field intensity of 5 m T the 
maximum value of h for a 0.52mm particles was 495 
W/m2K whereas that of 1.1 mm particles was 290 W/m2K. 
These maxima change at a magnetic field intensity of 40 m 
T to 350 and 130 W/m2K, respectively. These differences 
could attributed to the fact that at a certain value of 
magnetic field intensity and certain gas velocity, particles 
of different sizes are found in different flow regimes. For 
example at a magnetic field intensity of 40mT and a gas 
velocity of 1.2 m/s, the particles of 0.52mm diameter are 
completely fluidized and those of 1.1 mm diiameter are still 
packed. 
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Figure 4: Effect of particles diameter on the heat 
transfer coefficient at a mgnetic field intensity of 5 mT. 
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Figure 5: Effect of particles diameter on the heat 
transfer coefficient at a mgnetic field intensity of 
20mT. 
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CONCLUSION 
The hydrodynamic and thermal behavior of a gas­

solid fluidized magnetic stabilized bed under the effect of a 
transverse magnetic field is investigated. Heat transfer 
coefficients for a flat vertical heater of a circular cross 
sectional area and the resulted heat transfer coefficients in 
the bed were measured in two different modes of operation, 
magnetizing first and magnetizing last modes. 

At constant magnetic field intensity, as the Re 
number increases Nu number increases for all particle sizes. 
In addition the bed passes from a packed through a 
stabilized and finally to a fluidized state. On the other hand, 
at constant gas superficial velocity, as the magnetic field 
intensity, increases, Nu number decreases and the bed 
height slightly increases. In addition the bed passes from a 
fluidized to a stabilized and finally to a frozen bed regime. 

NOMENCLATURE 
A surface area of the heater [ m2

] 

B magnetic field intensity [mT] 
Bfi minimum stabilization intensity [m T] 
Bmsi magnetic intensity above which a frozen bed exists 

[mT] 
dP Particle diameter [m] 
H0 bed height [m] 
H00 initial bed height [m] 
M5 saturation magnetic intensity [mT] 
Ue minimum expansion velocity [m/s] 
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ABSTRACT 
The purpose of this study was to determine the occurrence 

and the scale of wall channelling in the core of the proposed 
pebble-bed nuclear reactor. This was done using a finite 
element approach to solve the one-dimensional momentum 
equation for the radial distribution of the axial velocity. The 
results first of all showed that, to obtain useful data, the use of 
an adequate grid was essential. It was secondly found that due 
to the non-uniform velocity distribution the coefficients of 
pebble-bed Ergun equation had to be adjusted to obtain the 
correct mass flow of rate for the specified axial pressure 
gradient. Lastly it was concluded that wall channeling does 
occur in the core and that it can not be neglected. The effect, 
therefore, that it might have on associated phenomena, such as 
heat transfer, must be investigated. 

INTRODUCTION 
The core of the pebble-bed reactor consists of a central 

cylindrical collection of spherical graphite balls surrounded by 
an annular collection of spherical fuel balls. The graphite and 
fuel balls will be added regularly at the top of the reactor and 
removed at the bottom of the reactor. The flow rate of the balls 
will translate into an average ball velocity of approximately 4.5 
[mmlh]. The pebble-bed reactor can therefore, as a first 
approximation, be considered as a fixed or a packed bed 
reactor. 

The design of a packed bed is based upon mechanisms of 
heat and mass transfer, and the flow and pressure drop of the 
fluid through the bed of solids. The mechanisms in turn are all 
sensitive to the porosity of the packed bed. Therefore, 
knowledge of the porosity distribution within a packed bed is 
important to any rigorous analysis of the transport phenomena 
in the bed [1). In a packed bed reactor the porosity varies 
sharply near the wall, since the geometry of the packing is 
interrupted there. For flow through a porous medium the 
permeability increases with the porosity. As a result the velocity 
profile inside a packed bed is severely distorted near the wall, 
~eaching a maximum in the near-wall region. This phenomenon 
Is known as flow or wall channelling. Wall channelling has a 
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significant impact on heat and mass transfer in packed beds 
used in chemical reactors [2]. 

It is therefore important that in the design and analysis of 
the pebble-bed reactor, the occurrence of wall channeling 
should be investigated and that the scale of the effect it has on 
all the associated phenomena in the reactor should also be 
determined. The variation in the porosity of the core near the 
wall of the reactor has been recognized. In part 3 of the 
document on the core design of gas-cooled high temperature 
reactors [3], the authors discuss the pressure loss due to friction 
in the pebble bed. They state that in a thin layer near the wall 
the porosity of the pebble bed is much larger than it is in the 
core zone of the bed. Due to the strong coupling between the 
porosity and the pressure loss or gradient, the flow velocity in 
the wall layer is higher than the velocity in the core zone. From 
the results of experiments carried out by a number of 
researchers to determine the reactor diameter to particle 
diameter ratios versus Reynolds numbers for which it could be 
said with certainty that no wall influence could be detected 
anymore, the authors of the document [3] assumed that the 
influence of the wall channelling could be neglected. The effect 
that it has on the flow and temperature distribution was 
therefore not taken into account by Verfondem [ 4]. 

As part of an investigation into the movement of the 
spheres through a pebble bed, Bedenig [5] also determined the 
porosity of the bed. By slowly filling a model of a pebble bed 
with water he could determine the variation of the porosity of 
the bed as a function of the height from the bottom of the 
reactor. The results show that the porosity near the bottom is 
large and rapidly diminishes away from the bed until it attains 
an average or bulk value approximately five sphere diameters 
away from the bottom. This is confirmed by the investigation of 
Goodling et al. [ 1] who studied the radial distribution of the 
porosity in cylindrical beds packed with spheres. They observed 
that the radial porosity distribution exhibited an exponential 
variation combined with a damped oscillation. A mathematical 
expression for the oscillatory variation was fitted by Cohen and 
Metzner [ 6). 
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Vortmeyer and Schuster [7] evaluated the steady-state flow 
profiles in rectangular and circular packed beds. They solved 
the Brinkman equation by an equivalent variational method. 
They extended the validity of the Brinkman equation to higher 
flow rates by incorporating a slightly modified form of the 
Ergun pressure loss relation [8]. They also approximated the 
radial variation of the porosity with a smooth exponential 
expression. The quite large deviations between the calculated 
and the measured velocity profiles were attributed to the 
problems to obtain reliable experimental data. However, the 
observed trends were similar. They also did some calculations 
with an oscillatory porosity variation in accordance with the 
results obtained by Goodling et a/. [ 1]. They assumed the Ergun 
relation for pressure loss to be locally valid according to the 
drastic variation in porosity. The validity of this assumption is, 
however, debatable if the origin of the Ergun relation is 
considered. White and Tien [2] performed a similar analysis 
using Green's functions to solve the equation for the radial 
variation of the axial momentum equation. 

Kuipers [9] solved the transient continuity and momentum 
equations for packed beds in two-dimensional Cartesian and 
axi-symmetric coordinates by discretizing the equations using 
finite differences and employing an approximate factorisation 
implicit algorithm. The porosity distribution was modelled 
using the smooth exponential expression derived by Vortmeyer 
and Schuster [7], whilst the flow resistance was modelled using 
the Ergun pressure loss relation [8]. 

The purpose of this paper is to investigate the occurrence 
and the scale of wall channelling in the core of the proposed 
pebble-bed nuclear reactor using a finite element approach to 
solve the one-dimensional momentum equation for the radial 
distribution of the axial velocity. The flow will be assumed to 
be isothermal and fully developed. 

NOMENCLATURE 
A1, ~ coefficients in equation for friction coefficient 

C constant in equation for porosity distribution 
Dll diameter of reactor (m) 

E number of elements 
e element counter 

n 
p 

element force vector 
coefficient of element force vector 

diameter of sphere (m) 

gravitational acceleration in axial direction (rn!s2
) 

local counters 

global counter 

element coefficient matrix 
coefficient of element coefficient matrix 

number of global nodal points 
local number of nodal points 
pressure (Pa) 
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Q~, Q; element flux vectors 

q~;, q;; coefficients of element flux vectors 

r radial coordinate (m) 
V

0 
superficial velocity (rnls) 

W, nodal value of global axial velocity (rnls) 

w axial velocity component (rnls) 

w; nodal value oflocal axial velocity (rnls) 

wN approximate solution for velocity (rnls) 

z axial coordinate (m) 

Greek Letters 
f3 friction coefficient 

c porosity 
c0 bulk porosity 

<1> global interpolation function 
'l'e local interpolation function 

p 1 density of fluid (kg/m3
) 

JL 1 dynamic viscosity of fluid (N -s/m2
) 

v1 kinematic viscosity of fluid (m2/s) 

r w wall shear stress (N/m2
) 

NUMERICAL APPROACH 

Governing Equations 
Momentum Equation 

The steady-state equation for the conservation of 
momentum in the axial direction for one-dimensional axi­
symmetric fully developed flow in a packed bed is given as 

op 1 a [ aw] 0=---fJcp w+-- rcJL - +cp g 
8z f r8r far fz 

(1) 

Radial Porosity Distribution 
The radial distribution or profile of the bed porosity & is 

given as [7],[9] 

c = C0 [ 1 + C exp { 1- [DR - 2r ]/ d P) J (2) 

where C is a constant which has to be adjusted according 
to C0 [7] such that c = c0 at r = 0 and c = 1 at r =DR /2 · 

Friction Coefficient 
The Ergun friction coefficient f3 for the pebble-bed is 

given as [3] 
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The coefficients A. and A2 in Eq. (3) will be discussed 

later. The superficial velocity is defined as [9] 

(4) 

Boundary Conditions 
To obtain the radial velocity distribution, the momentum 
equation must be solved subject to the prescribed axial pressure 
gradient ap 1 az and the boundary conditions 

(S) 

at the wall of the reactor and 

T w ( r = 0) = - J.l f iJwj On = 0 (6) 

at the centerline of the reactor. 

Galerkin Finite Element Formulation 
Let wN now be the (finite element) approximation to the radial 

distribution of the axial velocity with 

(7) 

Substituting the approximate solution Eq. (7) along with 
the appropriate weighting function into the weak formulation of 
Eq. (1) and applying the Galerkin finite element method [10] 
then leads to the system of equations in matrix form 

with the coefficients of the element matrices and the 
element vectors given as 

k. r { a"'l a"'j a }d 
IJ = Jn. r&J.l!&&+rp&pf'lfi'I'J r 

f/ = fn.'l';{r(-Z)+repfg•}dr for i,j=l, .. ,n 

q1; = 'I'; ( 0 )[reF"w ]1
0 

q~l = 'I'; (ro)[reF"wJL. 

After discretizing the domain into a suitable collection of 
non-overlapping elements and selecting the appropriate 
interpolation functions, the integrals over each element can be 
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evaluated and the global equations can be assembled. After the 
application of the boundary conditions, the set of linear 
algebraic equations can be solved using any suitable direct or 
iterative linear equation solver to obtain the values of the 
velocities at the nodal points. Due to the presence of the 
velocity in the friction coefficient p (Eq. (3)) the differential 

equation is non-linear and therefore has to be solved iteratively. 

0.20 o.JO o.40 o.so o.eo 0.10 

Dimensionless radius (11R) 

Figure 1: Dimensionless mass flux rate as function 
dimensionless radius for benchmark cases. 

RESULTS 

1.00 

Four sets of results emanating from the study will be 
discussed. First of all the validity of the finite element code is 
tested by benchmarking it against the finite difference code of 
Kuipers [9]. Secondly the applicability of the equation for the 
pebble-bed friction coefficient is considered. Then in the third 
place the effect of the fmeness of the computational grid is 
discussed. Lastly the occurrence of wall channeling and its 
magnitude is dealt with. 

Benchmarking 
The validity of the one-dimensional axi-symmetric finite 

element code, FE Wall, to calculate the radial distribution of the 
flow through the core of the pebble bed reactor, was checked by 
comparing its results for selected test cases with those produced 
by the two-dimensional axi-symmetric code, FIXICE, by 
Kuipers [6]. FIXICE calculates the flow distribution in fixed 
bed reactors. 

As test cases the examples given by Vortmeyer et a/. [7] 
were selected, except for the fact that cylindrical instead of 
square reactors were considered. In the case of FEWall the 
domain was discretized into 512 uniform linear elements, whilst 
in the case of FIXICE the computational domain consisted of 
513 uniformly spaced nodal points. In the case of FEWall the 
pressure gradient is the driving force and must therefore be 
specified, whilst in the case of FIXICE the driving force is the 
inlet mass flow rate (inlet velocity) that must be specified. 
Figure 1 shows the comparison of the results produced by the 
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two codes for the dimensionless mass flux as a function of the 
dimensionless radius. From the good agreement between the 
results it can be concluded that the results produced by FEWall 
are valid. 

~.00,------.------.-----~------~----~ 

10000 15000 20000 

Pressure gradient '(·1) (Pa'm) 

!-+-P!us!--eon.tf'or~Vwt»For······d!!lpn-·-·-..1 

Figure 2: Mass flow rate as function of pressure gradient for 
constant porosity and variable porosity flows. 

Adjustment o(Equation for Friction Coefficient 
The correlation for the friction coefficient f3 (which 

accounts for the pressure gradient or drop due to the presence of 
the spheres) is based on experimental results in which the 
pressure drop was measured as a function of the mass flow rate 
(see e.g. [ 11]) or vice versa. It was furthermore assumed that the 
porosity and therefore also the flow velocity were uniform. In 
[3] it was recommended that the values of the coefficients in 
Eq. (3) be taken as 

(9) 

Figure 2 shows the mass flow rate as a function of the 
pressure gradient for the pebble-bed core based on the 
assumption of a uniform porosity using the coefficients in Eq. 
(9). For any calculation based on a variable porosity to be 
accurate, it should give the same mass flow rate for a given 
pressure drop or vice versa as the calculation based on the 
assumption of a uniform porosity. The mass flow rate as a 
function of the pressure gradient for the pebble-bed core based 
on the assumption of a variable porosity using the coefficients 
~ Eq. (9) is also shown on Figure 2. There is a significant 
discrepancy between the two curves. This is due to the presence 
of wall channelling resulting in an overshoot near the wall 
similar to those that can be seen in Figure 1. In order to obtain 
the sa~e mass flow rate for a given pressures gradient, the 
correlatiOn for the friction coefficient will have to be adjusted. 
As a first approximation the constants in the equation for the 
pebble-bed friction coefficient were both multiplied by the same 
factor. By trial and error suitable values for the coefficients 
were found to be: 

A1 = 244.3547 and A2 = 4.581651 (10) 
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The average difference between the adjusted friction 
coefficient and the one based on a constant porosity is O.l3o/i 
with the maximum being 1.34% for the smallest pressur: 
gradient. Although the effect of the presence of the wall on the 
friction coefficient has been recognised, see e.g. Cohen and 
Metzner [6] and Sodre and Parise [11], the analyses were still 
based on measurements of the overall pressure drop and the 
associated mass flow rate. A more fundamental understanding is 
needed of what happens inside the packed bed. The correlation 
for the friction coefficient, therefore, needs to be investigated in 
much greater detail using for instance the Lattice Boltzmann 
method [12]. 
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Figure 3: Dimensionless mass flux as function of dimensionless 
radius for various grids. 

Grid Dependence o(Solution 
A grid dependence study was also performed to determine 

the minimum number of elements required to obtain a grid 
independent solution. This was done for both linear and 
quadratic elements. The values given in Eq. (9) were used for 
the constants in the equation for the friction coefficient. The 
investigation was performed using grids consisting of 16, 32, 
64, 128, 256, 512 and· 1024 uniformly and non-uniformly 
distributed quadratic elements. The ratio between the lengths of 
successive elements was taken to be 0.99 with the smallest 
element against the wall. It was concluded that a grid 
independent solution could be obtained for 512 non-uniformly 
spaced quadratic elements. The investigation also highlighted a 
few other interesting facts. 

Figure 3 shows the dimensionless mass flux as a function of 
the dimensionless radius for grids consisting of 16, 32, 64 and 
512 non-uniformly distributed elements. It can be seen that up 
to 64 elements the mass flux exhibits an oscillatory behaviour 
near the wall. In the case of the uniformly distributed elements 
the oscillatory behaviour could, however slight, still be 
observed on the grid consisting of 256 elements. It can be seen 
that the magnitude of the overshoot is also considerably less for 
the coarser grids. Also shown in Figure 3 is the variation of the 
porosity multiplied by a factor of 10. The overshoot near the 
wall is clearly linked to the increase in the porosity. 

Digitised by the University of Pretoria, Library Services, 2015



Table 1 summarises the values of the mass flow rate, 
dimensionless mass flux at the centreline of the reactor and the 
maximum dimensionless mass flux near the wall for the various 
grids. The effect of the number and distribution of the elements 
can be seen. In all the cases the same pressure gradient was 
specified. The mass flow rate and the maximum mass flux 
increase asymptotically whilst the mass flux at the centreline 
decreases asymptotically as the number of elements is 
increased. The solution for the uniform grid of 1024 elements 
can not be considered as fully converged, whilst the non­
uniform grid of 256 elements can be considered as almost 
converged. 

16 32 64 128 256 512 1024 

UNIFORM 

m 132.86 139.78 146.05 151.17 155.02 157.49 158.38 

G; 0.956 0.909 0.870 0.840 0.819 0.806 0.802 

Gmax 1.680 2.923 5.092 8.310 12.691 17.197 17.379 

NON-UNIFROM 

m 134.41 142.89 151.24 157.83 158.47 158.47 158.47 

G; 0.945 0.889 0.840 0.805 0.801 0.801 0.801 

Gmax 1.884 3.835 8.373 17.827 18.539 18.541 18.541 

Table 1: Mass flow rate, dimensionless mass flux at centerline 
and maximum dimensionless mass flux for various grids 

consisting of uniform and non-uniform quadratic elements. 

A grid dependence study was also performed in the case 
the benchmark calculations. A set of calculations was also 
performed where the mass flow rate was kept constant and the 
corresponding pressure gradients were evaluated. The trends 
were the same as for the abovementioned cases with the 
pressure gradient decreasing asymptotically, as the number of 
elements was increases. From the investigation it could be 
concluded that the use of an adequate grid is absolutely 
essential. If the grid is not adequate, apart from the fact the 
details of the flow near the wall will not be correct, it may also 
lead to an incorrect mass flow rate and or pressure gradient. If 
circumstances do not permit the use of an adequate grid, but the 
overall effect of the packed bed is important, it would be better 
to specify a uniform porosity. 

Bypass Flow 
The distribution of the dimensionless mass flux as a function of 
the dimensionless radius for the design mass flow rate and 
associated pressure gradient for the pebble-bed core is shown in 
Figure 4. Only the last 10% of the radius is shown. Also shown 
on the figure, as a dashed line, is the average dimensionless 
mass flux. 
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Figure 4: Dimensionless mass flux as function of dimensionless 
radius for design mass flow rate. 

Over approximately the first 80% of the radius of the core 
the mass flux is only 80% of the average (or plug flow) value. 
The mass flux then gradually increases until it shoots up near 
the wall to reach a value of 19.5 times the average 
dimensionless mass flux. Integrating the mass flux distribution 
from the centerline of the core to determine the cumulative 
mass flux distribution revealed that: 51.5% of the mass flow 
passes through the last 20% of the radius; 35% through the last 
10% of the radius; 27.3% through the last 5% of the radius; and 
20% through the last 2% of the radius. The mass flux exceeds 
the average mass flux at 0.956 of the dimensionless radius. If 
the area under the curve from the point where the dimensionless 
mass flux exceeds 1.0 is calculated, the quantity obtained is 
defmed as the bypass flow according to Vortmeyer et al. [7). It 
is also known as wall channeling according to Kuipers [9]. In 
the current case the bypass flow was found to be 26.2%. It 
should be remembered that apart from the fact that the largest 
velocities occur near the wall, this also coincides with the larger 
radial positions and therefore the larger annular area. If the 
mass flux distribution had been uniform, only 8.61% of the 
mass flow would have passed through the last 4.4% of the 
radius. The percentage bypass flow as a function of the 
Reynolds number based on the sphere diameter and average 
superficial velocity is shown in Figure 5. As the Reynolds 
number decreases the percentage bypass flow slowly decreases 
as well until it increases sharply. This is in accordance with 
what had been found by Vortmeyer et al. [7]. It can therefore be 
concluded that in the case of the pebble-bed reactor wall 
channeling can not be neglected and that it needs to be 
investigated in more depth. 
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Figure 5: Percentage bypass flow as function of Reynolds 
number. 

CONCLUSION 
A one-dimensional axi-symmetric finite element model was 

developed to study the occurrence and scale of wall channeling 
in the core of the proposed pebble-bed nuclear reactor. The 
analysis was performed under the assumption that the flow 
could be considered as isothermal and fully developed. 

The study first of all revealed that the pebble-bed Ergun 
equation for the friction coefficient had to be adjusted to obtain 
the correct mass flow rate for the prescribed pressure gradient. 
This is due to the fact that the original correlation had been 
derived under the assumption of a uniform velocity distribution 
through the core. 

The study secondly showed that the use of an adequate grid 
is absolutely essential to obtain accurate results. The use of an 
inadequate grid may not only give incorrect detail of the flow 
near the wall, but may also lead to an incorrect estimate of the 
mass flow rate and or pressure gradient. 

Lastly it was concluded that in the case of the pebble-bed 
wall channeling could not be neglected and that it needs to be 
investigated in greater depth. The effect, therefore, that it might 
have on associated phenomena must also be determined. 

In order to ensure the validity of the analysis the following 
also needs to be addressed. The porosity distribution in the core 
must be characterized accurately due to the impact that it has on 
the flow distribution. Secondly the correlation for the friction 
coefficient needs to be investigated in much greater detail, using 
for instance the Lattice Boltzmann method, to determine a more 
consistent formulation for two- and three-dimensional models. 
Lastly, in order to validate the results, suitable experiments must 
be devised to measure the velocity distribution in a packed bed. 
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ABSTRACT 
In this paper the development of a system simulation 

model that can predict the dynamic behaviour of the Pebble 
Bed Modular Reactor (PBMR) will be described. The model 
predicts the transient mass, momentum and energy transfer in 
all components in a coupled manner. Very important is that the 
nuclear reactor and heat exchangers are not treated as lumped 
systems but as 2-D distributed systems. This allows one to 
take full account of the thermal inertia of the system. Another 
feature of the model is that it can deal with conduction heat 
transfer through solid structures. 

The paper will focus on the overall modelling approach 
and the simultaneous solution of the mass, momentum and 
energy equations. 

A few cases emanating from a benchmark study are 
presented in this paper. This includes the sudden closure of a 
valve in a pipeline, transient heat transfer through a reservoir 
wall and transient heat transfer in the recuperator. 

INTRODUCTION 
The Pebble Bed Modular Reactor (PBMR) is a new type 

of high temperature gas nuclear reactor currently bemg 
developed by the company PBMR (Pty.) Ltd. in South Africa. 
The heat released in the nuclear reactor is converted to work in 
a recuperative Brayton Cycle. 

When designing a plant such as the PBMR one must not 
only be able to predict the steady-state performance of the 
system as a whole (including all the heat transfer equipment) 
but also the dynamic behaviour of the system. This is 
necessary for the design of the operating procedures and 
control system. 

Systems simulations of complete systems such a power 
plants present unique challenges in dealing with issues such as 
speed, stability, accuracy, flexibility and the interfacing of 
different types of components such as turbines, compressors, 
valves and heat exchangers. 

With simulating complete systems the major objective is 
not to model the processes in each component in great detail 
but to accurately predict the performance of the system as a 
whole. However, with the modelling of sub-systems one must 
avoid over simplifications that may negatively impact the 
accuracy of the overall system simulation. 

In this paper the development of .a system simulation 
model, which can predict both the steady state and the 
dynamic behaviour of the PBMR, is discussed. The model 
predicts the transient mass, momentum and energy transfer in 
all components in a coupled manner. Very important is that the 
nuclear reactor and heat exchangers are not treated as lumped 
systems but as distributed systems. This allows one to take 
full account of the thermal inertia of the system. Another 
feature of the model is that it can deal with conduction heat 
transfer through solid structures. 

NOMENCLATURE 
d mass source 
E energy transfer to node or element i.e. heat transfer to 

element minus shaft work 
f f(p, Q) , frictional pressure drop as function of p and 

Q 
g gravitational acceleration 
h enthalpy 
m mass 
m mass flow rate 
p pressure 
Q volumetric flow rate 
r continuity error 
s value which indicates whether the positive flow 

direction of an element is directed toward a node or 
away from the node with s = 1 towards the node and 
s = -1 away from the node 

t time 
T temperature 
¥- volume 
X length 
z elevation 

Greek Letters 
a time integration weighing factor 
p density 

/). increment 

Subscripts 
amb ambient condition 

node 
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j branch 

Superscript 
o previous time level 

NETWORK APPROACH TO MODELLING OF 
THERMAL-FLUID SYSTEMS 

The approach that will be followed is a general network 
approach where components such as compressors and heat 
exchangers are represented by one-dimensional elements. 
Elements, denoted by circles, can be connected at their end 
points to form any arbitrary network as shown in Figure 1. The 
end points of elements are called nodes and are denoted by 
squares. 

Figure 1: Arbitrary network created by connecting elements at 
common nodes. 

An important feature of the model is that elements such as 
pipes, heat exchangers and the reactor, although depicted on 
the systems level as single elements or pairs of elements, can 
be discretized into sub-networks. Networks can therefore be 
embedded within networks thereby enabling the model to treat 
complex elements as distributed systems rather than lumped 
systems. 

Consider for instance the recuperator depicted on the 
systems level as two associated elements as shown in Figure 2. 

Figure 2: Recuperator depicted as a pair of associated 
elements on the systems level. 

Internally the recuperator is discretized as shown in 
Figure 3. 

Sohd w.Ul 
Ho"~•m~ 

Cold 
stream 

Figure 3: Discretization of the recuperator. 

In Figure 3 the smaller circles denote convective heat 
transfer links while the smaller squares denote temperatures 
nodes in the metal separating the hot and cold streams. 

The network approach allows for the discretization of 
more complex components such as shell and tube heat 
exchangers. Figure 4 shows the discretization of part of a shell 
and tube heat exchanger. As in the previous figure larger 
circles and squares denote flow elements and nodes 
respectively while smaller circles and squares denote 
convective heat transfer links and metal temperatures 
respectively. 

Figure 4: Discretization of a shell-and-tube heat exchanger. 

Figure 5 shows the discretization scheme for the pebble 
bed reactor. Again the larger circles and squares denote flow 
paths while the smaller open circles denote convective heat 
transfer links to the surface of the fuel pebbles (denoted by the 
smaller open squares). The solid circles and squares denote 
conductive heat paths inside the pebbles while the semi-solid 
circles denote radiation and convective heat transfer in the 
packed pebble bed. 

Figure 5: Discretization of the pebble bed reactor. 

The model can also handle 2-D conductive heat transfer 
structures connected to flow elements. The discretization of 
these elements is beyond the scope of this paper. 

NUMERICAL APPROACH 
The numerical method, which can be described as an 

implicit pressure correction method (IPCM), has been 
described elsewhere by the author with reference to single pipe 
lines [ 1]. Following is a brief explanation of the method with 
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reference to unstructured meshes as encountered in generalised 
networks. 

Governing Equations 
The equations governing the solution of mass flows, 

pressures and temperatures are the continuity, momentum and 
energy equations. 

Consider a general node i with J branches as shown in 
Figure 6. 

r---~ 

I I 
I I 
I I -----. 

' ' 

I 
r---( 
I I 
I I 
1 ____ 1 

/ 

',.- ..... 
I \ 

' ' \ I 

'-""' ' ' ' 

/ 

,--..: 
I I 
I I 
'),_, 

/ 

/ 

Figure 6: General node with neighbouring nodes connected 
through branch elements. 

The continuity equation for node i can be expressed as. 

(1) 

where s1 is the 'sign' of element j with s1 = 1 if the positive 
flow direction of element j is from node j to node i and s1 = -1 
if the positive flow direction is from node i to node j 

The momentum equation for element j can be written in 
the following form: 

The energy conservation equation for node i is given by: 

(3) 

Solution algorithm 
When solving the set of equations ( 1) to (3) one can either 

use an explicit method, such as the two-step Lax-Wendroff 
method or the Method of Characteristics, or an implicit 
method. The advantages of explicit methods are that they are 
generally simpler to program and faster than implicit methods 
per time step. The stability of explicit methods is, however, 
governed by the ~x-~t relationship, which implies that ~t will 
be determined by the shortest length increment in the system. 

This usually results in very small time steps, which makes 
explicit methods very slow when calculating slow transients or 
steady-state flows where many time steps are required to cover 
the time period under interest. Since most transient simulations 
require the steady-state solution as the initial condition, the 
speed advantage of explicit methods per time step is cancelled 
by the fact that many time steps are required to calculate the 
steady-state condition. 

The main advantage of implicit methods is that they are 
formally unconditionally stable, which means that the 
restrictive ~-~t relationship that applies to explicit methods, 
does not apply to implicit methods. Although accuracy may be 
lost when using large time steps, most of the transients that 
need to be analysed in control studies can be classified as slow 
transients. For slow transients one can usually use time steps 
much larger than that predicted by the ~-~t relationship 
without loss of accuracy. It was therefore decided to follow an 
implicit approach. 

The method used to solve the flow and pressure fields can 
be classified as a simultaneous node pressure correction 
method. Following is a brief description of the method. 
Integration of(l) over a time step~t yields 

(4) 

where terms with the superscript o are evaluated at the 
previous time level and terms without a superscript are 
evaluated at the new time level. a is a weighing factor between 
the new and old time levels. When a= I the scheme becomes 
fully implicit and when a= 0 the scheme becomes explicit. 
When a= 0 .5 the scheme is equivalent to the Crank-Nicholson 
time integration scheme, which is second order accurate in 
time. 

The continuity error at node i can therefore be expressed 
as: 

Integration of (2) over a time step ~t yields: 

(6) 

where f = f(p, Q) such as the Darcy-Weisbach equation which 
expresses the frictional pressure drop in terms of density and 
volumetric flow rate. 
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Since the flow field is related to the pressure field through 
( 6) we can write that 

(7) 

for all nodes in the network. 
According to the Newton-Raphson method when there are 

n equations to be satisfied [r,{p/. ... ,pn) = 0, .. . ,rn(pJ, .. . ,pn) = 0] 
and n unknowns (p], .. .• pn) to be solved for, the set of 
improvements (Ax1, .• • ,Axn) is the solution of the set of 
simultaneous linear equations: 

i = 1,2 ... n (8) 

Substitution of (5) into (8) and assuming constant densities we 
get: 

(9) 

i=1,2 ... ,n 

Using (6) to evaluate the 8Q/8p terms in (9) we get 

(10) 

and 

(ll) 

The term 8p/8p in (9) can be evaluated with an equation 
of state Substitution of (10) and (11) into (9) leads to an 
equation, which can be solved for the pressure corrections. 
The pressure corrections are now applied to the pressures at 
the previous time level to give an updated pressure field at the 
new time level. Following the updating of pressures, the flow 
field is corrected using ( 6). The process is repeated until the 
flow and pressure field are sufficiently converged at the new 
time level. Next the temperature field is solved (as will be 
discussed later) after which the process of alternately solving 
the flow/pressure fields and temperature fields is repeated until 
convergence. This gives the solution of flows, pressures and 
temperatures at the new time level. The time is now progressed 
to the new level and the whole process repeated. Although the 
algorithm seems laborious, convergence is quite fast and 
robust. 

Equation (3) can be written in the following form: 

8(m1h1) -¥- 8p1 = B 
at ' at 1 (12) 

which when integrated over a time step gives 

(13) 

Written in the proper form Eq. (13) gives an equation, 
which can be solved for the enthalpy field. Using 
thermodynamic relationships the enthalpy values can be 
converted to temperatures. 

RESULTS 
A few examples emanating from a benchmark study will 

be presented in this section. 

Pressure waves in a pipe due to the sudden closure of a valve 
The first example is the simulation of pressure pulses due 

to the sudden closure of a valve at the downstream end of a 
20 m, 0.5 m diameter pipe. The fluid is helium. The simulation 
starts with the steady-state solution in which the inlet pressure 
is 700 kPa, the inlet temperature is 283 K and the outlet 
pressure is 680kPa. This gives an outlet Mach number of0.21 
prior to the closing of the valve. A constant friction factor of 
0.02 was used while the pipe was divided into 20 increments. 

Figure 7 shows the pressure variation at the downstream 
end of the pipe for the case of adiabatic flow. The results of 
the following cases are presented: the present method with a 
time integration factor a= 1 , the present method with a= 0 .6, 
and the two-step Lax-Wendroff method [2], which is a second 
order explicit method. A time step of 0.0009 was used, which 
is approximately 90 percent of that prescribed by the Courant 
condition [2]. 

The two-step Lax-Wendroff (LW) method and present 
method with a=0.6 compare very well. The present method 
with a= 1 exhibits a larger dampening of the pressure wave. 
This is due to the numerical approximation error of the time 
derivative term. This error cannot be reduced by refining the 
grid spacing, as a has no effect on the accuracy of the spatial 
derivative term. An obvious method to reduce the numerical 
approximation error is to decrease the time step. This will, 
however, slow down execution time. A better approach is 
therefore to decrease the value of a. 

With a=1 the present method is only first order accurate 
in time while it is second order accurate when a=0.5. The 
method, however, becomes unstable for a-values close to 0.5 
and it was found that a a-value of 0.6 offers a good 
compromise between accuracy and stability. 

The execution times of the two methods for a 2 second 
simulation period on a 386 PC were as follows: two-step Lax­
Wendroff method, 0.8 s; and the present method, 24 s. This 
implies that the present method is approximately 30 times 
slower than the two-step Lax-Wendroff method. It should, 
however, be kept in mind that the present example represents a 
f~t transient case where the time step had to be made 
approximately the same as that of the two-step Lax-Wendroff 
method to achieve the same level of accuracy. However, in the 
case of slow transients the time step of the implicit method can 
be made much larger than that of the two-step Lax-Wendroff 
without significant loss of accuracy, which makes the implicit 
method faster than the explicit method in the case of slow 
transients. 
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Figure 7: Variation of pressure at the end of a 20m long, 
0.5 m diameter pipe due to the sudden closure of a valve at the 

downstream end of the pipe for the case of adiabatic flow. 

Heat transfer through a reservoir wall due to varying ambient 
conditions 

In this example a cylindrical reservoir of 10 m3
, with 

water flowing through at a constant rate of 5kg/s at 323.15 K 
is considered. The reservoir wall consists of three layers with 
characteristics as shown in Table 1. The outside of the 
reservoir is exposed to air at 3 73.15 K. 

Starting at steady-state conditions the outside convection 
temperature is varied with a step function from 273.15 K to 
373.15 K for 100-second intervals. 

Figure 8 shows the temperatures variation with time for 
the outside, middle and inside of the reservoir respectively. 
The IPCM results are compared with an analytical solution 
(BM). As can be seen the results correlate well. 

Layer Thickness A. Outside 
[m] [W/m2k] 

pep 
[Kj/ m3K] Area [m2

] 

1 
2 
3 

340 

1\ 

320 

0.02 20.0 2000 10.1 
0.03 30 1500 10.25 
0.04 40 3000 10.45 

Table 1: Layer properties 
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Figure 8: Temperature transient in a reservoir wall due to 
varying ambient conditions. 

500 

Temperature transient in a recuperator 
In this example a recuperator with a total heat transfer 

area of 300 m2 and a thermal capacitance of 9 kJ/K is 
considered. The hydraulic diameter and cross flow area of 
both conduits are 0.5 m and 0.1963 m2 respectively. Both the 
hot and cold fluids are heliwn at an inlet pressure of 700 kPa 
and an outlet pressure of 670 kPa. Initially the total inlet 
temperature of both streams is the 300 ·c. Starting at steady­
state conditions the total inlet temperature of the hot stream is 
stepped to 500 ·cat time t=O s. 

Figure 9 shows the outlet temperatures with time of the 
hot and cold streams for a counter flow arrangement. The 
results of the IPCM are compared to that of the two-step Lax­
Wendroff(LW) method. 

The LW method shows a fluctuation in the hot outlet 
temperature shortly after the beginning of the transient. After 
about 0.03 s the curve becomes smooth with a very good 
agreement between the IPCM and the LW method. 

390 

0.05 0.1 0.15 0.2 0.25 0.3 0.35 0.4 0.45 

Tlme(s) 
I···· ... Lw. Hot outlet x PCM. Hot outlet -LW. Cold wlet 6 PCM, Cold outlet 1 

Figure 9: Recuperator exit temperatures due to a temperature 
step at the inlet of the hot stream for the case of counter flow. 

Figure 10 shows the outlet temperatures with time of the 
hot and cold streams for a parallel flow arrangement. Again the 
agreement between the IPCM and the LW method is very good 
apart from the temperature fluctuation of the LW method at the 
start of the transient. 
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Figure 10: Recuperator exit temperatures due to a temperature 
step at the inlet of the hot stream for the case of parallel flow. 
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Fig. 4 Economizer Sections 

If~ is supplied as airflow, N2 should be accounted for the 
reaction equation. 
nA·C tsfiJS( l) +no( air)+ De (air) 
= nA · 79/21 ·55/2 · N2(g)+ nA ·19H20(g) 

+nA·l8C02(g)+(na-100/21·55/2·nA+ncXair) (2) 

nAX79/21 X55/2 N2(g) 
rlAX55/2 02(g) 

nAXCt8H38(1) 

~ Vapor 
I . ~ :·~: ;as8· Fl~~ :S Out 

Combustor onomiz 

Accompany Air 
"s 1---:--1 

Warm Air f N, Counter Air nc 

Fig. 5 Material Balance Block Diagram 

3.l Heat Balance Equations 

Heat balance equation should be given to evaluate the system, 
according to the heat balance block, as shown in Fig. 6. If the 
heavy oil enthalpy, HA. the accompany air flow enthalpy, Ha , the 
counter air flow enthalpy, He , the flue gas enthalpy, Ho, the heat 
amount transferred to wann air, Qp , the heat recovery of the 
ecortomizerbeco · , Qq , are respectively defined, the energy balance 

me as follows. 

(3) 

This is total heat balance equation and used to discuss the 
results of experiment If substituting HFHA+Ha+Hc, Ho=Ho 
and Q=QP +Qqo we can get simpler fiuniliar equation such as; 

(4) 

Cool Air 

'N 

' p .,_ __ ..,. nae ou --­
In PkaeGIIout 

Combustor •• •• •• ............. 
Accompeny Air 

ns Hs 

Couatcr Air nc He 

Qp 'N, 
WIIDlAir 

Fig. 6 Heat Balanc:e Block Diagram 

Ho 

3.3 Definition of Performance for tbe Heating System 
The heat recovery Qp of the wann air heated by the heat 

transfer surf3ce of the periphery of combustor should be 
presented for supp!}' fuel oil consume, W A. or the theoretical 
heat formation, L.\H, to evaluate the heating system as follows. 
Performance Factor of Heating System 1'1 
11 =Qp IW A (5) 
Heat Efticiency a 

a~/L.\H W 
Taking account of heat recovery Qq from economizer. these 

should be modified; ' 
11 '=(Qp+Qq)/WA (7) 
a '=(Qp+Qq) /L.\H (8) 
Combustion Efficiency p 

As the combustion efficiency is taken account for total heat 
release MI. it should be expressed for including flue gas energy 
Qo. 
(}=(Qp+Qq+Qo) I L.\H (9) 

4. Resuhs and Discussion 

4.1 Properties and Flow Rate 
(1) Heavy Oil A 

We name this supplied heavy oil "A". The fonnula of fuel oil 
is asswned C1sH38 as stated previous section. The calculated heat 
formations are respectively presented as; 

Upper heat formation Ml c. H =-11697 (kJ/mole) 
Lower heat fonnation Ml c .L =-1 0861 (kJ/mole) 
Standard heat fonnation Ml t; c H (I) =-8162(kJ/mole) 

II 31 

Heavy Oil Supply nA 
This is calculated as; 

nA=8.7(1/h)=8.7·0.776=6.7512(kglh) 
=1.8753·10-3(kgls)=W A 
=7.369·10-3(mole/s) (10) 

Enthalpy of Heavy Oil HA 
This is given in general as follows. 

fA 

HA= nA(Mit;c H + f CpA dt) (11) 
II Jl 298 

From the estimation formula given by Pacbaiyappan [4], CpA is 

calculated as; 
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CpA =0.873·254.5.0.Jl3 (caJ/g·OC) 

=479.52 {J/mole-OC) 

Fntbalpy is calculated as; 
7 

HA=7369·10"3{{-1675.14)+ I 479.52·10"3 dt} 
25 

=7 369·1 o-3 
{ { -1675.14)+{ -8.631)} 

= -12.410 (kJ/s) 
(2) FlueGas 

(12) 

(13) 

The measured components are respectively~; 13.3o/o, C(h; 
5.6o/o, CO; 212ppm, NOx: 6wrn. Insoluble components are 
mainly guessed N2 (g) and HAg). However, Hydro-carbon 
might be contained 

Outflow of Flue Gas no 
This is calculated with substituting the data of measurement 

from the state equation. 
no=Po VdRT o 

=(101.3·1<Y·106.03·10-3)1(8.314·372) 
=3.473 (motels) (14) 

Here, flue pipe diameter, do= 1 Ocm=0.1 m, section area; a= 1t 
/4"().1 ~7 .854•1 o·3(m3

), temperature; T 0 =3721<, velocity, 
ur13.5mls, flowrate ofvolwne; V0= 1.J(a=106.03·10-3(m3/s), 
P0=1(atm)=101.3(kPa), R=8314(N·m/mole·K). 

The flow rates of compositions in flue gas are respectively 
calcu1ated as follows. 
~ : 3.473(mole/s) •13.3/100=0.461909(mole/s) 
C~: 3.473(mole/s)•5.6/100=0.194488{mole/s) 
C~: 3.473(molels) •212/106=0.00073628{mole/s) 
NOx: 3.473(mole/s) •6/106=0.00002084{molels) 

Enthalpy of Flue Gas Ho 
If we define x as molecular fraction, the enthalpy is presented 

as; 

Ho=no{(Xm·~-iAm·~+xcm·c;cm 
+xmo·<;mo~·~)-(to-25) ·1 o-3 

+(xcm· L\H t;002 +xHxxa> ·L\H ooo ~·L\H t;rts)} 
(IS) 

This calculation is impossible because residuals are uncertain. 
Heat 1Bken Away by Flue Gas Qo 

If atmosphere temperature 7"C is referred, this is given as; 

Qo=no,CPo(to-7) ·10-3 (16) 

(3) Warm Air N, 

Probe of hotwire anemometer was set to measure the 
velocity downstream of the duct inlet From the state equation 
PpV,=N.,RT"' 

Np=(101. 1()3·2.8665)1{8.314·(17+273)} 
=120.4(molels) (17) 

Here, duct diameter; d,=53{cm)=0.53(m), section area; 
ap=Jr/4·0.53~.2205(m\ velocity; Up=6.5(m/s), 
warm air temperature; 17"C, P p= 1{atm)= 10 13(kPa), 
R=8.314(Nmlmole·K). 
flow rate ofvo===2'().2205·6.5=2.8665(m3/s) 
(duct outlet is to both sides). 

Warm air Recovery Brat Q, 
This is given in general as follows. 

feu 
Q,= I Np·Cp .. dt (18) 

tm 
Here, cool air temperature tm='R:, 
warm air temperature ta.=17'C. 

Cp..=28.94+0.4147·10-~.3191·10-sr-1.965·10-9f (19) 

By substituting these values, 

Q,=120.4·28.99·(17-7) 
=34909(J/s)=34.909 (kJ/s) (20) 

(4) Accompany Air Flow 
Accompany Air nu 

This is calcu1ated from the state equation as; 
na=(101.3·1oJ·0.02574)1 {8.314·(7+273)} 

=1.120 (motels) (21) 
Here, P8=1 {atm)=101.3(kPa), R=8.314(Nmlmole·K), 
accompany air temperature at inlet; tc--7"C, 
flow velocity;Us= 22mls, inlet vent section area; 

as=(16/100Y~11.3/100•12.31100) 
=0.01170{m) 

flow rate ofvohnne; V8==22x0.0117=0.02574 (m3/s) 

If composition of air are asswned ~ and N2 and the other 
species are neglected, 

~: 1.120·211100=023522 {molels) 
N2: 1.12<>-791100=0.88487 (molels) 
Enthalpy of Accompany Air n8 

This is given in general as follows. 
ta 

Ha= I Ils ·Cp air dt 
25 

By substituting 11s = 1.120[ molels] and ts =7"C, 
7 

Ha=L12 I 29.006dt 
25 

=..584.76 (J/s) 
=-0.5848 (kJ/s) 

(S) Counter Air Flow 

(22) 

(23) 

If N2 fraction is the residual except the measured 
components,~, C~ CO and NOx for simplicity, it is 
calcu1ated to 81.0782%. 

As the total flue gas flow rate is 3.478 {mole/s), the each 
airflow rates are calculated as; 
N2(in llo)=0.811·3.473==2.817 (molels) 
N2(in Ds)=0.811·3.473=0.885 {molels) 
N2(in llc)=2.817~.8849=1.9317 {mole/s) 

If air composition is asswned to N2 and ~ {fraction is 
79'21) and the other species are neglected, the counter airflow 
rate is calculated as; 

nc== 1 o<>n9·1.9317 (mole/s) 
=2.447 (molels) (24) 
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'lible 1 Experimental Da1a 

Tune Place Items Symbols 
1'6:30 Greenhouse TeDlD. t 

16:30 Duct Dia. d 
16:30 Duct Temp. 

Inlet tm 
Outlet ta. 

16:30 Accompany Flow 
Air Rate Vs 
Inlet TeDlD. fB 

15:00 Counter Air Temp. tc 
Inlet 

17:00 Flue Gas PipeDia. do 
Exhaust Composi o.z 

tion CQz 
co 
NOx 

Flow rate Vo 
TeDlD. to 

16:45 Economizer Water 
16:50 Temp. 

Start t.,.., 
Final t,.a 
Wei2bt w 

16:30 Heavy Oil Temp. tA 
Tank 

16:50 Combustor Max. t_ 
TenlD. 

(Measured on 18~ in January, 2000) 

Counter Air Flow Enthalpy He 
This is given in general and calculated as; 

tc: 
Hc=ncJ Cp..dt 

25 

=0.5963[2S7 29.006dt 
=-3113 (J/s) 

Value 
7'C 
53an 

7'C 
17'C 

2.2m/s 
7'C 
7'C 

lOan 
13.3% 
5.6% 
212ppm 
6ppm 

13.5mls 
we 

4l"C 
42"C 
115.7k2 
7'C 

860"'C 

:..0.331 (k.J/s) (25) 
(6) Economizer 
Economizer Recovery Heat Qq 

Qq={W·CPw·(fwrTwt)+w· 'Yw}/(6r 9 t) (26) 

By substituting the experimental data, 

Qq={117.5·1·(42-41)+0.04095·573}/{(5045)•60} 
=176.25+23.46Y(S·60) 
=1966 (k.J/s) (27) 

4J System Evaluation 
Input Enthalpy~ 
H.-==HA+Hs+Hc 

=-12.41 (k.J/s}0.5848 (kJ/s}0.3113 (kJ/s) 
=-13.306 (kJ/s) (28) 

Output Entbalpy He 
As this must equal to flue gas enthalpy, H2 equals to Ho. 
~ of the experimental results should be discussed by 
below equation. 

where,~~ (29) 

However, it is hard to calculate in this measurement because 
the data are not sufficient for the accuracy and requirements. 

Performance filctor and heat efficiency are respectively 
calcu1ated from the equations (6), (7), (8) and (9) as follows. 

1f=Qv'W A=34.909(kJ/sY1.8753·10·3(mole/s) 
= 1861 S(k.Jikg) 
~SO{kcaJ/kg) (30) 

a=Q.rf Mlc.L =34.909(kJ/s)l(7.369·10·3·10861(k.J/mole)) 
=0.436 
~% (31) 

ll'=QIW A=36.875kJ/sYl.8753·1 0"3(mole/s) 

= 19664(kJ/kg) 
~700{kca1/kg) (32) 

a'=Q/ Mlc.L =36.875kJ/sY( 7.369·1o·3·10861(k.J/mole)) 
=0.461 
~% (33) 

4.3 Compa..am of Fuel Consume 

CIJmft Combultor Courm Flow Combultor 

0 d 
Senior to control 
T~ 

Blodted It CGcr 

JL 

d 
Sawor to control 
T~ 

0 
The experimental ~ is shown in Fig.7, where the control 

temperature is set to 14"C. 
Fig. 7 Experiment Setup for Fuel Consume Comparison 

'llble l Comparison of Fuel Consume 

smrt of Final of Fuel Fuel 
Measurements Measurements Consu Save 
(AMO:OO) (AM8:00) me 

Cwrent 210620.5 0) 210644.60) 24.1(1) 18.3% 
CornbtNor 
Counter 206725.5 0) 20674520) 19.7 0) 
Flow 
Combustor 

The comparison of the fuel conswne of the newly developed 
combustor with the cwrent fuel-air conical supply one for 
nmning 8 hours is shown in Table2. It was demonstrated 
experimentally that the developed combustor attained to save 
1 SOlo of fuel running cost 
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4.4 PndidioD Work 
This is executed about excess air 300.4 fur 2[J/s] of methane 

flow rate with package of Fluent ver.5. 5. Fuel nozzle diameter is 
50mm and counter airflow nozzle 1 OOnun as shown in Fig.8. The 
distance between fuel nome and counter air nozzle is set to 
800nun accooliog to the combustor real dimension. 

The periphery wall of combustor, which is heat transfer surface 
for warm air ~ly! is asswned to be constant of 293'C. Fuel 
inlet velocity is firstly defined to 1m/s fur simplicity. Turbulence 
and reaction models are respectively employed eddy-dissipation 
and k-s models. The accompany air inlet velocity is 0.38m/s from 
calcu1ation (1 004 of total air flow rate). Counter airflow inlet 
velncitv is -2.85m/s (minus denotes the opposite direction). 
-~ prediction results show that the ¥ temperature 

COOJbusting flow go through along the periphery tnne1' wall to the 
exhaust with the high axial velocity for the newly developed 
combustor, compared with the ClD1'mt one without the counter air 
flow as shown in Figs.9 and 10. Therefore, it seems that the heat 
transfer to the cool air is increased. In addition to that, it is also 
expected that the combustion efficiency becomes much betta' 
since the counter airflow enhances the mixing the fuel with the air. 
It appears that these filets mainly caused high performance of this 
newly developed heating system. 

Fuel 

::::r:;~ 

Fig.8 Combustor Dimension for Prediction 

e-n of lbllo T....-n Oc) 

Fig 9 Compariloa of 'temperature DBtribution of 
Current Combustor (Upper) with Counfer 
Air Flow Ooe (Below) 

Fig.lO Comparison of ADal VelocitY Distributioo of 
Current Combustor (Upper} with Counter 
Air Flow One (Below) 

5. Conelusion 
Newly developed high performance combustor was tested. 

Heat balance equation was formed and calculated specifically by 
substituting the experimental data. The performance factor and 
the heat efficiency were also calculated and the system was 
evaluated As evecy data required to calcu1ation was not 
measured, several estimates and asswnption were taken. 

The experimental measurement was time-dependent to some 
extent but it seems to be enough to compare the performance of 
this developed combustor with the current one. The 
measurements and the results investigated in this research give 
the design medlod of the counter air flow combustor for heating 
system of greenhouse, of which the performance is further higher 
than the current one (18% fuel oil save attained in Field worlc). 
It seems to be possible to adapt this combustion technology to 
anodlel' awlication and save fuel oil cooswne as well as this 
figure. 

Aeknowledaements 
We woukf like to aclcnowlege Mr. M. Niu and Mr. V. 

Paranisamy in Fluent Asia Pacific Co., Ltd for useful suggestions 
and Mr. K. Oikawa and H. Miura, students in Dept of Chemical 
Engineering in Icbinoseki National College of Technology, for 
helping with this project 

References 
[1) Madanahalli ,AV., Gol1ahalli S. R., 1993 

"Effeas ofNozzle Orientation on the Structure and Emission 
ofSpay Flames", J. ofEncrgy Resource Technology, ~lll5, 
w.t83-189. 

[2] Kim, Y.-H., Kim, H.-J., 1998, "Multidimensional Effects on 
Structure and Extinction Process of Counter flow Non 
pranixed Hydrogen-Air Flames, Combustion Science 
Technology, ~Ll37, No.137, w.Sl-80. 

[3] 01iba, Y., Oikawa, K., Miura, H., 2000, ''Evaluation of 
Countercurrent Flow Combustion by Air, Resean:h Report of 
lcbinoseki National College ofTeclmology, No.35, pp. 79-85. 

[4) Himmelblau, D. M., 1982, B1Bic Principles and Calculations 
in~ Engineering. Premico-HaU, Inc., Englewood 
C1iftS, New Jeney, p.333. 

1003 

Digitised by the University of Pretoria, Library Services, 2015



BEFAT2002 
1st International Conference on Heat Transfer, Fluid Mechanks, and Thermodynamics 

8-10 Apri12002, Kruger Park, South Africa 
ZBl 

ACTIVE CONTROL OF COMBUSTION INSTABILITIES USING FUEL INJECTION RATE 
MODULATION. 

E. Lubarsky, Y. Neumeier, and B.T. Zinn 
Schools of Aerospace and Mechanical Engineering 

Georgia Institute of Technology 
Atlanta, GA 30332-0150 

ABSTRACT 
This paper describes the development and 

performance of an active control system (ACS) that 
was developed at Georgia Tech to damp detrimental 
combustion instabilities in different combustors. The 
ACS consists of a pressure transducer, an observer, a 
controller and a fuel injector actuator {FIA). The 
pressure transducer continuously measures the 
combustor pressure. The measured pressure is 
analyzed by the observer that determines the 
amplitudes, frequencies and phases of the most 
unstable combustor modes in real time. These data 
are used by the controller to determine the control 
signal for the FIA whose task is to modulate the 
injection rate of all or a fraction of the injected fuel 
with the proper gain and phase. The goal of the fuel 
injection rate modulations is to produce combustion 
process heat release oscillations within the combustor 
that damp the unstable oscillations. The FIA is forced 
by a magnetostrictive actuator that changes its length 
in response to changes in a magnetic field. generated 
by a current flowing through a coil wound around the 
actuator. The controller determines the time 
dependence of the actuator's current. The paper 
presents results obtained in two different combustors 
under two different modes of the control. The first 
study actively damped instabilities in a gas rocket 
using a controller that employed measured open loop 
combustor response data. It was able to significantly 
damped large amplitude instabilities within 30-40 
milliseconds! The second study investigated the 
manner in which an adaptive ACS damped 
instabilities in a liquid fueled combustor. The 
adaptive controller required about 1-2 seconds to 
damp the instability. It apparently damped the 

Instability by modulating the fuel injection rate with 
a phase delay that modified the spatial dependence of 
the phase between the reaction rate and pressure 
oscillations along the combustion zone in a manner 
that reduced the overall driving of the instability by 
the combustion process. 

INTRODUCTION 
This paper describes the performance of an 

active control system (ACS) that has been developed 
under AFOSR and DOE support at Georgia Tech to 
control detrimental combustion instabilities in 
propulsion systems, e.g., rocket motors1

, and power 
generating, low NOx, gas turbines2

• These 
instabilities occur when energy supplied by the 
combustion process excites large amplitude 
oscillations of one or more natural acoustic modes of 
the combustor. The developed ACS is based upon 
Rayleigh's criterion, which states that an oscillatory 
heat addition process locally drives or damps 
pressure oscillations when the magnitude of the phase 
difference between the heat addition and pressure 
oscillations is smaller or larger than 90 degrees, 
respectivelf. This criterion indicates that an active 
control system that excites combustion process heat 
addition oscillations within an unstable combustor 
that are 180 degrees out of phase with respect to the 
unstable pressure oscillations would damp the 
instability. The successful development of such an 
ACS is briefly described in this paper. The reader is 
referred to Refs. 4 and 5 for descriptions of additional 
studies of active control of combustion instabilities at 
other institutions. 

• This research was supported by AFOSR (Dr. M. Birkan, contract monitor), AGTSR (Dr. Richard Wenglarz, 
contract monitor) and Siemens/Westinghouse (Drs. Gulati and Hoffman, contract monitors). 
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THE DEVELOPED ACS 
Figure 1 describes the developed ACS. It 

consists of a pressure transducer that measures the 
combustor pressure and sends it to an observer that 
determines the frequencies, amplitudes and phases of 
one or more unstable combustor modes in practically 
real time. The observer's output is sent to the 
controller where the needed control signal is 
generated using data measured in open loop control 
tests6 or adaptivell. The generated control signal is 
sent to a fuel injector actuator (FIA) that modulates 
the injection rate of all or a fraction of the injected 
fuel at the frequency of the most unstable mode and a 
phase that generates combustion process heat release 
oscillations within the combustor that are 180 degrees 

Fuel Oxidizer 

L r-..1 Actuator I ~ 

I I 

Controller --

coefficients an(t) and bn(t). The resulting integrals are 
then solved for the unknown coefficients an(t) and 
bn(t). The calculated values of an(t) and b0(t) and 
assumed ron(t) are then substituted into another 
relationship (not given here) that determines an 
improved value of the unknown frequency ron(t). The 
latter is then substituted back into the integrals for the 
coefficients a0 (t) and bn(t) and the calculation 
procedure is repeated until the calculated values of 
an(t) and bn(t) and ro0(t) converge to final values, 
which are then used to determine the unstable mode's 
amplitude, frequency and phase. This procedure 
determines the characteristics of the mode with the 
largest amplitude first. Once this mode has been 

Combustor 

I 
Sensor r---

Figure 1. A schematic of an activelycontrolledcombustor. 

out of phase with respect to the unstable pressure 
oscillations. 

One of the important accomplishments of this 
program was the development of an observer6·9•10 that 
analyzes the measured pressure to determine the 
characteristics of a predetermined number of unstable 
combustor modes in practically real time, which 
could not be done with FFT. The observer analysis 
assumes that the measured pressure P m(t) can be 
expressed in the following Fourier-like series: 

N 
Pm (I)= L[an (t)sin(wn (t}t) +bn {t)cos(wn (t)t)] 

n=l ( 1) 
whose as yet unknown coefficients, i.e., an(t) and 
b0 (t), and frequencies ron(t), are expressed as 
functions of time because their values change as they 
are determined in an iterative process. This iterative 
solution procedure starts by assuming a value for the 
unknown frequency ro0(t) and substituting it into the 
integrands and limits (which depend upon the as yet 
unknown period of the oscillations) of "classical" 
Fourier series integrals that determine the unknown 
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identified, it is subtracted from the measured signal 
Pm(t), see Eq. 1, and the above described analysis is 
applied to the resulting signal to determine the 
amplitude, phase and frequency of the largest 
amplitude mode in the "remaining" signal. This 
procedure can be repeated for a desired number of 
modes, e.g., five modes6

•
9

•
10

. 

Another significant contribution of this program 
was the development of a unique fuel injector 
actuator. It uses a magneto-strictive actuator (i.e., 
Terfrnol D) that changes its length in response to 
changes in the intensity of an imposed magnetic field. 
As the length of the actuator varies, it changes the 
cross sectional area through which the "control" fuel 
stream is supplied to the combustor, thus providing 
means for modulating the fuel's injection rate in a 
controlled manner. Special attention was given to the 
design of the various flow passages within the 
injector to minimize the injector's response time and, 
thus, provide capabilities for high frequency fuel 
flow rate modulation. To date, FIAs that can handle 
gaseous6

•
9 and liquid 11 fuels over wide range of fuel 
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flow rates have been developed. Both actuators 
include a secondary controller that prevents variation 
of their mean flow rate due to a mean actuator drift 
caused by heating and hysteresis, and the liquid fuel 
actuator possesses capabilities for exciting high 
frequency oscillations that atomize the liquid stream. 
To date, these FIAs have been operated over a 0-
1,000 Hz frequency range. One of the reviewers of 
this paper has informed us that a FIA with a higher 
upper frequency limit is described in Ref. 12. Such 
FIAs provide means for damping combustion 
instabilities over a wide frequency range. 

ACSPERFORMANCE 
At the outset of this program, open loop tests 

were conducted to investigate whether the ACS can 
excite heat release oscillations within the combustor 
over a wide frequency rang7

, and determine the 

FFT of f·l(;(-;l l?ek;cL;e 

0.3 

0.2 ......... . 

0.1 

0 500 1000 
Frequency(Hz) 

within the combustor at the frequency of the fuel 
injection rate modulations. Figure 2 shows that the 
pressure spectrum contains several spikes at the 
frequencies of the natural acoustic modes of the 
combustor that are much larger than the driven 600 
Hz spike, and that the magnitudes of the CH 
oscillations at the natural acoustic modes frequencies 
are practically within the noise level. This result 
shows that small amplitude reaction rate (i.e., CH) 
oscillations can excite large amplitude pressure 
oscillations at the natural acoustic modes of the 
system and that a non-resonant (i.e., 600 Hz), large 
amplitude, reaction rate oscillation can only exc-ite 
moderate pressure oscillations. These data also 
indicate that an "accidental" small amplitude reaction 
rate oscillation at a frequency of one of the natural 
acoustic modes of the combustor can readily excite 
combustion instability. 

FFT of C>x, ·tbu::;to~- Pr·c~ssure 

0.01 . ...... . 

0.008 .... .... . 

0.006 

0.002 

0 500 1000 
Frequency (Hz) 

Figure 2. Spectra of CH radiation (left) and pressure oscillations measured in open loop test with 

600 Hz fuel injection rate modulations. 

frequency dependence of the response of the 
combustion process to fuel injection rate 
modulations. These tests were conducted in two 
different combustors using different experimental 
techniques, and both yielded practically identical 
combustion process open loop response data. These 
data described the frequency dependence of the gain 
and phase of the excited combustion process heat 
release oscillations and was subsequently used by the 
controller to determine the control signal for the 
actuator. Typical results, obtained in a 600Hz open 
loop response test are presented in Fig. 2. It shows 
that the fuel injection rate modulation produced 
600Hz spikes in the spectra of the pressure and CH 
radicals emiSSions oscillations, which are 
proportional to the reaction rate and, thus, heat 
release oscillations. These spikes indicate that the 
developed ACS can excite reaction rate oscillations 
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At the outset of this program, the developed 
ACS used the measured open loop frequency 
response data, similar to that shown in Fig. 2, to 
determine the gain and phase of the control signal for 
the actuator during closed loop active control of 
combustion instabilities in a gas rocket6

•
8

• Figure 3 
describes the performance of this ACS. Specifically, 
it shows the time dependence of the pressure in the 
unstable gas rocket before and after activation of the 
ACS at .1 seconds. In this case, the ACS damped a 
large amplitude, 15 psi (peak to peak), instability 
within twelve cycles or .03-.04 seconds without any 
apriori information about the characteristics of the 
instability. Subsequent FFT analysis6 of the measured 
data showed that the ACS damped the amplitude of 
the dominant, 380Hz mode, by more than 26 dB and 
that five harmonics of the fundamental were also 
significantly attenuated. 
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combustor pressure(pll) 
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0 
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time(•ec) 

Figure 3. Time dependence of combustor pressure before and after initiation of close loo~ 
control at 0.1 seconds. 

The above-described mode of active control 
requires, however, measured (or calculated) open 
loop response data that is difficult to obtain in many 
practical situations because of lack of expertise of the 
operators of the system. Consequently, an alternate, 
adaptive, close loop control approach that does 

8 
not 

require measured response data was developed . It 
determines the control signal "on the fly" by 
changing the gain and phase of the control signal in a 
"specified", proprietary, manner, and uses the 
observer to determine the combustor response to the 
"latest" control signal in real time. This procedure is 
continued until the control signal's gain and phase 
converge to their optimal values. 

The manner in which the adaptive ACS damps 
the instability was studied in a liquid fueled, 500 mm. 
long, quartz combustor that was open at its 
downstream end, see Fig. 4. The combustor burned 
air and n-heptane (C7H16), and was retrofitted with 
the adaptive ACS. A Terfenol D magnetostrictive 
actuator was connected to a pintle-type injector (2) 
whose oscillatory motion modulated the liquid fuel 
injection rate in a controlled manner. The time 
dependence of the actuator's length and, thus, the 
pintle's position, was controlled by the magnitude 
and phase of a current that was sent to a coil wound 
around the actuator. As the control current changed, 
the coil's magnetic field also changed, thus changing 
the length of the magnetostrictive rod (1 ). As the 
actuator's length changed, it pushed the pintle (2) 
against a pressure force exerted by the liquid fuel 
supplied into the volume (3) between the pintle's 
conical termination and the injector's casing. The 
resulting force imbalance set the pintle in motion. As 
the pintle moved backwards, the annular clearance 
( 4) between the two cones opened and allowed fuel to 
flow through the plenum (5) into the wedge shape 
nozzle (6). The pressure difference across the nozzle 
( 6) changed as the width of the annular cross 
sectional area (4) changed. This pressure difference 
forced the liquid to move through the nozzle and 
produce a spray in the combustor (7). In the reported 
tests, thirty three percent of the airflow rate was 
tangentially injected (8) into the space where the 
liquid spray formed, and the remaining air (9) 
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entered the combustor through an annular space 
around the conical flame holder. 

ugh~ I 10 I::: 
--=- ~-

to PMT ~~ ~~== 
View A 

View B 

Figure 4. A schematic of the adaptively controlled, 
liquid fueled combustor and related components. 1-
actuator; 2-pintle; 3-fuel plenum; 4-annular passage; 
5-plenum; 6-nozzle; 7-quartz combustor; 8-tangential 
air inlets; 9-secondary, axial, air supply; 1 0-radiation 
viewing aperture; 11-pressure sensor. 

In this study, the time dependence of the 
combustion process heat released at various axial 
locations along the flame was determined from 
measurements of the spatial dependence of CH 
radicals (A.=431.5nm) chemiluminescence. This was 
measured using a setup consisting of a 
photomultiplier (PMT), a narrow band pass 
interference filter centered at wavelength 
A.=430±5nm and an appropriate system of lenses and 
apertures. This system limited the PMT's 
instantaneous line of sight to a 3mm thick cross­
section of the reaction zone. The PMT setup was 
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mounted on the remotely controlled support system 
and slowly moved along the combustor as it 
measured the ~patial dependence of the CH radicals 
chemiluminescence. Simultaneously, the combustor 
pressure oscillations were measured using a piezo­
electric pressure sensor. The phase of the oscillatory 
CH chemiluminescence was determined in reference 
to the measured pressure. The PMT and pressure 
signals and a signal indicative of the PMT position 
were acquired and sampled by a computerized data 
acquisition system. 

This setup was used to study the manner in 
which the adaptive ACS damps instabilities. It was 
done by comparing the axial dependence of the 
amplitude, phase and local driving/damping of the 
heat release oscillations along the combustor with 
and without active control. Typical results are shown 
in Fig. 5. They present data measured at global, 
average, combustor equivalence ratios ~ of 0.45 and 
1.0 when the combustor exhibited large amplitude 
instabilities. Figure 5-a shows that while the ACS 
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Figure 5. Spatial dependence of the amplitude (top) 
of heat release, phase (middle) and driving of the 
instability in a liquid fueled combustor at f=0.45 
and f=l. 

significantly reduced the amplitude of the heat 
release oscillations all along the combustor when 
~=0.45, it had little effect on the CH amplitude 
distribution at ~= 1. Figure 5-b shows that the ACS 
modified the "nearly flat" phase distributions at both 
values of ~. which were repeatedly observed when 
instabilities occurred in this combustor, to 

"continuously varying" phase distributions similar to 
those exhibited under conditions in which the 
amplitude of the instabilities were low. For example, 
at ~=1, the "controlled" phase varied between 
approximately -50 and 0 degrees along the first 20 
mm. of the combustion zone, and then gradually 
increases from 0 to approximately 1 00 degrees in the 
reaction zone between 20 and 60 mm., and it 
remained at a nearly constant value of 100 degrees 
along the remainder of the combustion zone. In this 
connection it should be noted that the driving by the 
combustion process is nearly zero when the phase is 
90 degrees and the combustion process damps the 
instability when the phase is 100 degrees. Finally, 
Fig. 5-c compares the spatial dependence of 
dG(x)/dx, which is the x derivative of the gain G(x) 
of the combustion process and describes its local 
driving/damping; i.e., driving occurs when dG(x)/dx 
is positive and vice versa. Figure 5-c shows that the 
adaptive controller significantly reduced the 
magnitude of dG(x)ldx all along the combustion zone 
when ~=0.45 and along part of the combustion region 
when ~=I. Figure 5-c also shows that when the 
controller is "on" the combustion process damped the 
instability in some regions of the combustion zone 
where dG(x)/dx is negative. A comparison of the 
results in Figs. 5-b and 5-c shows that the spatial 
dependence of dG(x)/dx depends the phase variations 
shown in Figure 5-b. These results show that active 
modulation of the fuel spray injection rate damped 
the instability by essentially modifying the spatial 
dependence of the phase between the heat addition 
and pressure oscillations. 

SUMMARY AND CONCLUSIONS 
This paper describes the suc·cessful development 

and performance of a novel ACS that uses fuel 
injection rate modulations and various control 
approaches to damp combustion instabilities. It 
shows that this ACS can significantly damp 
instabilities by changing the phase between the heat 
release and pressure oscillations. It is noteworthy that 
the effectiveness of this ACS has been recently 
demonstrated on a Siemens/Westinghouse high 

• 13 c 0 f pressure, low NOx combustor ng . ompanson o 
the performance of the two investigated modes of 
control shows that the one that uses previously 
measured open loop response data attained larger 
attenuation of the unstable oscillations in a shorter 
period of time, suggesting that the performance of the 
adaptive ACS could be further improved. 
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ABSTRACT 
Steady laminar isothermal helical flow of incompressible 

power-law fluids through a concentric annulus is analysed for 
the case of the stationary outer cylinder and the inner one 
rotating under a constant torque. Pressure force is imposed in 
the axial direction. Using dimensionless analysis a 
quasisimilarity solution is derived for a sufficiently broad 
region of entry (rheological, geometrical and dynamical) 
parameters. In this region it is possible to determine the 
relation between flow rate and pressure gradient eliminating 
any numerical calculations. 

INTRODUCTION 
Flow of non-Newtonian fluids through an annulus is often 

encountered in various industrial processes such as e.g. 
transportation of drilling fluids in petroleum industry and 
extrusion of polymers (in a mandrel region). 

In the annular flow one of the most difficult 
complications consists in the inhomogeneous distribution of 
shear stresses in the annular region. The analysis of helical 
annular flow originated by a combination of the torsional drag 
and pressure forces (Couette-Poiseuille flow) is further 
complicated by the fact that no superposition principle takes 
place; in other words, this flow field is not possible to obtain as 
a mere superposition of corresponding Couette and Poiseuille 
flow fields. This is a direct consequence of the dependence of 
fluid viscosity on velocity field invariants. 

a) non-helical case 
First theoretical contribution dealing with flow of a 

power-law fluid through a concentric annulus with steady 
c~linders (of radii KR. and R) is a paper by Fredrickson and 
Brrd [1]. They derived a relation between flow rate and axial 
pressure gradient by means of infinite series for the cases when 
a reciprocal value of flow behaviour index n is a natural 
number. In their derivation a parameter A (AR is a location of 

maximum velocity) plays a crucial role. For its determination it 
is necessary to solve an integral equation. Due to this fact and 
to the form of the derived solution (infinite series) the role of 
the individual entry parameters is not sufficiently elucidated. 

Substantial improvement was presented by Hanks and 
Larsen [2] who derived an analytical relation between flow rate 
and pressure gradient for an arbitrary value of flow behaviour 
index n. Nevertheless, their relation still requires knowledge of 
a parameter A - thus demanding the numerical solution of the 
integral equation introduced in Fredrickson and Bird [ 1]. The 
same result was derived by Prasanth and Shenoy [3]. 

Non-helical flow was also analysed by Bird et al. [4] 
using a variational method. They minimised the corresponding 
functional using supposed one-parametrical distribution of 
velocity. They finally obtained a relation that eliminated a 
parameter A but in fact they derived the relation identical to 
that in McKelvey [5] for flow of a power-law fluid between 
two parallel plates (in other words, they implicitly supposed 
A""( I +K)/2). Inaccuracy of their result to the numerical solution 
is in full correspondence with Fig.8 in Worth [6]. Worth 
discussed the difference between the . solution in a concentric 
annulus with that between parallel plates. This difference does 
not exceed 2% for K~0.5 and ~0.25. Another possible 
approach is given in David and Filip [7]. 

The giv<.>n problem is also possible to treat from the 
viewpoint of the similarity behaviour. It was shown (David and 
Filip (8]) that a solution exhibits various features of similarity 
behaviour - not in an exact form but only approximately (it 
implies the term 'quasisimilarity'). Nevertheless, even this 
'weak' similarity enables to derive a 'universal' solution which 
is possible to rewrite to a concrete form for given entry 
parameters by means of derived transformations. This fully 
eliminates the role of the parameter A, on the other side, 
quasisimilarity is not valid in the whole range of entry 
parameters K,n. However, based on this quasisimilarity 
behaviour, the approximate relatimts (David and Filip [9]) were 
derived for the whole range of entry parameters. The 
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Load rejection in the PBMR 
In this example a load rejection case of the PBMR plant is 

considered. Figure 11 shows the network representation of the 
PBMR plant. Initially the plant operates at maximum power 
and at time t=0.9 s the generator power is reduces by 50 
percent. The generator speed is controlled by a PID controller 
that adjusts the bypass flow by opening and closing a control 
valve. 

Figure 12 shows the variation in turbine temperatures 
while Figure 13 shows the variation in compressor 
temperatures during the transient. 

The example demonstrates the capability of the model to 
predict transient flows in complex thermal-fluid systems. 

Figure 11: Network presentation ofPBMR. 
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Figure 13: Compressor temperatures. 

CONCLUSION 
An implicit finite difference method for the prediction of 

transient flows in general thermal-fluid networks has been 
presented in this paper. Although only a few gas flow cases 
have been presented, the method is suitable for both liquid and 
gas flows, for both isothermal and non-isothermal flows and 
for both fast and slow transients. Although the method is 
slower than explicit methods when applied to fast transients, it 
is faster than explicit methods in the case of slow transients. 

The main advantages of the present method are its average 
speed over a range of problems including both fast and slow 
transients, its accuracy and its stability. The method is also 
very flexible and it has been extended to deal with a large 
variety of non-pipe components such as compressors, turbines, 
orifices, pumps and heat exchangers. 
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ABSTRACT 
Loss of residual heat removal (RHR) during a mid-loop 

operation after plant shutdown has occurred in several nuclear 
power plants and some of the events resulted in the boil of the 
reactor coolant. Now it is recognized as an accident situation 
whose relevant physical phenomena require improved 
understanding. An integral effect test facility was established to 
simulate the thermal hydraulics of Korea Nuclear Standard 
Power Plant under abnormal conditions during shutdown 
operations and several experiments were conducted at the 
facility. The major results from these experiments are presented 
in this paper, which addresses the thermal-hydraulic phenomena 
in case of manways opened at various locations in the reactor 
coolant system. Also the effects of nozzle dam failure and steam 
generator to remove decay heat in reflux condenser mode on 
core heat-up time were investigated. 

1. INTRODUCTION 
The safety of pressurized water reactors (PWRs) has been 

subject of extended investigations in nuclear engineering and 
related thermal hydraulics. Whereas in the earlier years of 
nuclear power generation research was mainly focused on the 
accidents occurring during power operation, nowadays the 
investigations are extended to the accidents occurring during 
shutdown operation. 

The RHR system is used to remove the core decay heat 
during reactor shutdown operation of a PWR. The system can 
be operated at the reduced reactor coolant system (RCS) 
inventory condition, for inspection or maintenance of certain 
components such as steam generator (SG) U-tubes and reactor 
coolant pumps. This specific operation mode is called mid-loop 
operation. Loss of RHR system capability during such a mid­
loop operation has occurred in several plants as a result of loss 
of AC power or air binding of the RHR pump [1-5]. It is well 
known that, if a loss of RHR occurs and the alternative heat 
removal capability is insufficient to remove the core decay heat, 
heating up of coolant may lead to coolant boil-off, fuel rod heat 
up and even core damage. As the loss of RHR event has been 
occurring repeatedly, US NRC requested all licensees to 

respond to GL 88-17[ 6] regarding the improvement in the 
equipment for the mid-loop operation and the comprehensive 
analysis for systems behavior during loss of RHR. 

An experimental investigation of the thermal hydraulic 
responses associated with PWR loss of RHR capability during 
mid-loop operations has been conducted at several integral 
systems test facilities such as PKL-111 [7], ROSA-IVILSTF [8], 
BETHSY[9] and IIST[10]. Each facility was establish to 
simulate the thermal hydraulics of specific power plant type 
under abnormal conditions during mid-loop operation. PKL-111 
is a full-height volumetrically scaled down (1/145) 1300 MWe 
KWU-type PWR. ROSA-IVILSTF is a full-height 
volumetrically scaled down (1/48) two-loop model of a 
Westinghouse-type four-loop 3423 MWt PWR. BETHSY is a 
full-pressure full-height volumetrically scaled down ( 1/1 00) 
model of a three-loop 900 MWe Framatome PWR. And liST is 
a reduced height (1/4) and volumetrically scaled down (1/400) 
three-loop Westinghouse-type Maanshan PWR. 

In addition, the transient thermal hydraulic phenomena for 
loss of RHR during mid-loop operations have been analyzed 
using best-estimate transient analysis codes, such as RETRAN, 
RELAP5/MOD3, etc. [11-13]. Recently, International Standard 
Problem 38 was performed to establish the status of best 
estimate codes for mid-loop operation conditions, to compare 
different computer models and to increase the common 
understanding of mid-loop operation conditions [14]. However, 
partly due to the inherent code limitations and partly due to the 
lack of complete experimental data for checking, some 
important controlling phenomena, such as PZR venting effect, 
depression of core liquid level and redistribution of the liquid 
inventory, cannot be predicted easily using these codes. 
Therefore it is necessary to provide data against which the 
performances of codes may be assessed. 

With the considerations mentioned above, series of six 
experiments were conducted at the Korea Electric Power 
Research Institute (KEPRI) Integral Effect Test {KIET) facility 
to identify the controlling mechanisms for loss of RHR during 
mid-loop operation and to investigate the time required to heat­
up the simulated fuel rod according to plant configurations and 
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Reactor Vessel 

Fig. 1. Schematic view of KIET. 

system openings. The heat-up time of the fuel rod is the 
maximum time available for the appropriate operator action to 
be started. 

2. KIET FACILITY 
KIET is a reduced height (1/5) and volumetrically scaled 

down ( 1/2055) integral effect test facility established to 
simulate the thermal hydraulics phenomena of a 2x4 loop I 000 
MWe Korea Standard Nuclear Power Plant (KSNP) under 
abnormal conditions during mid-loop operation. The facility is 
well suited for a loss of RHR accident test as it represents the 
primary circuit of a typical KSNP design. The most parts of the 
faci~ity have been constructed according to an integral response 
scahng method [ 15]. This facility consists of a reactor pressure 
vessel, two hot legs, four cold legs and two steam generators as 
shown in Fig. 1. The downcomer, which links the four cold legs 
to the lower plenum, is made up of external tubes and an 
annulus. Core power has been limited to 0.66% nominal power, 
45 kW for 11 heater rods which make up the core. The data 
acquisition system of KIET involves over 70 instruments 
located on the primary and secondary sides, used to measure the 
temperature, pressure, flow rate, liquid level and differential 

pressure. Four view ports are specially designed for flow 
visualization within the pressure vessel, hot leg, crossover leg 

and PZR. 

3. EXPERIMENTAL CONDITIONS 
Among the diversity of possible real situations, tests PMO, 
SGOMO, SGIMO, HLDF, CLDF and PMOSG2 were 
performed to investigate the thermal hydraulic phenomena with 
loss of RHR during mid-loop operations. The initial conditions 
for the six experiments are summarized in Table I. The initial 
values of the major parameters are common to these 
experiments as follows. Pressure and temperature in both the 
primary and secondary systems are equal to atmospheric 
pressure and close to room temperature, respectively. To 
simulate mid-loop operation condition, liquid level in the 
primary loop is set approximately at the centerline of the hot 
legs. Tests PMO, SGOMO and SGIMO investigate those where 
the PZR manway, and PZR and SG outlet plenum manways, 
PZR and SG inlet plenum manways are open respectively. Boil­
away and liquid entrainment through manways are the physical 
phenomena which mainly determine the RCS behavior. Tests 
HLDF and CLDF deal with situations where the RCS openings 
are limited to the removal of one PZR Safety Valve (PSV) and 
nozzle dams are installed in loop B. Nozzle dams are simulated 
by quick opening valves. The valves installed at hot leg and 
crossover legs connected to SG-8 are closed initially and then 
opened quickly when the pressures of core upper plenum or 
crossover leg reach to nozzle dam design pressure, 0.24MPa. 
Test PMOSG2 investigates the availability to remove decay 
heat in reflux condenser mode when the SGs are available with 
a full secondary side mass inventory and the presence of air 
above the initial primary level as it is expected that air 
redistribution in the RCS influences primary-to-secondary heat 
transfer. 

4. EXPERIMENTAL RESULTS AND DISCUSSION 

4.1. SCENARIO 
As the KIET facility does not include a RHR system, the 

transients are initiated in the following way: the man ways (or 
vents) specified at test cases are initially opened with a zero 
core power value and liquid level at mid-loop. At t = 0 s core 

T bl 1 I . a e . mtia Experimental Conditions 
Condition experiment 

PMO PMOSG2 SGIMO I SGOMO I HLDF I CLDF 
Primary side pressure Atmospheric 

Liquid level Middle of hot legs 
Core power 29.5 kW 

SG secondary side Pressure Atmospheric 
Liquid level Unavailable Normal Unavailable 
Fluid temp. 290.8 K 

Openings PZR PZR PZR manway & I PZR manway & I 
I manwav 

1 PSV 1 PSV 

Nozzle dam 
manwav SG-B inlet manway SG-A outlet manway 

Not installed I Dams at Loop B 
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power is rapidly raised to the required value. No operator 
actions are taken after a loss of RHR and the tests come to end 
when the simulated fuel surface temperature reaches 423K. 

4.2. TESTS PMO AND PMOSG2 RESULTS 
Figures 2-4 are the primary parameters measured in test 

PMO. Following the initiation of the experiment, the RCS 
pressure is kept at atmospheric pressure before core boiling 
(Fig. 2). Core decay heat causes a rise in core coolant 
temperature (Fig. 3 ). After core boiling, the RCS pressures 
increase steadily from 530 s to the end of experiment due to 
core boiling and a pressure difference between core upper 
ph~num and the cold leg builds up. The generated steam flows 
rapidly into all RCS internal space above the liquid level. In 
about 110 s, the temperatures of the upper and lower part of the 
hot leg increase and reach to saturation temperature at 800 s. 
Fluid temperatures measured in both PZR and SG inlet plenum 
immediately increase at 600 s and 750 s respectively. This 
suggests that the steam and liquid mixture in the hot legs are 
conveyed into these regions due to steam generated in the core. 
The liquid come in PZR is subcooled initially and reaches to 
saturation temperature at 1300 s. The temperature decreases of 
the cold leg and downcomer at about 930 s and 1350 s, 
respectively, occur due to inflow of cold liquid in the crossover 
leg according to the pressure difference between core upper 
plenum and cold leg. Also the pressure difference allows a 
steam flow to the cold leg to take place via the upper head to 
downcomer bypass. The steam heats continuously the liquid in 
the downcomer and cold leg. Thus, the temperatures of liquid in 
the cold leg and downcomer increase when the inflow of cold 
liquid in the crossover leg to cold leg is reduced. The 
temperature of crossover leg remains subcooled throughout the 
experiment. 

The PZR level increases steeply from 600 s to a maximum 
of 1.5 mat about 1130 s (Fig. 2). At this time, it seems that the 
mixture level reaches to the top of the PZR judging by the 
temperature and pressure variations of the top of the PZR (not 
shown here). When the PZR level is high, the steam/water 
mixture flow from hot leg to surge line decreases for a while 
and then increases steadily to the end of the experiment. 
Through the view port located at the PZR, it is observed that the 
void fraction in the PZR is increased as the experiment 
proceeds. At about 1200 s a loss of coolant starts through PZR 
manaway opening (Fig. 4). 

Figure 4 shows the collapsed liquid levels in the reactor 
vessel and the downcomer. The liquid level in the reactor vessel 
decreases monotonically because the steam/water mixture starts 
to flow into the PZR and SGs after 600 s and discharge through 
the PZR manway. The level difference between the reactor 
vessel and the downcomer exists after core boiling and has a 
maximum value, 0.14m, at about 1800 s, when the loop 
pressure difference is maximized. At about 4000 s the liquid 
levels decrease rapidly as the steam/water mixture level 
decreases below the bottom of the hot leg. At the end of 
experiment mass balances show that of the initial 123 kg of 

coolant, 45 kg of coolant is discharged through the PZR 
manway and 34 kg, 12 kg and 32kg are remained in the reactor 
vessel and downcomer, the PZR and crossover legs 
respectively. The time required to heat up the simulated fuel rod 
is about 4 736 s and the RCS pressure rises to 0.19 MPa. 

In test PMOSG2, the trends of primary parameters are 
similar to those of test PMO (Figs. 5 and 6). According to the 
heat transfer to the SG secondary side, the RCS pressure and 
the discharge rate of the coolant through the PZR manway are 
lower than those of test PMO. Thus, the core heat up time in 
test PMOSG2 delayed by 2168 s as compared to test Pl\-10. 
Figure 6 shows the temperature variations of the SGs primary 
and secondary sides. An average temperature increase of the 
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secondary side of the SGs is 36 K. The temperature behaviors, 
which are instrumented at the top of three different height u­
tubes, are almost the same. The most of heat transfer to the SG 
secondary side is accomplished at the lower region of the SG-B 
u-tubes. 

4.3. TESTS SGOMO AND SGIMO RESULTS 
Typical measured results of tests SGOMO and SGIMO are 
given in Figs. 7-12. The initial and boundary conditions ofthese 
two experiments are the same, except the location of the 
manways opened. When there exist openings at cold leg side or 
the hot leg side as well as the PZR manway, the RCS pressure 
and the pressurization rate are reduced significantly and a loss 
of primary mass inventory occurs rapidly. In case of test 
SGOMO, there is a slight pressure difference between core 
upper plenum and the cold leg after 800 s and this result in the 
level difference between core and downcomer (Fig. 9). 
However, in the case of test SGIMO, since the near path for 
steam and liquid to atmosphere exists, the pressure and level 
differences are negligible (Figs. 10 and 12). A large amount of 
steam/water mixture has been released at the early period (700-
llOOs) through the SG manway and this results in early heat-up 
of the simulated fuel rod. The times required to heat up the 
simulated fuel rod in tests SGOMO and SGIMO are about 4736 
s and 2760 s, respectively. 
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Fig. 7. RCS pressures and level in test SGOMO. 
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Fig. 8. RCS temperature variations in test SGOMO. 
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Fig. 9. Collapsed levels and integrated mass flow in 
test SGOMO. 

4.4. TESTS HLDF AND CLDF RESULTS 
Figures 13-18 are the primary parameters measured in tests 
HLDF and CLDF. The initial and boundary conditions of these 
two experiments are the same, except that test PMO involves 
PZR manway opening and HLDF and CLDF involve PZR 
safety valve removal. The PZR vent size effect on the mid-loop 
operations with loss of RHR can be seen bv comparing the 
results of test PMO with tests HLDF and CLI)F. Following the 
initiation of. the experiments, the fluid behaviors are similar to 
those of test PMO except rapid RCS pressure increase because 
the vent size is smaller than that of test PMO. Also the pressure 
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Fig. 11. RCS temperature variations in test SGIMO. 
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Fig. 12. Collapsed levels and integrated mass flow in 
test SGIMO. 

difference is larger than that of test PMO and this results in 
larger collapsed level difference as shown in Figs. 15 and 18. 
The RCS pressures in tests HLDF and CLDF increase rapidly to 
0.24MPa, the nozzle dam design pressure after 2160 s. After the 
nozzle dam failure, a major loss of primary mass inventory from 
the failed dam and SG manway to the atmosphere occurs due to 
the pressure difference between RCS and atmosphere. After 
that, the liquid held in the PZR flows down to the hot leg and 
core and liquid level in core increases. In test CLDF, the loop 
seal clearing (LSC) took place in both loop A and B. The LSC 
is visualized from the view port located at the horizontal section 
of the crossover leg and the fluid temperature in the loop seal 
reaches its saturated value (Fig. 17). In loop B, core 
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steam/water mixture flows along cold leg and crossover leg into 
the SG-B outlet plenum. However, in loop A, liquid in the 
crossover leg moves into downcomer and core due to the 
pressure difference between core upper plenum and cold leg. 
Also, liquid held in the PZR drops to the hat leg and core. 
Therefore, the core liquid level recovers significantly. In test 
HLDF, the level variation of the crossover leg after nozzle dam 
failure is not significant. And a large amount of coolant is 
released through SG inlet manway after nozzle dam failure (Fig. 
15) and this results in early heat up of the simulated fuel rod. 
The times required to heat up the simulated fuel rod in tests 
HLDF and CLDF are about 3076 sand 4348 s respectively. 
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Fig. 13. RCS pressures and level in test HLDF. 
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Fig. 15. Collapsed levels and integrated mass flow in 
test HLDF. 
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Fig.18. Collapsed levels and integrated mass flow in 
test CLDF. 

5. CONCLUSIONS 
Series of six experiments were conducted at the KIET 

facility to investigate the thermal hydraulic phenomena with 
loss of RHR during mid-loop operations. The times required to 
heat up the simulated fuel rod are 4736 sin test PMO, 7188 sin 
test PMOSG2, 3627 s in test SGOMO, 2760 s in test SGIMO, 
3076 s in test HLDF and 4328 s in test CLDF. This implies that 
the time required to heat up the simulated fuel rod is 
significantly dependent on the loss of mass inventory due to 
venting, as well as liquid holdup in the PZR. When there exists 
a large opening near the hot leg, the early core heat-up occurs. 
Also, as results of the failure of temporary closures, the time 
required to heat up the simulated fuel rod is reduced 

significantly. Test PMOSG2 shows that the availability of steam 
generators as a heat sink is very beneficial in limiting RCS heat­
up and pressurization once the RHR system fails even though 
the PZR manway opens. Experimental data obtained from these 
tests are provided for the assessment of thermal hydraulic codes 
for the analysis of RCS behavior during PWR mid-loop 
operation. 
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ABSTRACT 
The MARS code is a best-estimate nuclear power reactor 

analysis tool comprising a three-dimensional reactor vessel 
module and a number of one-dimensional component modules. 
To evaluate the applicability of this code, simulation was 
performed for a large-break loss-of-coolant accident (LOCA) 
in the SNUF test facility. The simulation result shows good 
agreement with the measured data in the test. It is found that 
the MARS code is a predictive tool with a great potential for 
the analysis of LOCA. 

INTRODUCTION 
A multi-dimensional realistic thermal-hydraulic system 

analysis code, MARS, is being developed at the Korea Atomic 
Energy Research Institute (KAERI). MARS performs realistic 
analysis of two-phase thermal hydraulics of pressurized water 
reactors (PWRs) especially during a large-break loss-of­
coolant accident (LBLOCA) where the multi-dimensional 
phenomena dominate the transient [1]. The result of the 
international 2D/3D program apparently showed the necessity 
of multi-dimensional analysis of nuclear reactor thermal 
hydraulics [2]. The state-of-the-art system analysis codes at 
present have multi-dimensional modules allowing for more 
realistic simulation of the fluid dynamics in the reactor 
coolant system. 

MARS was initially developed from COBRA-TF, a three­
dimensional reactor vessel analysis code, and RELAP5/ 
MOD3.2, a one-dimensional reactor system analysis code. 
Jeong et al. [3] assessed COBRA/RELAP, the former version 
of MARS, using data from the LOFT L2-3 LBLOCA 
experiment. 

The COBRA-TF thermohydrodynamic model is a three­
dimensional, two-fluid, three-field representation of the two­
phase flow. Three fields represent vapor, continuous liquid 
and entrained liquid droplets, respectively [4]. 

SNUF AND TEST DESCRIPTIONS 
Facility Description 

The Seoul National University Facility (SNUF) is a scaled 
integral experimental test facility of the YGN Units 3&4, one 
of the ABB-CE type PWRs in Korea. Its length scale ratio is 
1/6.4, area scale ratio (1/13.4i, and resultantly, the volume 

scale ratio 1/1144. Figure 1 shows the configuration ofSNUF, 
and Figure 2 shows the schematic diagram. Its design and 
scaling were based on Ishii's three level scaling [5,6]. The 
important geometric design parameters are presented in Table 
1 [7]. 

The SNUF has appropriate components of the primary 
system and the secondary system for the mass and ener~ 
release experiment. The facility consists of a reactor vessel, 
two steam generators (SGs), an intact loop with one cold leg 
and one hot leg, a broken loop with one hot leg and two cold 
legs, two discharge tanks, and the safety injection (SI) system. 
The reactor vessel contains 60 kW electrical heaters to 
simulate the scaled 2.2% of core decay power. The SG is 
equipped in each loop, and each SG contains four U-tubes 
with the height of 1725 mm, six U-tubes with the height of 
1643 mm and six U-tubes with the height of 1562 mm. The 
inner and outer diameters of the U tubes are 19 mm and 21 
mm, respectively. The secondary system is composed of the 
SG shell, the steam line and the feedwater line. 

In the intact loop two cold legs are scaled into a lumped 
single cold leg to maintain a similar volume. In the hot leg a 
viewport is installed to observe the behavior of fluid. 

The broken hot leg is designed to simulate double ended 
guillotine break, and thus comprises two broken sections, i.e. 
one on the reactor side and the other on the SG side. The 
broken sections are simulated using ball valves, and an 
isolation valve is installed between the two broken sections. 
Since the isolation valve is instantaneously closed at the 
beginning of the experiment, the mass releases from each 
broken section can be measured independently. Two viewports 
are installed in the hot leg for direct visualization of the flow 
behavior. A viewport is also installed in the cold leg suction 
part for the sake of visualization in the early stage of the 
emergency core cooling system (ECCS) injection. 

Discharge tanks connected to each broken section simulate 
the containment. Hence the discharge tanks were sized to 
accommodate for the expected amount of discharge flow. The 
capacity of the reactor vessel side discharge tank was 
determined to be about 150 liter with the diameter of 600 mm 
and the height of 700 mm, while that of the SG side discharge 
tank was 30 liter with the diameter of 300 mm and the height 
of 700 mm. The two discharge tanks were connected to each 

868 

Digitised by the University of Pretoria, Library Services, 2015



other with 1/2 inch pipes in order to equilibrate the pressure. 
Each discharge tank contains a cooling system to condense the 
steam immediately, and then the discharge amount can be 
measured by a level meter. 

The safety injection system is composed of a storage tank, a 
SI pump and a flow controller. The storage tank is equipped 
with electrical pre-heaters of 20 kW in order to control the 
temperature of the SI water. The SI line is connected to the 
cold leg. 

Experimental Conditions and Procedures 
The SNUF experiment simulated the post-blowdown 

transient of the hot leg LBLOCA. Thus, the initial condition is 
the end-of-blowdown (EOB), which was carefully established 
in the experiment. The result of the RELAP5 analysis for 
YGN Units 3&4 was used as the reference initial condition [8]. 
In the experiment, the EOB was assumed to be about 15 sec 
elapsed from the initiation of accident. The RELAP5 analysis 
at this time indicated that the primary system was 
depressurized close to the containment pressure, and that the 
core was fully voided. Resultantly, the collapsed liquid level 
of the reactor fell to a minimum value. 

The experiment was conducted in the following procedure: 
pressure drop test, normal operation, drain-down, and post­
blowdown. The result of the pressure drop test was to check 
on the flow characteristics of the experimental loop, whose 
results were reflected in the determination of the loss 
coefficients. 

In the normal operation, the primary system and the 
secondary system were maintained nearly saturated at 0.8 
MPa and 0.5 MPa, respectively. The core power was 60 kW. 
From this condition, the primary water was drained until the 
water remained only in the lower plenum. This procedure is 
the drain-down phase. In the drain-down phase, the coolant in 
the cold leg suction part did not flash up, but rather remained 
as either saturated or subcooled. Thus, in the experiments the 
coolant was manually drained. The temperature of the 
secondary system was higher than that of the primary system. 
The secondary system could play a role of heat source if the 
injected SI water passed through the U tubes. From this drain­
down process, the initial condition of the experiment was 
obtained and compared against the EOB condition of YGN 
Units 3&4 in Table 2 [9]. 

At the commencement of the experiment, the SI pump was 
operated, each discharge valve was opened to simulate the 
break, and the isolation valve was closed simultaneously. The 
main power was turned on for preheating 30-40 sec prior to 
the start of the experiment. The SI temperature was 
maintained at 60 'C, which was a little higher than that of the 
actual plant in order to compensate for the lack of the heat 
capacity of the reactor coolant system (RCS) metal. The SI 
flow rate was maintained constant at 2.2 lit/sec. The core 
power was set equal to 60 kW. 
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Figure 1: Overview of SNUF 

Figure 2: Schematic Diagram of SNUF 

T bl 1 D . P a e . estgn t; SNUF arameters or 
SNUF YGN3&4 

Vessel height (mm) 1975 12.7x103 

Flow area (mm2
) 74748 13.3xl06 

Hot leg flow length (mm) 683 4.83x103 

Flow area (mm2
) 4990 0.89x106 

Suction leg flow length (mm) 1172 7.52x103 

Flow area (mm2
) 2579 0.46x106 

Discharge leg flow length (mm) 916 5.88x103 

Flow area (mm2
) 2579 0.46x106 

Fuel hydraulic diameter (mm) 14 3 
Fuel conduction depth (mm) 2.5 2.4 

Table 2. Initial Condition in the Proto!' rpe 
SNUF YGN3&4 

Core pressure (MPa) 0.35 0.5 
Core coolant condition Saturated Saturated 

Mean power (kW) 60 60x103 

Core exit void fraction (%) 100 100 

Liquid rise velocity (m/sec) 0.0111 0.276 
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CODE INPUT PREPARATION 
In the analysis of the SNUF experiment, the calculation 

procedure traced that of the experiment, i.e. initialization of 
the test loop reflecting the measured pressure drop through the 
vessel and the SGs, calculation of the normal operation, 
calculation of the drain-down (blowdown) phase and fmally 
calculation of the post-blowdown (reflood) phase. 

The MARS input for SNUF consists of a three-dimensional 
reactor vessel input and a one-dimensional primary system 
component input. The SNUF vessel including the lower 
plenum, the heating section and the upper plenum is nodalized 
as shown in Figures 3 and 4. The channels of the vessel are 
illustrated on the left side, the gaps connecting the channel are 
on the right side and the vertical meshes of the vessel are at 
the center of Figure 3. The heating rods are marked in square 
symbol in the active core region. The vertical mesh of the 
nodalization including the vertical elevation is shown in 
Figure 4. 

The cells are laid in the vertical direction and consist of 
channels, which are connected crosswise. The gaps connect 
the channels where the cross flow exists. The vessel is 
composed of the lower plenum, the active core, the upper core 
and the upper plenum in the axial direction. In each region the 
downcomer consists of eight channels. The central flow area 
consists of nine channels. The heating rods are located in the 
central flow area. The hot legs are connected to the lowest 
inner mesh of the upper core, and the cold legs are connected 
to the lowest downcomer mesh of the upper core. 

The primary loops connected to the vessel are composed of 
two independent pipings. The loop for simulating the broken 
hot leg consists of two cold legs and one hot leg. The intact 
loop has one lumped cold leg and one hot leg. The two 
independent secondary loops comprise a feedwater pump. A 
steam dump facility in each loop lies adjacent to SGs of each 
primary loop. The nodalization of the primary and secondary 
loops is shown in Figure 5. 

The drain-down phase was simulated using the motor 
operated valves connected to the bottom of the vessel and the 
lowest part of the cold leg. The main circulation pump and the 
feed water pumps were stopped. The steam dump facility was 
isolated. 

The EOB was selected at the time when the level of the 
coolant in the vessel and the pressure of the primary system 
were maintained at a sufficiently minimum stable value. Then 
the SI water was injected into each cold leg. The mass release 
rate from the broken hot leg to the atmosphere after that time 
was the main concern of this simulation. 

RESULTS OF SIMULATIONS 
Normal Operation 

For the exact simulation of the test facility, the measured 
local pressure drop was reflected in determining the loss 
coefficients of the vessel and the SGs. A steady state was 
obtained from the calculation of the normal operation. The 
results are presented in Table 3 in comparison with the 
experimental condition. The primary system pressure was 0.8 
MPa, and nearly saturated. The secondary system pressure 
was0.5 MPa. 
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Drain-down and the EOB Condition 
In the beginning of the SNUF experiment, all the coolant in 

the primary system was drained except in the reactor lower 
plenum, and the primary system pressure was 0.35 MPa. To 
obtain these conditions, the drain-down valves were opened 
and the primary system coolant was drained from the lower 
plenum and the bottom of each cold leg. The drain was 
stopped when the liquid levels in the vessel and each cold leg 
fell below 65 mm and 20 mm, respectively. 

The EOB conditions obtained from this calculation are 
shown in Table 4, which are consistent with the initial 
condition of the experiment. 

Sf Injection ofPost-blowdown 
For the simulation of the post-blowdown, the drain-down 

components were removed. The SI line and the breaks at the 
hot leg were added. The Sl water was branched to each cold 
leg, the flow rate was set constant at 2.2 kg/sec, the 
temperature was 60 t:. The break was modeled as a double­
ended one. The coolant was released from the two broken 
sections. The important conditions are listed in Table 4, 
compared with the experimental conditions. 

Results 
Figure 6 compares the pressure at the reactor vessel upper 

head between the calculation and the experiment. In the 
experiment, the pressure behavior can be classified into three 

distinguished steps. In the first step the primary system 
pressure decreases rapidly. In the second step the pressure 
increases slightly. In the last step the pressure decreases 
slowly toward a steady state. The first step extends from 0 to 
40 sec, the second step from 40 to 80 sec, and the third step 
from 80 sec to the end of the test 

The first step is characterized by rapid decrease of the 
pressure due to steam release. For this step, the calculation 
shows good agreement with the experiment. The second step 
is characterized by slight increase of pressure due to steam 
generation in the core. The predicted pressure rise is higher 
than that from the experiment due to the two-phase pressure 
drop in the break junction. In the third step, no more transient 
is expected in the experiment. The calculation reveals 
intermittent increase and decrease of the pressure, which may 
be attributed to the unstable direct contact condensation of 
steam and subcooled water in the reactor upper plenum. 

The integrated break flow through the reactor vessel side 
broken section and the SG side broken section are presented 
in Figure 7. It is demonstrated that there is only steam release 
during the first step of the pressure behavior. However, it 
seems that the steam release in the experiment was not 
sufficiently measured since the release was measured by 
condensing the steam. 

The calculation result demonstrated that a little amount of 
steam is released before 10 sec when the pressure decreases 
rapidly. However, after 15 sec, little steam is released, and no 
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increase in 1he discharged mass is observed. After 60 sec, the 
experiment shows a stable release, whereas the calculation 
result shows the direct contact condensation in the reactor 
vessel upper plenum. Figure 8 shows that the void fraction in 
the core fluctuates widely. 

The temperature measured in the experiment is a local, time 
averaged value, while the calculated temperature is a volume 
averaged and time averaged value. Figure 9 compares the 
experimental and calculated temperatures near the measured 
point. In the figure, the temperatures of MARS represent the 
liquid. The calculated temperatures are higher than the 
measure values on account of the condensation of steam in the 
experiment. The void fraction in the lower plenum is low 
initially, but then increases and decreases in order. Thus, the 
predicted temperatures are higher than the experiment values. 
Figure 9 shows such oscillation of the void fraction. 

The liquid fractions in the downcomer and the inner vessel 
are illustrated using a two-dimensional contour map. Figures 
10 and 11 show that the SI water injected from the cold leg fill 
the downcomer in the earlier phase of the experiment. They 
also illustrate that water from the downcomer is transported to 
the core and evaporated in the heated section in the later phase. 

Table 3. Normal Operation Condition 

Parameters SNUF MARS 

Pressure of reactor top head (MPa) 0.8 0.829 

Temperature of coolant Saturated Saturated 

Core power (kW) 60 60 

Pressure of secondary system 0.5 0.5 

Table 4. EOB Conditions of Expenment an d s· 1 · Imu atton 

Parameters SNUF MARS 

Pressure of reactor top head (MPa) 0.35 0.36 

Pressure of secondary system (MPa) 0.5 0.499 

Temperature of lower plenum ( OC) 142 140 

Temperature of U tube entrance ( 't) 139 139 

Temperature of feedwater ( 't) 154 153 

Core power (kW) 60 60 

Total SI flow rate (kg/sec) 2.2 2.2 

Temperature of SI ( 't) 60 60 

SUMMARY AND CONCLUSION 
Overall the system pressure was adequately predicted. It 

was shown, however, that the calculated pressure decreased 
somewhat earlier than in the experiment, and that the 
predicted pressure in the second step was a little higher than 
the measured value due to the two-phase pressure drop in 
break junction. 

The discharged mass through the reactor side broken 
section showed agreement in tendency with the test results. 
The time when the main release began because of two-phase 
release was predicted to be earlier than in the experiment. 
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The discharged mass through the SG side broken section 
showed a similar trend with the experiment. In the second step, 
a small mass release was also calculated because the pressure 
in the second step was predicted to be higher than in the 
experiment. 
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Figure 9: Comparison of Lower Plenum Temperature 

Figure 10: Calculated Downcomer Liquid Fraction 

Tbe temperature in the reactor vessel lower plenum was 
computed slightly higher than in the experiment. However, the 
temperature near the lower plenum generally concurred with 
the measured value. 

The MARS analysis for the SNUF experiment showed that 
the code could properly predict the important features of the 
hot leg LBLOCA during post-blowdown. The releases from 
reactor side broken section and SG side broken section were 
also reasonably predicted. MARS is thus concluded to be a 
promising predictive tool for LOCA analysis of PWRs. 

Figure 11: Calculated Reactor Core Liquid Fraction 
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ABSTRACT 
Severe accidents have so far been studied rather separately 

from the design-basis accidents (DBAs) in the conventional 
nuclear reactor safety analysis. Such a discontinued approach 
cannot predict the initial state of severe accidents precisely. 
This study is intended to experimentally investigate the 
depletion rate of the two-phase mixture level in the core after 
the reflood phase in a large-break loss-of-coolant accident 
(LBLOCA). The integral test facility, named as SNUF (Seoul 
National University Facility), was scaled down to 116.4 in 
length and 11178 in area of the APR1400 (Advanced Power 
Reactor 1400MWe) through the three-level scaling method. 
The initial test condition is the plant state at two hours from 
the accident initiation when the safety injection (SI) is 
assumed to cease. The measured parameters are the two-phase 
mixture level in the core and the collapsed liquid level in the 
downcomer according to the steam generator temperature 
conditions. The test result shows that the core mixture level 
decreased faster in the former half than in the latter half of the 
test duration. Also, the MAAP4 code is shown to estimate the 
core mixture level higher than the measured data due to the 
incapability of the code to account for the increased break 
flow resulting from the sweepout and entrainment by the 
superheated steam. 

INTRODUCTION 
In the conventional nuclear reactor safety analysis, a severe 

accident involving fuel melting has been studied rather 
separately from the design-basis accidents (DBAs). The DBA 
analysis is terminated after all the fuel rods are quenched after 
hitting the peak clad temperature (PCT). On the other hand, 
the severe accident analysis focuses on the core degradation, 
melting and relocation when the safety injection (SI) fails, for 
instance. The thermal hydraulics and fuel degradation during 
transition from the DBA to the severe accident still defY fully 
comprehensive understanding. The core mixture level is 
calculated in MAAP4 [ 1 ], which is devoted to the severe 
accident analysis, considering only the steam generation by 
the fuel below the core mixture level as shown in Fig. 1. It is 
thus believed that the mixture level in the core may potentially 
be overestimated in MAAP4 during the transient dealt with in 
this study against the conservatism required for the analysis. 

This study is geared to experimentally investigating the 
thermal hydraulics during the transition from the SI failure 
after reflood to the core uncovery for the large-break loss-of­
coolant accident (LBLOCA) in the cold leg. This study is part 
of the effort to examine the transition process from the DBA 

to the severe fuel damage and relocation accident whose 
results are slated to be incorporated into a unified code to 
continually deal with the accidents from the initial stage to 
core melt. Experiments were conducted in an integral test loop, 

. SNUF (Seoul National University Facility), which was scaled 
down to 1/6.4 in length and 11178 in area of the APR1400 
(Advanced Power Reactor 1400MWe) [2] through the three­
level scaling method. 

The measured parameters are the two-phase mixture level 
in the core, which is a major parameter in the severe accident 
analysis during the core uncovery, and the collapsed water 
level in the downcomer according to the steam generator 
temperature conditions. The results are compared with those 
estimated by the MAAP4 code. 
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Figure 1: Core mixture level calculation algorithm in MAAP4 

NOMENCLATURE 
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A flow area or flow area ratio 
a 
Cp 

d 
E 
f 
g 
i 
K 
I 
N 

component flow area [ mm2
] 

specific heat [kJ/K -kg] 
hydraulic diameter [mm] 
energy [kJ] 
friction factor 
gravitational constant [9.8m/sec2

] 

specific enthalpy [kJ/kg] 
loss coefficient 
component length [m] 
dimensionless number 
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p pressure [MPa] 
q heat generation rate [k.W] 

r• Time ratio nwnber 
u velocity [ m/sec] 
Vg; drift velocity [m/sec] 
w work [kJ] 
x quality 

Greek Letters 
a void fraction 
~ difference 
b conduction depth [m] 
p viscosity [N seclm2

] 

p density [kg/m3
] 

'f time constant 

~ wetted perimeter [ mm] 

Subscripts 
0 reference 
e exit 
f liquid or fluid 
g 
m 
p 
R 
sub 

gas or vapor 
model 
prototype 
ratio 
subcooling 

EXPERIMENTAL METHOD 
Accident Scenario 

According to the probabilistic safety assessment {PSA) 
results of the APR1400 [2], the core damage frequency (CDF) 
of the LBLOCA ranks the fifth among the considered 
accidents due to the low probability of the initiating event. 
However, the LBLOCA in cold leg is selected as the reference 
scenario because of its high CDF compared to the low initial 
occurrence probability as shown in Table l. The initial test 
condition, as shown in Table 2, represents the plant condition 
when the SI is ceased at two hours after the accident initiation. 

Table 1: PSA results for APR1400 

Initial Event 
Initiating Event Core Damage CDFIIEF 
Frequency (a) Frequency (b) (bla) 

Station Blackout 1.24E-05 1.21E..Q6 9.76E..Q2 
LargeLOCA 6.97E..()5 6.9IE-07 9.9IE..Q3 

MediumLOCA 1.40E-04 6 .10E-07 4 .36E..Q3 
Small LOCA 3.00E-03 1.36E..Q6 4.53E-04 

Steam Generator 
4 .50E-03 7.05E-07 1.57E-04 

Tube Rupture 
LossofMain 

1.70E-Ol 1.25E..Q6 7.35E..Q6 
Feedwater 

Table l: Initial ronditions in APR1400 and SNUF 

Parameters APR1400[3] SNUF 

Upper Plenum Pressure <0.2 MPa 0 .1 MPa 

Core Temperature < 1 1s·c -95"C 

Core Exit Void Fraction 100% 100% 
Core Level < Btm of cold leg Btm of cold leg 
Core Power 42.09MW 90kW 

Steam Generator Temperature I20"C/172"C 

The SI failure is assmned to take place when the operator 

switches the SI flow path to the hot leg and vessel 
synchronous injection mode to avoid the loss of coolable 
geometry by the boron precipitation in the core. 

Scaling o(Test Facility 
The three-level scaling methods were adopted to design the 

SNUF [4,5,6]. The method involves the top-down and bottom­
up approaches to account for the global, boundary flow and 
local phenomena scaling. In the global scaling, the important 
dimensionless nwnbers for the kinematic, dynamic and 
energetic similarities [ 5] are as follows. 

(1) 

Subcooling Number: 

N sub = [i~ ][~p] 
lfg Pg 

(2) 

Froude nwnber: 

(NF,)R =[~] [Pt] 
gloao R f'¥J R 

(3) 

Drift-flux nwnber: 

N di = [!JL_] 
uo ; 

(4) 

Time ratio number: 

r·=[~] 
I o 2 /as 

I 

(5) 

Thermal inertia ratio: 

-[pscpso] Nrh; = ---Psc pfd . 
I 

(6) 

.t riction number 

- fl l+x(~p/ Pg) ao 
[ ][ ]

2 

!Vfi ~[a 1 (i+x(l!.plp,>'·" -;;; 
(7) 

Orifice number: 

N , 1 = K1[1 + x 312
(1!.p I p,){ :: r (8) 

In addition to the above physical similarity groups, the 
geometric similarity groups are given as 
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Axial length scaling : Li = 1;/10 

Flow area scaling : Ai = a;/a0 

(9) 
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The geometric scaling criterion requires the following 
relations to be satisfied for all the components of system 

L;R = (!Jlo)R = 1 

AiR =(aJa0)R = 1 
(10) 

Based on the requirements of Eq. (10), the SNUF was 
scaled down to 116.4 in length and 1/178 in area of the 
APRI400 as shown in Figs. 2 and 3. Table 3 shows the 
detailed dimensions of both the APRI400 and the SNUF. 

131503. DVI 

,.._ 
~~ H.t1.4 

Figure 2: Cross-sectional front view of reactor vessel 

Collleg Collleg 

Figure 3: Cross-sectional top view of reactor vessel 

Table 3: Design values for APRI400 and SNUF 

Parameter Unit APRI400 SNUF 

Vessel 
Height mm 13,942.2 2,178.0 

Area mm2 1.33 X 107 74,748.0 

Length mm 4,298.0 672.0 
Hot leg 

Area mm2 0.89X 106 4,999.0 

Cold leg 
Length mm 7,608.0 1,189.0 

Area mm2 0.46X 106 2,579.0 

Break area mm2 0.46 X 106 1,018.7 

Fuel hydraulic diameter mm 3.0 24.8 
Fuel conduction depth mm 2.4 3.1 

Heater power kW 4.2 X 104 96.0 

The hydraulic diameter and the conduction depth in the fuel, 
given in Table 3, are defined as follows. 

d; =4a;l~; 

0; =as; I~; 

d; = 4(a; I as;)o; 

(II) 

(12) 

(13) 

According to the TRAC results [3) for the LBLOCA of the 
APRI400, the plant state at two hours from accident initiation 
is below 0.2MPa of pressure and the coolant is subcooled by 
more than soc. Since the test facility can be maintained in the 
similar thermal hydraulic condition with the prototype, the 
fluid properties are almost the same. This experiment is 
intended to measure the core mixture level. The similarity of 
the parameters affecting the core level has to be absolutely 
preserved. The most important nondimensional parameter is 
the Froude number [7]. 

(14) 

(15) 

(16) 

Since the length ratio is 1/6.4, time ratio of the test facility 

is 0.395 from Eq. ( 16), the transient proceeds 2.5 times faster 
in the test facility than in the prototype. 

The similarity in the drift flux number requires the 
following void relation to be satisfied 

or (17) 

Since the core exit void fractions are the same as 1.0 in both 
prototype and test facility, the requirement of Eq. ( 17) is 
satisfied. 

The orifice number is composed of the loss coefficient, the 
properties of fluid and the geometrical ratio. The ratio of the 
loss coefficient can be set equal to 1.0 when the area ratio 
among the system components is kept constant. Since nearly 
the identical temperature and pressure are maintained in both 
the prototype and the model, the properties are essentially the 
same. Thus, the similarity of the orifice number is conserved. 

Since the subcoo1ing number consists of the fluid properties, 
similarity is achieved by maintaining the similar temperature 
and pressure between the prototype and the model. 

The thermal inertia number is defined as the ratio of the 
heat capacity of working fluid and the structure. Since the 
temperature of the structure is close to that of the fluid at two 
hours from the accident initiation, the heat addition to the 
fluid from the structure is neglected in the experiment. 

The test condition corresponds to the plant state at two 
hours from the LBLOCA initiation. The decay heat of the 
prototype is 42.09MWth pursuant to the decay heat model of 
the ANS-1979 [8). The required total heater power of the test 
facility was determined as follows. 

Thermal power: 
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(18) 

Number ofheaters: 

(Vheater) m = (V fuel) P X a OR X loR 

=!!_xD?rzxLmxN 
4 

(19) 

= 1.406 X 10-2 

N=25 

Although the heater power of 93.47kW was calculated by 
the similarity relation of Eq. (18), the heater power was 
designed to 96k W to consider the operation margin and the 
sensitivity study in the future. The similarity of the flow area 
was conserved by installing twenty-four (24) heaters of 
diameter of 20mm and I rod-type mixture level transmitter of 
diameter of23mm in the core. 

In the second-level scaling of the boundary flow and 
inventory scaling, the important parameter is the break flow 
that must satisfy the following relations: 

The required break area was kept by installing an orifice at 
the break location. 

In the energy inventory scaling, the following relation must 
be considered 

(21) 

It can be seen from Eq. (21) that only the total heat without 
considering the heat addition mechanism is treated. When the 
heat addition from structure except fuel needs to consider, it 
can be compensated with the increase of heater power as 
much as that. As previously described, the heat addition from 
structure is not significant in this experiment. 

The third-level scaling is the local phenomena scaling. The 
major phenomena are the sweepout in the downcomer and the 
entrainment in the core, which governs the coolant level in the 
core and the downcomer. These phenomena can be preserved 
by conserving the flow regime of the prototype. The related 
parameters are the void fraction, the gas temperature and the 
Froude number, which governs the gravitational force and the 
behavior on the free surface. The similarity of the void 
fraction has already been ascertained in Eq. (17), The gas 
temperature ratio has been satisfied due to the similar pressure 
and temperature conditions between the prototype and the 
model. The similarity of the Froude number has also been 
checked in Eq. (14). 

The major design parameters of the SNUF determined from 
the above similarity requirement are compared with those for 
the APRI400 in Table 3. 

Description o(Test Facility 

The design parameters of the test facility based on the 
scaling study are shown in Figs. 2, 3 and Table 3. The test 
facility simulates the APR1400, which consists of one hot leg 
and two cold legs in each loop as shown in Fig. 4. The major 
components are the reactor vessel, the steam generator, the 
pressurizer and the piping. The reactor vessel contains 24 
heaters to simulate the decay heat of the prototype core. The 
steam generator is equipped in each loop and each contains 
sixteen (16) U-tubes. The secondary system consists of the 
steam generator shell, the steam line and the feedwater line. 

Broken Loop Intact Loop 

Figure 4: Bird's eye view of the SNUF 

The SI system consists of a storage tank, a pump and a flow 
control valve. The piping is connected to the upper reactor 
vessel as illustrated as DVI (direct vessel injection) in Figs. 2 
and 3. 

The broken cold leg was designed to simulate the double­
ended guillotine break between the reactor coolant pump and 
the reactor vessel. The cold leg break is simulated with two 
broken section valves and one separation valve. The two 
discharge tanks connected to the broken section simulate the 
containment and simultaneously measure the break flow using 
the level gauge equipped in the tank. 

Instrumentation 
The principal measured parameters are the two-phase 

mixture level in the core and the collapsed water level in the 
downcomer by the float type level transmitter equipped with 
the reed switches in the tube and the DP (differential pressure) 
transmitter by Rosemount Co. The absolute pressure was 
measured at the reactor vessel upper plenum with DPI 260 
model by Druck Co. The orifice meter equipped in each loop 
measured the steam flow rate entering the downcomer from 
each intact cold leg. The differential pressure between the 
reactor upper plenum and the downcomer was measured with 
the DP transmitter of Rosemount Co. The temperatures were 
measured by T -type thermocouples in the reactor upper 
plenum, downcomer, each cold leg, each hot leg, and each 
steam generator primary exit. The steam generator reverse 
heat flux can be computed using the steam generator (SG) 
temperature data and the steam flow rates in the intact cold 
legs. 

Test Procedure 
The structures of the primary system are pre-heated to 

about lOOOC to minimize the heat loss during the test duration. 
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The temperature of the secondary system is maintained 
according to the required test condition. The primary liquid is 
drained through the drain valve installed underneath the 
bottom of the reactor vessel until the liquid level falls below 
the bottom of the cold leg. The drain valve equipped in each 
suction leg drains the remaining coolant in the pipe. At the 
start of the test, all the discharge valves are opened and the 
separation valve is closed simultaneously to simulate the 
break and the heater power is turned on. 

EXPERIMENTAL RESULTS 
The liquid level was maintained close to the bottom of the 

cold leg and the liquid temperature was maintained about 
90 ·c in the atmosphere to simulate the plant state when the 
SI failure occurs at two hours from the LBLOCA initiation. 
On turning on the heater power at about 1 OOsec, the liquid in 
the core was boiled up to the saturated condition and the 
swelled-up mixture began to spill over into both the hot legs at 
about 120sec as shown in Figs. 5 and 6. 

1.3 

1.2 

1.1 

1.0 

0.9 

E--llyllle--
• SG:0.2MPa,120C 
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0 200 400 

Time( sec) 

600 800 

Figure 5: Core two-phase mixture level 
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Figure 6: Downcomer collapsed water level 

This spillover reduced the static head in the core so that the 
liquid in the downcomer surged into the core by the static 
head difference to lower the level in the downcomer as shown 
in Fig. 6. The spillover liquid in the hot legs was gradually 
heated up by the reverse heat transfer from the steam 
?enerator. The upper plenum pressure was gradually increased 
m proportion to the steam generation as shown in Fig. 7. The 
pressure buildup in the upper plenum gave rise to the out­
surge of the liquid from the core into the downcomer. This 
restored the down comer level up to the bottom of the cold leg 

and eventually generated the spillover into the broken cold leg 
at about 150sec as shown in Fig. 6. During the cold leg 
spillover, the downcomer water level was maintained nearly 
constant but the core level was decreased almost as much as 
the spillover from 150 to 180sec as shown in Figs. 5 and 6. At 
about 180sec, the cold leg spillover was terminated when the 
downcomer water level was lowered below the bottom of the 
cold leg as shown in Fig. 6. 
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Figure 7: System pressure 

On the other hand, the differential pressure between the 
upper plenum and the downcomer and the steam flow rate 
were increased due to the buildup of the upper plenum 
pressure as shown in Figs. 8 and 9. The core two-phase 
mixture level was decreased faster from 180sec after the 
termination of the cold leg spillover to about 250sec than 
during the latter half of the test as shown in Figs. 5 and 10. 
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Figure 8: Differential pressure between upper plenum & downcomer 
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Figure 10: Measured core level vs. MAAP4 

The downcomer water level was gradually decreased while 
the steam flow rate through the intact cold leg remained 
nearly constant as shown in Figs. 6 and 9. The thermal 
hydraulic behavior may be explained in terms of sweepout of 
water in the downcomer. While the steam entering the 
downcomer from the intact cold leg was gushing through 
above the surface of water in the downcomer, the steam 
dragged the liquid into the broken cold leg to reduce the 
coolant inventory in the reactor vessel whereby accelerating 
the decrease rate of core two-phase mixture level. The core 
mixt~e level in Fig. 10 indicates that the sweepout 
contnbuted to decreasing the core mixture level faster than the 
results predicted by MAAP4 considering only the steam 
generation by heaters submerged underneath the core mixture 
level as illustrated in Fig. 1. When the downcomer water level 
came down below the critical height for sweepout, the 
sweepout was terminated such that the core and downcomer 
coolant levels almost linearly decreased from 250sec on as 
demonstrated in Figs. 5 and 6. 

During the rest of the test the core mixture level decreased 
slightly faster than was calculated by MAAP4 as shown in Fig. 
10. The difference is attributed to entrainment on the surface 
of two-phase mixture in the core. The primary steam 
temperatures increased by the SG reverse heat transfer while 
passing through the U-tubes as shown in Fig. 11. However, 
the steam at the inlet of the cold leg was cooled down to 
almost 100 ·c due to heat loss to the piping and subsequent 
condensation. It was thus observed that the SG reverse heat 
transfer did not significantly affect the core mixture level. 
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Figure 11: Temperatures at hot leg and SG exit in the broken loop 

CONCLUSION 
Experiment~ were perform~d to determine the two-phase 

coolant level m the core durmg the uncovery initiated by a 
LBLOCA. Test results demonstrate that the core mixture level 
decreased r~ther rapidly in the early peri.od of core uncovery 
and slowly m the latter part of the transient. The differential 
thermal hydraulic behavior resulted from the sweepout by the 
steam and water interaction in the downcomer as well as the 
entrainment of droplets in the core on top of evaporation in 
the core. As the steam flow rate increased with the core power 
and the SG reverse heat flux, the coolant level in the core 
decreased faster. MAAP4 estimated the core level higher than 
the measured value because the code did not account for the 
various thermal hydraulic phenomena such as sweepout and 
entrainment. When the downcomer coolant level fell below 
the critical void height for the occurrence of sweepout, the 
core mixture level decreased linearly pursuant mostly to 
evaporation in the core. 

On the basis of these test results it is recommended that the 
core water level computation in MAAP4 be improved to 
consider the multi-dimensional thermal hydraulic phenomena 
such as sweepout and entrainment. 
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ABSTRACT 
Analysis was performed for a large-break loss-of-coolant 

accident (LOCA) of the APR1400 (Advanced Power Reactor 
1400MWe) with the RELAP5/MOD3.2.2 and MAAP4.03 
codes. The two codes predicted different behavior even with 
the same initiating conditions. The MAAP4.03 code predicted 
considerably higher break flow and emergency core cooling 
(ECC) flow rates during the initial stage of the transient than 
the RELAP5/ MOD3.2.2 code, which causes the LOCA 
sequences to deviate from one another. Hence, the break flow 
model in MAAP4.03 was modified by implementing the two­
phase homogeneous critical flow model with a correction term. 
The ECC flow model in MAAP4.03 was also improved by 
changing the hardwired friction factor based on the sensitivity 
study. Results of the MAAP calculation with these modified 
models were compared with those of the RELAP5/MOD3.2.2 
computation. 

INTRODUCTION 
The break flow model and the emergency core cooling 

(ECC) model play a major role in determining the sequence of 
events during a loss-of-coolant accident (LOCA) in the 
nuclear power plant. Thus, accurate calculations of the break 
flow and the ECC flow are prerequisite to evaluating the 
optimized emergency core cooling system (ECCS) for an 
advanced reactor. 

This work is concerned with evaluation of the severe 
accident analysis code MAAP4.03 [1] for the case of a LOCA 
in "the pressure boundary of the primary system. Normally the 
initial phase of a severe accident in MAAP4.03 is calculated 
roughly as a precursor condition for the severe accident 
leading to the core uncovery, heatup, melting and relocation. 
So far the design-basis LOCA and the severe core melting 
LOCA have been analyzed using two dedicated codes for each 
purpose. For instance the thermal hydraulic computer codes 
like RELAP5/MOD3.2.2 [2] performed the calculation for the 
design-basis LOCA until the core uncovery. On the other hand 
the severe accident computer codes including MAAP4.03 
accounted for LOCA involving severe core damage. 

It is proposed to predict the design-basis accident (DBA) 
and the beyond DBA to severe accident on a continual, 
consistent, coherent basis utilizing one single code rather than 

separate, dedicated codes for each phase of the one accident. 
Preliminary results for a large-break LOCA analysis for the 
APR1400 (Advanced Power Reactor 1400MWe) between 
MAAP4.03 and RELAP5/MOD3.2.2 indicate that there exists 
a considerable difference in thermal hydraulic behavior 
predicted by the two codes. One of the most salient is the 
calculated result for the break flow rate. The ECC behavior 
also differs considerably between the two codes. Thus a 
sensitivity study is performed for the parameters related to the 
differences between the two codes with the improvement 
made to the MAAP4.03 break flow and the ECC flow models. 
In particular the Henry-Fauske [3] two-phase critical flow 
model in RELAP5/MOD3.2.2 was transplanted in MAAP4.03 
along with an auxiliary function to prevent overestimation of 
the break flow rate in the high-pressure region. 

Results of the simulation of the APR1400 LOCA using the 
modified break flow and ECC flow models in MAAP4.03 
show that the break flow rate for the modified model concurs 
with that calculated by RELAP5/ MOD3.2.2 in the earlier 
phase. But it turns out that the overall APR1400 LOCA 
behavior is only slightly influenced by the modified break 
flow and ECC flow models. Since there is no momentum 
equation in MAAP4.03 for the primary system, pressures for 
each of the fourteen nodes of the primary system are not 
individually computed. Therefore, for more realistic 
simulation of the initial stage ofthe LOCA using MAAP4.03, 
more detailed and mechanistic thermal hydraulic calculations 
are required for the primary system. 

NOMENCLATURE 
A area of the opening (m2

) 

A pipe cross-sectional area of one accumulator pipe (m2
) 

C constant 

C d discharge coefficient 

CF correction factor (Pa) 

f friction factor 

fcv opening discharge coefficient 

G 2 critical mass flux ([kg/m2sec f) 
L I D length to diameter ratio of the safety injection tank 
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(SIT) 

~ , ~ pressure in the upstream and downstream 

compartment, respectively (Pa) 

Po pressure in the SIT (Pa) 

Pps pressure in the primary system (Pa) 

Psat saturation pressure (Pa) 

r pressure ratio 
m mass flow rate (kg/sec) 

m g , m w mass flow rate for the gas-steam mixture and water, 

respectively (kg/sec) 

Greek Letters 
a void fraction of the mixture 
r ratio of the specific heats of steam 

'lent 
p 

critical pressure ratio 

density (kg/m3
) 

V g , V 1 specific volumes of gas steam mixture and water, 

respectively in the upstream compartment (m3/kg) 

vw,a specific volume ofwater in the SIT (m3/kg) 

z quality 

IMPROVEMENT OF THE BREAK FLOW MODEL 
Breqk Flow Mode/In Maap4 03 

The current MAAP4.03 code calculates the mass flow rate 
of the subcooled water or a two-phase mixture through an 
opening between two compartments using a simplified version 
of the Henry-Fauske two-phase critical flow model. The 
functional basis of the simplified version of the Henry-Fauske 
two-phase critical flow model is as follows. 

The density p of the two-phase mixture is defined by 

a 1-a 
p=-+--

vg v1 

(1) 

The quality X of the two-phase mixture is given by 

a 
X = -- . Flow is calculated as a function of a pressure 

vgp 

ratio, r , which is either the actual pressure ratio ~ I ~ for 

the unchoked flow or the critical pressure ratio 'lent for the 

choked flow as expressed by 

r = max('lcnt , Pz I r;) (2) 

In addition 'lent is taken to be the minimum of the 

saturation pressure ratio Psat I~ and the critical pressure 

ratio '7 for the critical flow of the two-phase mixture as 

7lcnt = min(q, Psat I P.) (3) 

A simplified fit to the Henry-Fauske model is used to 
calculate '7 as 

• r (4) !
083- ~:~~z z~0.2 

TJ= [0.69-(~Y-~1 
o.69- I+r (z-0.2) z>0.2 

0.8 

For water flow with a< 0.001, the mass flow rate m is 
given by 

(5) 

For a two-phase flow with a~ 0.001, the mass flow rate 
m is expressed as 

ju~{~a (1-r)+ r~l (!-/;' >]11/2 
m=Afro 2 

[
1-a 1 ] a--+ -

a rllr 

(6) 

The mass flow rates (J) g , (J) w for respectively the gas­

steam mixture and water through the opening are then 
calculated by 

{J)g = mz 
(7) 

{J)w = m(l- .z) 

Modification qfthe Breqk Flow Model 
The break flow model for the two-phase mixture in 

MAAP4.03 is modified by using the Henry-Fauske two-phase 
critical flow model as implemented in RELAP5/MOD3.2.2. 

The critical mass flux G2 used to modify the model is 
given by 

(8) 

In Equation (8) subscripts 0 and t signify the stagnation and 
throat values, respectively. Since there are no throat values in 
MAAP4.03, the donor compartment values are used instead. 
The critical pressure ratio '1 of MAAP4.03 is used to 
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calculate ~ I Po of the modified model. 

Since the following relations hold as 

Xo 

Equation (8) can be rearranged as 

p, 

p, 

p, 

vg.~v1,0 [1-a0 +a0 (qf"r] 

(1-a0 )vg,o +a0v1,0 

(9) 

(10) 

To correlate the values of the donor compartment and the 
earlier phase of the break flow rate, a new discharge 
coefficient is considered as follows 

I 
<P,tP)'I 

fco'=fcox1- C (11) 

where constant C can be found by sensitivity study to get a 
relative break flow rate. This treatment is intended to correct 
for the over-estimated break flow rate dominantly resulting 
from large pressure difference. 

As a result, the break flow rate is given by 

(12) 

EVALUATION OF THE ECC FLOW MODEL 
MAAP4.03 represents the flow from one safety injection 

tank (SIT) into the primary system by the equation 

(13) 

c - 1 
d ~1+ jLI D 

In Equation (13), L/ D is the input value and the friction 

factor f is a hardwired value. From the analysis of the 

APRI400, using the hardwired friction factor of 0.02, the 
ECC flow rate calculated by MAAP4.03 is higher than that 
computed by RELAP5/MOD3.2.2. Therefore changing the 

friction factor from 0.02 to 0.1 through sensitivity study, the 
ECC flow rates are compared between two codes. 

SIMULATION OF APR1400 LOCA 
Primary System Nodalization 

The APR1400 is a 4000MWt pressurized water reactor with 
an advanced design feature of the direct vessel injection (DVI) 
as the safety injection system. Both the RELAP5/MOD3.2.2 
and MAAP4.03 input decks were prepared for analysis of the 
double-ended large-break LOCA for the APR1400. The 
primary system nodalizations for MAAP4.03 and RELAP5 
are shown in Figures I and 2, respectively. The nodalization 
for MAAP4.03 is hardwired in the code. As illustrated in 
Figure 1, the loop is divided into one broken loop and the 
unbroken loop. A total of fourteen nodes are allotted for the 
primary system. But in RELAP5 as shown in Figure 2, the 
nodalization is at the users' disposal. In this respect the 
nodalization in RELAP5 provides with more user flexibility. 

Accident Sequence Description 
The accident sequences as predicted by the two codes are 

summarized in Table 1. 

RESULTS 
As shown, rather differing LOCA sequences are predicted 

by the two codes. The primary system pressure as calculated 
by MAAP4.03 and the upper plenum pressure as computed by 
RELAP5/MOD3.2.2 are compared in Figure 3. The break 
flow and the ECC flow rates are compared in Figures 4 and 5, 
respectively. MAAP4.03 predicted significantly higher break 
flow and ECC flow rates than those determined by 
RELAP5/MOD3.2.2 in the earlier phase of the transient. 
MAAP4.03 results with the modified Henry-Fauske break 
flow model along with the modified ECC flow rate are also 
comparatively shown in Figures 4 and 5. From 15 to 60sec, 
the break flow rates of the two codes differ from each other. 
However, the difference is relatively minor considering 
various computational factots arising from basically different 
numerical schemes adopted in the two codes. The modified 
MAAP4.03 predicts similar break flow and ECC flow rates 
with those given by RELAP5/MOD3.2.2. The primary system 
pressure is changed to some degree as the result of the break 
flow and ECC flow rate change. As shown in Figure 4, the 
break flow rate is calculated more accurately by combination 
of the modified break flow and ECC flow models than by the 
modified break flow model only. 

Overall, it is believed that modification of the break flow 
model alone ought to be complemented by the. surrounding 
primary system and the ECCS model improvements to extend 
the calculational capability of MAAP4.03 so as to more 
rigorously account for the global behavior of the primary 
system in the early phase of the LOCA. 

CONCLUSION 
Results ofthe simulation ofthe APR1400 LOCA using the 

modified break flow model in MAAP4.03 show that the break 
flow rate for the modified model concurs with that of 
RELAP5/MOD3.2.2 in the earlier phase. 

882 
Digitised by the University of Pretoria, Library Services, 2015



Cold Lea 
Tubes 

W(11) 

W(10) 

t W(14) 

____r-! ~ Hot Leg 
....,__ Upper __._... 

W(15) ~orne~ W(2) 

Safety t W(1) 
InJection --. ...-
through 

(18) won DVI 

W(4} 

W(5} 

Safety 
InJection 
through 

OVI 

W(20)- Broken 
Loop Break 

Figure 1: Primary System Nodalization and Flows in MAAP4.03 

Figure 2: Primary System Nodalization in RELAP5/MOD3.2.2 
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The break flow rate from the modified model is reduced to 
about half the original value during the earlier phase 
(O~IOsec). When the modified ECC flow model is combined 
with the modified break flow model, the break flow and ECC 
flow rates are calculated more accurately than those calculated 
by the modified break 'flow model only. But it turns out that 
the overall APR1400 LOCA behavior is only slightly 
influenced by the modified break flow and ECC flow models. 
The reason for this may be that calculation of the coolant 
properties like the pressure, void fraction, specific volume of 
the donor compartment (i.e., the primary system) must also be 
simultaneously modified in the MAAP4.03 primary system 
models together with localized modification of the break flow 
and ECC flow models. Since there is no momentum equation 
in MAAP4.03 for the primary system thermal hydraulic 
modeling, the pressures for each of the fourteen nodes of the 
primary system are not individually calculated. Rather, 
MAAP4.03 considers only one average pressure for the whole 
primary system. In the absence of the momentum equation in 
MAAP4.03 the water mass flow rate is calculated by the mass 
balance of the six water pool nodes including parts of the 
fourteen primary system nodes. On the other hand, the gas 
flow rate is computed by the quasi-steady momentum balance 
for the fourteen primary system nodes considering only the 
hydrostatic pressure of each node. Therefore, for more 
realistic simulation of the initial stage of the LOCA using 
MAAP4.03, more detailed calculations are required of the 
Primary system. One possible way of improving the 
MAAP4.03 primary system may be that all fourteen primary 
system nodes are applied to the water flow rate calculation in 
the primary system so that the quasi-steady momentum 
balance is used to calculate the water mass flow as well as the 
gas flow. The hydrostatic pressure effects on the water flow 
rate calculation will be considered in the proposed method. 
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ABSTRACT 
In the design and· operation of energy intensive systems the 
need to improve its efficiency is very clear. The main way 
to address this problem is through thermodynamic analysis. 
This paper describes the general approach for calculation 
the exergy efficiency of complex energy intensive systems 
with arbitrary structure. A novel general equation of 
systems exergy efficiency is provided. An example of the 
analysis method, as applied to a nuclear power plant, is 
given. 

INTRODUCTION 
The processes taking place in thermal-power and other 
complex energy intensive systems are characterised by 
mutual transformation of quantitatively different power 
resources. The thermodynamic analysis of such systems 
requires combined awlication of both laws of 
thermodynamics and demands the exergy approach [I]. 
In contrast to the methods of thermodynamic investigation, 
the new exergetic method takes into account not only 
quantity but also quality of energy flows. The quality of 
energy is a more important objective rather than the 
quantity. The first important feature of the exergetic 
methods is their universality. It is possible to estimate the 
!luxes and balances of all kinds of energy for every element 
of the system using a common criterion of efficiency. 
Therefore, the exergetic methods are meaningful in 
analysis and calculations. The second important feature of 
the exergetic methods is their direct ties with the technical­
economical characteristics of system. The economical 
investigations based on exergy cover a wide area of 
problems, from systems optimisation to prices of 
installations. This approach is known as thermo-economic 
analysis. The use of exergy permits an easy way to choose 
the objective criterion for the estimation and optimisation 
of systems. As result, exergy and its functions in systems 
analysis provide a very good guide to practical engineers. 
Despite its usefulness, the exergetic approach was not fully 
realised for a long time. One reason for this situation is its 
underestimation abilities, which is available in exergetics 
functions for mathematics modelling synthesis and the 
optimisation of flow sheets. Another reason is its 
mathematical difficulty in thermodynamic analysis. As a 
result, the increasing of complexity of optimisations 
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problems requires more effective and powerful mathematics 
methods. Many papers with different applications [2-6] 
have been published in this area within the last few years. 
The scope of these papers and our investigations [7-12] 
showed that one of the most effective mathematical 
methods is the "method of graphs" theory [ 13). 
The approach by the graphs theory is very effective in 
systems investigations, because the binary connection 
between the elements of any multitude can be conveniently 
displayed by graphs. 
The usefulness of the graphs models can also be 
demonstrated by its flexibility in wide varieties of 
applications. Consequently, the most effective way to solve 
the problems of thermodynamic analysis and the 
optimisation of the flow sheets is to combine the methods of 
exergetics analysis with mathematical methods of graphs 
theory. 
The unit exergy-graphs method developed by the authors 
[7] as exergy-topological is herewith described. 
The exergy topological method is based on the combination 
of exergy flow graph, exergy losses graph and thermo­
economic graphs. In this article, the exergy flow graph is 
used. 
The models described in References [10,11] can be 
employed to find degrees of thermodynamic perfection and 
exergy losses for separate elements as well as for the whole 
system. However, these methods do not take into account 
the technological aim of the system activities. Such an 
aspect can be taken into account with the help of exergy 
efficiency of the system. A simple and effective example of 
the difference between the degree of thermodynamic 
perfection of an element and its exergy efficiency can be 
given by a pipeline. In the best case, the exergy losses in it 
can be very small (approximately zero), and the degree of 
thermodynamic perfection will be near 100%. This 
element has no useful efficiency from the thermodynamic 
point of view, so its efficiency will be equal to zero in all 
cases. 

GENERALEQUATIONFOREXERGYE~CRNCY 

OF COMPLEX SYSTEMS 
The equation which joins the exergy efficiency of separate 
elements and the exergy efficiency of the system as a whole 
was developed in Reference [7] as: 
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where 

i _Eiu 
11a-Ea 

I 

- exergy efficiency of ith-element 

- influence coefficient of ith-element 

- ith-element exergy used and available 

- whole system exergy used and available 

m1 - the number of head elements of the system 
m2 - the number of other (not head) elements of 

the system. 
m = m1 + m2 - the total number of elements of the system. 

Elements which use energy resources from external sources 
belong to head elements. Notice that on one hand, the 

calculation of the values of inlet-E;n and outlet-E~t 

exergies is independent on the type of the element. On the 

other hand, the calculation of Er andE: is closely 

associated with the concrete type of exergy conversion in 
that element. In the analysis of different thermal power 
systems, six types (groups) of elements [8] are allotted and 
the used and available exergies of the allotted elements are 
calculated by the same formulas [8). In other energy­
intensive systems such as chemical-technological ones, the 
number of types of elements may be increased if it is 
necessary. 
The model EEF (see below) works with the exergy flow 
graph [10]. As it was shown in [10], the exergy flow graph 
of a system with arbitrary structure is a graph E =(A, f)= 
(A, U) whose nodes multitude A={a1. a2, ... ,ai , ... ,3m } 
corresponds to the system elements and arcs multitude 
U={a; ,a1}; i :t:. 1; i = 1, 2, ... , rn; 1 = 1,2, ... , m; to the 
distribution of exergy flows in system, while r represents a 
multivalued display of multitude A into itself. 
The numbering of graph nodes (elements) is arbitrary. For 

the effective calculation of E r and E: for elements of the 

sixth type (multiflows recuperative heat exchanger [8]), 
items should be numbered in a special order: the number 
for the flow at the exit of the element should be a unit 
larger than that of the flow at the inlet to the element. The 
numbering of exergy flows for other types of elements is 
also arbitrary. 
The method and algorithm for the calculation of exergy 
efficiency work with a matrix of incidence [13]. 
The elements of the matrix can have one of three 

meanings: 0, 1, -1; where 0 means thatjth-flow andith­
element are not tied; 1 means that jth-flow enters ith­
element; and -1 means thatjth-flow leaves ith-element, 
respectively. 

OUTLINE OF A MODEL EEF 
A model EEF for the determination of exergy efficiency for 
a system of arbitrary structure consists from four main 
blocks. 
In the first block, exergy flow graph E = (A, U) and its 
matrix of incidence are built corresponding to the system 
under consideration using the rules descnbed in [10). 
In the second block, the procedure for recognizing the types 
of flows on arcs on graph E =(A, U) and for calculation of 
their exergies are made. 
For example, the exergy flows of five types: exergy of mass­
flow, exergy of heat-flow, exergy of work, exergy of fuel, 
and nuclear bound exergy are considered in a thermal 
power system. The calculation method for these five types 
is given in [ 1]. 
In the third block, the procedure for computing different 
types of elements and for the calculation of used and 
available exergies of elements by formulas given in [8] is 
realized. 
In the fourth block, exergy efficiency of the ith-element 

7]~ =E;u I Et , coefficient of influence P; =Et IE; and 

exergy efficiency of the whole system are calculated by 
formula (1). 

EXAMPLE: DETERMINATION OF EXERGY 
EFFICIENCY FOR A NUCLEAR POWER PLANT 
The model EEF described above is applied to the exergy 
efficiency calculation of a nuclear power plant (Fig. 1). 
The exergy flow graph for this flow sheet is given in Fig. 2, 
and matrix of incidence is given in Fig. 3. 
The parameters of the flows are calculated in [7] and shown 
in Table I (parameters of environment were taken: Po= 0.1 
MPa, To= 273.15 K). 
Applying the model EEF, the calculation results of the 
exergetic characteristics of a power plant are given in 
Table 2. 
From Table 2, it is observed that the largest exergy losses 
are in the nuclear reactor I because of the large 
irreversibility of the process converting exergy of radiation 
to the exergy of the steam. The large irreversibility explains 
the low exergy efficiency of the nuclear reactor 
(TII = 0.680). 
Exergy losses in the boiler II are due to the transfer of heat 
flow from the high temperature level (flows 1 ,2) to the 
lower temperature level (flows 17,18). 
The exergy efficiency of the heat exchangers are in a wide 
range- from flrx = 0.397 (for low pressure heater IX) to 
TIXIV = 0.943 (for high pressure heater XIV). The exergy 
losses in heat exchangers are caused by high irreversibility 
of heat exchange with large temperature difference between 
"hot'' and "cold'' fluid flows. The larger the temperature 
difference, the larger the exergy loss, resulting in a lower 
exergy efficiency. Another factor in the exergy efficiency of 
the heat exchangers is the total temperature level of "hot" 
and "cold" flows. The bigger is this level, the larger the 
exergy efficiency and the smaller the exergy losses. 
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Table 1. Parameters of flows in Oowsheet of nuclear power plant in Fig.l 

Number Temperature Pressure Specific Specific Mass flow Specific Exergy flow 
of flow T,K P,MPa enthalpy entropy rate m, exergy rate 

h, s, kgls e, £, 
kJ/kg kJ/(kgK) kJ/kg 

MW 
1 2 3 4 5 6 7 8-

1 817.2 10.0 1189.6 2.9736 3738 378.0 1412 
2 798.2 9.80 1095.6 2.7977 3738 332.0 1240 
3 - 0.90 2628.8 6.2997 8.428 909.0 7.661 
4 777.2 2.85 2801.8 6.2032 178.3 1108 197.6 
5 - 0.201 2436.0 6.4399 139.4 677.9 94.50 
6 - 0.181 2679.9 7.1071 77.30 739.6 57.18 
7 573.8 0.004 2250.0 7.4681 67.09 211.2 14.7 
8 573.8 0.004 116.90 0.4027 67.09 6.963 0.4476 
9 574.0 1.20 117.40 0.4056 67.09 6.671 0.4671 
10 613.5 1.00 282.80 0.9126 67.09 33.52 2.249 
11 612.2 1.00 279.60 0.9116 150.3 30.73 4.619 
12 632.2 0.80 360.90 1.1448 150.3 48.36 7.269 
13 667.8 0.60 510.30 1.5432 150.3 89.01 13.38 
14 684.4 0.35 581.40 1.7194 178.3 112.0 19.97 
15 684.8 4.00 585.50 1.7205 178.3 115.8 20.65 
16 713.0 3.80 707.00 2.0058 178.3 159.4 28.42 
17 742.2 3.60 830.90 2.2798 178.3 208.5 37.18 
18 780.2 3.05 2801.9 6.1832 178.3 1114 198.6 
19 - 0.465 2548.2 6.4135 8.428 797.3 6.719 
20 - 0.843 2628.8 6.3000 8.428 908.9 7.660 
21 - 1.50 2703.7 6.2600 11.20 994.7 11.14 
22 740.8 1.50 828.50 2.2782 11.20 206.7 2.310 
23 715.2 0.84 714.90 2.0311 19.63 160.4 3.100 
24 - 0.50 2548.2 6.3501 8.420 814.6 6.865 
25 - 0.27 2472.8 6.4132 10.89 722.0 7.862 
26 - 0.088 2578.2 7.1454 4.270 527.5 2.679 
27 - 0.038 2474.5 7.2278 5.973 501.3 2.994 
28 - 0.035 2474.5 7.2281 5.973 501.2 2.993 
29 - 0.081 2578.1 7.1454 4.270 627.5 2.678 
30 - 0.241 2472.8 6.4135 10.89 721.9 7.861 
31 662.7 0.240 488.90 1.4892 10.89 82.35 0.897 
32 636.4 0.080 376.90 1.1925 77.26 51.35 3.967 
33 612.5 0.034 278.80 0.9121 83.23 29.79 2.480 
34 - 1.60 2703.7 6.2556 11.20 995.9 11.15 
35 - 0.20 504.70 1.5301 62.10 86.98 5.401 
36 612.5 1.00 277.00 0.9047 83.23 29.82 2.487 
37 - - - - - - 0.100 
38 - - - - - - 0.812 
39 - - - - - - 0.100 
40 - - - - - - 47.32 
41 - - - - - - 24.41 
42 566.2 0.30 84.100 0.2962 3415 3.230 11.03 
43 576.2 0.30 126.00 0.4384 3415 6.860 23.43 
44 - - - - - - 253.0 
45 - - - - - - 70.00 
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22 
XV 

Fig.l. F1owsheet of nuclear power plant 

flxv 
Fig. 2. Exergy flow graph corresponding to the flowsheet in Fig.l 

1 2 3 4 5 6 7 8 9 10 11 ... 40 41 42 43 44 45 
I -1 1 
II 1 -1 
m -1 -1 -1 
IV -1 
v 1 -1 I -1 
VI 1 -1 
VII -1 -1 
vm 
IX -1 
X 

il I I -1 
-1 

Fig. 3. Matrix of incidence of the exergy flow graph shown in Fig. 2. 
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Table 2. Thermodynamic characteristics of nuclear power plant in Fig.l 

N Name of Element Number of Used Available Coefficient Rates Exergy 
corresponding exergy exergy of influence, of efficiency, 
node of graph flows flows ~i exergy T'li 

rates rates losses, 
Et, Eia, nj, 
MW MW MW 

1 2 3 4 5 6 7 8 
I Reactor I 172 253 1.0 81 0.680 
2 Steam generator n 161 172 0.677 11 0.938 
3 Turbine of high pressure Til 47.3 69.5 0.274 22.2 0.680 
4 Separator IV 0 31.9 0.126 31.9 0 
5 Turbine of low pressure v 24.4 37.3 0.147 12.9 0.654 
6 Generator VI 70.0 71.7 0.282 1.70 0.975 
7 Condenser VII 12.4 13.7 0.0539 1.31 0.905 
8 Condenser pump VIII 0.0195 0.10 7.6·10-5 0.0805 0.195 
9 Low oressure heater IX 1.78 4.48 0.0176 2.70 0.397 
10 Low pressure heater X 2.65 5.00 0.0197 2.35 0.529 
11 Low oressure heater XI 6.11 6.96 0.0274 0.85 0.878 
12 Deaerator XII 0 3.23 0.0127 3.23 0 
13 High pressure heater XIII 7.77 8.83 0.0347 1.06 0.879 
14 High pressure heater XIV 8.76 9.23 0.0363 0.47 0.943 
15 Pump of low pressure XV 0.007 0.10 0.000394 0.093 0.07 

heaters 
16 Feed oumo XVI 0.68 0.81 0.0032 0.13 0.837 
17 Pipe line between XVII 0 0.001 3.94·10-6 0.001 0 

turbine of low pressure 
and heater of low 
pressure IX 

18 Pipe line between XVIII 0 0.001 3.94·10-6 0.001 0 
turbine of low pressure 
and heater of low 
pressure X 

19 Pipe line between XIX 0 0.001 3.94·10-6 0.001 0 
turbine of low pressure 
and heater of low 
pressure XI 

20 Pipe line between XX 0 0.146 5.75·10-4 0.146 0 

turbine of low pressure 
and deaerator 

21 Pipe line between XXI 0 0.001 3.94·10-6 0.001 0 

turbine of high pressure 
and heater of high 
pressure XIII 

22 Pipe line between XXII 0 0.001 3.94·10-6 0.01 0 

turbine of high pressure 
and heater of high 
pressure XIV 

23 Mixture of flows XXIII 0 0.117 4.61·10-4 0.117 0 
24 Pipe line between steam XXIV 0 1.0 3.94·10-3 1.0 0 

generator and turbine 
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Exergy losses in the turbines and pumps are the result of 
the dissipation of the expansion and compression processes 
in real installations .. Exergy losses in the generator are the 
result of mechanical (friction) and electrical dissipations. 
Exergy efficiency of these devices also depends on the 
quality of its construction . . 
Exergy losses in other elements of the system (ptpe hnes 
and mixture) are caused by dissipation of the flow. 
All these elements have zero exergy efficiency (ll = 0). 
The dominant influential elements in the system are the 
nuclear reactor, the boiler, and the turbines, because these 
devices transform the main exergy flows in the flow sheet 
for the system as a whole. 

Exergy losses: 

24 

II L = L II i = 171 . 6 MW 
i=l 

Exergy efficiency: 

L = E~ = 82.4 = 0.326 
1/a Ea 253 

l: 

The exergy efficiency llL ex is less than that of the majority 
of elements of the system (excluding that which have zero 
efficiency). There are a few elements having less exergy 
efficiency than the system as a whole is characterized (for 
example condensate pump llVIII = 0.195). These elements 
have very small coefficient of influence (J3~0.000076) 
and little impact on the exergy efficiency of the whole 
system. 

CONCLUSION 
A novel calculation method for the exergy efficiency of 
complex systems is described in this paper. This method is 
based on the general equation for systems of arbitrary 
structure and on special properties of exergy-topological 
models. It can be constructed for every energy- intensive 
system. The method is applicable, regardless of the 
technological aim and structure of the system. It can be 
applied for the investigation of various energy intensive 
systems in different branches of industry. The illustrative 
example given above demonstrates the application of the 
proposed method for thermodynamic analysis of nuclear 
power plant. 
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This article deals with the influence of lignite and other 
low-rank coals on the heat transfer and the conversions taking 
place in large coal-fired steam boilers. The lower heating value 
of the ipvestigated coal ranged from 9 to 10 MJ/kg with 20 % 
ash and about 38 % moisture. Our analysis of the energy 
conversions is mainly concerned with the heat loss due to the 
exhaust flue gas. Changes in the composition of coal are 
reflected in the quality of the processes expressed as the 
efficiency of the boiler and the unit and in the quantity of power 
needed for the operation of the power-plant. On the basis of 
measurements on power plant units our attention was focused 
on the influence of moisture, hydrogen, ash and sulphur changes 
in the coal. The heat loss and the other performances of the 
boiler due to the exhaust flue gas are determined in relation to 
the efficiency of the steam boiler and the power-plant unit. 

INTRODUCTION 

Changes in the composition of coal are not only reflected in 
changes to the boiler's specific consumption but also in the 
quality of the processes taking place in the power-plant unit. So, 
while striving to produce power at the lowest possible cost, the 
quality i.e. the composition of the coal becomes an important 
parameter. The composition of coal can be described with a 
simple analysis of five characteristics: total moisture, air-dried 
moisture, volatile matter, ash and fixed carbon, or a more 
sophisticated analysis that involves the determining the 
elemental composition of the organic fraction in addition to the 
ash and moisture content of the coal. The basic data to provide 
a coal-quality specification are heating value, moisture, ash and 
sulphur content. A review of lignite specifications and the 
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Boris Dejanovic** 

** Power Plant Sostanj 
C.L.Ribarja 18 

3325 Sostanj, Slovenia 

influence of lignite composition on the combustion process in 
the boiler and the related effects on overall power-plant 
performance was presented in Refs. [2-4]. The effects in the 
boiler can be described as immediate and indirect. For instance, 
the immediate effects of ash content and ash composition are a 
lower heating value and consequently a larger m£~ss flow of 
coal, as well as fouling, slagging, abrasion, erosion and 
corrosion; while the indirect influences are reflected in the 
amount of power consumption required for coal grinding, gas 
cleaning, transportation of the coal and ash and also in heat 
losses from the boiler and in the overall efficiency of the unit. 
The influence of moisture in the coal is also complex. The 
origin ofthe water-steam in the flue gas, which has an important 
influence on the value of the flue-gas loss, is twofold. The first 
is the mass fraction of water in the coal that is related to the 
inherent and surface moisture, and the second is that originates 
from the combustion of the hydrogen in the coal. The surface 
moisture of the coal is converted to vapour during milling and 
forms part of the coal-air mixture in the feed system [ 4]. The 
vapour then enters the furnace, where it can cause a delay in 
coal ignition, a increase in the flame length and a change in the 
optical properties of tht: flame. This effect is important for coals 
with higher moisture contents. The inherent moisture has a 
direct influence on coal ignition while the release of the 
volatiles from the coal particles cannot start prior to the 
evaporation of the moisture. To prevent any delay in 
volatilisation for coals with a high inherent moisture content the 
mill's air inlet temperature should be increased. 

In this paper theoretical examinations are compared with 
the results of measurements on two units at the Sostanj power 
plant, Slovenia. The treated coal was lignite, dug from the 
nearby Velenje coal mine, with lower heating values ranging 
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Figure 1: THE LIGNITE COMPOSITION, LIGNIT MINE 
VELENJE-PESJE, SLOVENIA. 

from 9 and 10 MJ/kg, and ash contents of about 20 % and 
moisture contents of about 38 %. The power plant has five 
units, the examined units were unit 4 with 275 MWe and unit 5 
with 345 MWe, both with a pulverised coal firing system. 

NOMENCLATURE 

H 
h 
I 
m 
p 

w 

heating value (kJ/kg) 
mass fraction ofhydrogen in the fuel (kg/kg) 
heat loss (%) 
mass fraction {kg/kg) 
electric power 
temperature ec) 
heat flow (W) 

mass fraction of moisture (water) in the fuel 
(k:gwam/kgfuc:t) 

Greek Letters 

Ya mass portion of ash in the fuel (k:~) 
A. excess air quotient(-) 

Subscripts 

A,min 
f 
F 
fgd 
g 
G 
Go 
i 
oth 

stoichiometric amount of dry air 
free 
fuel 
flue-gas desulphurisation 
generator tenninals 
flue gas 
flue gas at temperature of the environment 
inferior, lower 
other 

THE FUEL SPECIFICATIONS 

The fuel used in the examined power plant is yellow-brown 
lignite with a wooden structure, extracted from the nearby 
Velenje mine. The lignite composition, guaranteed by the coal 
supplier, had the following properties: lower heating value 9200 
kJ!kg, total moisture 38 %, ash content 20 % and ultimate 
analysis: S, 1.4 %; C, 27 .I %; H2, 2.1 %; 02, 11.0 %; and N21 
0.4 %. The water, ash, carbon and hydrogen content of the coal 
used in the SoManj power plant in the period 1989-98 is 
presented in Fig.l. 

The variations in the composition and the lower heating 

i!l50 
g i4o r 
,~30 I r u ~20 I 

-i r J J! 10 j .. . ul 0 
loMr 

hydrogen sulphur moisture 
heating 

carbon 
ash!%] 

value 
[%] [%] (%] [%] 

max 10.58 29.2 2.8 1.7 40.8 23.16 

min. 8.26 23.11 2 0.4 35.85 11.8 

•average 9.45 26.45 2.44 0.76 37.98 18.136 

Figure 2: THE VARIATION OF LIGNITE COMPOSITION. 

value of the lignite are presented in Fig.2. The extremes and the 
average values for each parameter are also indicated. 

BOILER EFFICIENCY AND LOSSES 

Direct losses 

The first-law thennal efficiency of the boiler is calculated 
on the basis of the heat losses that occur during boiler operation 
at a constant load [1]. The individual loss is defined as the ratio 
of the unutilised or lost heat flow Q:r and the heat flow supplied 

to the boiler by means of fuel Q F • Our earlier study [2] 

suggested that the boiler efficiency is affected predominantly by 
the heat loss due to the exhaust flue gas /G which is the highest 

and gives us an order of magnitude value for the boiler 
efficiency. The empiric equation [2] for calculating the loss due 
to the exhaust wet flue-gas yields: 
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The advantage of this equation is that all the parameters 
that influence the loss value are clearly evident. It is obvious 
that the influential parameters in the equation that depend on the 
composition of the coal are: lower heating value, stoichiometric 
amount of dry air, mass fraction of ash in the coal and the 
fraction of moisture in the flue gas. The parameters that are not 
directly dependent on the composition of the coal are: the 
temperature of the exhaust flue gas and the excess air quotient. 
Ash is the residue remaining after complete combustion of the 
coal, and the excess air quotient is defmed as the ratio of 
actually used combustion air and the theoretical amount of air 
needed for burning a mass unit of the fuel. The water-steam mw 
in the flue gas, equation ( 1 ), has two sources, the mass fraction 
of total moisture in the coal and the mass fraction of hydrogen 
in the coal: 

mw = w+9h. (2) 

It should be pointed out that for lignite the factors that 
depend on the composition of the coal have a weak influence on 
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Figure 3: FLUCTUATIONS OF THE STACK LOSS. 

the value of the heat lost by the exhaust flue gas. Fig. 3 shows 
the ranges of possible fluctuations of the stack loss for three 
cases: changes to the lignite composition, excess air and the 
exhaust flue-gas temperature. Among them the influence of the 
lignite composition on the stack loss is the weakest, a change in 
the temperature and change to the actually used mass flow of 
combustion air have a much stronger influence. 

The impact of the different components of the lignite on 
stack losses is very varied. For instance, while an increase in the 
carbon or hydrogen content decreases the losses, an increase in 
the moisture in the causes losses to increase, Fig.4. The level of 
losses due to the heat associated with water vapour in the flue 
gas is, for lignite, up to 20 %. Although there are only a few per 
c~nt~ of hydrogen in the lignite, its influence on heat loss is 
~Ignificant. For instance, with 5% hydrogen and 50% moisture 
m the coal the portion of water vapour in the flue gases which 
results from the combustion of hydrogen is bigger than the 

0.30 

~0.25 

= 0.20 
0 

~ 0.15 

-e 0.10 
c 
·; 0.05 
C) 

; 0.00 
.c 
~-0.05 

~-0.10 
lo.15 

-0.20 
-20 

• 
' 

' 
' ~water-• ' ....... ' / --"""" 

...... ~ v 
/ ~ ....... 

/ ' ~ 
......,hydrogen ' - ' ... 

' le carbon 

-10 0 10 20 
relative change of coal component composition rtol 

Figure 4: FLUCTUATIONS OF STACK LOSS DUE TO 
CHANGES OF LIGNITE COMPOSITION. 

portion that results from coal moisture. Calculations show [2] 
that over 60 % of the heat loss due to exhaust flue gas is 
connected with the amount of nitrogen and carbon dioxide that 
originates from the theoretically required quantity of 
combustion air. Rationalisation by decreasing the mass of the 
flue gas and consequently the stack loss is thus only possible on 
less than 40 % of the mass flow of flue gas leaving the boiler. 
This part belongs to the excess air and water vapour. The 
operating conditions for power plants in connection with the 
actual excess air are frequently very different in comparison 
with theoretically desired values or values recommended by the 
boiler manufacturer. While the quantity of excess air has the 
most important influence on the value of the stack loss the 
actually used excess air needs to be frequently supervised by 
independent measurement. As an illustration, Fig. 5 represents 
the actual state of operation on unit 5 at Sostanj power plant. 
The consequence of the catch state is an increase in the stack 
loss due to an increase in the amount of excess air, as presented 
in Fig.3. 
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Figure 5: ACTUALLY USED EXCESS AIR. 
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Indirect losses 

The composition of the coal has a strong effect on the 
electrical power needed for the operation of the boiler 
auxiliaries and the combustion byproducts, processing and 
handling. The power used for these power consumers can be 
considered as an indirect loss that increases the specific power 
consumption of the unit and reduces the free electrical power. In 
coal-fired power plants there are two important power 
consumers that are the most dependent on coal composition: the 
coal pulverising equipment Ppe and the device for flue-gas 
desulphurisation Pfgd· The useful electrical power of the unit is 
thus the power at the generator terminals P g reduced by the 
power consumption of the unit P oc: 

Here, P oth stands for the power consumption of all the other 
consumers in the unit. 

The results of the measurements on unit 4 show that the 
power needed for lignite grinding represents 12 % to 14 % of 
the unit's own power consumption and could increase by as 
much as 1 MW if the portion of ash in the lignite increases by 
4 %. For unit 4 each 1% change in the amount of ash alters the 
energy yield of the unit by 0.1 %. 

The power needed for the flue-gas desulphurisation 
depends mostly on the type and the system of the device. Unit 4 
has a wet flue-gas desulphurisation (FGD) system which is 
placed on the cold part of flue-gas tract after the electrostatic 
precipitator. The measurements on this unit showed that the 
power consumption of the FGD device with 95 % efficiency is 
between 2 % and 3 % of the produced electrical power. For the 

100 150 200 250 300 
power at generator terminals [MW] 

Figure 6: POWER CONSUMPTION OF FLUE GAS 
DESULPHURIZATION DEVICE. 

same load on the unit the difference in power consumption is 
caused by the different quantities of sulphur that have to be 
removed from the flue gases. The reason for the increase in the 
sulphur mass flow through the FGD device is the increasing 
sulphur content in the lignite or the increasing lignite mass flow 
for an unchanged content of sulphur. The mass flow of the fuel 
will increase if the heating value of coal decreases - more ash 
or moisture and less combustible matter in the lignite. The 
results of the measurements of power consumption of the FGD 
system on unit 4 performed in the years 1995 and 1999 are 
presented in Fig. 6 and Fig. 7. It is evident that although the 
sulphur content of the lignite and the specific power 
consumption of the FGD system remained almost equal, the 
power consumption of the FGD system in 1999 was greater. 
The reason is the increased mass flow of the sulphur through the 
flue-gas system as a result of the lower heating value of the 
lignite. 

Disguised losses 

There are some disguised effects on the efficiency of the 
steam boiler and the power-plant performances caused by a 
variation in the lignite composition. 

The increase in the overall coal moisture enlarges the flue­
gas volume flow, which leads to a reduction in the flame 
temperature in the furnace. Consequently, the heat flow carried 
by radiation into the evaporator becomes smaller. On the other 
hand, the moisture in the lignite that enters the furnace can 
cause a delay in lignite ignition, an increase in the flame length 
and a change to the optical properties of the flame. Because of 
the selective emisivity of water molecules an increase in the 
partial pressure of the water molecules in flame increases the 
emission coefficient of the flame. The overall effect of 

sulphur content 

0~------~----~-------r----~ 
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power at generator terminals [MW] 

Figure 7: SULPHUR MASS FLOW. 
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increasing the flame volume and emisivity and decreasing its 
temperature is usually a smaller radiative heat flux to the 
evaporator in the furnace. As a consequence, the heat flux that 
remains for convective heat transfer in the convective part of 
the boiler is greater. This effect causes the higher temperatures 
of the flue gases leaving the furnace as well as the higher 
temperatures in the cold part of the boiler. The consequence is 
an increasing heat loss due to exhausted flue gases [3]. The 
situation is clear in Fig. 8, where a part of results of the 
comparative measurements in 1995 and 1997 is presented. 
During both measurements the operation mode and the 

100 150 200 250 300 

power at generator terminals [MW] 

Figure 8: TEMPERATURE OF THE FLUE GASES 
BEFOR AIR PREHEATER. 

parameters of the unit were the same, only the composition of 
the coal (in particular the moisture) was different. For lignite 
with a higher moisture content the radiative heat transfer in the 
furnace was reduced, the temperatures of the flue gas at the 
entrance of the convective part of the boiler increased and they 
remained higher until they reached the air preheater at the cold 
end of the boiler. 

CONCLUSIONS 

This article deals with the influence of lignite and low-rank 
coal compositions on the conversions and heat transfer taking 
place in large coal-fired steam boilers. The changes in the 
composition of the coal are reflected not only in changes to the 
boiler efficiency and the overall quality of the processes in the 
power-plant unit, but also in the emission requirements the 
boiler must meet. Accordingly, while striving to produce power 
at the lowest cost possible, the composition of coal, which 
reflected as coal quality, becomes an important parameter. 

The basis ofthe analyses presented in this paper is the first­
law thermal efficiency of the boiler. The efficiency is expressed 
as heat losses, mainly with the value of the heat flux of flue gas 
lost up the stack. The losses in the steam boiler that are affected 
by coal composition can be classified as: direct, indirect and 
secondary or disguised losses. To determine these losses the 

principal data of coal composition needed are: heating value, 
moisture, ash, sulphur, carbon and hydrogen content. Among 
the direct losses the loss of heat due to exhaust flue gas, also 
called stack loss, is the biggest. We showed that the changes in 
coal composition can cause relatively small changes in the stack 
loss. Much more influential parameters are the quantity of 
excess air and the temperature of the exhausted flue gas. 

The indirect losses are all the electrical power needed for 
the operation of auxiliary installations at the power plant. Here, 
the power required for coal grinding and the power for the 
desulphurisation system are the most important. 

The results pointed out the weak influence of ash content 
on heat transfer in the boiler. More significant is its influence on 
the unit's power consumption and the handling costs. More 
important effects on boiler efficiency include the alteration of 
the moisture content of the lignite. The water vapour in the flue 
gases resulting from the total moisture and hydrogen content in 
the lignite causes heat losses with the exhausted flue-gas flow 
and indirect losses in the form of an increase in the power 
consumption for grinding and transportation of the lignite with 
higher moisture contents. The changes to the moisture content 
of the lignite also influence the conditions of the radiative heat 
transfer in the furnace and consequently the convective heat 
transfer. The result of these changes is a variation in both the 
exhaust flue-gas temperature and the boiler efficiency. 

Sulphur, in any form, is not welcome in coal, primarily 
because of the huge costs of desulphurisation. The 
measurements show that for a unit of about 300 MWe power the 
consumption of the desulphurisation device is between 2 % and 
3 % of the produced electric power. This share depends on the 
mass flow of sulphur in the treated flue gas. 

The fact is that the influence of the lignite composition on 
the performances of the steam boilers is reflected more through 
the consumption of electric power than through the heat losses 
That means, even the changes of lignite composition cause 
small changes of the boiler efficiency the changes of power 
plant efficiency can be significant. 
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ABSTRACT 
The interest to examination of heat exchange 

peculiarities in furnaces of power boilers was connected 
with appearing on an outside surface of furnace screen 
tubes the cross cracks during their operation. These cracks 
are the result of instability of a temperature regime of 
water wall tubes. The instability of a temperature regime 
leads to sharp temperature stresses and the development of 
thermo fatigue processes in tube metal. 

The processes connected with the formation of interior 
tube deposition and it influence on tube metal temperature 
and work stability of boiler have been considered also. 

INTRODUCTION 
The reasons of emergency damages of water wall 

tubes. 
Generally the damages of water wall tubes are the result 

of unfavorable combination of following processes: 
1. The high temperature of frontal surface of water wall 

tubes. 
2. The essential changes of a level of heat flow density in 

the time. 
3. The incrustation and deposition formation inside of water 

wall tubes. 
These physicochemical processes taking place in furnace 

water walls of powerful boiler and can accelerate 
considerably the wearing of water wall heating surfaces. 

The damages of water wall tubes can be classified as: 
• Friable or brittle damages, without deformation. This 

damage is characterized by the presence on frontal surface 
of water wall tubes of cross cracks penetrating into a body 
of a tube on the depth 1 mm and more. These cracks are 
stimulated by thermal fatigue. 

• Corrosion defeat of tubes. This damage accompanied by 
the decrease of wall's thickness on a frontal surface of 
tube and its subsequent longitudinal break takes place. 

• Longitudinal break of tubes is caused by metal 
overheating due to increasing internal deposition layer 
thickness, or due to blocking by deposition of tube cross 
section area. All damages mentioned above can be 
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referred as damages due to poor conformity of the heating 
surface design to conditions of its operation. 

NOMENCLATURE 
A1r - low frequency amplitude of incident heat flow density, 
W/m2

• 

Aabs- ~mplitude of absorbable heat flow density, W/m
2
; 

Gq (f) - function of a spectral density of heat flow, 
(kW/m2)/Hz; 
qabsC't)- specific absorbable heat flow in moment T, W/m

2
; 

qabs - specific absorbable heat flow on tube internal surface, 
W/m2

• 

q1r- s~ecific absorbable heat flow at low frequency, W/m
2
; 

qabs 1rn - specific absorbable heat flow at low frequency noise, 
W/m2

· 

qinc- ~pecific incident heat flow, W/m2
; 

1m, tout- temperature of tube outside surface, oC; 
T1r- period of low frequency oscillations of heat flow, oC; 
S- thickness of depositions, mm; 
~t- difference of temperature, °C; 
A- thermal conductivity of the depositions, W/m · K; 
pro - mass velocity of a working medium in a tube, kg/m

2
s; 

\jl - coefficient of thermal efficiency of water walls; 
llh. thermal maldistribution; 
SCP- supercritical pressure; 
Cr-Mo-V - chromium-molybdenum-vanadium. 

EXRERIMENTAL METHOD 
Incident heat flow measurements were carried out by heat­
radiation pyrometer. Thermoelectric couples were used for 
the measurement of tube metal temperature. The 
thermoelectric couples were installed in special drilling in 
tube body. The construction allowed measuring of metal 
temperature at outside and interior tube surfaces nearly the 
place of heat flow application. 
The properties and amount of interior depositions were 
explored in tube samples in chemical lab of thermal 
electrical station. Tube samples were taken out from furnace 
screens after 6 thousand operation hours. 
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RESULTS 
Operation conditions of power boiler water wall tubes. 

1. Local heat exchange in boiler furnaces. 
The maximum heat emission in power boiler with 

chamber furnaces and single-level of burner place 
arrangement is a little bit higher than burner level. For two­
and third-level arrangement of burners the maximum heat 
emission corresponds to top burner level. The average value 
of incident heat flow density on water walls equals qinc = 

700-750 kW/m2 for mineral coal boilers and qinc = 950-IOOO 
kW/m2 for gas-oil boilers. The local values of incident heat 
flow density can excess the average one in I ,4 times (llh = 

1,4) and are located in a central part of furnace lateral water 
walls as well in burner regions at front and back walls 

(fig.l). ~--------------, 

Fig.l Density of incident heat flow in the furnace of 300 MW 
steam generator at combustion of mineral coal. 

2. Temperature regimes of water walls in boiler 
furnaces during long-term operation. 

Despite of high levels of local perceived heat flows the 
temperature regime of wall tubes on initial stage of 
operation does not cause the fears for powerful boiler both 
subcritical, and supercritical pressures. For example, the 
average temperatures of tube outside surface tout did not 
excess 470 . . . 500 °C for mineral coal in boilers of 
supercritical pressure (SCP) and 490 . . . 500 °C for gas-oil 
in SCP boilers. The low doped alloy Cr-Mo-V pearlitic steel 
is applied for production of water wall tubes for SCP 
boilers. This steel can work at temperature strength up to the 
temperature equals of 585 °C. 

However, during boiler operation the temperature of 
tube metal growths and has reached of 80 . . . I 00 °C for 
every 4 . . . 6 thousand operation hours. The greatest value 
was received in gas-oil boilers. The furnace water walls are 
subjected to effect of high local heat loads. So, in SCP 
boiler PK-4I (300 MW) the value of local incident heat 
flows in a furnace at average operation loading was qinc = 

520-580 kW/m2
• The growth rate of wall tube temperature 

has reached 12 ... I8 °C per month due to up-building 
internal depositions. 
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Wall tube metal temperature growth was monitored in 
boilers using mineral coal also. At the first I 000 hours the 
temperature growth did not excess 4 ... 8 °C. In future it 
reached 18 ... 24 °C for every 1000 hours. The extrapolation 
of the relation tout = f ('r) demonstrates, that the level of the 
temperature of 600 °C can be reached after 7,5-8 thousand of 
operation hours (fig. 2). 

t •. •c 

t •. 'C 

"tx 10 ~. h 

Fig.2. Wall metal temperature changes during operation 
ofthe 300 MW generator, using: 

1- mineral coal, 2- boiler oil. 
4. Internal tube depositions in the boiler. 
A main reason of tube metal temperature growth in SCP 
boilers is the formation on its internal surfaces of 
depositions from corrosion products (fig.3). 

s. glm' 

Fig.3. Quantity of water wall tube depositions in 300MW 
generator in dependence on enthalpy of medium. I- total 
depositions; 2 - deposition in porous layer; 3 - deposition 

in internal layer. 

Fig.4.Deviation of tube temperature on different operation 
states. I - the initial period of operation with clean tubes; 

2 - after 6000 operation hours. 
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The deposition includes two layers and consists on iron 
oxides lactase - up to 90%, oxides of copper, aluminum and 
zinc, and minor quantities of hardness salts also. The friable 
layer (porosity 30-60%) is easily cleaned with mechanical 
cleaning and is partially cleaned with water wash-downs. 
This layer has low heat conduction (1,5 ... 0,3 W/m · °K) in 
temperature range 350 ... 450°C and makes the basis of 
deposition thermal resistance. Internal layer, contacting with 
tube metal, has porosity 10 ... 30% and low thickness. It is 
homogeneous on internal perimeter of a tube. The heat 
conduction of this layer is approximately three times higher, 
than mentioned before layer. Therefore internal layer 
practically does not influent on growth of tube temperatures. 

The friable layer is formed predominantly as result of a 
deposition in tubes of corrosion products introduced in the 
boiler by feed-water. The deposition layer with maximum 
thickness is formed in most heat-stressed segments of 
furnace water wall tubs. Thus, on a frontal surface of tube 
the quantity of depositions is in 2 ... 5 times more than on 
back surface. 

The definite contribution in the formation of the 
depositions creates the process of steam-water corrosion of 
wall tubes 

3·Fe + 4·H20 ~ Fe30 4 + 4·H2 

The products of steam-water corrosion not only form a 
hard layer, but also partially can pass in a friable layer, 
increasing thermal resistance of depositions. At internal tube 
surface temperature growth, as result of the formation of 
friable deposition layer, the intensity of steam-water 
corrosion exponentially increases. This process results into 
acceleration of deposit formation. 

The difference of the temperature in a deposition layer 
can be estimated by formula: 

At= 108. 10-6. st,3. Qab/,25 I A. (pro)o,2, 
Experimentally it was discovered, that a kind of 

combustion fuel (solid, liquid or gas) does not render 
noticeable influence on regularity of iron oxide deposition 
formation in furnace water walls of SCP boilers, as well as 
on their structure and thermal properties. 

It is necessary to note, that the formation of internal 
depositions in furnace water walls of boiler results not only 
to growth of an absolute level of metal temperature, but also 
to destabilizing of tube temperature regimes in conditions of 
instability of heat release in furnace. So, in initial stage of 
operation (the tubes of wall were subject to pre-launch 
cleaning and they were practically cleaned) 95 % 
confidence interval of a temperature variation of SCP boiler 
wall tubes with average loading did not excess 60 °C. At 
the end of experiment during 6000 hours it was reached 120 
°C (fig. 4). An average value of metal temperature on frontal 
surface is 546 °C. Due to considerable deviations of 
temperature from average, a defmite part of time the tube 
metal worked at 600 °C and more. Such high instability of a 
tube temperature regime limits the long-term strength 
operation of metal. It leads to more low level of tube 
resource, than it would be at stable heat loading of furnace 
water walls. 
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Thus, the reliable temperature regime of furnace water 
walls includes the decrease of formation intensity of internal 
iron-oxide deposition and it's well-timed deleting, as well as 
the increase of stability of thermal regime of furnace water 
walls. 

5. Instability of heat release in combustion chamber 
and thermal regimes of furnace water walls. 

During the powerful boiler activity the longitude cracks 
of water wall tubes are caused by the appearance of cross 
cracks on external and internal tube surfaces. 

The investigation has shown one of the main reasons of 
cross crack formation is high instability of heat and 
temperature regimes of the tubes. Instability of heat and 
temperature regimes enhances the development of the 
thermal fatigue processes and also the intensification of 
creeping phenomena and corrosion. 

The researches, carried out in National Technical 
University of Ukraine, on the boilers with power 200, 300 
and 800 MW, have allowed to establish that the main 
contribution in instability of heat release in a furnace is 
introduced by two harmonically varied components of heat 
flow. There are low frequency and high frequency 
oscillations of heat flow and also aperiodic component - low 
frequency noise (fig.5). 

q;0c1 kW/m2 

100 200 300 400 

Fig.S. Fluctuation of the heat release in combustion chamber 
of 300 MW steam generator. 

The low frequency oscillations of heat flow are 
characterized by the frequency band 0,006 ... 0,016 Hz. The 
local maximum of spectral density function Gq(t) is placed in 
frequencies ranges 0,0 I 0 ... 0,0 II Hz, that corresponds to 
oscillation period of T1r = 90 ... 100 s. It has been established, 
that the low frequency oscillations Ql£ are due to the 
fluctuation of fuel consumption, generated by the boiler 
regulator of the heat loading mainly. Switching-off the 
regulator and transition to manual control result to full 
disappearance of low frequency oscillations. But at the same 
time the essential increase of power of low frequency noise 
qtfn was received. In outcome the general dispersion of heat 
release process did not decrease, but even increase. 
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Fig.6. The power spectrum of incident heat flow in the 

furnace of 300MW steam generator (1,2,3- Gq (f)), 

4 - G, (/), in the low frequency range. Regulator of 

thermal loading is switch on (a) or switch off(b). 

The presence of a strong correlation between the value 
of low frequency oscillations of heat flow density q1r and the 
temperature of water wall tube metal are established. Thus, 
the temperature on frontal tube surface changes only. The 
back tube surface has the temperature close to temperature 
of working medium. In result the temperature stresses are 
formed, which stimulate the thermal metal fatigue and 
formation of cross-section micro cracks on frontal tube 
surface. 

The high frequency oscillations of heat flow are 
characterized by the frequency band 0,5 ... 4,0 Hz with a 
local maximum at frequency 0,7 Hz (oscillation period 
equal to 1,3 s). At combustion of different kinds of fuels 
(solid, liquid and gas) the oscillation frequency qinc is 
practically identical. The distinctions are only in amplitude 
of high frequency oscillations. The greatest amplitude qinc 
was received at combustion of solid fuel. The lowest 
amplitude was at gas combustion. It has been discovered 
that the high frequency oscillations of the heat flow qinc 
practically did not influent on temperature regimes of wall 
tubes. The absence of high frequency component in a power 
spectrum tm testifies this conclusion. Therefore, high 
frequency oscillations can be eliminated from the 
consideration at the reliability prediction of boiler radiation 
heating surfaces. 

The low frequency noise q'l!!. occupies in a power 
spectrum the frequency band 0 ... 0,005 Hz. It is created by 
the different kind of aperiodic processes and resulting into 
the change of tube thermal regime. These processes are: 
changes of fuel characteristics, reallocating of air and fue 1 in 
burners, changes in the scheme of burner actuation, changes 
of boiler loading etc. The low frequency noise in the 
spectrum of heat released in furnace q1rn can be interpreted 
as a difference between the current pseudo-steady value of 
density of dropping heat flow qinc and its mathematics 
expectation qinc (fig. 5). From physical sense a low 
frequency noise is the accidental variable, distributed under 
the normal law with zero mathematics expectation. 
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The thermal regime of boiler wall tubes at operation 
reliability estimation can be described by following way: 

qabs(T) ="' ·(qlf+ qlfn +Air. sin(2n I T.r)·T), 
Such model allows presenting a thermal condition of 

water wall tubes as set of temperature regimes with duration 
equal to period of low frequency oscillations. These regimes 
are distinguished from each other by level of the low 
frequency noise qabslfn and by the value of amplitude Aabs of 
density of absorbed heat flow. 

The low frequency instability of the thermal absorption of 
wall tubes causes the instability of metal temperature on 
frontal tube surface. The absolute value of density of 
absorbed heat flow qabs is determined by the thermal 
efficiency of water walls \j/. The lower thermal efficiency 
(higher foiling of external tube surface) indicates the thermal 
and temperature regimes of tube metal are less sensitive to 
instability of heat release in combustion chamber. At local 
thermal efficiency of the tubes \jl == 0,5 ... 0,6 (characteristic 
for uncontaminated tubes) and standard deviation of relative 
heat load from average S == 0, 175 (characterized of furnaces 
at the combustion of mineral coals) the number of 
temperature variation cycles on external tube surface for I 000 
operation hours is equal 4000 ... 5000 with amplitude 10 ... 20 
°C (oscillation period 1.. .2 minutes). 

During the process of tube internal deposition building 
the oscillation amplitude of tube metal temperature increases 
at the same values \jl and S (fig. 2). Thus definite period the 
tube metal works at temperature superior of maximum 
allowed one for low doped alloy Cr-Mo-V pearlitic steel, 
T=585 °C. At the same time the average temperature of metal 
on frontal tube surface was lower than 540 °C. 

CONCLUSION 

Thus, the instability of heat release in boiler combustion 
chamber causes the decrease of lifetime of tube metal. This is 
due to the fatigue process in metal during temperature cycling 
variations and because of the building of internal depositions 
on frontal tube surface as result of the work part time at the 
temperature superior of the granted one. 
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ABSTRACT 
The CHF characteristics of DUPIC (Direct Use of spent 

PWR Fuel in CANDU Reactor) fuel has been assessed for its 
feasibility for loading in heavy water reactor. The minimum 
critical heat flux ratios of the DUPIC and standard fuel bundle 
strings have been obtained under the same operating condition 
of the reactor. Based upon the result of simulations, there is no 
much difference in CHFR values of the two fuels regardless of 
differences in the power distribution and the fuel geometry. This 
study shows that different types of fuel can be reasonably 
assessed by using subchannel analysis which has proper lateral 
flow model. 

INTRODUCTION 
The limiting critical heat flux characteristics of DUPIC 

(Direct Use of spent PWR fuel in CANDU) fuel has been 
presented. 

The DUPIC fuel cycle has received renewed interest as a 
PWR to CANDU fuel recycling option[!]. The benefit of a 
DUPIC fuel cycle is not only the use of spent PWR fuel for 
electricity generation in CANDU, but also the significant 
reduction of spent fuel produced owing to the increased bumup 
in CANDU. The DUPIC fuel can be directly manufactured from 
the spent PWR fuel by the remote fabrication technique which 
can be proliferation-resistant and safeguardable. Moreover, in 
the light of recent developmental initiatives of novel nuclear 
reactor concepts in the nuclear R & D regime, the possibility of 
DUPIC fuel utilization can be significantly increased. 

Compared to the standard CANDU fuel bundle which has 
37 fuel rods, the DUPIC fuel bundle adopts an advanced 
CANDU bundle geometry, which has 8 large and 35 small fuel 
rods supposedly yielding enhanced fuel performance and 
thermal margins. The 43-element natural uranium fuel bundle 
recently underwent design basis safety analysis, successfully 
loaded and being burnt in the CANDU reactor. This advanced 
fuel bundle can be used as a high burnup fuel in CANDU with a 
greater thermal-hydraulics margin compared to the standard 
design. 

Among many different technical issues in developing 
DUPIC fuel bundle, the critical channel power (CCP) 
prediction is one of most important tasks in determining the 
reactor operation margin since the CHF prediction uncertainty 
is known to be the highest when compared to the others such as, 
the simulation and the calibration errors in nuclear power 
plants. 

The CCP prediction technique requires experimentally 
validated CHF correlation which can be consistently used in the 
single channel analysis. Unfortunately, however, it is impossible 
to run the experiment for all of the flow and thermal boundary 
conditions since the CHF experiment is quite expensive. 
Therefore, a finite amount of the experimental data needs to be 
interpolated (or, sometimes, extrapolated) when applied to a 
specified flow condition in the single channel analysis[2]. This 
type of design analysis methodology requires independent set of 
experimental data for new type of fuel (e.g., 43-element fuel) of 
which the geometry and the radial power distribution is quite 
different from the conventional fuel bundle. A correlation for 
43-element fuel bundle was recently generated and the validity 
of this correlation for wider range of thermophysical condition 
is of interest. 

Therefore, the subchannel analysis can be used for 
simulating the effect of multi-dimensional flow phenomena 
which occur in various fuel bundle geometries[3]. Through the 
lateral flow model, the radial geometry of the fuel bundle can be 
efficiently taken into account. Nevertheless, the subchannel 
analysis has not been adopted as the fuel design analysis for the 
heavy water reactor yet. One of important reasons for this can 
be that the subchannel analysis may not be able to provide 
significant improvement in predicting accuracy of CHF in 37-
element bundle strings which could substitute the existing 
design practice of the single channel analysis. It is obvious, 
however, that the effect of the radial flow distribution within a 
fuel bundle cannot be mechanistically taken account by the 
single channel analysis. The radial geometry and power changes 
of the DUPIC fuel hnndle over the standard fuel bundle can be 
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best-estimated by the subchannel analysis with proper 
embedded models. 

In this study, the combined effect of the axial power 
distribution and the radial bundle geometry changes in the 43-
element DUPIC fuel have been studied. The effect of the power 
distribution and the geometry on the CHF has been quantified 
and discussed. 

MODELS FOR TRANSVERSE INTERCHANGE 
The transverse interchange phenomenon between 

subchannels can be decomposed into three components in 
models being used in subchannel codes: 

wi-j = (wi-j )cF + (wi-j )MIX+ (wi-j )yo 

where 

(1) 

flow diversion due to imposed transverse 

pressure gradients, 

(w i-j) MIX : turbulent (eddy diffusivity) mixing, 

(w i- j ) vo : "void drift" due to tendency to approach 

equilibrium conditions. 

The so-called void diffusion includes the second and the 
third terms in Eq.(l ). The second effect can be modeled by the 
classical Reynolds stress term. Unfortunately, however, it is 
known that the turbulent mixing alone fail to produce the 
required results since infinite turbulent mixing implies that 
subchannel void fractions must be the same for a finite value of 
crossflow while the observed void distribution is a nonuniform 
equilibrium distribution. Therefore, it was hypothesized that 
net two-phase turbulent mixing is proportional to the 
nonequilibrium void fraction gradient. This hypothesis implies 
that there is a strong trend toward the equilibrium distribution 
and that when this state is achieved, the net exchange due to 
mixing ceases. It should be noted that the equilibrium void 
distribution in a horizontal channel may be different from that 
in a vertical channel. The net buoyancy effect (i.e., the gravity 
effect) was claimed[3] to be taken into account by using the 
drift flux model. 

The crossflow is directed flow caused by pressure gradients 
between the subchannels. In CANDU reactors, the gravity 
influences the crossflow since the direction of gravity is 
perpendicular to the channel flow while the phasic slip is close 
to unity in the major flow direction. When the phasic slip in the 
major flow direction is close to unity, the behavior of two-phase 
flow was found to be quite different from that of the large slip 
flow. For example, the bubble-to-slug regime transition was 
found to be more gradual and speeds of the thermal-hydraulic 
information propagation (i.e., characteristics) become 
smaller[4]. Under this flow condition, the two-phase transverse 
momentum exchange (i.e., the void drift model) must be very 
important since the void and enthalpy distributions in the fuel 

bundle can be strongly influenced by the void drift model. 
Since, in general, the exit flow quality in CANDU fuel channels 
are often greater than zero, the void drift model should be 
validated further under such a flow condition. Since in two­
phase flow, not only the energy and the momentum exchange 
but also the mass exchange occur between subchannels, the 
equal volume exchange concept is normally applied. It should 
be noted that the effect of the transverse exchange on the void 
distribution in the fuel bundle can be larger as the channel flow 
rate decreases. The transverse exchange model that controls 
thermophysical property exchanges, may affect the location of 
CHF in the fuel bundle significantly in the fuel channel of 
CANDU reactors. 

The ASSERT subchannel code was developed to address the 
computation of flow and phase distribution within subchannels 
of CANDU fuel bundles. Unlike conventional subchannel codes 
such as COBRA[5], which are designed primarily to model in 
vertical fuel bundles and use a homogeneous mixture model of 
two-phase flow, a drift-flux model[6][7] is used which permits 
the phase to have unequal velocities. Also, the gravity terms 
that may make it possible to analyze separation tendencies 
which could occur in horizontal flow. During developmental 
stage of the code, computational results were validated against 
the real scale 37-element bundle experimental data[8]. 

The thermal-hydraulic modeling equations used in the code 
were derived from the two-fluid formulation[9]. Like COBRA­
IV computer code, the ASSERT Code is based upon 
subchannels which are divided axially into a number of control 
volumes. The closure relationships for the governing equations 
include the equation of state, relative velocity relationship, fluid 
friction, wall heat transfer and the thermal mixing to primary 
variables, phasic flow velocities, densities, enthalpies and 
pressure. 

The numerical solution scheme can be subdivided into two 
parts: The first part solves the energy and the state equations 
using block iterative method to calculate the mixture and phasic 
enthalpies for all subchannels using the current estimates of 
flow. Once the inner iteration for energy equation solution 
converges, the second part calculates the flows and pressure 
gradients at that axial position by direct matrix solution of the 
crossflow equations. With this information, axial flows and 
pressures can be calculated. Both parts are repeated once to 
ensure a higher level of convergence of both energy and flow 
solutions prior to moving to the next axial position. The channel 
is successively swept from the inlet to the exit. This outer 
iteration continues until convergence is achieved, or until an 
iteration limit is reached. Successful completion could yield a 
steady-state solution, or one time-step of a transient solution. 
The solution scheme works with either a flow boundary 
condition or a pressure boundary condition. 

The CHF prediction can be performed subsequent to flow 
distribution calculation by using one of the CHF correlations 
such as BAW-2, W-3, Whalley's or AECL's CHF Table. In this 
study, AECL's CHF look-up table option[2] was used for all 
simulations. 
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MODELS FOR THE DUPIC FUEL BUNDLE 
The radial power distribution of the DUPIC fuel bundle has 

been obtained from the DUPIC reference fuel design which is 
based upon the neutronic properties ofa CANDU core loaded 
with the DUPIC fuel. The resulting ring power ratios, as 
shown in Fig. I, have been used in this study. As can be seen, 
the DUPIC fuel bundle has less uniform than the standard fuel 
bundle. This power distribution is that of the fresh fuel bundle 
which was found to be the most serious (i.e., the least uniform) 
through the burnup history ofthe DUPIC fuel bundle. 

1.5 

0.5 

- -+ - -Standard -.-oUPIC 

0 

r4 r3 r3 center r2 r3 r4 

Figure 1. Ring Power Ratios 

Since the proposed refueling scheme of DUPIC fuel is two 
bundle shift instead of eight bundle shift used for standard fuel, 
the axial power distribution of the DUPIC fuel loaded core has 
inlet peak as shown in Fig. 2 . It should also be noted that there 
is an exit power peak which is caused by the effect high 
reactivity of the fresh fuel loaded in the neighboring fuel 
channels. It was, however, found that this type of off-cosine 
shape of axial power profile does not degrade the CHF margin 
when compared with the standard fuel loaded fuel channel. 

The channel power to channel flow ratio has been frequently 
used as the parameter to regulate the burden of energy removal 
from each fuel channel. As can be seen in Figs . 3 and 4, the 
channel power and flow are properly balanced in both of the 
fuel types. The calculated power to flow ratios suggest that no 
much difference between two fuel types is expected for most of 
the fuel channels in the reactor core. 
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Figure 2. Axial Power Distribution of DUPIC and 
Standard Fuel for Channel Lll at 100% F.P. 
Normal Operating Condition 
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higher than the normal operating value to study the behavior of 
the transverse interchange model in two-phase flow regime. 

For the purpose of valid comparison between two fuel types, 
the channel average mass flux and the average heat flux of the 
DUPIC fuel have been adjusted. By doing this, for specified 
values of channel average mass and heat fluxes, the difference 
in the flow area between two fuel types may yield the equivalent 
channel energy balance for the coolant. The axial power 
distribution has been assumed identically to be the cosine shape 
for both fuel bundle strings to isolate the effect of radial 
geometry difference. The effect of the skewed axial power 
distribution has not been considered in this work. 

0 20 40 60 80 100 

To calculate the CHF ratio accurately, we may need accurate 
estimation of the thermal-hydraulic parameters in subchannels 
around the fuel element. It should be noted that the CHF 
correlation or the look-up table have their own uncertainty. 
Therefore, the CHF ratio presented in this study has 
uncertainties from two different sources, that is, one from the 
subchannel model and the other from the CHF correlation. 

Percentage of Channels within Radius R 

Figure 4. Power to Flow Ratio of DUPIC Fuel 

Half bundle subchannel models for the DUPIC and the 
standard CANDU fuel bundles have been constructed. Since 
gravity is perpendicular to the direction of channel flow in 
CANDU reactors, at least half of the bundle should be modeled 
for the subchannel analysis. The model for the DUPIC fuel 
bundle includes 23 powered elements and 35 subchannels. It 
should be noted that a slight difference is expected between 
different rotations of fuel bundles in the fuei channel since the 
half symmetry can not be maintained for all angular positions of 
the fuel bundle. 

Table 1. Fuel Parameters and Operating Conditions 

Description Standard DUPIC 

2 
Flow Area [m ] .00176 .00180 

Heated Perimeter [m] .7603 .8018 

Wetted Perimeter [ m] .9236 .9641 

A . 2 vg. Mass Velocity [Mg/m -s] 5.00 4.89 

2 
Avg. Heat Flux [MW/m ] 1.100 1.043 

System Pressure [MPa] 10.0 

Inlet Temperature [Degree C] 260.0 

Inlet Enthalpy [KJ/KG] 1095 

The operating conditions and thermal-hydraulic parameters 
of the fuel bundles used in the subchannel analysis are shown in 
Table I, in which the power level was intentionally chosen to be 
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Figure 5. Minimum CHFR of Standard and DUPIC Fuel 
Bundle Strings 

RESULTS AND DISCUSSION 
In Figure 5, the minimum CHF ratios (MCHFR) among the 

fuel elements at a certain axial location are plotted against the 
axial distance from the inlet of the coolant channel. It can be 
seen that the MCHFR is less than 1.0 over wider axial region 
for the DUPIC fuel bundle. We may therefore find that the flow 
near the CHF condition in the DUPIC fuel bundle is quite 
different from that of the standard fuel bundle. The difference 
in the flow condition could cause, specially near the CHF 
condition, a dramatic change in the heat transfer coefficient. It 
should be further investigated how much the location of CHF in 
the fuel bundle string is sensitive on different CHF correlations 

It is found that the mixture enthalpies in the upper 
subchannels are consistently higher than those in th~: lln\t:r 
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subchannels neighboring the central fuel element. Since the fuel 
element powers are symmetric around the central fuel element, 
we may find that the ASSERT-IV Code can take into account 
the gravity effect properly. This fact was confirmed from the 
subchannel-wise density distribution. It is clear that this type of 
non-uniform enthalpy distribution is impossible for the flow 
through a fuel assembly of LWRs where the fuel assemblies are 
vertically loaded. Under the thermal conditions used in this 
simulation, the bundle average quality and the void fraction at 
the exit of the fuel channel were found to be 0.23 and 0.77, 
respectively, which means the fuel element is mainly cooled by 
the vapor convection. The mixture enthalpy peak has been 
found to be in the central region of the standard fuel bundle. 
However, this may not be necessarily true near the location 
where the CHF occurs. In contrast, for the DUPIC fuel bundle, 
the mixture enthalpy peak is in the upper peripheral region of 
the fuel bundle at the fuel channel exit. It is not clear at this 
moment why this different tendency in the radial enthalpy 
distribution between two fuel bundles occurs at the high void 
fraction regime[lO] (i.e., at the exit of the fuel channel). It is 
interesting to note that the mixture enthalpies of subchannels 
around the center fuel element of DUPIC fuel bundle are much 
less uniform than those in the standard fuel bundle. 
The radial void distributions at the exit of the fuel channel are 

shown in Figures 6 and 7. From these figures, the tendency of 
void migration toward the upper region of the fuel bundle is 
clear and the void fraction in the central region is highest for the 
standard fuel bundle, while the void fraction is highest in the 
upper region of the DUPIC fuel bundle. For these simulations, 
the CHF locally occurs before the exit of the fuel channel, 
where some fuel el.ements in Ring 4 hit the CHF condition 
already. Therefore, the void distribution at the exit of the fuel 
channel may not be directly related with that near the CHF 
location in the fuel bundle. From this view. the CHF should be 
predicted by local parameter based correlations to obtain more 
accurate values. As shown in Figures 8 and 9, the radial CHF 
locations in the DUPlC fuel bundle is similar to those in the 
standard fuel bundle. 

SUMMARY AND CONCLUSION 
The thermal behavior of the DUPIC fuel bundle in a 

CANDU reactor has been assessed. The mixture enthalpy and 
the density distributions around the central region of the fuel 
bundle show clear net buoyancy effects. which are pronounced 
in the DUPIC fuel bundle. The locations of fuel elements where 
the CHF occurs are similar in the standard and the DUPIC fuel 
bundles. It is found that the wall temperature of the central fuel 
element of the DUPIC fuel bundle is significantly lower than 
that of the standard fuel bundle in the subcooled region. 

This result seems to reflect the intention of the 43-element 
fuel design in which diameter of the fuel elements in the central 
region is larger than the others. It should be noted that validity 
of this analysis strongly depends on the transverse interchange 
model and the related parameters so that further effort should be 
devoted for validating transverse interchange model. 
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Figure 6. Channel Exit Void Distribution of Standard 
Fuel Bundle 

Figure 7. Channel Exit Void Distribution of DllPIC Fuel 
Bundle 

The conclusions of this study can be summarized as follows: 
• The DUPIC fuel bundle has very similar CHF 

characteristics with the standard fuel bundle. that is, the 
location of CHF occurrence and MCHFR. 

• The change in fuel geometry of DUPIC fuel bundle may 
pronounce the net gravity effect, which is expected to be 
more severe for reduced values of channel flow rates. 
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• The fuel geometry and/or the power distribution changes 
may result major change in the fuel element wall 
temperature change in the subcooied region. 

Further study should be performed in the fllowing areas for 
better assessment of CHF phenomenon of the DUPIC fuel 

bundles: 
• Experimental validation of void migration near CHF 

condition iri horizontal flows 

• Three dimensional modeling of the flow field under CHF 
condition with increased number of spatial nodes 

• Sensitivity study of equilibrium void distribution model 
horizontal flow channel 

Figure 8. Location of CHF in the DUPIC Fuel Bundle 

It is hoped that this study would be useful for developing 
constructive numerical analysis tool for assessing thermal 
behaviors of fuel bundles in nuclear reactors 

NOMENCLATURE 

A H heated area 

h wall heat transfer coefficient at the wall of fuel element 

fuel element power 

Tc coolant temperature 

w i-j transverse flow between subchannels per unit area 
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ABSTRACT 
The Pebble Bed Modular Reactor (PBMR) power plant is 

currently being developed by PBMR (Pty) Ltd in South Africa 
together with ESKOM and other industrial partners. This high 
temperature gas cooled reactor (HTGR) plant is based on a 
three-shaft Brayton cycle with helium gas as coolant. The 
complexity associated with the thermal-hydraulic design of the 
cycle calls for the use of a variety of analysis techniques and 
simulation tools. One of the most prominent of these is the 
Flownet thermal-hydraulic network simulation software. 
Flownet allows detailed steady-state and transient thermal­
hydraulic simulations of all components in the plant fully 
integrated with core neutronics and controller algorithms. This 
paper describes the theory and integration of the neutronics and 
thermal-hydraulic models for the reactor core and presents 
sample calculations to illustrate the results obtained. 

INTRODUCTION 
The pebble bed reactor core is made up of fuel spheres and 

pure graphite spheres. Each fuel sphere consists of an inner 
fuel region with a 50 mm outer diameter made up of coated 
U02 particles set inside a graphite matrix. The fuel region is 
covered by a fuel-free graphite protective layer with an outer 
diameter of 60 mm. 

A schematic three-dimensional representation of the 
geometry of the reactor core is shown in Figure I. The inner 
core region contains pure graphite spheres while the outer 
active core region is filled with fuel spheres. Helium gas enters 
the top of the reactor core at approximately 500 oc. The gas is 
heated primarily through the active core region where heat is 
generated inside the fuel spheres. Upon leaving the core at the 
bottom the hot gas is mixed with gas from the pure graphite 
region to obtain a fully mixed exit temperature of approximately 
900 oc. 

Integration of core neutronics and power conversion unit 
(PCU) thermal-hydraulics has been done successfully before for 
HTGR systems. One example of this is the coupling of Panther, 
Thermix-Direkt and Relap 5 by Yerkerk [I] for the simulation 
of the pebble bed reactor for the Dutch INCOGEN and 

ACACIA [2] studies. Panther was used to solve the neutron 
diffusion equation in Cartesian coordinates, Thermix-Direkt 
took care of the core thermal-hydraulics and Relap 5 of the 
PCU thermal-hydraulics. This allowed the integrated 
simulation of thermal-hydraulics and 3-D neutronics of a pebble 
bed HTGR together with its PCU. Note however, that the 
PBMR system differs from the Dutch systems in the sense that 
it is based on a multi-passage fuelling scheme as opposed to a 
bit-by-bit fuelling scheme. 

Inner passive core 

Ei 
..... 
oci 

500 oc 

1.75m 

900 °C 

PIP.,. 

Power 
disuibution 
profile 

Figure 1: Schematic three-dimensional representation of the 
pebble bed reactor core. 

Since most transient reactor phenomena are at least 
two-dimensional in nature, it is clear that the development of an 
accurate one-dimensional model for detailed reactor design and 
optimisation is not a realistic goal. However, the main aim of 
Flownet is to simulate the integrated system performance, 
focussing on the detail of the PCU, while still ensuring 
acceptable calculation times. Therefore, a fully integrated, 
simplified reactor model was called for that could supply 
sufficiently accurate values of pressure drop and heat transfer 
across the reactor. The calculation of the heat generated within 
the fuel spheres is therefore based on a point kinetics neutronics 
and decay heat generation model that requires as input the 
temperatures within the fuel spheres inside the reactor. Point 
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kinetics refers to the approach whereby the global reactor 
behaviour is simulated dynamically as a single point having 
certain weighted average properties that may be assumed to be 
constants over time. This simplification is valid when the 
reactor is sufficiently small so that it is well-coupled and the 
space and time variables are essentially separable. This means 
that the spatial neutron flux shape changes negligibly during a 
transient even though the amplitude may be strongly time­
dependent. Although these assumptions exclude the use of such 
a heat generation model for detailed reactor design calculations, 
it is quite sufficient for the integrated simulation of the overall 
power plant behaviour. 

It is important to note that the point kinetics model by 
definition at any time step provides as output a single value of 
power generation for the reactor as a whole. This total power 
generation is equal to the total internal heat generation in all of 
the fuel spheres contained in the reactor. In order to apply this 
in the heat conduction model for each representative fuel sphere 
in each layer, the total heat generation is first distributed among 
the layers according to the prescribed normalised power 
distribution profile that was shown schematically in Figure 1. 
This is consistent with the underlying assumptions of the point 
kinetics model. The normalised power distribution profile is 
typically obtained from stand-alone calculations with more 
detailed three-dimensional reactor simulation models for the 
specific reactor geometry and fuel characteristics. 

The model is further based on a one-dimensional approach 
for the thermal-hydraulics, consistent with the overall approach 
followed in the Flownet software. The one-dimensional 
approach implies that the reactor core is divided into a number 
of layers along its height, each with two separated flow 
elements representing the pure graphite inner leg and an active 
outer leg respectively. Consistent with the one-dimensional 
approach it is assumed that all spheres contained in a single 
core section have exactly the same temperature distribution and 
internal heat generation per unit volume. Each reactor section 
is therefore characterized by a single representative sphere. 
Fluid flow in the radial direction is assumed to be negligible. 
However, the combined effect of radial and axial contact 
conduction and radiant heat transfer between the surfaces of 
spheres in the different reactor sections are taken into account 
via an effective thermal conductivity. 

The temperature distribution within each representative 
sphere is calculated in detail based on a transient heat 
conduction model taking into account the thermal storage, the 
internal heat generation, conduction between material layers at 
different radii as well as the convective heat transfer to the 
coolant gas flowing over the sphere. This results in a 
representative sphere surface temperature which when applied 
to the total sphere surface area contained in the core section, 
can be used to calculate the heat transfer rate to the gas passing 
through that section. The one-dimensional reactor model 
therefore consists of the three sub-models shown in Figure 2. 
These are: 
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• The transient point kinetics neutronics and decay heat 
generation model. It requires as input the temperatures 
within the fuel spheres and provides as output the total 
internal heat generation within all the fuel spheres 
contained in the reactor core. 

• The detailed transient internal heat conduction for each 
representative sphere in each core section. It requires as 
input the heat generation density within the fuel as well as 
the temperature of the gas surrounding the spheres. It 
provides as output the temperature distribution within the 
spheres as well as the heat transfer through convection 
between the surfaces of the spheres and the surrounding 
coolant. 

• The fully transient fluid flow model that determines the 
temperature and pressure variations in the gas contained in 
each core section. It requires as input the surface heat 
transfer rate and provides as output the coolant 
temperatures and pressures. 

Figure 2: Schematic illustration of the interaction between the 
three models. 

The approach outlined above allows for fully transient 
simulations of temperature distributions along the height of the 
reactor as well as the calculation of the radial temperature 
distribution within each representative sphere in each of the 
core sections. 

The purpose of this paper is to describe the theory and 
integration of the neutronics and thermal-hydraulic models . for 
the reactor core and to present sample calculations to illustrate 
the results obtained. 

NOMENCLATURE 
A cross-sectional area of flow element (m2

) 

ci normalized precursor atom density for group i 

c P specific heat capacity of fluid (Jikg K) 

D hydraulic diameter of fluid element (m) 
f Darcy-Weisbach friction factor 

g gravitational acceleration (m/s2
) 

J normalized Iodine concentration 

Digitised by the University of Pretoria, Library Services, 2015



L 

Nu 

p 

Qex 
Re 

T 

v 
-¥­
X 

.:..i, .. t' 

length of flow element (m) 
inlet and outlet mass flow rates (kg/s) 

Nusselt number 
static pressure (Pa) 

inlet and outlet total pressures (Pa) 

normalized reactor power 

Prandtl number 
heat addition to flow element (W) 

reactivity addition due to external sources (nile) 

Reynolds number 

static temperature (°C) 
inlet and outlet total temperatures (°C) 

fluid velocity (m/s) 
volume of flow element (m1

) 

normalized Xenon concentration 
inlet and outlet elevations (m) 

Greek Letters 
a weighting factor for implicit time-wise integration 

fJ, delayed neutron fraction for group i 

11t size oftime step (s) 
& void fraction 
A average neutron lifetime (s) 
r feedback coefficients 
A., decay constant for delayed neutron group i (s- 1

) 

A..~ decay constant for Iodine (s- 1
) 

A- 1 decay constant for Xenon (s- 1
) 

p reactivity (nile) 

p average fluid density (kg/m1
) 

a 1 ((J0 absorption cross section times average equilibrium 

neutron flux (s- 1
) 

L K sum of the loss coefficients for flow element 

POINT KINETICS AND DECAY HEAT MODEL 
The model consists of twelve coupled differential equations 

that must be solved simultaneously though time-wise 
integration. A good explanation of the fundamentals can be 
found in Glasstone and Sesonske [3]. The first seven equations 
are collectively known as the point kinetics equations and 
describe the prompt and delayed neutron balance due to 
precursor atoms. There are numerous fission products that can 
lead to delayed neutron emission. However, the net effect of all 
precursors can be adequately represented by six effective 
groups of precursors. 

Decay heat generation is the result of unstable fission 
fragments produced during fission that undergo a series of beta 
decays liberating additional energy. Decay heat is a complex 
function of the time and power history of the fuel elements. 
However, the simulation will make use of a rough 
approximation by means of three exponentially decaying 
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functions which is only valid for approximately three days after 
shut-down. 

It is also essential to track the concentration of Xenon in 
the reactor since it effectively acts as a neutron poison. Since 
Xenon is mostly produced during the decay of Iodine, the 
Iodine concentration in the reactor must also be tracked. The 
rate of Iodine production is proportional to the reactor power 
level. 

The rate of change of Xenon concentration equals the rate 
of Xenon production minus the rate of Xenon loss. The 
absorption of neutrons depends on the reactor power level, the 
Xenon concentration and the absorption cross-section. We will 
neglect the direct production of Xenon by fission and any time 
dependence of cross-sections. 

Governing Equations 
Implicit integration of the governing differential equations 

for the point kinetics, decay heat and Iodine and Xenon decay 
leads to the following set of simultaneous equations: 

Point Kinetics 

(~-a(p- fJ))P" -aiA.iCi 
111 1~1 

[
(p"-p)r l 

= ~P;' +aQex +{1-a) 6 n 
111 +I A.ICI" + Q:. 

i::::l 

(I) 

and 

-afJ.P +(_!__+aA-1 )c~ 
I n 111 

(2) 

= _!_C" +(1-a)( a P" -A.C') fori= I to 6. 
111 I fJ1 II I I • 

Decay Heat 

-a{Jk P + (_!__ + aA.k) ~ 
II 111 

(3) 

= ~~ ~" + {I -a) ( {Jk P,;' - Ak P;') for k = I to 3. 

Iodine and Xenon Decay 

-aA..~ P, + ( ~t + aA..~ ) J = ~t J" + (I -a) A..~ ( P;' - J") (4) 

and 

aa1(/J0 XP" -a(A-1 +a1((J0 )J +(~/ +aA-1 )x 
I [(A., +rr,((Jo)J" l 

=-X"+(I-a) . 
11t -( A-1 + a 1 ((J0 P;') X" 

(5) 

In these equations 111 represents the size of the discrete 
integration time step and a a weighting factor. The superscript 
o refers to the values at the previous time step. 
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Total Heat Generation 
The total heat generation in the core P101 can be calculated 

from 
(P, + pdecay) 

P,ot = pnom --3--'--- (6) 

(1+ 'LP/dJ 
k=l 

with 
3 

~ecay = L~~ (7) 
k=l 

and Pnom the design nominal power output of the reactor. 

Reactivity feedback equations 
The total reactivity can be calculated from 

P = P1 + Pm + Px + Pex · (8) 

The first three terms on the right-hand side are dependent on the 
fuel and moderator temperatures. The value of Pex is 

determined by the insertion depth of the control rods. The 
relations used for the PBMR reactor were derived by Scherer 
et.al. [4] and are as follows: 

p1 = f 1,(T1 - T10 )+ f 12 ln[!i.__)- f 13 [J._--1-), (9) 
TJO Tf TJO 

Pm = rm,(Tm -Tmo)+f mz(Tm -Tmo)
2 

+fm/Tm -Tmo)
3 

(10) 

and 
Px = (f XI+ r xz(Tm- Tmo))(X -1). (11) 

The reference moderator ( Tmo ) and fuel ( T10 ) temperatures are 

determined by the detail design of the fuel and the reactor. 

SPHERE HEAT CONDUCTION MODEL 
The sphere heat conduction model is based on a finite 

difference solution of the transient one-dimensional spherical 
heat conduction equation [5]. Each sphere is divided into a 
number of discrete 'onion ring' shaped control volumes each 
represented by a single node. Half control volumes represent 
the inner- and outermost layers. Implicit integration of the 
governing differential equation for each node leads to a set of 
equations that must be solved simultaneously for each node in 
the representative sphere. 

The node on the surface of the sphere represents the 
surface temperature of all the spheres in that section of the 
reactor that is exposed to the coolant. From the viewpoint of 
the coolant the spheres will therefore have the same effect as a 
constant surface temperature heat exchanger with a total area 
equal to the sum of the surface areas of all the spheres in that 
layer. The convection heat transfer can therefore be simulated 
quite easily with the aid of the effectiveness-NTU method[6]. 

For the calculation of the surface heat transfer coefficient 
the correlation put forward by Kugeler & Schulten [7] is 
employed which states that the Nusselt number is given by 

P 0.33 p 0.5 

Nu = 1 27-r-R 036 0 033-r -R 0
·
86 

. &us e + . &1.07 e (12) 
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Re is the Reynolds number and Pr the Prandtl number which are 
based on the pebble outer diameter. The void fraction & is 
taken as 0.39. The correlation is valid for core outer diameter 
to pebble diameter ratios greater or equal to 20, core height to 

pebble diameter ratios greater or equal to four, 100 ~ Re ~ 105 

and 0.36 ~ & ~ 0.42 . 

FLUID FLOW MODEL 
The fluid flow model is based on the differential equations 

for the conservation mass, momentum and energy for 
compressible gasses [8]. 

Governing Equations 
Implicit integration of the governing differential equations 

for a flow element leads to Equations (13) through (15) which 
are solved simultaneously for all the nodes and elements in the 
complete reactor network with the aid of the so-called 'Pressure 
Correction Implicit Method' (PCIM) that is described elsewhere 
by Greyvenstein [8]. 

Conservation of Mass 

_ -o M[a('Lm;- 'Lm,) J 
p-p = ¥- +(1-a}('Lm,0 -'Lm:}. 

Conservation of Momentum 
pV -povo 

M 

L 

+(1-a) 

(13) 

. (14) 

.(15) 
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Friction Factor 
For the pebble bed the friction factor (/) is calculated with the 
aid of the correlation also put forward by Kugeler 
& Schulten [7] namely 

1-c !=IJI-, (16) 
c· 

with 

320 6 

V/ = c~e~) + c~eJ. 
(t 7) 

The correlation is valid for core outer diameter to pebble 
diameter ratios greater or equal to 20, core height to pebble 

diameter ratios greater or equal to four, I ~ Rj{ _ c ~ I 05 

and 0.36 ~ c ~ 0.42 . 

RESULTS 

Grid- and time-step independence 
The evaluation of grid dependence was done by comparing 

steady-state solutions based on simulations employing different 
numbers of layers in the reactor as well as different numbers of 
material layers in each of the representative pebbles. For all of 
these cases the resultant gas outlet conditions are exactly the 
same since it is independent of the grid size. However, different 
values of pebble temperatures and reactivity resulted. 

An analysis of the results showed that I 0 layers in each 
pebble is sufficient. Furthermore, for 20 layers or more along 
the length of the reactor the average pebble temperature is 
within 0.3 % of that obtained with 500 layers or more. The 
external reactivity is . within 3.8% of that obtained with 500 
layers or more. From this it can be concluded that 20 layers 
along the length of the reactor is sufficient. 

In order to investigate the time step size dependence, a 
reactivity transient was investigated. The transient entails a 
ramp release of 500 mNile at a rate of I 0 mNile per second for 
different simulation time step sizes varying between 5 seconds 
and 0.005 seconds. 

A detailed analysis of the results show that for a time step 
of 0.5 seconds or smaller, the maximum error is less than I % 
when compared to the results obtained with a 0.005 second time 
step. For a time step of 0.1 second or smaller the maximum 
error is less than 0.2 %. 

Similar results were obtained for the average pebble 
temperatures. Therefore, based on both the neutronic power 
and temperature results, it can be concluded that an acceptable 
degree of time step independence is obtained for any time step 
size smaller than 0.5 seconds. 

Sample calculation 1: Reactivity transient 
The first sample calculation entails a ramp release of 

500 mNile [0.5 %] at a rate of I 0 mNile [0.0 I %] per second 
over a time span of 50 seconds. Figure 3 shows the results 
obtained for the reactor power output, coolant outlet 
temperature and average pebble temperature. 
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Figure 3: Results of reactivity transient simulation. 

The figure shows that the reactivity release results in an 
increase in power followed by a sharp increase in the pebble 
temperature. This in tum results in a decrease in power output 
due to the negative temperature gradient characteristics of the 
fuel. After 300 seconds the gas outlet temperature is still rising 
in response to the continuing power and pebble temperature rise 
which is less noticeable on the graph. 

Sample calculation 2: Mass flow transient 
The second sample calculation entails a ramp reduction in mass 
flow rate to 50 % of the initial value over a time span of 
300 seconds. Figure 4 shows that the decrease in coolant flow 
initially results in an increase in the pebble temperature which 
in tum results in a decrease in the power output. Following this, 
the pebble temperature starts to decrease again. However, 
despite the decrease in pebble temperature, the power continues 
to drop. This is due to an increase in the Xenon concentration 
with Xenon acting as a neutron poison. 
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Figure 4: Results of mass flow transient simulation. 
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Sample calculation 3: Gas inlet temperature transient 
The third sample calculation entails a ramp increase of the 

inlet gas temperature to I 00 oc higher than the initial value over 
a time span of 600 seconds. Figure 5 shows the same 
phenomena as in Sample 2. 
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Figure 5: Results of gas inlet temperature transient. 

Sample calculation 4: Simultaneous inlet temperature, pressure 
and mass flow transient 

This sample entails a simultaneous ramp increase in the 
inlet gas temperature to I 00 oc higher than the initial value, a 
ramp reduction in the inlet pressure by 45 bar and a ramp 
reduction in mass flow rate to 40 % of the initial value over a 
time span of 600 seconds. 

Figure 6 shows the same phenomena as in Samples 2 and 3, 
including the Xenon effect. 
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Figure 6: Results of simultaneous temperature, pressure and 
mass flow transient. 

CONCLUSIONS 
This paper described the integrated one-dimensional 

simulation model for the pebble bed nuclear reactor contained 
in Flownet. The simulation consists of three distinct models 
namely the point kinetics and decay heat generation model, the 
sphere heat conduction model and the fluid flow model. These 
three models are solved simultaneously at each time step to 
obtain the integrated transient response of the reactor. 

Results obtained with tht: new model showed that grid 
independence is obtained with at least I 0 layers in each 
representative fuel sphere and 20 layers along the height of the 
reactor. An adequate degree of time step independence is 
obtained for time step sizes smaller than 0.5 seconds. 

Sample calculations have shown that the correct qualitative 
results are obtained. However, detailed comparative studies 
must still be undertaken with more comprehensive software 
models such as TINTE in order to properly quantify the 
accuracy of the results obtained with the new model. 
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ABSTRACT 
In this paper formation of sulphur trioxide in the furnace of 

the steam generator was investigated. The mathematical model 
that could realistically describe S03 generation and reduction 
was developed. The model was applied on a real steam 
generator combustion chamber. Different combustion 
parameters were varied: the combustion air excess ratio, the 
magnitude of the swirl of combustion air, the fuel droplet size, 
and the fuel injection spray angle. The greatest influence on 
S03 reduction exhibited the air excess ratio. The problem of 
this particular case lied in fact that the air excess ratio could not 
be notably decreased due to incomplete combustion (increase of 
CO and H2 appearance of the soot and unburned hydrocarbons 
above legal emission limits) that it would cause. It was shown 
that by applying the other measures (increasing magnitude of 
the swirl of combustion air, increasing fuel spray angle and finer 
spraying i.e. smaller fuel droplet size) simultaneously with the 
excess air ratio reduction this problem could be alleviated. 

INTRODUCTION 
Economic reasons impose use of heavy-oil fuel of lower 

quality, rich in sulphur, in combustors of steam generator 
furnaces. Combustion of such a fuel has, as a consequence, an 
increased SOx emission. In combustion process, certain amount 
of S02 is transformed into S03. Sulphur trioxide reacts, at lower 
temperature, with water vapour forming sulphuric acid, which, 
on one hand impacts eco-systems and human health through 
acid aggregates, so called "acid rain" and, on the other hand, it 
causes low-temperature corrosion of the steam-generator 
sections [1 ,2). 

In the past, number of authors examined formation of S03 

[3-8). Two main mechanisms were recognized: the homogenous 
so3 formation reactions in the gas phase and the heterogeneous 
catalytic reactions on the heat exchanger surfaces and ash 

particles. This paper focuses attention on formation and 
reduction of so3 in the furnace, where the homogenous gas­
phase reactions are dominant. Many authors suggested variety 
of different S03 formation reaction sets [3-6]. The S03 

reactions that showed the greatest importance at conditions 
(temperature and pressure) prevailing in the steam-generator 
furnaces were chosen. 

The second part of the paper deals with the possible means 
for S03 reduction. There are several ways to fight low­
temperature corrosion: combustion of low-sulphur fuels, use of 
fuel additives, implementation of acid-resistant materials for 
steam generator "cold-end" surfaces, regular maintenance ofthe 
steam-generator and control of the combustion process [1 ,2]. In 
this paper the last technique was investigated. 

NOMENCLATURE 
d fuel droplet diameter (J.lm) 
f mixture fraction 
k reaction rate constant ((cm3/mol)"·s·1

) 

n = 1 for bimolecular reactions 
2 for third body reactions 

Kc equilibrium constant ((mol/m3)Lim) 
Lim is sum difference of stoichiometric coefficients 

M molar mass (kg!kmol) 
R universal gas constant, R=l.987e-3 (kcallmol·K) 
S swirl number 
S; source term of species i (kg/m3-s) 
t time (s) 
T flue gas temperature (K) 
u velocity (rn/s) 
x spatial coordinate (m) 
Y; mass fraction of species i (kg/kg) 
[i] concentration of species (kmol/m3

) 
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Greek Letters 
(J 

A 
p 
r 
J1 
¢ 

Schmidt-Prandtl number 
air excess ratio 
density (kg/m3

) 

diffusion coefficient (Pa·s) 
dynamic viscosity (Pa·s) 
fuel spray angle (0

) 

Subscripts 
b backward reaction 
eff effective 
eq 

f 
F 
0 

equilibrium 
forward reaction 
fuel stream inlets 
oxidiser stream inlets 

MATHEMATICAL MODEL 
Possible means for the S03 reduction during combustion 

process were investigated using mathematical modelling. The 
30 mathematical model comprises coupled gas flow and liquid 
spray physics. It simulates combustion of the non-premixed 
turbulent flame by solving conservation equations for mass, 
momentum, energy and mixture fractions [9]. The turbulent 
flow is modelled by using the k-& model with non-equilibrium 
wall functions. The radiation heat transfer is treated by the 
discrete ordinates radiation model. Formation of the pollutants, 
NOx and soot, is also included into the model. The liquid fuel 
spray was simulated as a discrete second phase in a Lagrangian 
frame of reference (so called "particle in cell" model). 

The combustion model is based on the probability density 
function (PDF) formulation [10]. The empirically prescribed 
PDF model was used (,8-function) and value of the mixture 
fraction .f was chosen as a conserved scalar 

.f = Y, - Y.o (I ) 
Y,F - Y.o 

where Y, represents elemental mass fraction of element i. 
Subscript o denotes value at the oxidiser stream inlet and 
subscript F denotes value at the fuel stream inlet. The PDF 
combustion model involves solution of the transport equations 
for the mixture fraction and its variance. Interaction of 
turbulence and chemistry was included in the model by the 
mixture fraction variance. 

The reaction system was described by the equilibrium 
chemistry formulation [II], which implicates that the chemistry 
is fast enough to preserve chemical equilibrium at the molecular 
level. That assumption is valid for main reactions and species in 
the combustion process but it fails in the case of slow kinetics, 
like the so~ formation. For this reason, an additional model, 
which describes the sulphur trioxide generation and destruction 
more realistically, was developed. According to many authors 
[4-7] the predominant reaction ofS03 formation is 

SO 2 + 0 + M H SO, + M (2) 
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The rate constant for this reaction [ 12, 13] is given by 

(3) 

and recommended values for the third body reactants [M]: ofN~ 
/1.3/, S02 II 0.01 and H20 II 0.01. Reaction (2) is opposed by 
reaction ( 4 ), which acts to revert S03 back to S02 

(4) 

and its reaction rate constant is 

(5) 

Rates for the reverse reactions are obtained from the 
equilibrium constants for each reaction 

(6) 

(7) 

The assumption made in this model is that sulphur trioxide 
could be examined independently of the complete reaction set, 
whereby all other molecular species are maintained at constant 
concentrations. This assumption is correct for low percentage 
conversion of S02 to S03 (lower than I 0%) [6] as it is the case 
for typical combustion processes in furnaces. 

The model was implemented as a User Defined Function 
routine in Fluent™ code [9]. The transport equation for S03 is 
written in the following form 

a ( ) a ( ar~" J - pu,Y~0 =- Tso _._, +Ss<> ax . . ' ax . ' ax . ' 
I J I 

where r",, is diffusion coefficient ofS03 

r = J.I,J, 
S<l, (J 

and Schmidt-Prandtl number CJ = 0.7. 
The source term Ss<>, in equation (8) is defined as 

s -~( y ) 
so,- at P so, 

(8) 

(9) 

(10) 

Relation between S03 mass fraction Y~o, and concentration 

[so,] is given by 

Y = Mso, [so.] 
so, p ' (II) 

Finally, one gets 

s. =M. ~[so] 
so, so, at , (12) 

where M so, is molar mass ofS03 . 

Digitised by the University of Pretoria, Library Services, 2015



The rate of S03 change for the reactions (2) and ( 4) is 

d[~~J = k2ASo2][o][M]+k4JsoJ[o2]- 03) 

-k2JsoJ[M ]- k41 [soJ[o] 

This expression, with the above assumption of reaction 
independency, is only temperature dependent. 

RESULTS 
Previously described model was applied to simulate the 

so3 formation in the furnace of a real steam generator of the 
210 MW oil-fired Power Plant Sisak. PP Sisak, which burns 
heavy-oil fuel with 2-3% sulphur and exhibits flue gas 

temperatures of 135-140 oc at the exit of the regenerative 
Ljungstrom air-heater, reported occurrence of the severe low­
temperature corrosion of the generator "cold-end" surfaces. 
There are two oil burners (Fig. 1) on each side-wall of the 
chamber. The burner consists of the axial/radial inflow type 
swirl generating register and the steam atomiser (Y-nozzle ). The 
airflow is divided into three streams: unswirled primary stream 
and then secondary and tertiary streams, which are swirled. 

SECONDARY AIR INLET 
- ) 

TERTIARY AIR INLET 
) i 

I 

Fig. 1 Schematic of the burner 

ATOMISER 
NOZZLE 

Influences of different combustion parameters were 
analysed: combustion air excess ratio, magnitude of the swirl of 
combustion air, fuel droplet size, and fuel injection spray angle. 

Combustion air excess ratio 
It is well known that the sulphur trioxide concentration 

could be decreased by the improvement of the combustion 
process, primarily by lowering the air excess ratio (Fig 2). The 
fact that sulphur trioxide depends on the combustion mode and 
the surplus of air, implies that so3 primarily arises in flame and 
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that is in much lesser extent a consequence of the catalytic 
effect. 
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Fig. 2 S03 versus air excess ratio 

By decreasing the air excess ratio A from 1.210 to 0.965, 
the S03 production was also reduced. That could be explained 
by lower amount of oxygen that was at disposal for reactions (2) 
and (4). The upper curve S03_eq (thinner line) on Fig. 2 
represents values of equilibriqm so3 mole fractions (in ppm's 
by volume) at the exit of the furnace . The lower curve S03 

comprises non-equilibrium so3 mole fractions (this value too, 
as all other parameters presented in results section, relates to the 
exit cross-section of the furnace). Equilibrium S03 values were 
obtained by the equilibrium chemistry model while non­
equilibrium values by the model presented in previous section 
(Eq 's 2-13). At this point it is worth to note that non-equilibrium 
values are lower than equilibrium ones, which is also indicated 
by some authors [3,6]. 

On the other hand, the lack of oxygen led to incomplete 
combustion that resulted in higher CO and H2 concentrations 
(Fig. 3). 
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Fig. 4 shows predicted NO concentrations and flue gas 
temperatures at the exit of the furnace. Given values of NO 
should not be taken as absolute values, only trend of NO mole 
fraction should be considered. 
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0.95 1.00 1.05 1.10 1.15 1.20 1.25 

Fig. 4 NO mole fraction and temperature versus air excess 
ratio 

The maximum value of temperature at cca. A-=1.05 corresponds 
to complete combustion. Values of soot concentrations are not 
presented in these graphs because all soot was completely 
burned in the furnace and did not appear at the chamber exit 
(except in two cases of incomplete combustion when excess air 
ratio was 0.965 and 1.000). 

Swirl number 
It was expected that an increase of the magnitude of the swirl 
number of the combustion air stream would decrease the S03 

production due to better combustion. 
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Fig. 5 S03 mole fraction versus swirl numberS (swirl number 

is calculated at the exit of the burner, Fig. I) 

916 

Results of equilibrium S03 production at the furnace exit 
showed no such a tendency (Fig. 5). It was observed that only 
region where the equilibrium presumption is valid is at high 
temperatures (flame zone near burner exit) where the relaxation 
time is very short (fast kinetics) but at (relatively) lower 
temperatures (e.g. below 1500°C) the relaxation time becomes 
longer and assumption of fast chemistry is not anymore correct. 
That justifies implementation of the (previously described) non­
equilibrium model whose results are in accordance with 
predicted behaviour of so3 concentration (thicker line). 

Negative slopes of CO and Hz (Fig. 6) confirm 
improvement of the combustion process with an increase of the 
swirl number. 
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Higher swirl number causes better (and faster) mixing of fuel 
and combustion air that shortens the flame length. Shorter flame 
means higher temperatures in the flame zone and lower flue gas 
temperature at the exit of the furnace (Fig. 7). 
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Fuel droplet size 
Diminution of fuel droplet size is usually achieved by raising 
fuel atomising steam pressure. By finer fuel spray, better 
combustion would be expected, what is indicated by the results 
plotted on Fig's 8, 9, and 10. In this case, fuel droplet initial 
diameter is varied in the range 50-160 IJ.m. Smaller fuel droplets 
resulted in shorter combustion times, shorter flame length and 
caused higher combustion temperatures and lower flue gas exit 
temperatures. 
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Fig. 8 NO mole fraction and temperature versus fuel droplet 
diameter 

Unoxidised CO and H2 were also lowered by decreased fuel 
droplet diameter (Fig. 9). 

Higher combustion temperature leads to acceleration 
of kinetics of the process and consequently to shorter time that 
is available for reaction of sulphur trioxide formation (Eq. 2). 
That can be observed in Fig. 10 where (non-equilibrium) S03 

mole fractions descend with decrease of fuel droplet size. 
Results of S03 equilibrium model are also shown, with 
pronounced unrealistic behaviour. 
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Fig. 10 S03 mole fraction versus fuel droplet diameter 

Fuel spray angle 
An increase of the fuel spray angle of steam atomiser Y­

nozzle led to shorter flame length and, in global, to better 
combustion. For lower S03 production with increasing fuel 
spray angle (Fig. 11 ), again, higher combustion temperature 
(consequently lower flue gas temperature at exit, Fig. 12) was 
meritorious. Once more equilibrium chemistry assumption for 
the S03 production resulted in unphysical trends. 
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The curves of CO and H2 mole fractions decrease with 
widening of the spray angle confirming the former observation 
of better combustion (Fig. 13). 
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In order to investigate formation and reduction of sulphur 
trioxide in the furnace of the steam-generator, the non­
equilibrium so3 model was developed. It was shown that is 
possible to realistically simulate so3 production and that such a 
model could be used in analysis of S03 reduction. 

Different combustion parameters were varied: the 
combustion air excess ratio, the magnitude of the swirl of 
combustion air, the fuel droplet size, and the fuel injection spray 
angle. Decrease of the air excess ratio exhibited the greatest 
influence on S03 reduction. Still, results of simulation have 
shown that in the particular case the air excess ratio could not 
be notably decreased (<1.05) due to incomplete combustion 
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(increase of CO, Hb appearance of the soot and unburned 
hydrocarbons above legal emission limits). 

Increase of magnitude of the swirl of combustion air, the 
fuel spray angle and finer spraying (smaller fuel droplet size) 
would decrease production of so] in lesser extent than the air 
excess ratio, but they would improve combustion and reduce 
CO, H2 and soot formation. The right strategy would be in 
combination of all these techniques. 
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ABSTRACT 
A new model for the three-dimensional numerical 

simulation and analyses of the thermal-hydraulic processes 
and the Critical Heat Flux (CHF) prediction for the advanced 
nuclear fuel rod bundles of the complex geometry is 
presented. It is based on the porous medium concept, three­
fluid model of the coolant two-phase flow, proposed 
correlations for the interfacial drag momentum transfer and 
on mechanistic models for dry-out occurrence in churn and 
annular flow patterns. The nuclear fuel rod bundle thermal­
hydraulics is analysed under the CHF conditions. Predicted 
CHFs are in good agreement with the measured data. 
Presented three-fluid modelling approach is an improvement 
of the recently developed multidimensional two-fluid porous 
medium model [1, 2]. Also, its ability to predict the spatial 
three-dimensional mass flux vectors of liquid and steam 
phases within the rod bundle is an advantage in comparison 
with the presently used methods for the nuclear fuel rods 
bundle thermal-hydraulics built into one-dimensional 
subchannel analysis computer codes. 

INTRODUCTION 

Thermal-hydraulic and neutron kinetic optimisation of 
nuclear fuel elements is being performed in order to increase 
the thermal margin and energy exploitation economy. 
Modern design of nuclear fuel rod bundles for Boiling Water 
Reactors (BWRs) is characterised with increased number of 
rods, part-length fuel rods and a water channel positioned 
along the bundle. Such design causes significant spatial 
differences of volumetric heat flux, steam void fraction 
distribution, mass flux rate and other thermal-hydraulic 
parameters important for efficient cooling of nuclear fuel 
rods during normal steady-state and transient conditions. 

Classical subchannel analysis computer codes have 
deficiencies in predicting the two-phase coolant cross flows 
between neighbouring channels. Some of these codes allow 
subchannel coupling, but these calculation algorithm could 
be quite artificial in regard to the real liquid and steam cross­
flows, especially for the rod bundle of the modern design 
with high spatial non-uniformity of geometric and thermal­
hydraulic parameters. Also, present algorithms for steam­
liquid exchange between neighbouring subchannels are not 
applicable in regions of one-phase subcooled liquid or steam 
flows. This shortcoming could cause higher uncertainties in 
CHF predictions [3]. Application of the three-dimensional 
Computational Fluid Dynamics (CFD) numerical methods, 
where the flow field is determined with the actual free 
passages between the fuel rods, requires great number of 
control volumes in order to simulate the whole rod bundle 
flow field, and consequently, substantial computer time. 
Practical benefits from these modelling improvements are not 
expected to equal increase in computer calculation time cost 
and modelling complexity. Therefore, the need for the 
prediction of spatial thermal-hydraulic steady-state and 
transient phenomena within the advanced nuclear fuel 
bundles, such as two-phase coolant cross flows between 
neighbouring channels, spatial void distributions, spatial dry­
out propagation etc., as well as the requirement for the 
efficient computer tool which does not require substantial 
computational time and memory have led to the development 
of the multidimensional porous medium two-phase flow 
model. The previous work was based on the two-fluid 
modelling approach [ 1 ], and it was successfully applied to 
the prediction of advanced nuclear fuel rod bundle thermal­
hydraulics under CHF conditions for different axial and 
radial power distributions, coolant flow rates and inlet 
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subcoolings [2]. In order to provide necessary closure laws 
for stated modelling approach, as well as to get more insight 
into the local two-phase phenomena within the bundle, 
several separate effects test were performed, such as 
regarding the hydraulic resistance to two-phase flow across 
rod bundle [4], or the influence of spacer geometry and 
position on coolant turbulent flow structure and relaxation 
lengths [5, 6, 7]. Obtained results of the CHF predictions 
with two-fluid approach [8] have shown the need for the 
consideration of the liquid film formation and depletion on 
the rod wall for the higher mass fluxes and steam voids with 
annular flow pattern formation, in order to improve the 
accuracy of the mechanistic dry-out model in the high void 
region. The criterion of the critical void fraction for the dry­
out occurrence, introduced into the two-fluid modelling 
approach, is based on the pre-assumption of the minimum 
possible liquid film thickness and liquid phase split between 
the entrained droplets and liquid film flows. Its results 
showed strong dependence of the discrepancy between 
calculated and measured CHF values on the steam superficial 
velocity. This indicates the need for the inclusion of the 
droplets entrainment and deposition influence on the liquid 
film depletion and corresponding dry-out occurrence. Hence, 
the modelling approach is improved by the inclusion of the 
third fluid stream, which models liquid film flow along the 
rods' wall. 

In presented numerical modelling approach, the fuel rod 
bundle is ob~erved as a porous medium with a two-phase 
flow through it. The positions and dimensions of the fuel 
rods and spacers determine the porosity and flow resistance 
within the bundle. Evaluation of the coolant flow structure 
within the bundle requires the application of the multi-fluid 
modelling approach [9]. One-phase multidimensional coolant 
flow is modelled for the heating of subcooled coolant up to 
the saturated conditions. Two-fluid model is applied to the 
bubbly and chum-turbulent or slug flow, while three-fluid 
model is used for annular flow pattern. Three-fluid modelling 
approach is based on the mass, momentum and energy 
balance equations for three fluid streams: liquid film on the 
rod's wall, steam flow and droplets entrained in the steam 
stream. Closure laws for the prediction of interfacial transfer 
processes are stated with the special emphasis on the 
prediction of the steam-water interface drag force, through 
the interface drag coefficient, and droplets entrainment and 
deposition rates. The model implies non-equilibrium thermal 
and flow conditions. Mechanistic models of liquid film dry­
out are applied for the CHF prediction. The criterion for the 
CHF occurrence in the churn two-phase flow pattern is the 
rod dry-out with the local steam void fraction value of 0. 98. 
In annular flow pattern, a part of the water is carried by the 
steam flow in the form of entrained droplets, while the rest is 
flowing in the form of film on the rods' walls. Water film 
evaporation and droplets entrainment reduces the film flow 
rate. The criterion for the dry-out occurrence is the complete 
depletion of the liquid film, which is the result of the three­
fluid model solution. The transition from churn to annular 

flow pattern is prescribed for local steam superficial velocity 
of 15 rn!s [1, 2]. The steam and droplets governing equations 
are discretized in three-dimensional Cartesian co-ordinates, 
while the liquid film balance equations are solved along the 
rods' direction. The model is numerically solved with the 
control volume SIMPLE type method. Scalar control 
volumes (CVs) are centred to the fuel rods, while momentum 
CVs are staggered. Convective terms are approximated with 
up-wind finite differences. Fully implicit time integration is 
applied. Pressure correction method (proposed within the 
SIMPLE method) for the pressure field calculation is revised 
due to the presence of two phases. Difference equations are 
solved iteratively by the Alternating Direction Implicit (ADI) 
numerical method. 

In this paper results of 3D numerical simulation and 
analyses of thermal-hydraulics in a complex geometry of 
nuclear reactor fuel assembly are presented for different axial 
and radial power shapes. Chopped cosine, top peak and 
bottom peak axial power generation profiles are applied. 
Numerical prediction of water and steam mass flux rates and 
steam void fraction distribution give a complete 3D thermal­
hydraulic picture of steam-water flow within the bundle, 
including two-phase mixture cross-flows between 
neighbouring subchannels. 

NOMENCLATURE 

A area (m2
) 

F force per unit volume (N/m3
) 

g gravity (rnls2
) 

h enthalpy (Jikg) 
h" enthalpy of saturated vapour (kJ/kg) 
j superficial velocity 

k unit vector in z-direction 
P tube/rod pitch 
p pressure (Pa) 

q"' volumetric heat flux (W /m3
) 

S perimeter (m) 
time (s) 

u velocity (rnls) 
W entrainment/deposition rates (kg/m2s) 

Greek letters: 

a volume fraction 
r phase transition rate 
p density 

Suh.,·cript.'i: 

e 
d 

entrainment 
deposition 

w wall 
I 
2 
3 
4 

920 

water 
steam 
liquid film 
rods. 
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MODELLING APPROACH 

Three-dimensional coolant liquid and vapour two-phase 
flow within the nuclear fuel rod bundle is modelled by the 
"three-fluid" model. Fluid flow conservation equations are 
written for both phases and three fluid streams. Mass, 
momentum and energy transfer at the vapour-liquid 
interfaces, as well as rod bundle hydraulic resistance to two­
phase flow, heat transfer from hot rod walls and boiling 
within tube bundles are modelled by "closure laws". This 
approach implies non-equilibrium thermal and flow 
conditions. 

Modelling Assumptions and Features 

a) The porous medium concept is used in the simulation of 
two-phase flow within tube bundles. The space of the 
numerical control volume can be occupied by one, two 
or three fluid streams as well as by rods. The flow 
volume reduction due to the presence of rods in a space 
occupied by a bundle is taken into account. Therefore, 
the conservation of the vapour and liquid flow 
parameters is performed only for the fractions of the 
numerical control volume occupied by corresponding 
fluid stream. 

b) Rod bundle flow resistance is assumed to be 
continuously distributed in the space occupied by these 
elements. 

c) Flow governing equations are written in the non-viscous 
form, while the turbulent viscosity effects are taken into 
account indirectly through friction coefficients for the 
tube bundles flow resistance and two-phase interfacial 
drag forces. 

d) The two-phase flow is observed as semi-compressible, 
that is the acoustic flow effects are neglected, while the 
influence of the pressure change on the vapour and 
liquid thermo-physical properties is taken into account. 

e) The surface tension is neglected, as it is not important 
for bulk two-phase flow phenomena. Hence, pressure is 
the same for both phases and all fluid streams within the 
numerical control volume. 

f) Multi-fluid modelling approach is applied as described 
in [9]. Heating entrance section of the rod bundle, up to 
the incipience of boiling, is model only by the one-fluid, 
one-phase mass, momentum and energy conservation 
equations. Subsequent bubbly, chum or slug flow 
patterns are modelled by the two-fluid model consisting 
of the conservation equations for the liquid and vapour 
phase. The annular flow pattern is reached when the void 
fraction is higher than 0.3 and the vapour superficial 
velocity exceeds the prescribed value of 15 m/s, and it is 
modelled by the three-fluid model written for liquid film 
on the rod's wall, entrained liquid droplets and vapour 

core. One-fluid and two-fluid models are derived from 
the three-fluid model by simple elimination of 
corresponding conservation equations and interfacial 
transfer terms from the three-fluid model equations. 

g) Water phase flow in the form of liquid films on the rods' 
walls is one-dimensional, because it is directed along the 
vertically positioned rods in z-direction. Water droplets 
flow is three-dimensional. In prediction of liquid film 
surface interfacial shear stress and entrainment and 
deposition rates with appropriate closure laws, involved 
are phases' scalar parameters, liquid film velocity and 
vapour and droplets vertical (z-direction) component of 
velocity. At present no reliable laws are developed for 
the prediction of the influence of horizontal vapour and 
droplets velocity components on the entrainment, 
deposition and liquid film surface interfacial friction. On 
the other hand, these influences are believed to be small 
due to the predominant vertical direction of the two­
phase flow especially in the high void and high velocity 
region of annular flow with entrained droplets. 

Governing Equations 

Liquid continuous phase or droplets mass conservation (the 
last term on the r.h.s. is included in case of droplets flow) 

a(a1p 1) • 

-a-t-+ V ·(alplul) = -r~~ +f~~-
(1) 

Sf A <W.,- ~J~.) 

Vapour mass conservation 

Liquid film mass conservation 

a(a,p,) a(a3p 11 u1 ) 
-a--+ . =-r,,+f,,+ 

I a::. ·'- -· (3) 

s I A ( w., - w.. ) 
Liquid continuous phase or droplets momentum conservation 
(the last term on the r.h.s. is included in case of droplets 
flow) 

a(a1p 1Li1) • • • 

at +V·(alplulul)=-a~Vp+alplg-

FL'!. +F,." +F2~-f.~~-ri2Lil +f21zi2- (4) 

S. -
- ( W1u1 7k - W.zi, ) A , ./. '. 
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Vapour momentum conservation 

o(a,p,li,) n ( . . ) n -Bt- - + v . a2p2u2u2 =-a'!. v p + a2p2g + 

FL2 -Fut -F21 -F;_, -~2 + 
f 12ii1-f21 zi2 +f32 zi3 -f23 zi2 

Liquid film momentum conservation 

o(a,p,zil) n .. ) n . ·
01

· · +v·(a3p3u3u3 =-a3vp+a3p3g-

f.2.>- f.-1.1- r 32zi3 + r 231i2 + 
s - . 
-(W1u1 zk - W.u,) A ' .. '. 

(5) 

(6) 

Liqud continuous phase or droplets energy conservation (the 
last term on the r.h.s. is included in case of droplets flow) 

o(alp/11) . .. ot +V·(alp/1lul)=-(fl2-r2l)h + 

. s 
ci.Jl- A (W:,hl - W:.h3) 

(7) 

Vapour energy conservation 

Liquid film energy conservation 

(9) 

The source terms for mass, momentum and thermal energy 
conservation are written on the r.h.s. of Eqs. (1)- (9). The 
intensity of phase transition, which is the mass of evaporation 
or condensation per unit volume and time, is denoted with r. 
The interfacial drag forces per unit volume are denoted with 

F21 for vapour and continuous liquid or droplets drag, and 

F23 for vapour and liquid film drag. Wall-vapour friction 

force is F42 , wall-continuous liquid or droplets F41 , and 

wall-liquid film i~,. Terms i~_ 2 and i; _11 represent lift force 

and virtual mass force, respectively. The term q 41 represents 

volumetric heat rate from rods to corresponding fluid phase 
per unit volume. 

Closure Laws 

The necessary closure laws for the calculation of these 
terms are presented in [1, 10]. The deposition rate is 
calculated with the correlation for the deposition coefficient 
in steam-water two-phase flow from [11]. Entrainment rate is 
predicted with correlation from [12]. The volume balance is 
added to the above equations 

Volume fraction balance 

a 1 +a2 +a1 +a1 =l. (10) 

Dry-out Criteria 

The dry-out criteria for chum-turbulent two-phase flow, 
which is assumed to prevail for voids higher than 0.3 and 
steam superficial velocities lower than 15 m/s [1, 2], is the 
condition under which the steam void fraction reaches the 
value of0.98 [8]. 

For annular flow, it is adopted that the dry-out occurs 
when the complete liquid film depletion happens. The 
complete film disappearance is triggered at the minimum 
possible film thickness, which is determined by the complex 
effects of annular flow conditions, such as droplets 
entrainment and deposition, hydrodynamic stability of liquid 
film surface waves, bubble nucleation and bursting on the 
wall surface etc. For adiabatic water-air atmospheric flow 
within experimental rod bundle, the minimum liquid film 
thickness was predicted to be I 00 microns [ 14]. The films on 
the heated walls should be of the smaller minimum thickness. 
In [ I5] experimentally and theoretically predicted results on 
minimum film thickness under saturated pool boiling 
conditions are reported to be in the range from 2 to I 0 
microns. Numerical results on stable minimum film 
thickness, but not close to the dry-out conditions, are 
reported to be as low as 35 microns [ 16]. These previous 
results show that the minimum possible film thickness, prior 
to the dry-out triggering are in the range of 10 microns. 
Therefore, in this paper, the minimum possible film thickness 
at the onset of dry-out is assumed to be equal or less than 10 
microns. The same range of values was successfully applied 
and verified in the one-dimensional multi-fluid predictions of 
CHFs for boiling tubes [9]. 

NUMERICAL SOLUTION 

A finite volume method is applied for the solution of 
governing partial differential equations. The discretization of 
these partial differential equations is carried out by their 
integration over rectangular control volumes of variable size 
in the 3D Cartesian coordinate system. The conservation 
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equations for liquid and steam mass and enthalpy are 
integrated over the scalar control volumes, while the liquid 
and vapour momentum conservation equations are integrated 
over the staggered control volumes. The convective terms at 
the control volume boundaries are determined with the 
upwind numerical scheme. Fully implicit time integration is 
applied. Numerical schemes have been developed for the 
calculation of the void fractions and pressure fields. Liquid 
and steam mass conservation equations are discretized with 
the finite differences. The pressure field is calculated 
according to the modified SIMPLE numerical method [13], 
taking into account the presence of two phases - liquid and 
vapour. The resulting set of discretized equations is solved 
iteratively by the Alternating Direction Implicit (ADI) 
method. For the calculation of a steady-state condition, the 
transient calculation procedure is performed with constant 
boundary conditions. 

RESULTS AND DISCUSSIONS 

Results of 3D numerical simulation and analyses of 
thermal-hydraulics in a complex geometry of AlRIUM™-10 
fuel assembly (Fig. 1) are presented for different axial and 
radial power shapes (Figs. 2 and 3). Chopped cosine, top 
peak and bottom peak axial power generation shapes are 
applied (Fig. 3). Numerical prediction of water and steam 
mass flux rates and steam void fraction distribution give a 
complete 3D thermal-hydraulic picture of steam-water flow 
within the bundle, including two-phase mixture cross-flows 
between neighbouring subchannels. The rod dry-out 
conditions are predicted for more than 100 cases. 

Typical results of steam void fraction predictions within 
the rod bundle at the condition of Critical Power (CP) are 
presented in Fig. 4-a. The influence of spacers is clearly seen. 
Void fractions are higher in front of the spacers, while at the 
spacers and downstream the void fraction decreases. 
According to the temperature measurements, the rod 
numbered 87 first experienced the dry-out. Numerical 
simulations also show that the dry-out occurs at the same rod 
No. 87, Fig. 4-b. Zooming the attention at the rod 87 it could 
be seen that the dry patch formation is initiated on the side 
towards the rod No. 77, as presented in Fig. 5. 

The obtained results are compared with experimental 
data measured at an electrically heated test rod bundle. For 
the annular flow regime the results of previous two-fluid 
model approach [8] are compared with experimental data in 
Fig. 6. Symbols in Fig. 6 for annular flow regime U2 > 15 
m/s), in the range from 0.93 to 1.27, are obtained with the 
two-fluid model, which is only composed of steam and water 
fluid streams, without a distinction between liquid film and 
droplets flows. These results show that the two-fluid model is 
not able to take into account the influence of the steam 
velocity on the intensity of droplets entrainment from the 
water film surface. The increase of the steam superficial 
velocity leads to more intensive droplets entrainment and 
liquid film depletion. 

This process is taken into account by the present 
developed three-fluid model for local steam superficial 
velocity greater than 15 m/s, which corresponds to the onset 
of annular flow regime. The comparison of calculated and 
measured CHFs as well as the position of first Dryout within 
the bundle applying three-fluid model is shown in Fig. 7 with 
the range of error from 0.96 to 1.08. 

The effect of coolant bundle inlet subcooling is modelled 
with excellent agreement. From Fig. 7 it is obvious that 
obtained disagreements appear to be a function of bundle 
inlet mass flow rate, similar to the case of two-fluid model 
[8]. Analyses have shown that this function reflects the 
influence of the local vapour velocity on the occurrence of 
Dryout. This is illustrated for both two-fluid and three-fluid 
models in Fig. 8 where the comparisons of results of the CP 
values in annular flow regime are shown as a function of 
vapour superficial velocity at location of maximum void 
fraction. The criteria used for critical liquid film thickness 
can be slightly improved with linear function of vapour local 
superficial velocity, presented also in Fig. 8. In this way 
corrected liquid film dry-out criteria provide agreements of 
calculated to measured CP values in the range from about -
2% to +4%. The mean of response (calculated to measured 
CP) variable is 1.0061 and estimated standard deviation of 
the model error equals to 0.0139. Compared to same values 
of two-fluid model (Fig. 8) this is significant improvement. 

Finally, it has to be mentioned that higher disagreements 
of three-fluid model results and measured data shown in Fig. 
8 for high bundle inlet mass flow rates could also be 
attributed to either hydrodynamic instability of the liquid film 
or to high relative steam velocity causing scrubbing out the 
liquid film from the heated surface. This practically means 
some kind of hydrodynamically caused dry patch rather than 
thermally induced. Both effects have not been currently taken 
into account but their influences on the CHF occurrence as 
well as the coupled effect of drag forces could be very 
important and are being analysed. Obtained results will be 
presented in near future. 

CONCLUSION 

A three-fluid model based on the porous media concept, 
suitable for the multidimensional simulation and analyses of 
nuclear fuel rod bundle thermal-hydraulics, is presented. 
Developed model is successfully applied to the simulation 
and analyses of the advanced nuclear fuel rod bundle 
thermal-hydraulics and to the CHF prediction. Proposed 
mechanistic models for dry-out occurrence are able to 
reliably predict CHF values for both churn and annular flow 
conditions. Improving mean value from 1.0889 (two-fluid 
model) to 1.0061 and reducing standard deviation from 
0.0867 (two-fluid model) to 0.0139 successfully demonstrate 
the advantage of implementing third fluid stream in annular 
flow regime. Different radial and axial power distributions 
were used for three-fluid model verification with wide range 
of inlet mass flow rates (2 - 19 kg!s) and coolant inlet 
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subcoolings (25- 185 kJ/kg) at the coolant pressure equal to 
6.9MPa. 

Here presented multidimensional numerical method is an 
advantage in regard to the presently commonly used 
subchannel analyses methods for the nuclear fuel thermal­
hydraulics. Subchannel analyses methods predict mass, 
momentum and energy exchange between neighbouring 
subchannels from single-phase mixing parameters and with 
more or less empirical correlations for two-phase flow 
multipliers. This could be very crude approximation in regard 
to the fully multidimensional three-fluid two-phase flow 
method presented in this paper. 
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Fig. 5. Steam Void Fraction Distribution around Rod 87 which experienced Dry-out (left), and within 
Control Volumes that comprise Rod 87 (right). Test Bundle under the Dry-out Condition 

(Mass Flow Rate 16 kgls, Inlet Subcooling 35.5 kJ/kg, Chopped Cosine Power Generation Profile) 
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ABSTRACT 
This study evaluates the performance of large heat storage 

systems for power plants with a discontinuous power source 
such as nuclear fusion power plants. Emphasis is laid on the 
study of heat storage systems using latent heat storage, i.e., 
employing phase changing materials. 

This evaluation is performed both from a thermodynamic 
point of view, inquiring whether the irreversibility of the system 
stays limited or not, and from an economic point of view, 
examining whether the system makes proper use of the heat 
storage capacity content present. It is shown that the operating 
conditions and the configuration of the phase changing material 
play an important role. 

INTRODUCTION 
When heat supply and heat demand are out of phase, a Heat 

Storage System (HSS) can provide a solution. In Van den 
Branden et al. (1999) the use of HSSs with a Phase Changing 
Material (PCM) has been studied for large HSSs. 

HSSs with PCMs have also been studied by several 
authors: Adebiyi (1991, 1996), Aceves-Saborio (1994 ), Lim 
(1992) and Bejan (1998). Although they study the first and 
second law efficiencies in detail, they, unfortunately, do not 
investigate quantitatively whether the HSS makes efficient use 
of its heat capacity content; this is an important criterion, 
though, for the feasibility of large HSSs, as is shown is section 
1. 

Therefore, in contrast to previous studies, Van den Branden 
(1999) not only studied the second law efficiency but also the 
exergy capacity efficiency (for a definition see section 1) and 
found that HSSs with multiple PCMs were the best solution for 
large HSSs. This paper studies some typical parameters linked 
to the use of PCMs in HSSs. 

NOMENCLATURE 
c heat capacity of the HSM (J/kg_K) 

em !Ju,(!JT average heat capacity of the HSM (Jikg_K) 

cml.f ( PmSmcm Jj( Pl Src p,f) heat capacity ratio(-) 
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cPJ heat capacity at constant pressure of the fluid (Jikg_K) 
h heat transfer coefficient (W/m2_K) 
L length of the HSS (m) 
m mass flow (kg/s) 

NTU ( hPL Jj( m 1 c p..f ) number of transfer units(-) 

P heated perimeter (m) 
T temperature (K) 
t time (s) 
S cross-sectional area (m2

) 

Urn internal energy of the heat storage material (J/kg) 
x axial co-ordinate (m) 
Greek Symbols 

f3m A.,( !Jum latent heat fraction (-) 

!JT Tr-T0 maximum temperature difference (K) 

!Jum um(Tr)-um(T0) maximum internal energy difference (J) 
Am latent heat (Jikg) 

(/Jm (um-um.o) I !Jum dimensionless internal energy of the 
heat storage material (-) 

B (T- To)! !JT dimensionless temperature (-) 
p density (kg/m3

) 

cr !JT I T0 temperature ratio (-) 
112 second law efficiency (-) 
'lc exergy capacity efficiency (-) 

r tm f j( p 1 S .r L ) dimensionless time (-) 

~ x/L dimensionless axial co-ordinate (-) 
Subscripts 
0 reference state 
c cold fluid corning from HSS 
ch charging 
dis discharging 
f fluid 
h hot fluid corning from HSS 
m heat storage material 
r hot fluid coming from reactor 
Superscripts 
L liquid state 
S solid state 
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COST OF HEAT STORAGE 
The total annual cost Can (€/year) of a HSS that can store a 

net total amount of exergy A (J/year) consists of two 
contributions, the primary energy cost and the investment cost 
(Ter-Gazarian, 1994, Moran, 1989). 

Can = CaAin + cMM HSS (1) 

with Ca (€/J) the cost per unit exergy delivered by the heat 
source to the HSS, A;n (J/year) the yearly amount of exergy 
delivered by the heat source to the HSS, eM (€/kg-year) the 
annualised investment cost per unit mass of the HSS installed 
and MHss the total installed mass of the HSS. The exergy A;n and 
the mass MHss of the HSS can be expressed as: 

~=~~ 00 
M HSS = ~(nan'flciJum) (3) 

with Y/2 the second law efficiency of the HSS, nan the number of 
cycles of the HSS per year, L1um the specific internal energy 
interval of the heat storage material in the temperature interval 
under consideration and finally, Y/c the exergy capacity 
efficiency of the HSS. With this definition, Y/c is the amount of 
exergy delivered by the HSS per cycle per unit heat capacity 
content of the HSS. Because nan and A depend upon the 
application, the two remaining parameters that determine the 
cost of a particular HSS are Y/2 and Y/c· Consequently, these will 
be the two criteria studied for each HSS. 

2 SYSTEM LAYOUT AND OPERATING CONDITIONS 
The HSS studied operates in a cyclic steady-state mode. 

The HSS is consecutively charged and discharged. While 
charging, hot fluid is fed to the HSS at the hot side at a constant 
temperature T, and a constant mass flow rate m ch (see 
Figure 1). After it has deposited part of its energy content to the 
HSS, the fluid leaves the HSS at the cold side at a 
temperature Tc- The residual energy present in the exit fluid is 
regarded as waste, since it does not represent a contribution to 
the heat storage. In integrated systems, though, this heat could 
be used for other purposes. 

Hot side Cold side 

Hotfluidin ~ Coldfluidout 

Figure 1: Heat storage system during charging 

While discharging, the fluid flow through the HSS flows in 
the opposite direction and cold fluid is now fed to the HSS at 
the cold side at a constant temperature T0 and a constant mass 
flow rate mdis (see Figure 2). The fluid leaves the HSS at the 

hot side at a higher temperature Th, as it has received heat from 
the HSS. 

Hot side Cold side 

Hotfluidout ~ Coldfluidin 

Figure 2: Heat storage system during discharging 
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To avoid excessive heat losses in the exiting fluid, the 
charging process finishes as soon as the temperature Tc of the 
fluid at the cold side rises above a certain prescribed value 
Tc,max· Similarly, the discharging process finishes as soon as the 
temperature Th of the fluid at the hot side drops below a 
prescribed value Th,min· Only low quality heat would be 
delivered afterwards. The above criteria, Y/2 and Y/c , are only 
based on the temperatures at the entrance and exit of the HSS: 
two observables of the system. No assumptions whatsoever 
concerning the geometry or the content of the HSS have been 
made. Therefore, these criteria permit us to compare different 
types of HSS under exactly the same working conditions. 

3 MODEL DESCRIPTION 

3.1 GOVERNING EQUATIONS 
A HSS is governed by the energy-conservation equation of 

the fluid: 

ar1 . ar1 
p fS 1 c p,f -a/+ m 1 c p,f----;;;- = hP(Tm-Tf) (4) 

and the energy-conservation equation of the Heat Storage 
Material (HSM) 

dTm 
PmSmcm Tt = hP(Tf- Tm) (5) 

Equations (4) and (5) are valid under the following 
conditions: 

1. the flow of the fluid is one-dimensional, 
2. no pressure losses, 
3. no heat conduction in the fluid, 
4. no axial heat conduction in the HSM, 
5. infinite radial heat conduction in the HSM, 
6. constant thermo-physical properties, 
7. no heat losses to the environment. 

The assumptions mentioned above might seem an 
oversimplification of the problem, but they have only a small 
impact on the principal results, as the aim of the study is to 
focus on the influence of the use and the configuration of the 
PCMs. Assumption 6 is not fulfilled, though, for PCMs as the 
heat capacity Cm becomes infinite during the phase transition. In 
that case, equation (5) has to be altered to: 

dum (. ) 
PmSm -a~=hP\Tf -Tm 

3.2 DIMENSIONLESS FORMS OF THE GOVERNING 
EQUATIONS 

(6) 

For reasons of simplicity, equations (4) and (6) are cast into 
a dimensionless form. 

()6! ()6! 
~=- d( +NTU(8m-8f) (7) 

(8) 

The dimensionless temperatures 9 and the dimensionless 
specific internal energy cp vary between 0 and 1. 

Digitised by the University of Pretoria, Library Services, 2015



3.3 STATE RELATIONSHIP OF THE HEAT STORAGE 
MATERIAL 

The dependence of Bm on (/Jm is expressed by the state 
relationship of the HSM. 

For a HSM with a constant heat capacity em the state 
relationship is trivial: 

6m = (/Jm (9) 

For a HSM with phase changing at a temperature ey , the state 

relationship is more complex (Adebiyi, 1991): 
1. the HSM is solid 

for (10) 

2. the HSM is partially melted I partially solid 

(11) 

3. the HSM is melted 

for 

A parameter to characterise the HSM is f3m, defined as the 
ratio between the amount of heat Am that can be stored during 
the phase changing and the total amount of heat tl.um that can be 
stored in the HSM. 

(13) 

3.4 NUMERICAL SOLUTION 
Equations (7) and (8) are transformed into a set of ordinary 

differential equations by a first order backwards difference 
scheme for the variable ((see equations (14) and (15) ). 

d6t" 61·. 1-6,·. 
-·-'

1 
·,I- · '

1 + NTU(B · -8 · ·) (14) 
dr L1(i m,l .I ,I 

d(/Jm,i NTU B B 
Cml f -- = ( 1· i- m i) 

· dr · · · 
(15) 

These equations, together with the state equations (9) or (10) to 
(12), are solved using a Runge-Kutta method of variable order 
from the matlab® library for a continuous set of cycles of 
charging and discharging using the stop criteria from section 2. 
As soon as the HSS is in regime, i.e. the stored energy during 
charging equals the released energy during discharging, the 
efficiencies defined by equations (2) and (3) are determined. 

3.5 PARAMETERS USED 
For the NTU-number a value of 200 is used. This may seem 

very high compared to the common NTU of heat exchangers but 
HSSs are normally much larger since at any moment only a 
fraction of the HSS length is active in transferring heat. The 
remaining part is inactive waiting to be (dis)charged. 

For the heat capacity ratio cmlf a value of 50 is used. The 
results are rather insensitive, though, to the value of cmlf as long 
as it stays well above unity. 

The value used for a is 0.5, which is appropriate for high 
temperature heat storage (Van den Branden eta!., 1999). 
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The moment of switching from charging to discharging is 
set by the switching parameter en. The switching is assumed to 
be symmetrical so: 

(16) 

4 RESULTS AND DISCUSSION 

4.1 INFLUENCE OF THE NUMBER OF PCMs 
The first and most important parameter to be studied is the 

number of PCMs. It has been shown in Van den Branden et al., 
(1999) that HSSs with a single PCM have poor efficiencies. In 
order to combine the particular advantage (compactness) of 
HSS with PCMs without suffering the accompanying 
disadvantages, different PCMs are combined into one HSS; see 
Figure 3. 

Hot side ("' z Cold side 
'"; '"; '"; 
·;:::: ·;:::: ·;:::: 
v 

~ v 
C<i C<i 
E E E 

Figure 3: Configuration of PCMs in a HSS 

The PCMs are ordered according to their phase-transition 
temperature with the PCM with the highest phase-transition 
temperature at the hot side and the PCM with the lowest phase­
transition temperature at the cold side. 

Three different HSSs are compared: HSS-1A with 1 PCM, 
HSS-3A with 3 PCMs and HSS-7A with 7 PCMs. HSS-OAwith 
no PCM (only sensible heat storage) will serve as reference 
case for comparison. The melting temperatures of the PCMs are 
evenly spaced and the value of fJm is 50%. Further details can be 
found in Table 1. 

Figure 4 shows the evolution of the second law efficiency 
and a scaled version of the exergy storage efficiency as a 
function of the switching parameter Ba- We define the 'scaled 
exergy storage efficiency' as: 

n~ = nc /( 1 -~In( o-+ n) (17) 

8y fl.~ ey fl.~ 8y fl.~ 8y ~s 

HSS-OA - 1.0 - - - -

HSS-1A 0.5 1.0 - - - - -

HSS-3A 0.75 0.33 0.5 0.33 0.25 0.33 
HSS-7A 0.875 0.125 0.75 0.125 0.625 0.125 0.5 0.125 

0.375 0.125 0.25 0.125 0.125 0.125 -

Table 1: Parameters of HSS-OA, lA, 3A and 7 A 

A general and important observation to be made is that the 
characteristics of a HSS depend to a large extent on the 
operating conditions, i.e., the switching parameter Ba.· When Ba 
rises, the second law efficiency 172 drops, because the average 
temperature leaving the HSS during discharging will be lower. 
At the same time the exergy capacity efficiency 'lc rises because 
larger values of Ba permit that the HSS is charged during a 
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longer period and thus better use is made of the heat storage 
capacity content present in the HSM. 

1~~,_--,---,---,----,---.---.---.--~~~ 

1: 

-~ 

0.8 

0.6 

0.4 

0.2 

~HSS·OA 

___..HSS·1A 
~HSS·3A 

........---..HSS·7A 

0o 0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 
switching parameter e. 

0.8 

0.6 

0.4 

0.2 

0.2 0.3 0.4 0.5 0.6 0. 7 0.8 0.9 

switching parameter e. 
Figure 4: Influence of number of PCMs on the efficiency of a 

HSS 
A first conclusion is that for HSSs with PCMs the exergy 

capacity efficiency, 1Jc , rises sharply when the value of the 
switch parameter exceeds the lowest melting temperature of the 
PCMs. According to the previous example, this occurs at the 
same moment that the second-law efficiency drops. 

A second conclusion is that HSSs with multiple PCMs are 
superior to HSSs with a single PCM and even to HSSs without 
PCMs. The HSS with 7 PCMs (HSS-7 A) has for the whole 
range of Ba a second-law efficiency, '12- that equals or exceeds 
the one of the sensible HSS. For the exergy capacity efficiency, 
Y/c , the results are even more favourable. The superior 
behaviour of HSS-7 A can be explained by looking at the 
temperature evolution and the temperature profiles for a cycle 
with Ba = 0.3. Figure 5a shows that the exit temperature ()h 

during discharging is high (high temperature heat is delivered) 
and the exit temperature ()c during charging is low (only low 
temperature heat is discharged in the ambience) resulting in a 
high second-law efficiency, which is typical for small values of 
ea. 

Figure 5b shows that notwithstanding the small value of Ba 
most of the theoretical energy capacity content of the HSS is 
used. In this figure the temperature profile of the HSM is 
plotted at the end of the charging and at the end of the 
discharging period. The surface spanned between these two 
extreme temperature profiles gives an indication of the stored 
energy of the HSS during one cycle. Generally for larger Ba, the 
~wo extreme temperature profiles will be wider apart resulting 
m a larger exergy capacity efficiency. For HSS-7 A, even with 
the small value of ea, the temperature profiles span the melting 
temperatures of the PCMs (represented by the dots). The latent 
heat capacity content represents 50% (the value of f3m) of the 
total heat capacity content of the HSS. So, most of this heat 
ca~a~ity is used resulting in high values of the exergy capacity 
efficiency. 
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Figure 5: Temperature evolution and temperature profiles for 
HSS-7 A with Ba = 0.3 

4.2 INFLUENCE OF THE LATENT HEAT CONTENT ON 
A HSS WITH MULTIPLE PCMS 
As the use of PCMs improves the behaviour of the HSS it 

may seem interesting to augment the latent heat capacity of the 
PCMs, i.e. increase the value of f3m· Figure 6 shows the 
influence of flm on the behaviour of the system for three 
different values of flm: 0.75, 0.5 and 0.25. The other parameters 
are those of HSS-7 A. Larger latent heat content means larger 
exergy capacity efficiencies but lower second law efficiencies. 
For large values of Bm though, HSSs with a large latent heat 
content, seem to be superior both for exergy capacity efficiency 
as for second law efficiency. The presence of a PCM with a 
high melting temperature, i.e. a temperature interval where a 
relatively large amount of heat is stored, causes an increase of 
the average temperature at which heat can be stored, resulting in 
a higher heat capacity efficiency and second-law efficiency. 

1 ~ 

~~!lor=;, :·1 
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Figure 6: Influence of f3 on the efficiency of a HSS 
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4.3 INFLUENCE OF THE MELTING TEMPERATURES 
ON A HSS WITH MULTIPLE PCMS 
Figure 4 showed that the exergy capacity efficiency sharply 

increases as soon as the switching parameter Ba. rises above the 
lowest melting temperature YN· Accordingly, it seems useful to 
lower this melting temperature. Figure 7 shows the efficiencies 
of HSSs with different melting temperature distributions. Each 
distribution is symmetrical around B= 0.5. Details of the HSSs 
can be found in Table 2. 

By L1( By L1( By L1( By L1( 

HSS-70 0.98 0.125 0.82 0.125 0.66 0.125 0.5 0.125 

0.34 0.125 0.18 0.125 0.02 0.125 - -

HSS-7E 0.8 0.125 0.7 0.125 0.6 0.125 0.5 0.125 

0.4 0.125 0.3 0.125 0.2 0.125 - -
Table 2: Parameters ofHSS-7D and 7E 
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~ ~~ z: :! I : : : : I 
0 0.1 0.2 0.3 0.4 0.5 0.6 0. 7 0.8 0.9 1 

switching parameter e. 

Figure 7: Influence of melting temperatures on the efficiency of 
aHSS 

HSS-7E (HSS with the higher lowest melting temperature 

YN) has the expected behaviour. The exergy capacity efficiency 

rises when ()" exceeds YN and at the same time the second law 
efficiency drops. HSS-7D (HSS with the lower lowest melting 

temperature YN) has a quite different behaviour. The exergy 

capacity efficiency rises only when B,, exceeds YN-t (the second 
lowest melting temperature). This behaviour is explained by the 
temperature evolution and the temperature profiles of HSS-7D 

with B,, = 0.3 as shown in Figure 8. At the end of the charging 
period the temperature of the first PCM equals its melting 
temperature, which means that this PCM is only partially 
melted. The internal energy profiles in Figure 8.c show that in 
fact only half of the potential heat capacity is used. This means 
that little heat is stored at high temperatures. Consequently, the 
outlet temperature during discharging drops rapidly (see Figure 
8a) so that the cycle time is short compared with that of HSS-
7 A (see Figure 5a) resulting in a low exergy capacity efficiency. 
The PCM with the highest melting temperature, and by 
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symmetry the one with the lowest melting temperature, can be 
omitted as both of them are hardly used at all. 
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Figure 8: Temperature evolution, temperature profiles and 
internal energy profiles for HSS-7D with ()a.= 0.3 

4.4 INFLUENCE OF THE-DISTRIBUTION OF THE 
PCMS IN A HSS WITH MULTIPLE PCMS 
Section 4.2 showed that increasing the latent heat content {3 

increases the capacity to store heat at high temperatures. A way 
to increase the heat content of one particular PCM is to increase 
the relative length of that PCM in the HSS. This section focuses 
on the length of the first and last PCM, i.e. the ones with the 
highest and the lowest melting temperature. The lengths of both 
are varied in the same way to keep the problem symmetric. 
Figure 9 shows the influence of the length of those PCMs. 
Details of the HSSs can be found in Table 3. 

ey ~s ey ~s ey ~s 8y ~s 

HSS-7F 0.875 0.083 0.75 0.167 0.625 0.167 0.5 0.167 

0.375 0.167 0.25 0.167 0.125 0.083 - -

HSS-7G 0.875 0.222 0.75 0.111 0.625 0.111 0.5 0.111 

0.375 0.111 0.25 0.111 0.125 0.222 - -

Table 3: Parameters ofHSS-7F and 7G 
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on the efficiency of a HSS 
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Figure 10: Temperature evolution, temperature profile and 
energy profile for HSS-7F with Ba = 0.2 

For HSS-7G (with a relatively large length of the first and 
last PCMs) the exergy capacity efficiency rises sharply as soon 

as ()a > YN because more heat capacity is present at the melting 
temperature y1 of the first PCM. The second law efficiency is 
somewhat lower than for HSS with evenly spaced PCMs, 
because the hot outlet temperature remains fixed at y1 < 1 for 
quite some time. The exergy capacity efficiency only rises to its 
maximal value, though, when ()a > y1• The high temperature heat 
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capacity present can apparently only be fully used when the 
charging time is large enough. 

For HSS-7F (with relatively small lengths of the first and 
last PCMs) the exergy capacity efficiency rises sharply as soon 
as ()a> YN but not to its maximal value. This happens only when 

Ba > YN-I· At first, the small length of PCM 1 is not sufficient to 
heat the fluid to the desired minimum temperature ( 1-B,) for a 
long time, which results in small cycle lengths and partially 
used HSSs (see Figure 10). Only when this desired minimum 
temperature drops, the larger PCM 2 with melting temperature 
y2 can provide backup so that the exergy capacity efficiency 
reaches its maximum value. 

5 CONCLUSION 
This study has shown the influence of layout and 

characteristics of PCMs in HSSs on the second-law efficiency 
of the HSS, which is important for the fuel cost, and on the 
exergy capacity efficiency, which is important for the 
investment cost. To obtain an optimal HSS for a certain 
application, both parameters must be considered. For small 
HSSs, sensible heat HSSs without PCMs are probably the best 
solution. For large HSSs, latent heat HSS will be more useful 
because of their compactness. In the latter case, the PCMs 
(melting temperature, fraction latent heat) and their spatial 
distribution must be carefully chosen in order to obtain a high 
efficiency system. 
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ABSTRACT 
Heat transfer and fluid flow in a molten pool are influenced 

by internal volumetric heat generated from the radioactive 
decay of fission product species retained in the pool. The pool 
superheat is determined based on the overall energy balance 
that equates the heat production rate to the heat loss rate. 
Decay heat of fission products in the pool was estimated by 
product of the mass concentration and energy conversion 
factor of each fission product. For the calculation of heat 
generation rate in the pool, twenty-nine elements were chosen 
and classified by their chemical properties. The mass 
concentration of a fission product is obtained from released 
fraction and the tabular output of the ORIGEN 2 code. The 
initial core and pool inventories at each time can also be 
estimated using ORIGEN 2. The released fraction of each 
fission product is calculated based on the bubble dynamics 
and mass transport. Numerical analysis is performed for the 
TMI-2 accident. The pool is assumed to be of a partially filled 
hemispherical geometry that does not change in shape during 
the numerical calculation. Results of the numerical calculation 
indicate that the temperature of the molten pool considerably 
decreases and most of the volatile fission products are 
released from the molten pool during the accident. 

INTRODUCTION 
A severe accident management concept known as "in-vessel 

retention" is based on the idea that the reactor vessel lower 
head can survive the downward relocation of a degraded core 
as much as it is sufficiently cooled by water. The lower head 
integrity can be maintained through removal of heat generated 
by radioactive fission products within the pool. As the reactor 
core material melts and relocates, the molten debris pool may 
be formed in the reactor vessel lower plenum or in the lower 
part of the core. If the fission product is released from the 
molten pool, heat source in the relocated material may be 
decreased appreciably. Results of the TMI-2 accident analysis 
[I] indicate that volatile fission products (e.g., I, Cs, Xe) can 
mostly be released from a molten pool. In the TMI-2 accident, 
a pool of molten core material was formed and grown within 
the consolidated region. 

The chemical state of the fission products will depend on 
the temperature and the oxygen potential. During formation 
and growth of a pool, the release of the volatile fission 
products will be dominated by bubble dynamics as they all 
behave as gases. On the other hand the release of the non­
volatile fission products will instead be controlled by mass 
transfer since they exist as condensed phases in the pool. The 
rate of fission product release is thus calculated using bubble 
dynamics and mass transfer. For the calculation of heat 

generation rate in the pool, twenty-nine (29) elements were 
chosen and classified (see Figure I). The change of these 
fission products due to decay chain can be obtained from the 
tabular output of ORIGEN 2. The multidimensional flow in a 
molten pool is governed by natural convection with internal 
heat source. Heat transfer in the pool was treated with the 
lumped parameter model. The effect of fission product release 
on the pool temperature decrease was estimated with the 
energy balance. The energy balance, heat transfer and fluid 
dynamics within the molten pool are described in next section. 

NOMENCLATURE 
A area of bubble surface ( m2 

) 

Aconv area for convection ( m2 
) 

A down area for downward heat transfer ( m2
) 

Aup area for upward heat transfer ( m2 
) 

B coalescence frequency function ( m3 1 s) 

C fission product concentration in the pool (#1m 3
) 

c P specific heat capacity ( J I kgK ) 

f Fanning friction factor(= 0.004) 

fc,i released fraction of species before formation of 

the pool 
JP released fraction of species from the pool 

H depth of the pool ( m ) 

k thermal conductivity ( WI m · K ) 

km mass transfer coefficient ( ml s) 

m rate of mass transport (kg 1 s ) 
me mass of the core (kg ) 

m P mass of the pool ( kg ) 

M h,o mass of volatile species in the initial bubbles (kg ) 

M;,o initial inventory of volatile fission product i in 

the pool (kg) 

M o initial inventory of volatile species in the pool 

(= LM;,o) (kg) 
i 

n number density of bubble (#1m 3
) 

ns P number of permanent nucleation sites ( # ) 

ns, number density of temperature-dependent 

nucleation sites (#I kg) 

Q volumetric heat generation rate ( WI m3 ) 

p pressure of the pool ( 
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v 

pressure of gas bubble ( Pa) 

average heat flux over a boundary ( WI m2
) 

radius of bubble ( m ) 

radius of bubble at departure ( m ) 

radius of the molten pool ( m ) 

temperature of the pool ( K ) 

superheat of the pool ( K ) 

volume of the pool ( m3 
) 

velocity of bubble ( ml s) 

Greek Letters 
a thermal diffusivity ( m2 Is ) 

v 

Pm 

thermal expansion coefficient ( K-1
) 

growth constant of diffusion to a bubble 

bubble-melt interfacial tension ( N I m ) 

heat generation per unit mass ( WI kg ) 

Stefan-Boltzmann constant (5.6xto·8 w I m2 K-4) 

eddy diffusivity ( m2 I s3 
) 

gas constant (Boltzmann constant) ( J I K) 

contact angle of nucleating bubble e> 
kinematic viscosity ( m2 Is ) 

density of the pool (kg I m3
) 

viscosity of the pool ( N- s I m2 
) 

Subscripts 
0 initial value or nominal value 

CXl value in the bulk 
coal coalescence 
conv convection 
diff diffusion 
nucl nucleation 
loss loss due to bubble rise 
surf surface 

Figure 1: Heat Transfer and Fluid Flow in a Molten Pool 

HEAT TRANSFER AND FLOW 
The geometry of a molten pool is assumed to be a partially 

filled hemisphere. The molten material is the (U,Zr)02 

eutectic with a melting point of -2850 K. It is assumed that 
the pool is well mixed. Heat transfer and fluid flow in an 
oxidic pool shown in Figure 1 are induced by internal 
volumetric heat generated from the radioactive decay of 
fission product species retained in the pool. The pattern of 
flow in the pool having a heat-generating liquid is depicted by 

natural convection being governed by a Rayleigh number 
characterizing the relationship between the forces of buoyancy 
and viscous friction [2]. If the pool is deep enough, a stable 
natural-convection current can be formed. Kulacki and 
Goldstein [3] suggested that convective mixing of the fluid 
produces a temperature profile that is axially and radially 
uniform, except for thin laminar boundary layers at the top 
and at the bottom. Therefore, it is assumed that heat transfer in 
the pool can be treated with lumped parameter methods 
without introducing a significant error in the estimation of the 
pool temperature. 

Natural convection phenomena can be scaled in terms of 
the Grashof (Gr) and Prandtl (Pr) numbers. The presence of 
volumetric heating necessitates use of the Dammkohler (Da) 
number. These numbers are expressed, respectively, as 

G g{J(Tmax -T;)H3 v D QHz (1) 
r 2 ' Pr =- ' a k(T. - T) 

V a max I 

The Rayleigh number is given by Ra = Gr · Pr· Da . The 
behavior of overall heat transfer can be characterized by a 
correlation in the form of 

Nu = f(Gr,Pr,Da) = CARacs (2) 

where CA and C8 are empirically determined constants, 

and 

Ra = {JgQH
5 

(3) 
vak 

For the oxidic pool, the ranges of the Ra and Pr numbers are, 
respectively 

1015 < Ra < 6x1015 Pr- 0.6 
Using the best-known correlations, the heat transfer is 

calculated at the top and the curved bottom of the pool as 
follows 

NuiiP = 0.36Ra0
-
23 (4) 

Nu""""' =0.54Ra02
( HI Rp/-25 (5) 

The schematic of the physical mudel is shown in Figure 2. 
The overall energy balance that equates the heat production 
rate to the heat loss rate may be written as 

VPQ = Aupqup + Adownqdown (6) 

where Aup and Adown are the upper and lower surface areas 

of the partially filled hemisphere. In the partially filled 
hemisphere geometry, Aup and Adowun can be determined as 

A.=trR;(l-x2
) (7) 

Adown = 2.rrR; cos(arcsinx) (8) 

x=l-HIRP (9) 

Substituting Equations (4) and (5) into Equation (6) to 
eliminate q up and q down , the pool superheat llT may readily 

be calculated as 
HVQ 

ifF=-P-{0.54A,_,(Ra)dl(H I R/25 +0.36A'*'"""Ra/23
] 

k 
(10) 

Decrease of decay heat in the pool results from fission 
product release. The decay heat (i.e. heat source in the pool) 
of each species equals the product of mass and energy 
conversion factor. The total decay heat in the pool may be 
determined from 

Q = LM;(I)TJ(i) (11) 
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Figure 2: Schematic of the Physical Model 

The heat generation rate in the pool is calculated for the 
twenty-nine (29) elements listed in Table 1. Note that the 
decay power fraction of the remainder of elements is less than 
1 %. At time t , the initial mass concentration of fission 
product i in the pool can be obtained from 

(t-tj) (12) 
M,,0 (t)=[M,.i +(M,J+1 -M,J)-( _ )}(1-fc)(mc Imp) 

tj+l tj 

In Equation (12), M;,j and tj can be determined from 

the tabular output of the ORIGEN 2 code. Using ORIGEN 2, 
the initial core and pool inventories at each time can be 
estimated. With consideration of released fraction of fission 
product i at time t , the mass concentration of fission 
product ; is estimated as 

M;(t)= Mult)( I- fP(t)) (13) 

Table 1· Radionuclide Elements and Classes 
Class Member Elements 

1. Noble ~ases Xe,Kr 
2. Alkali metals Cs,Rb 
3. Alkaline earths Ba, Sr 
4. Halogens I, Br 
5. Chalcogens Te,Se 
6. Platinoids Ru, Pd, Rh 
7. Transition metals Mo, Tc,Nb 
8. Tetravalents Ce, Zr, Np 
9. Trivalents La, Pm, Y, Pr, Nd 

10. Uranium u 
11. More volatile metals As, Sb 
12. Less volatile metals Sn,Ag 

The thickness of the crust surrounding the molten pool can 
be roughly estimated by considering the steady-state molten 
pool and crust model illustrated in Figure 3. 

The mini-ACOPO experiment [4] showed that the local 
heat flux varies considerably along the lower boundary of the 
molten pool. The local heat flux qdown(O) is presented as a 

function of the angular position measured from the bottom in 
Figure 3. From the results of the minu-ACOPO experiment, 
the local heat flux q down ( 0) is obtained from q down and the 

shape function as follows 

Nut~own(O) 0.1 + 1.08(!!_ )-4.5(!!_ l +8.6(!!_ l (14) 
Nudown (/) (/J (/) 

when O~OiqJ~0.6 

Nudown(O) 0.4/+0.35(!!_}+{!!_/ (15) 
NutJaw. (/) ({J 

when 0.6<0/qJ~l.O 

Figure 3: Model for the Molten Pool Surrounded by Crust 

In Equations (14) and (15), ({J signifies the maximum 

angle of the molten pool upper surface equaling cos-1 
( H 1 R). 

The local thickness of the crust 8(0) can be obtained by 

solving the one-dimensional conduction equation for the crust 
as 

Q8(0) + qdo....,(O )8(0) = T _ T (O) 
2kcr kcr m s 

(16) 

where kc, is the thermal conductivity of the crust. The heat 

loss from the outer surface of the crust is assumed to result 
mainly from thermal radiation neglecting potential presence of 
coolant in the gap between the crust and reactor vessel lower 
head. Therefore, a local energy balance can be given as 

q down (0) + Q8(0) = qcr (0) = EUTs 
4 
(0) ( 17) 

where & is the emissivity of the surface of the crust and u 
is the Stefan-Boltzmann constant. The local thickness of the 
crust can be calculated utilizing Equations (14) through (17). 

FISSION PRODUCT RELEASE FROM THE POOL 
The volatile fission products (Xe, Kr, Cs, I) are insoluble in 

liquid U02• Release of the volatile fission products is 
dominated by bubble dynamics because they all behave as 
gases in a molten debris pool. Bubble dynamics in the pool is 
thus characterized by bubble nucleation, coalescence, growth 
and rise. The time rate of change for the bubble concentration 
may be represented as follows 

dn; _ dni,nucl dni,coal dni,diff dni,coal 
dt-~+~+~-~ (18) 

The nucleated bubbles have very small sizes and follow the 
natural convection flows. Small bubbles coalesce into larger 
bubbles by turbulence and differential bubble rise in the pool. 
These bubbles will grow by diffusion of vapor molecules to 
bubbles. Bubbles may be released from the pool as they 
sufficiently grow up. 

Nucleation of a Bubble 
Heterogeneous nucleation of a volatile fission product 

species will occur when the vapor pressure of the species 
minus the pool pressure exceeds the surface tension in the 
bubble-liquid surface as given by 

Pg-Pm>(y/R) (19) 

The number of nucleation sites can be assumed to be 
proportional to the number of solid particles in the melt. 
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McClure et a/. [5] proposed that the total number of 
nucleation sites could be represented by summation of 
temperature-dependent nucleation sites and permanent 
nucleation sites. The permanent nucleation sites were assumed 
to exist on temperature-independent surfaces. The number of 
solid particles in the molten material is assumed to be 
proportional to the pool mass. The number of sites may then 
be expressed as 

s" =(mpsn! +sn.p) (20) 

For small cavity sizes, the bubble size at departure is 
dictated mainly by a balance between the buoyancy and liquid 
inertial forces. But, for larger cavity sizes, the bubble size at 
departure is calculated by a balance of the surface tension and 
buoyant forces. A well-known equation was proposed by Fritz 
and Ende [6] as 

RF =0.010480~Y I g( p 1 - Pv) (21) 

This agreed well with the experimental data at atmospheric 
pressure, but did not concur with the experimental data at 
super- and subatmospheric pressures. Cole and Shulman [7] 
found that, if RF =0.5Jr 1 g( p1 - Pv) for a contact angle of 

48°, lid = Rd I RF is a function of pressure. According to the 

experimental data, they obtained the following formula 

lid = 1000 (22) 
p 

where p is in mm Hg. The nucleation sites emit bubbles 

with a constant frequency. The frequency can be obtained by 
the time to grow to the departure diameter by diffusion. The 
time can be estimated by solving the multi-component 
diffusion equation. Scriven [8] proposed the following 
formulation for diffusion of a species to a sphere of changing 
radius 

ae = v( o2e + .!._ ac) _ !.!._!!!!_ ae (23) 
at or 2 R or r2 dt or 

Solution to Equation (23) is obtained by Martins and 
Szekely [9] as 

q =-arp(pb) 

({J( PbJ= 2P/ exp(3p/ Jx f ~-2 exp(-.;2 -2P/ ~-~ )d~ (24) 

e-e A 
~ = __ m and a = D- (25) 

em em 
The growth constant ph can be obtained from Scriven's 

useful expression for the solution to Equation (23) 

rp( f3b)- ~(1t I 3 )[ {Jb- 419 + 0( fJ;1 )] (26) 

Data of Scriven's tabulation are found to be incorrect for 
especially small values of rp(fJh) , however. This error is 

induced through the change of variable in the integral 
equation. In this study, new tabulation is obtained, as shown 
in Figures 4 and 5, by numerical integration of Equation (24) 
using Simpson's method. The results show that values of fJb 

for small rp(flh) are much smaller than those of Scriven's 

tabulation, and that values of ph for large rp(fJh) are close 

to half values of his tabulation. 
Once fJb is known, the bubble detachment frequency can 

be calculated as 

(27) 
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Figure 4: Function rp(fJh) for Small Values of ph 
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Figure 5: Results of fJh for Large Values of rp(flh) 

The product of the bubble detachment frequency and the 
number of nucleation sites determines the rate at which the 
bubbles are formed, viz. 

dni,nucl 
-d-t-= fd ·sn 

Diffusion to a Bubble 

(28) 

Diffusion to a bubble is governed by Equation (23) used to 
calcula1.e nucleation rate of the bubble. The rate of change of 
the number density for bubble size R; can be determined by 

the time to grow from bubble size RH to size R;. The rate 

of change of a discrete bubble radius R; is the sum of loss 

term and production term. The loss term equals the number 
density of bubbles of size R; divided by the time to grow 

from size R; to size R;+t and the production term is the 

number density of bubbles of size R;_1 divided by the time to 

grow from size R;_1 to size R; . Therefore, the rate of change 

of the number density for bubble size R; is represented as 

dni,diff =~--n_; _ 
dt t; -ti-l ti+l - t; 

(29) 

Coalescence of Bubbles 
Bubbles interact due to their motion and grow by 

coalescence. The rate of coalescence of a bubble of radius R* 
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is given by Olander [10] as 

dnt I dt = 0.5 L Biinini- LBun;nt (30) 
i+ j=k i• l 

The rate of change of number density for bubble size Rk 

can also be obtained by summation of production term and 
loss term. The production term is represented by the rate of 
formation of bubble size Rk due to collisions of bubbles of 

sizes R; and R i . The loss term is represented by the rate of 

disappearance of bubble size Rt due to coalescence with 

bubbles of other sizes. It is assumed that bubble coalescence is 
caused by two mechanisms, i.e. turbulence in the pool and 
differential rise velocity of bubbles. For the turbulence 
process, a correlation for aerosol agglomeration in turbulent 
pipe flow is used as presented by Friedlander [ 11] 

BIJ.turb = 1.3( R; + Rjj( sd / v / 12 (31) 

&d lv = (21 RP)( f I 2/jv:_. (32) 

The convective velocity in the pool can be obtained from an 
energy balance as given by 

Vconv = 2Q/( pAcmrvcp.dT} (33) 

For coalescence due to differential bubble rise velocity, the 
frequency function is also given by Friedlander [ 11] as 

Bij,rise =Jr(R; +Ri)
2 ,Y; -vii (34) 

For all the fission product release calculations, the molten 
pool is assumed to be a partially filled hemisphere. The 
material is (U,Zr)02 with a melting point of -2850 K. It is 
assumed that the pool is homogeneous. 

Loss of Bubbles due to Bubble Rise 
The rate at which bubbles leave the pool is proportional to 

the bubble number density and the rise velocity. The residence 
time of bubbles of size Rt is given by the pool height 

divided by the rise velocity. It is assumed that the rate at 
which bubbles leave the pool equals the number density of 
bubbles divided by the residence time in the pool. The rise 
velocity of a spherical gas bubble is found by balancing the 
drag and buoyant forces on the bubble. Hence, 

v = 2pgR2 I9J.L (35) 
The rate of loss of bubbles due to buoyant rise may be 

determined by 
dni ,Jo .. = V;n; 

dt z 
(36) 

Fission Product Release through Mass Transport 
The less volatile fission products tend to remain as 

condensed phases in the melt because of their low vapor 
pressures. The chemical forms of the less volatile fission 
products in the melt are determined by the oxygen potential. It 
is assumed that mass transport governs release of the less 
volatile fission product from the pool. At high temperatures 
(>2850 K), rare earth elements such as europium and cerium 
exist as oxides, strontium is present as SrO, and ruthenium 
and antimony are present as metals immiscible in the molten 
pool as reported by Petti et al. [12]. The rate of mass transport 
of a species in a liquid is given by 

m=kmA.,p(Cco-C1urf) (37) 

The mass transfer correlations for the top of the pool can be 

obtained by means of a heat and mass transfer analogy 

9= HV/2 [0.54A,.,(Raf2(H I R)cus +0.36A'*'""'Raf23
] (10) 

k 

RESULTS AND DISCUSSION 
For all the fission product release calculations in this work, 

the main parameters were obtained from the analysis report of 
the TMI-2 accident [1). The pool is assumed to be a partially 
filled hemisphere, 1.45 m in radius and 32,700 kg in mass. 
The change of pool geometry during the numerical calculation 
is neglected. The fission product inventories in the pool are 
about 24.5 % of the total core. The parameters used in the 
numerical calculations are listed in Table 2. The numerical 
analysis indicates that the height of the pool is 1.014 m and 
the peak temperature at the pool center exceeds 3000 K. 

Table 2: Values and Ranges of Parameters used in Numerical 
A l . naiVSIS 

Parameter Value 
Pool mass, MP(kg) 32,700 

Pool radius, RP (m) 1.45 

Pool pressure,p (MPa) 0.1- 10.0 
Pool velocity, ~onv (rnls) 0.13 
Number of permanent nucleation sites, 

100- 1000 ns P (#) 

Number of temperature-dependent 
100-30,000 nucleation sites, ns 1 (#/kg) 

Diffusivity of fission product, a (m2/s) lxl0- 11
-

lxl0-7 

Surface tension of liquid in the pool. 
0.5-1.6 r (N/m) 

The calculations were carried out with p= 1 0 MPa, ns1=5000, 
and the initial inventory = 1 00 %. For the cases of Mb ofM0=0 
and 0.5, times to release 60 % of the total volatile gas 
inventory are about 4350 and 750 s as shown in Figures 6-(d) 
and 7-(d), respectively. From concentrations of the twenty­
nine (29) elements in the pool, the total heat generation rate 
was obtained at time t. Figures 6-(a) and 7-(a) comparatively 
show the difference of volumetric heat generation rates 
between the volatile and non-volatile fission products. Figures 
6-(b) and 6-( c) represent decrease of decay heat by fission 
product release and the peak temperature in the pool. When 
release of the fission products from the debris pool is 
considered, the peak temperature of the pool decreases from 
3224 K to 3166 K at 4346 s as shown in Figure 6-( c). In 
Figure 7-(c), also, the peak temperature in the pool decreases 
from 3260 K to 3194 Kat 745.5 s. Because the initial bubbles 
interact and rapidly grow by coalescence and diffusion to a 
bigger bubble, the peak temperature in the pool decreases 
faster when the bubbles in the molten core material existed 
prior to the formation of the pool. 

When the thermal properties of the pool are taken to be: 
k=4 WlmK, a=9.1 x 10·7 m2 !s, v=5 .9x 10·7 m2 1s , 

and /)= 9.1 x 10'7 K - 1
, the pool Rayleigh number is in the 

range of 3- 3.5 x 1015
. Table 3 presents the pool specific heat 
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nd the average downward heat flux at the time to release 
~O % of the volatile gas inventory. Under the condition of 
fission product release, the pool specific heat and average 
downward heat flux are sizably reduced by removal 
mechanism of the heat source. Therefore, the fission product 
release ought to be taken into account in order to realistically 
estimate the thermal load applied to the reactor vessel lower 

head. 

iime[sec) 
(c~Pf!llkternpetatueinhlpool 

Tlrn!t[II!ICj 1fi 
(d~Relea!Jedtadiond'o'Oialilellssionprodlds 

Figure 6: Heat Generation and Transfer for Mass Ratio of 
(Mb.oiMo) = 0.0 

-Decay only 
-Decay+ fission products release 

Figure 7: Heat Generation and Transfer for Mass Ratio of 
(Mb.o!Mo) = 0.5 

T bl 3 P l S 'fi a e : 00 pect IC Heat an d Heat Fl ux 0 fth P I e 00 

Mass Decay Pool Heat 
Ratio Release Heat Rate, Specific Flux, 

Q Heat, !J.T qdown 

0.0 No 7.55 374.5 9.34E5 
Yes 6.37 315.6 7.61E5 

0.5 No 8.27 409.8 1.04E6 
Yes 6.93 343.7 8.42E5 

CONCLUSION 
When the fission products release from the molten pool, the 

heat source of the pool was estimated using twenty-nine (29) 

nuclide concentration data obtained from the ORIGEN 2 code. 
The heat flux, pool specific heat and peak temperature were 
calculated from the overall energy balance in the pool. It was 
numerically demonstrated that the heat generation rate 
decreases faster when the bubbles pre-existed in the pool due 
mainly to more effective release of the volatile fission 
products. The peak temperature considerably decreased by 
about 60 K as the fission products were released from the pool. 
For both cases with Mb.r!Mo = 0.0 and 0.5, the heat flux was 
observed to be reduced by as much as 20 %. Results of the 
numerical analysis indicate that the fission product release 
must be credited in the best-estimate analysis of the reactor 
vessel lower head integrity when the debris has been relocated 
from the core. 
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ABSTRACT 
This paper reports intermediate results of an investigation 

in the area of energy efficiency improvement of industrial 
boilers accompanied with substantial ecological effect. 

The hypothesis of possibility to maintain efficiency levels 
under disturbances such as fuel quality deterioration is based on 
known from years unit operation - the contact economiser. This 
unit is used for flue gas energy recovery and its design and 
operationutilises state of the art thermodynamic principles for 
energy and mass resources management realised with the help 
of expanded Pinch concept - the combination of thermal and 
water Pinch Analysis. 

INTRODUCTION 
In the light of recent decline in growth of nuclear power 

generation capacity the attention is focussing on conventional 
power plants as an energy resource of continuing importance. 
However, given the cost, scarcity and environmental 
implications of fossil fuels there is a strong incentive for 
continued improvement of fuel efficiency. 

It is known from years that the major loss of energy in 
power production is through the flue gases. A thumb rule says 
that every 20°C decrease in flue gas temperature would improve 
the efficiency of the boiler by about one per cent. As it was 
proposed by Kolev [I] a family of contact economiser system 
can be deployed exploring the benefits of direct heat and mass 
transfer between the flue gas and circulating water taking the 
advantage of both sensible and latent heat and seeking 
additional environmental impact. An important problem in this 
case is to make available a simple procedure providing clear 
information about the maximum possible heat recovery and the 
maximum potential level of recovered heat, helping the decision 
making. 

Second problem of practical interest is the information 
about maximum boiler flexibility improvement to be provided 
by the contact economiser system. The implementation of Pinch 
Principles for analysis of energy resources as suggested by 
Linnhoff et.al. [2 & 3] in mid 80-s had a big impact on the 

systematic energy management. The success of Pinch 
technology in hundreds of different industrial applications had 
provoked the implementation of same principles for 
management of a number of different resources. Our experience 
in the field (Zhelev & Semkov [ 4, 5]) led us to the logical idea 
to consider heat and mass resources management 
simultaneously being fully convinced that this will help us to 
solve the above-mentioned problems. 

NOMENCLATURE 
Ci - calorific effect of the fuel 
Rl - resilience index 
Fi -boiler's feed rate 
Ex -exergy 
Q -heat 
To - temperature 
L1T IM - log. mean temperature difference 
'lc - Camot factor 

CONTACT ECONOMISER SYSTEMS 
In general, the systems of contact economisers are found 

quite suitable for heat utilisation from most gases generated by 

r-- ---- !!_ue ~t<!_afE.lo~~r~- -- "l 

I I 
I I 

boiler 

ir 

Figure I. Second generation CES 
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arious processes like coal and gas combustion, drying, etc. 
v The gains of the implementation of such systems are as 

follows: 
• Flue gases energy recovery. Up to I2% boiler efficiency 

improvement. 
Reduction of harmful gases resulting from fuel combustion 
process (mainly C02 and NOx) 
Substantial reduction of ash emission in the atmosphere. 

, Production of substantial amount of water through 
dehumidification of stack gases that can lead to fresh water 
saving, etc. 

The core of the contact economiser system is a classical 
packed-bed column providing high gas velocity and low 
pressure-drop. Difference between the first and the second­
generation economiser systems is that part of the flue gas 
energy is used in the second system for preheating and 
controlled humidification of combustion air. The purpose of 
these additional processes is more efficient energy recovery. 
Controlled raise of combustion's air moisture content can have 
positive effect on boiler's efficiency. The three-atom molecule 
of water is associated with much higher radiation emissivity 
than the two-atom molecule of nitrogen, which is the major 
constituent of the air. Therefore, the introduction of additional 
water vapor with the combustion air will support the heat 
transfer in the radiation zone and compensate for the decrease 
of temperature caused by additional moisture. Our experience 
with 12 tlh boiler shows that the temperature in the radiation 
zone decreases by I50° when the moisture content of the 
combustion air is increased to I 0%. 

Controlled raise of moisture content in burners can have 
positive environmental effect too. It is known that some burner 
vendors use water steam injection into the flame zone for NOx 
reduction. Our experience with the I2 tlh boiler shows that the 
increased air humidity to I 0% leads to decrease of the NOx 
concentration from 132 ppm to 38 ppm. In gas fired boilers at 
I 0% air excess the beneficial extra moisture is in the range og 
0.131 kg water wapour per kg dry gas. For coal fired boilers at 
coal moisture content of 7% this amount drops 3 times and is 
0.433 kg/kg dry gas. 

An obvious question arises - how one can target the 
optimal management of moisture and heat in complicated 
economiser system design. 

PINCH ANALYSIS 
The management of heat and mass transfer processes and 

the balance between humidification and dehumidification rates 
is proposed to be assisted by the extension of Pinch principles 
to simultaneous heat and mass transfer case. The complications 
to generalise such simultaneous analysis are apparent bearing in 
mind the large variety of mass transfer processes. 

New composite curves are developed here to maintain 
optimal heat and mass transfer driving forces in packed bed 
columns. The composite curves are combined with reversed 
equilibrium curve in T/H presentation. The crossed over regions 

point out non-optimal processes. The equilibrium curve is to 
pass between the hot and the cold curves. The particular case 
presented in Fig.2 shows the way to manage the balance 

T 

Figure 2. Combined composite-equilibrium curves 

between the heat applied in the humidifier and that applied in 
the dehumidifier. Presented figure is constructed for a second­
generation contact economiser system of parallel type 
comprising of three contact units (Fig. 3 ). 

This system uses fraction of the heat recovered from the 
flue gas for partial preheating of combustion air and its 
humidification. The low potential heat supplied to the 
combustion air is recovered after the burner at much higher 
potential because of the higher wet bulb temperature (humidity) 
than in the first generation case. In such a way the second­
generation economiser acts as a heat pump - taking the heat at 
lower level and raising the potential upstream. The question 

Figure 3. CES second generation of parallel type 

arises what can be the maximum potential of recovered heat. 
The answer can be obtained from the Grant Composite Curve 
(GCC) - another tool of Pinch Technology (see Fig.4). The 
GCC allows to manage utilities and utility levels in the best way 
helping to minimise utility costs as shown by Linnhoff et.al. [2]. 

Our case study can be recognised as typical threshold 
problem, when one of utilities (hot or cold) is missing. The flue 
gas provides sufficient amount of energy restricted by its exit 
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Cold utility (reqovered heat) \.~ 

H 
Figure 4. GCC and heat pump option for maximum 

heat potential 

temperature, the dew point and natural draft ability of the stack. 
At the same time the GCC points out a heat-pump option 
characterised by a "long nose" at the diagram. The small 
temperature differences in this "nose" can be cost efficiently be 
overcomed by external work. The second generation contact 
economiser system acts just as a heat pump- takes some energy 
of the flue gas at low potential level transferring it to the 
combustion air in the humidifier and recovers it back after the 
burner at much higher potential level. The recovered heat can 
be transferred to the place of application through the water 
preheated in a plate heat exchanger. The amount and the 
potential of this energy can be found from the GCC (the dotted 
line). Any increase of the heat applied in the dehumidifier lifts 
the "nose" upwards and corresponding water (cold utility) 
temperature will increase. The maximum will be reached when 
the flue gas energy is not anymore sufficient and the upper part 
of the curve touching the ordinate opens. 

Turbines 

Excess water 

Figure 5. CES option in a typical power station flowsheet 

APPLICATION 
The low potential energy recovered from the flue gas 

through the contact economiser system is proposed to be 
applied for preheating of condensed water after the steam­
condensers (Fig.5). 

Because of the substantial decrease of flue gas density 
(dew to dehumidification) the increased pressure drop of 
installed contact economiser on the sucking line of the fan will 
be compensated and new, more powerful fan does not need to 
be installed. Raised moisture content of the flue gas would 
cause a negative effect on the efficiency of electrostatic 
precipitators, which will be compensated by the scrubbing 
feature of the first packed bed column. The laboratory 
experiment had shown very good washing ability of the packing 
preventing scaling and blocking. 

These design changes will upset the bled streams and 
the overall thermal balance if applied to an industrial power 
station. This problem requires special attention. 

REESTABLISHING THE BALANCE 
A combined Pinch-Exergy analysis is proposed for 

reestablishment of the right thermal management including the 
thermal load of low-pressure heaters, high-pressure heaters and 
contact economiser heat exchangers. 
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The gain in efficiency through optimisation of bleed steam 
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Figure 6. (a) Composite Curves and (b) Exergy composites 

depends on the number of bleed levels used. In commercial 
power cycles the best return of additional capital cost is 
obtained with several bleed levels. The exact number depends 
on the economics of a given installation. The proper choice of 
bleed pressures and mass flowrates depends on well­
established thermodynamic considerations. A systematic 
approach based on Pinch Technology was applied for first 
time for commercial power station by Linnhoff and Alanis 
[ 6]. The Combined Pinch and Exergy Approach to analyse 
thermal power station involving power was proposed by 
Dhole [7] and extended to design considerations by Dhole and 
Zheng, [8-11]. The basic tools used in this analysis are the 
Exergy Grant Composite Curves, the conventional composite 
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curves and the Grant Composite Curves. Combined analysis is 
able to describe the heat and power driving forces in one 

diagram. . . f p· h . . 1 . b' . . 
The applicatiOn o me prmc1p es m com matlon w1th 

exeroy analysis in order to address exergy losses and energy 
avaiiability for mechanical work will help us to re-establish the 
right balance of energy in the system after the introduction of a 
new heat exchanger on the line of condensed steam (Fig.5). 

For Q heat exchange over a linear temperature gradient 
(streams with constant flowrate and heat capacity) the exergy 
change is given as: L1Ex = Q (I - T J JJT w). Both quantity and 
quality (temperature) of the heat are considered when assessing 
the exergy value. The thermodynamic limit associated with the 
shaft work equivalent to the heat used in an ideal Camot 
machine is given by Carnot factor . Camot efficiency is given 
by (1 - T j T). Another words the extergy will be easily 
presented graphically in Camot efficiency/enthalpy composite 
curve diagram through the surface between the hot and the cold 
composites (Fig.6b ). 

Carnot 

factor 

35 

30 

25 

20 (1 
~ ~ 

2 3 4 5 6 Bleed streams 
Figure 7. Improving efficiency (no account on capital) 

The fuel acts as an exergy source for the whole system; 
one part of the exergy is lost in the boiler; the heat from the 
economiser system and the heat exchanger represents the exergy 
gain for power generation. For a fixed fuel consumption any 
reduction of the shaded area in Fig. 6b will result in increase of 
exergy gain and thus to increase of overall thermal efficiency. 
This approach powered with the combined pinch and exergy 
analysis would lead to best possible modifications of bleed 
streams level, flowrate and number, and will ensure the 
maximisation of boiler 's efficiency (Fig.7). 

The boiler's feed water heating Composite curve is 
presented in Fig. 8. 

More comprehensive picture of energy management is 
shown in Fig.9. 

It shows the cold streams composite curve matched against 
the ~ue gas heating abilities. It is used for targets setting and for 
consideration of thermodynamic constraints such as minimum 
temperature approach. The separate sections are representing 
different stages of flue gas energy recovery, i.e. combustion air 
preheating and condensate preheating in the contact economiser 

T 

Figure 8. Condensate preheating 

system, combustion air preheating in air preheaters, boiler's 
economiser, evaporation of water to steam and steam 
superheating. The minimum temperature approach in our case is 
set to 2°C (regenerative heat transfer is allowed). 

To identify thermal inefficiencies and suggest design 
changes a thermodynamic analysis is used based on Exergy 
Composite Curve and Exergy Grand Composite Curves as 
suggested by Manninen and Zhu [12]. Combined Pinch and 
Exergy representation is shown in Fig. 10. 

The combined Pinch!Exergy approach to flue gas energy 
recovery management comprises the following steps: 
(1) Construct the Combined Power and Energy Representation. 
(2) Obtain the minimum exergy loss through minimisation of 
area between the hot and cold composites. This is a typical 
mixed integer nonlinear optimisation problem and needs to be 
solved with the help of professional software (recommended 
GAMS). The number of bleed streams and the change of heat 
exchanger loads will modify the minimised area. The 
optimisation procedure should include consideration of final 
flue gas temperature accounting for the acid dew point of the 
gas and the effect of controlled combustion air humidity level. 
(3) Design the heat exchanger system corresponding to the 
optimal heat recovery using Pinch Design Method [2, 3]. 
Presented principles can be applied to any power generation 
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TJc .-----------------------.T The efficiency of the boiler is defined as energy turned 
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Figure 10. Combined Pinch - Exergy diagram 

system (gas, liquid and coal fired industrial boilers). Combined 
Pinch-Exergy analysis was applied successfully for total site 
resources management. The targets can be set for site fuel, site 
co-generation, site emissions from fuel combustion, and site 
cooling. The approach can also be used to identify and evaluate 
design modifications in the processes or in the utility system. 

FLEXIBILITY 
Proposed energy recovery of the flue gas through contact 

economiser system brings the question about possible 
compensation of the lost of boiler efficiency related to constant 
deterioration of coal quality mined in South Africa. The degree 
of such compensation relates to an important system quality 
characteristic know as system flexibility. The importance of 
systems quality characteristics is apparent. Some quantitative 
characteristics of system's quality are to be monitored during 
design. 

Resilience: A new system is said to be resilient if it is 
feasible for the whole disturbance range. 

Flexibility is a static characteristic of system resilience, 
when dynamic resilience can be denoted as system 
Controllability. A resilient network can be achieved by selecting 
appropriate system topology and system reserves. Flexibility 
objectives are: (a) Feasibility analysis; (b) System reserves; (c) 
Path resilience; (d) Combined resilience; with final goal -
debottlenecking. Flexibility is recognised as a static resilience 
in long time horizon. 

One basic approach adopted in the literature for flexibility 
estimation is the Parameter Ranges approach [12]. This 
approach allows individual inlet parameters to vary over 
defined ranges between lower and upper bound. 

Saboo and Morari [13] proposed the resilience index (Rl) 
to characterise the largest disturbance the system can tolerate, 
remaining feasible. An efficient procedure for easy computation 
of flexibility index was introduced by Swaney and Grossmann 
[14]. The index is taken to be the minimum fraction over all 
parameter ranges for which the design is feasible. 

into product (electricity or steam) over the total energy gained 
from the com busted fuel. If the calorific effect of current fuel is 
denoted as C, and the coal quality at any moment in the future is 
C with the boiler feed rate in both cases given as F, then the 
resilience index (flexibility measurement) will be defined as 
Rl = maxF;(C, - CJ compensating the lost efficiency with the 
improvement gained by the contact economiser system. 

The maximum allowed coal quality variation 

(deterioration) is given by: ~~C/ I:::; RI 
F, 

BENEFITS 
A preliminary calculation of the benefits of eventual 

implementation of the proposed approach is presented for one 
of the largest South African power station. 

The preliminary calculations of the effect of an eventual 
application of contact economiser system for one of the six 
blocks at this power station are reported as follows: 
+ One block bums 340 t!h coal. A recovery of as much as 

137 MW of heat can be realised towards preheating the 
entire amount of condense of all six blocks of the station. 
The required quantity of heat can be obtained from the 
wasted flue-gases energy of just one of the 6 blocks by 
their cooling to 31 oc. This would improve the efficiency of 
the block by 7. 6% and respectively the entire station 
efficiency by 1.27%. Considering the fact that three blocks 
are served by one stack, the expected decrease of the total 
stack-gas temperature would be minimal (decrease from 
120 to 97. 5°C). This, as well as considering the 
insignificant concentration of so3 in the stack gases (not 
more than 10 ppm) and the lowered stack gases' humidity, 
will exclude the danger of acid condensation and stack's 
corrosion. The coal savings would be 29.5 t/hour that is 
equivalent to R9.42x106 per year and corresponds to 57.8 
MW of extra electrical energy. The total effect of the 
proposed improvement would be R29. 5x 106 per year. 

+ The environmental impact of economisers application are 
as follows: (i) decrease of C02 emissions by 250,000 
tlyear, and (ii) decrease of NOx emissions by 118 t/year. 
The amount of water recovered from the flue gases would 
be approximately 15.03 kg/sec. This represents 16.4% of 
the fresh water consumption of the entire power station 
(330 m3/h) and is approximately two times more than the 
boilers' make-up water for all 6 blocks of the station. 

+ Pay back periods are expected to be reasonably short (not 
exceeding 2.5 years). 

EXPERIMENTAL SET -UP 
First generation contact economiser was used as primary 

experimental set-up. It is expected to be upgraded to second 
generation shortly. Fluidised-bed burner: LPG start-up; 10 kg/h 
coal at maximum load. 
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Typical nominal parameters ofthe set-up: 

coal feed rate for combustion - I 0 kglh 
Hot flue gases flowrate- 86.8 kg dry gas/h + 3.76 kg water 
vapor/h (if no additional steam is added into the 
combustion camera); 
Temperature of the gases at the cyclone exit <850°C; 
Temperature of the gases on the economiser's input 120°C; 
Temperature ofthe cooled gases- 30.6°C; 
Temperature of the heated water- 56.2°C; 
Temperature of the water at inlet to the economiser- 25°C; 
Flowrate of the circulation water - 208 1/h; 
Heat duty, utilised in the economiser- 8 kW. 

Energy is recovered by the following processes: 

(i) Condensation (latent heat of vaporization), Qc = I775.72 kJ 
(ii) Cooling (Sensible heat), Qs = 42I7 .56 kJ~g. 

The experiment focuses on several maJor goals: (1) The 
quality of the condensed water from the flue gas and possible 
application at power station site. (2) The condition of the 
packing after long service in substantial ash containing flue gas 
(around 27%). (3) S02 (S03) content in the flue gas and the 
acid dew point at flue gas exit. Verification of the contact 
economiser model and design calculation for future simulation 
purposes. (4) Maximum heat recovery in quantity and quality. 
(5) Maximum efficiency improvement and flexibility 
improvement under changeable fuel quality, etc. 

CONCLUSIONS 
The work confirms possibilities to furder utilise the 

sensible and latent heat of flue gases from coal fired industrial 
boilers. This opportunity is given by a contact economiser 
system of second generation that suceeds to decrease the danger 
of acid condensation in the stack by intensive simultaneous heat 
and mass transfer in a packed bed column. The flue gas is dried 
roughly by 50% as the temperature of the circulating water is 
kept below the acid dew point. The absorption of the S03 in the 
circulating water brings the PH of the water overflow to 2.9 
level making it suitable for ash damp neutralisation. Additional 
environmental impact on NOx generation is realised through 
controlled combustion air humidity increase. The balance 
between the heat and mass transfer in all units of the 
economiser system is maintained with the help of new 
combined composite-equilibrium curves. The prior to design 
targeting of maximum possible heat recovery and the maximum 
level of recovered heat can be achieved through the standard 
Grant composite curves used for utility management and 
accounting for heat-pumps options. The final heat and power 
management including structural changes option and 
changeable bled streams flowrates and numbers can be 
successfully done through combined Pinch-Exergy analysis. 
Such analysis must be carried out if any change of condensate 
preheating is envisaged. 
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ABSTRACT 
We present an overview and some of the perspectives of the 

work performed by our group over the last few years in the field 
of thermal-hydraulic tests and modeling of superconducting 
magnets for fusion, with particular reference to the International 
Thermonuclear Experimental Reactor (ITER)-related activities. 

INTRODUCTION 
Superconducting magnets for fusion applications (see Fig. I) 

are based on low critical temperature (Tc) materials (e.g. 
Nb3Sn, NbTi, Nb3Al) because of the combined needs of high 
current density (several tens of kA to be carried) and magnetic 
field (up to I3T to be generated). In tokamaks, the magnet 
system is constituted by three subsystems: the toroidal field 
(TF) coils, which are DC and symmetrically located on vertical 
planes through the machine axis and guarantee the plasma 
stability; the central solenoid (CS), which is pulsed and 
provides the primary of a transformer for inducing a toroidal 
current in the plasma (secondary); the poloidal field (PF) coils, 
which are horizontal and are used to guarantee the equilibrium 
and shape of the plasma. Depending on their different functions 
and locations, different designs are required for the coils of 
different subsystems. 

Magnets are wound in different topologies (layers, 
pancakes, one- or two-in-hand) using conductors (- I OOm 
long), which are then electrically connected through joints. 
Conductors are electrically in series and hydraulically in 
parallel. A peculiar aspect of the ITER cable-in-conduit 
conductors (CICC) is that the superconducting strands occupy 
only an annular (cable bundle) region around a central channel 
(hole) [I], i.e. they have a dual-channel topology (see Fig.2). 
The purpose of the hole is mainly to provide a low impedance 
path for the coolant and a pressure relief volume if local heating 
occurs in the bundle. Supercritical helium I in forced 
convection is used as a coolant to guarantee that the conductor 
safely operates below its current sharing temperature, above 
which a normal zone would be initiated, possibly evolving into 
a quench of the coil. Thermal hydraulics therefore becomes a 
central issue in design and operation. 
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Over the last few years a significant international R&D 
program has been pushed forward, starting from the test of 
single (subsize) conductors (e.g. the QUench Experiment on 
Long Length - QUELL - at PSI Villigen, CH, in 1998 [2]), 
through the test of joints (e.g. the Full-Size Joint Sample- FSJS 
[3,4]- of CEA Cadarache, F, and the US Prototype- USP [5,6) 
- at MIT, Cambridge, USA, in I999), to the test of large coils 
(such as the Central Solenoid Model Coil, CSMC [7,8], at 
JAERI Naka, J, in 2000, and the Toroidal Field Model Coil, 
TFMC [9,IO], at ForschungsZentrum Karlsruhe, D, in 2001-
2002) and of full-size conductors (the so-called insert coils, e.g. 
the CSIC in 2000, the TFCI in 200 I, the Nb3Al in 2002, the 
PFCI in 2004) to be inserted in the high-field(- 13T) bore of 
the CSMC. 

NOMENCLATURE 
h heat transfer coefficient (W /m2K) 
Tc superconductor critical temperature (K) 
Tcs superconductor current sharing temperature (K) 

SINGLE-CONDUCTOR TESTS AND ANALYSIS 
In strict correspondence with the evolving needs of the 

experiments, the topology of the ITER (single) conductors led 
us first to the development of a two-fluid code, Mithrandir [11], 
where different thermodynamic states of the helium in the two 
regions can be described. Two sets of coupled Euler-like 
equations model the transient compressible flow of helium in 
bundle and hole regions, which is coupled in tum to heat 
conduction in the strands and in the jacket, described by 
different temperatures. I D geometry aiong the conductor axis is 
assumed, taking advantage of the widely separate length scales 
along and across(- O.Oim) the CICC. 
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Figure 1 A sketch of the ITER tokamak project (major radius of 
the toroidal plasma column is- 6m) 

ITRR Central Solenoid Conductor 

Nb3Sn Strand 

Figure 2 A sketch of the ITER CSMC conductor (notice the 
central cooling channel). (a) global view; (b) cross section. 

The code has been validated against data from QUELL (1/6 
of the total number of strands of a full-size conductor, i.e. a 
single "petal" without wrappings, see Fig.2), for the analysis of 
thermal-hydraulic transients (heat slug propagation and quench) 
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[12-14]. The need of developing a predictive tool, independent 
of measured boundary conditions at conductor ends, led us 
eventually to the coupling between Mithrandir and the Flower 
code, which models fairly general cryogenic networks, resulting 
in the to-date most accurate simulations of quench propagation 
in a dual-channel CICC [15] (see Fig.3). 

Finally, it may be worthwhile to mention at this stage that 
the Mithrandir model was also extended and validated to 
describe supercritical superfluid Hell [ 16], which appeared to 
be of interest for Superconducting Magnetic Energy Storage - a 
possible large-scale spin-off of fusion research. 

Normal zone evolution 
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Figure 3 Comparison between experimental data and 
Mithrandir simulation of a quench propagation in QUELL 

JOINT TESTS AND ANALYSIS 
As seen above, the joints are the crucial link in order to 

build a magnet out of single conductors. Joints can have very 
different topologies (e.g. lap-type vs. butt-type, shaking hands 
vs. praying hands) but they all have in common the fact that in a 
joint current flows from the superconducting strands in one 
conductor, through contacts with a copper foil or sole, through 
the copper and finally into the strands of the other conductor, 
see Fig.4. This means that in the joint one always has Joule 
losses, although careful design (resistance - 1 nQ) can minimize 
their effect. From our point of view it should also be 
emphasized that the joints are, in a sense, the hydraulic gateway 
to a coil. In other words, since it is difficult and risky to have 
sensors or heaters inside an actual coil, any action or 
measurement from outside will have to be analyzed, including 
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the effect of the joint. As for the joints, the Mithrandir code was 
extended to allow for varying geometrical (e.g. helium flow 
area) and material properties along the length, and was 
validated against FSJS [ 17, 18] and USP [ 19] data. 

Figure 4 Cross section of the USP joint box 

COIL TESTS AND ANALYSIS 
The need for the treatment of a full coil, e.g. one of the 

ITER model coils, has required the evolution of the 
computational tools for the analysis of test results and for the 
design of new optimized conductors/joints/magnets. 
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Figure 5 Comparison between experimental data and M&M 
simulation of the FSJS. Direct heating upstream of the right leg 
of the joint (as seen from the inlet temperature trace RT5) leads 
to heating (see downstream sensor traces LT1 and LT3) of the 
externally unheated (see LT5 trace) left leg, because of heat 

exchange through the copper sole. 

Starting from Mithrandir, we have developed a new code, 
the Multiconductor Mithrandir (M&M) [20], for the analysis of 
thermal-hydraulic transients in superconducting magnets made 
by an arbitrary number of cables, which are hydraulically, 
thermally and electrically coupled together. The computational 
idea behind this tool is that the 30 problem of thermal-
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hydraulics in a coil [21] can be reduced to a series of (coupled) 
1 D prob !ems for each of the conductors (defined here as the 
generic piece of coil between two joints). This is made possible 
by the widely separate time-scales for heat transfer along the 
conductors and across (i.e. between) conductors, the latter being 
much longer because of the presence of a relatively thick jacket 
and insulation (see Fig.2). 

The validation of the novel tool has been performed first 
against experimental data coming from dedicated thermal­
hydraulic tests that we perf0rmed on the FSJS in the SULTAN 
facility at PSI Villigen, CH [20], see Fig.5. Secondly, we did 
perform on the CSMC, see Fig.6, the first validation on a full 
coil, considering a part of the experimental campaign (in 
particular the so-called Tcs- current-sharing temperature- tests 
[22]), see Fig.7, which we also attended. This required the 
development and implementation of a rather complex model of 
the hydraulic circuit, see [22] for details. In all cases, it can be 
seen that the code shows a very good capability to simulate 
thermal-hydraulic transients with different time-scales in 
different topologies, capturing some effects that no other 
computational tool was previously able to reproduce, to the best 
of our knowledge. 

The new code is also being applied in predictive fashion to 
the design and analysis of part of the test program of the TFMC 
[24]. 
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Figure 6 A sketch of the CSMC. The coil was tested in the year 
2000 at JAERI Naka, J, within the frame of the ITER tokamak 
project, and set a number of world records for superconducting 

coils [23]. 
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Figure 7 Comparison between experimental data and M&M 
simulation of the CSMC. Outlet temperatures from the 

innermost three layers of the coil are reported during the Tcs 
tests at 30kA and 40kA. 

SOME OPEN PROBLEMS 
Notwithstanding the relative success of the computational 

tools in reproducing, as reported above, a number of the 
experimental features in rather disparate situations, several 
problems are still open in the thermal-hydraulic modeling of 
superconducting magnets for fusion applications, and some of 
them will be briefly discussed here. 

A number of uncertainties are present in the friction (actors 
and heat transfer coefficients to be used in CICC. For friction 
in the central channel, correlations have been developed and 
tested (see, e.g., [25)) for different types of spirals delimiting 
the hole, while friction in the bundle region is treated as in a 
porous medium (pebble-bed) although the potentialities of this 
approach are far from being exhausted. However, analysis of 
recent experiments in the CSIC seems to indicate that, possibly 
because of Lorentz-force-induced deformation in the conductor, 
the mass flow rate prediction typically overestimates up to 1 0-
20% the measured data in that case. As for the heat transfer 
mechanisms, a number of coefficients appear to be important in 
aCICC: 

Heat transfer between strands and helium (hst.He) 
Heat transfer between jacket and helium (h1k,He) 

• (Contact) heat transfer between strands and jacket 
(hst.Jd 
Heat transfer between helium in the bundle and helium 
in the central channel (hsH) 

but none of these has been really measured up to now. 
Therefore, Dittus-Boelter correlations are typically used for the 
first two, and a fixed and somewhat arbitrary value for the third, 
while the last one is obtained by calibration of code results 
against experimental (usually heat slug propagation) data. This 
situation should be improved in the future both from the 
experimental and from the theoretical-modeling point of view. 

More and more sophisticated models of the whole 
cryogenic circuit are necessary to adequately predict the 
behavior of a coil during transients. While this point was 
already assessed quantitatively during the CSMC validation 
[221, it might be of equal qualitative relevance. For instance, 
oscillations are predicted by M&M to appear in TFMC Tcs 
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(heating) tests [24), but only a specifically dedicated portion of 
the experimental campaign will make clear in a few weeks if 
these oscillations are real or only an artifact of the still 
simplified model of the circuit. 

A third, and very important area of present and future work 
is that of the coupling of thermal-hydraulic and 
electromagnetic models of the conductor. Here it should be 
emphasized that, while all of the modeling presented in this 
paper assumes a uniform distribution of the current among the 
strands, there is scattered evidence of non-uniform current 
distribution in present-day experiments. What this implies is 
that models are needed which can describe the evolution of the 
current distribution across the cable cross-section. However, 
this will depend on the resistances in the circuit, which in tum 
depend on the temperature distribution in the cable. On the 
other hand the evolution of the latter depends on the heat 
sources in the cable (e.g. AC losses), which could be adequately 
computed by the electromagnetic part of the model. While a few 
such hybrid models already exist at various levels of complexity 
(see e.g. [26,27]), our group is presently pursuing a systematic 
development effort within a multilateral collaboration of 
universities, ENEA and EFDA. As a first step in the direction of 
describing a current non-uniformity among petals we have 
already performed a thermal-hydraulic simulation of an 
experiment with M&M where just one of the petals was 
selectively heated, allowing for different thermodynamic states 
of the helium in each of the six petals [20]. 

Finally, it may be interesting to mention in closing another 
relevant spin-off of the present studies: we are applying the 
same approach to the thermal-hydraulic analysis as presented 
here to the study of transients in high-Tc conductors for power 
transmission applications, thanks to the fact that also there the 
(LN2 cooled) conductor has a dual-channel topology [28). 
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ABSTRACT 
Building materials and components are often exposed to 
thermal stresses; in the long run this could be harmful. Effects 
on fragile materials such as glass could be significant, because 
they may break if subjected to quick or high fluctuations in 
temperature. It is a worrying problem if the glass is a work of 
art. The window surface, irradiated by sunlight, suffers different 
thermal stresses, depending on the color of the glass elements. 
Then daily thermal stresses of our typical climate have been 
evaluated and reproduced in a climatic room where ten glass 
samples, typically used for artistic window restoration, have 
been put inside and the thermal expansion coefficient has been 
evaluated. 

INTRODUCTION 
The conservation of artistic windows is very important due to 
the presence, especially in Italy, of numerous historical glasses 
in all the major Basilicas or Cathedrals of the world. These 
works of art play a dominant role in iconographical decoration. 
The causes of glass deterioration haven't only chemical origin; 
the glass is in fact subject to solar radiation, so they are subject 
to temperature stress on the surface, with different stress and 
strain in several points. Moreover the glass is embedded in its 
original chassis that doesn't allow for thennal expansion, 
causing the glass to bend until it breaks. 
A quantitative evaluation of such phenomena is the aim of this 
paper; so measurements of thermal strain have been carried out 
on ten glass samples furnished by a restoration laboratory in 
Rome and the coefficients of linear thermal expansion have 
been calculated. An experimental apparatus and a measurement 
methodology of the defonnations have been developed. The 
strain measurements have been carried out with electrical 
photoengraving strain gauges; the strain gauge is glued to the 
~urface of a sample; when it is stressed, the correspondent strain 
15 transmitted to the grid causing an electrical resistance 
variation. Two twin strain gauges have been employed for each 
measurement, one glued on to the sample, the other one on a 

reference material, the thennal expansion coefficient of which is 
known. In such a way, considering the difference between the 
thermal expansion of the sample and the one of the reference 
material, it is possible to eliminate any systematic error due to 
the thennal expansion of the strain gauge. 
Some indications about the measurement methodology have 
been supplied by Technical Note TN 513-1 [1], others by ISO 
7991 [2]; the measurement uncertainty evaluation confonns tu 
UNI CEI ENV 13005 [3]. [1] has been used as a guide for the 
choice of the strain gauge, its connections, the preliminary 
operations before the strain measurements (such as the stability 
of the strain gauge signal, the elimination of the residual 
stresses, etc.); the characteristics and the precision of the 
measurement instrumentation, temperature unifonnity in the 
climatic room and inside the samples have been also defined. 
[2] refers to the employment of the dilatometer, therefore it has 
been only employed to define the coefficient of the linear 
thermal expansion. When evaluating the measurement 
uncertainty [3], the a priori procedure calculation is employed, 
based on the uncertainties in the parameters measured for the 
calculation of the coefficient of linear thermal expansion. 

NOMENCLATURE 
F gain factor of the strain gauge (-) 
L length (m) 
R electrical resistance (0) 
T temperature (°C, K) 
T time (s, h) 

Greek Letters 
a. coefficient of linear thermal expansion (°C1

, K"1
) 

~G thermal coeff. of resistivity ofthe grid material (°C\ K" 1
); 

~L variation of length (m) 
~R variation of electrical resistance (0) 
~T variation oftemperature (°C, K) 
M: strain variation between sample and reference material (-) 
E defonnation (-) 
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Subscripts 
G grid 
R reference 
S sample 

EXPERIMENTAL METHOD 
Facility 
The experimental apparatus (Fig.1) is composed of a climatic 
room Mazzali mod. C33045, which allows control of 
temperature ( -40 °C ..;- + 150 oq and relative humidity ( 15% 7 

100%) in a volume of approximately 0.3 m3
; the glass samples 

with the electrical strain gauges are placed in the climatic room. 

b) 

Figure 1: Measurement facility: (a) scheme, (b) view. 
1) Climatic room; 2) Multi-channel Transducer Spider 8; 3) 

PC; 4 and 5) Microclimate acquisition system TCR Tecora; 6) 
Reference bar with strain gauge and surface temperature 

probe; 7) glass sample with strain gauge and surface 
temperature probe. 

The strain-gauges are the Micro-Measurements type, series EA-
06-125MG-120, produced by Measurements Group (Fig. 2). 
They are made up of a grid of laminated metal glued onto a 
support of plastic material; they are sensitive and precise in the 
temperature range -75°C ..;- + 175°C. The number of fatigue 
cycles depends on the effort value that has been reached when 

measuring the deformation: 108 cycles at 1200 f.lm/m; 106 
cycles at 1500 f.lm/m; 105 cycles at 1800 f.lm/m; 104 cycles at 
2800 f.lmlmm for unidirectional solicitations of compression or 
traction. The gain factor, defined as the ratio between the 
electrical resistance variation L1RIR and the correspondent 
variation of length L1LIL, is 2,045 ± 0.5% at 24°C; the cross­
sectional sensitivity considers the lateral contraction of the grid 
and it is about +0,9 ± 0.2% at 24 °C. 
In order to eliminate the error due to the thermal expansion of 
the strain gauge grid we employ two of them, one glued on to 
the sample, the other is glued on a reference material with a low 
value of a: a silica-titanium bar has been employed, with a = 

0.03 x 10'6 °C1
• The two strain gauges are of the same type and 

are made by the same manufacturing processes. If high accuracy 
is required, twin strain gauges EA-06-125MG-120 are 
employed; they are sold coupled and are separated when 
employed (Fig. 2). 

0 

Figure 2: Strain gauge Micro Measurement, series EA-06-
125MG-120 

The strain gauge signal yields the value of M:; it is recorded by 
a multi-channel transducer SPIDER 8, equipped with 8 
channels for the acquisition of electrical resistance, current, 
voltage. It is connected to a Personal Computer for data storage 
and analysis by means of software Catman 2.1. At the same 
time, the surface temperatures of the sample and of the silica­
titanium bar are measured by two NTC (Negative Temperature 
Coefficient) sensors (accuracy ± 0.04 °C); each one has a 
purposely realized electronic interface card and transmits the 
signal to a microclimate data acquisition system TCR Tecora, 
with optional channels for electrical signals (voltage up to 2500 
mY). A tarature curve has been evaluated to transform the 
electrical voltage in the corresponding value of temperature. 
The sensors are connected to the sample and to the reference 
bar by a heat conducting paste. The data of surface temperature 
are stored and analysed by a PC. 

Experimental Procedure 
The first step of the experimental procedure is to verify the 
stability of the strain gauge signal. In the climatic room the 
temperature is kept constant (24 °C) for three hours, to promote 
thermal equilibrium between the sample and the air 
temperature; during the next three hours, the strain and the 
surface temperature of a glass sample and of the silica-titanium 
bar are recorded. In one of the first tests, the surface 
temperature of the reference bar varied between 23.7 oc and 
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23.8 oc; the surface temperature of the sample glass varied 
between 24.2 °C and 24.3 °C. The corresponding strains were 
in the range -0,444·10-6 and +{).444·1 0-6, with maxirnwn 
instantaneous variations of ± 0,222·10-6 (Fig. 3), so the strain 
gauge stability is verified. Such verification was periodically 
carried out during all the measurements. 

,. ..-·-·--·-·--·----·------------·---------·--·--~ 

~~----------------------------~ 

,. r--------------------------------1 

e· 
8·~------------------------~ 
~4~·---------------------------------~ 
(I) 10 --·-- --------------------------

I 
"------- ·-----·--·----------~ .. -· ----- ·· ---·-·-------------------·----~ 

Figure 3: Strain of the glass sample vs. time during the test of 
strain gauge signal stability. 

Temperature cycles, before the onset of the strain measurements 
have been executed to eliminate the residual stresses in all the 
components of the measurement system (glass samples, 
reference bar, strain gauges, wires, etc.); three cycles of 
temperature at least 5 °C above the maximwn value and below 
the minimal value of the measure cycles have been realized, so 
the residual stress is eliminated and the possibility of repeating 
the test is guaranteed (normally this happens after the second or 
the third cycle). Three thermal cycles between 5 oc and 55 °C 
have been set, with a temperature gradient of 12,5 °Cih. The 
periods at T = constant = 5 °C and T = constant = 55 °C 
continue for 40 minutes; the periods with temperature gradient 
of 12,5 °C/h continue for 4 hours; so the total time of the three 
cycles is 28 hours. This temperature variation (AT = 50 °C) is 
similar to the one to which glass in churches is subject; in fact 
the strain measurements have been carried out in the 10 + 50 oc 
temperature range. In the system calibration, the surfuce 
temperature of the silica-titaniwn bar varied within these ranges 
(Fig. 4): 
I cycle: 5,1 oc- 54,5 oc (AT= 49,4 oq 
II cycle: 5,1 °C - 54,0 oc (AT = 48,9 °C) 
ill cycle: 5,2 oc- 53,6 oc (AT= 48,4 °C) 
The surface temperature of the glass sample varied within these 
ranges: 

I cycle: 5,6 oc- 55,1 °C (AT= 49,5 °C) 
II cycle: 5,6 °C- 54,6 °C (AT= 49,0 °C) 
ill cycle: 5,6 °C- 54,2 °C (AT= 48,6 °C) 
A comparison between the surfuce temperature of the samples 
and the air temperature in the climatic room shows a delay of 
some minutes of the sample temperatures: it is necessary for the 

samples to reach the thermal equilibrium with the air 
temperature. 

-~~~~~~-----~~~---~H-~~~ 

~~~-+----~----~--~r-----~--~r-~ 
~~~-~--~----,r----~~-----ff---~ 

t (h) 

Figure 4: Surface temperature of the glass sample, of the 
reference bar (continuous lines) and of the air temperature in 

climatic room (dotted line) vs time, during the test of 
elimination of the residual stresses. 

After verifying the strain gauge signal stability and the residual 
stress elimination, the measurements can begin. 
A thennal cycle for the strain measurement has been chosen. It 
begins by maintaining the temperature at 10 °C, for 4 hours; 
then the temperature increases with a thermal gradient of 6,66 
°C/hour, corresponding to 40 oc in 6 hours; another 
maintenance of the temperature at 50 °C, for 4 hours, and a 
decrease in temperature with a gradient of 6,66 °C/hour for 6 
hours are then realized, until the temperature becomes 10 °C; 
finally a temperature maintainance at 10 oc for 4 hours is 
carried out. The cycle lasts 24 hours. 
The measurement system has been tested measuring the strain 
of a Saint Gobain glass sample, with a known coefficient of 
thermal linear expansion (9.0 x 10-6 °C"1

). After eliminating the 
residual stresses, the strains were measured by setting up the 
described thermal cycle in the climatic· room. Fig. 5 shows the 
Saint Gobain glass surface temperature vs. time; the 
temperature varies between 10,4 oc and 49,9 °C, so AT= 39,1 
°C. Fig. 6 shows the relative strain vs. time; the recorded data 
are: 
~ = -0,243 X 1 0-6; 
L\£max = 352,798 X 10-6; 
~ = 353,041 X 10-6. 
The calculation procedure of the coefficient of thermal 
expansion of the Saint Gobain glass is carried out, by the 
procedure described in Data Elaboration, and a value of9,054 x 
10-6 °C1 is found. It coincides perfectly with the data given by 
the company. 
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·~------------------------------~ 

t (h) 

Figure 5: Surface temperature of the Saint Gobain glass 
(dotted line) and of the reference bar (continuous line) vs time 

during the strain measurements. 
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Figure 6: Saint Gobain glass strain vs time. 
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Figure 7: Thermal output vs surface temperature of the Saint 
Gobain glass, with increasing and decreasing temperature. 

One final consideration has been made; in order to avoid 
measurements errors, the glass temperature must be uniform 
throughout the thickness of the sample or, at least, in the region 
where the strain gauge is glued. In order to control this 
tem~ewrifummcy,theili~ofthe~~tem~nm.e 
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is sketched out for increasing and decreasing temperatures. The 
heating and cooling curves have to coincide; if the two parts of 
the curve are meaningfully separated to form a hysteresis loop, 
the · temperature is not uniform in the sample thickness: in this 
case, two strain values correspond to the same temperature 
variation. Fig. 7 shows the results obtained for the Saint Gobain 
sample: it presents very good temperature unifommty in the 
thickness of the glass. 
The choice of the temperature gradient in the measurement 
cycle is suggested by the ISO 7991: the maximum values are 
300 ± 60 °Cfh for increasing temperature and 120 ± 12 °C/h for 
decreasing temperature. A series of preliminary tests has been 
carried out, setting up various gradients, to evaluate the 
maximum grailient necessary to avoid the formation of 
hysteresis loops: 6.66 °C/h. 13.33 °Cih, 40 °C/h, 80 °C/h, all 
inferiors to those suggested by ISO 7991. Results show that 
with grailients over 6,66 °Cih there is a hysteresis loop between 
strain in the heating and the cooling; so this value of the 
temperature grailient has been chosen .. 

Data Elaboration 
When a strain gauge is installed on the surfuce of a non stressed 
structure and the temperature of the material varies, the strain is 
transmitted to the grid of the sensor causing a variation in 
electrical resistance, proportional to the same deformation: 

L1R = .&. F = &F (1) 
R L 

If the solicitation transmitted to the structure is a temperature 
variation .ciT, we can write: 

.dL=aL&' (2) 
From the previous two equations the following is obtained: 

L1R =aFO (3) 
R 

So the coefficient of thermal expansion of a sample (S) can be 
calculated simply by measuring the variation of specific 
electrical resistance .6.RJR. and the difference of temperature aT, 
knowing the gain fuctor F of the strain gauge; this is due to the 
combination of two factors: the expansion of the glass sample 
and of the grid; therefore it is necessary to consider as, a.a, and 
the variation of resistivity of the grid material, by means of the 
term f3G· So: 

L1R = [,BG +(as -aa)FJar (4) 
R 

Combining equations (1) and (4) the following is obtained: 

era;s; =[,Bal F+(as -aa)W (5) 

in which ~Gt'S) is the thermal output of the strain gauge glued 
over the sample. Using a second strain gauge glued to a 
reference bar, (5) can be rewritten: 

era; R) = [,BG IF +(aR -aa)W (6) 

Subtracting member to member equation (6) from equation (5): 
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(7) 

In equation (7) a.R is the coefficient of thennal expansion of the 
material that constitutes the silica - titanium bar, supplied by the 
Coming Glass Company (Coming NY 14831); in the range of 
temperatures -45 °C + 175 °C it is 0.03 X 10-6 ± 0.03 X 10-6 °C1

• 

liT is the measured value by surface temperature probes on the 
samples. The value of aE is supplied directly by the acquisition 
system, which gives the electrical resistance variation as a 
strain; the measurement of the electrical resistance variation is 
carried out by a Wheatstone bridge electrical circuit, where two 
branches are constituted by the two twin strain gauges, whereas 
the others are simulated by the Spider 8. 

RESULTS 
The glass samples have been classified according to their 
surface characteristics; they are described in Tab. 1. Two ofthe 
samples (n. 9 and n.10) have been subjected to chemical 
analysis; the results show that, except for the calcium oxide 
absence, they can be considered sodium - calcium glasses. As 
an example, in Fig. 8 (a, b, c) the results related to the glass 
sample n. 4 are shown. In particular, in Fig. 8a) the swftce 
temperature trend, in function of time, is shown: variation d T is 
about 38.1 °C. In Fig. 8b) the relative strain is reported: 381.6 
~m.ln Fig. 8c), finally, the strain trend vs the increasing and 
decreasing temperature are shown; there is no hysteresis loop, 
so the hypothesis of temperature uniformity throughout the 
thickness of the sample is verified. The calculation carried out 
with these data gives a.= 10,05 X 10-6 °C1

• 

In order to verify the reliability and the possibility of repeating 
the results, two or three tests in the same conditions have been 
carried out; for every sample the final value of a. is the average 
value of the different tests. For the sake of brevity, the extensive 
results relate to the other samples are not reported; a synthesis 
of all the measurements is reported in Tab. 1. The results show 
that the values of Ct. vary between 8,4 X 10-6 °C1 and 10,3 X 10-6 
0C"1

• The higher values relate to glasses 5 and 6 (10.21 x·10-6 
0 C"1 and 10.29 x·1 0-6 °C1); it is due to the particularity of the 
two glasses: the red coloration of glass sample 5 is obtained in 
bath and not by adding metallic oxides in the paste; the brown 
color of glass sample 6 is due to a coloration only on one 
surface, realized with the technique called grisaglia. 
The measurement uncertainty has been finally evaluated [3]; the 
measurement uncertainty of the different parameters has been 
estimated and the law of propagation of the uncertainty has 
been applied to equation (7). The uncertainty on a.R is equal to 
± 0.03 X 10-6 °C1, the one of aT is± 0.84 °C, the one of 6£ is 
approximately 0.08 x 10-6. The measurement uncertainty 
obtained for <ls varies between 0.17 and 0.21 X 10-6 °C1 for the 
different samples; it is in any case about :ZO/o (Tab. 2). As 
regards the deformation measurements, the uncertainty is 
0.02%. 
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Figure 8: Surface temperature (a) and strain (b) vs time and 
strain vs temperature (c) ofthe glass sample n. 4. 

CONCLUSION 
The degradation of the artistic glass depends not only on the 
chemical actions due to air pollution and atmospheric agents, 
but is also due to the temperature stresses caused by solar 
radiation; they can be different from point to point of the glass, 
because of the 
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T bl 1 Glass samples characteristics and experimental results a e 

s::: "' .:::-----:.... "' hG u ~ 
;:: ~~ (-.) Cl 

~ 0 .;: .§_ -.:::] 0 -.:::] 
(?___ 

\:! \..) 
~ 

'--
i::l V) 

I violet 2,71 38,1 337,99 x 1 o-6 8,90 X 10-6 

2 transparent 2,71 38,1 343,87 x 1 o-6 9,05 X 10-6 

3 violet 3,74 38,5 326,92 x 1 o-6 8,50 x 10·6 

4 green 2,84 38,1 381,60 X 10-6 10,05 X 10-6 

5 red 2,65 36,7 373,50 X 10-6 10,21 X 10-6 

6 brown 1,96 36,7 376,71 X 10-6 I 0,29 X 10'6 

7 blue 3,96 37,2 322,67 x 1 o-6 8,70 X 10-6 

8 blue 3,39 37,4 3 16,41 X 10-6 8,49 X 10-6 

9 yellow 3,52 36,7 374,28 x 1 o-6 9,86 X 10-6 

10 violet 2,38 35,6 348,85 x 1 o-6 9,84 X 10-6 

Table 2: Mean strain measurements, coefficients of thermal 
expansion an d t t t measuremen uncer am 1es. 

~------ ~ G Uncertainty l; ~ ~ 
0 ~ s::: b (?___ 
1::::: 

c55 ~ h ::: -.:::] (I0-6oc') (%) 
<:::l -.:::] 

8 8 320 40 0.17 2 

9 I, 2, 3, 7 360 40 0.19 2 

10 4, 5, 6, 9, 10 400 40 0.21 2 

glass colours and the relative absorption coefficients for solar 
radiation. The Laboratories of Thermotechnical and 
Environmental Controls of the Department of Industrial 
Engineering of the University of Perugia have been involved in 
the preservation of works of art for a long time. In a recent work 
[4] an analysis of the distribution of the surface temperature and 
of the relative thermal stress on an stained glass window in the 
Cathedral of Perugia has been carried out by means of a 
calculation program (Ansys 5.3); results show that the thermal 
stresses can cause a cracking of the glass. 
In the present paper a methodology to measure the deformations 
due to temperature stresses and to calculate the coefficient of 
linear thermal expansion have been developed. Ten glass 
samples, employed in artistic glass restoration, have been 
subjected to thermal stress in a climatic room; the strains have 
been measured and the coefficients of thermal linear expansion 
have been calculated. The results of the measurements, carried 
out by means of electrical strain gauges, show values of the 
coefficients of thermal expansion within 8.4 x I o-6 °C 1 and I 0.3 

x 1 o-6 oc 1. The measurement uncertainty has been estimated 
following the indications reported in [3]; it is 2% circa. 
The obtained values are of the same order of magnitude of those 
classified in Literature as sodium - calcium glass; a chemical 
analysis, made on two of the ten samples, shows they can be 
considered sodium - calcium glass, a part a few chemical 
components. The higher values of the coefficients of thermal 
expansion have been obtained for the samples number 5 and 
number 6 (10,2 7 10,3 X 10-6 °C 1

); their coloration is in fact 
obtained differently than in the other samples. 
This methodology could be employed for the measurement of 
the thermal expansion of any kind of material. The obtained 
results can be employed for the simulation of the conditions of 
thermal stress on artistic windows with different geometrical 
configurations and spectral characteristics of the glasses, by 
means of adequate calculation programs. The same 
measurements, finally, can be repeated after having subjected 
the samples to accelerated aging in a climatic room, to estimate 
the influence of aging on the properties of thermal expansion of 
this kind of glass. 
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ABSTRACT 
In The Netherlands, a consortium of scientific institutes and 

companies has started a project to compile physical data of 
Natural Working Fluids, which include pure, mixed and 
secondary refrigerants. The information gathered contains 
data on thermodynamics (critical values, saturation 
properties. PVT functions), transport properties (e.g. 
viscosity, conductivity), heat transfer and pressure drop, and 
various info on the application (compatibility, safety). 

The information will be presented in a digital format, to 
facilitate the engineering of refrigeration and heat pump 
systems. Generalised functions on all properties gathered will 
he available to usc in computer programs. A ready-to-use 
cycle calculation will complete the comparison of the natural 
refrigerants available. 

Key words: natural refrigerants, physical properties, 
environmental friendly 

INTRODUCTION 
The KANS initiative 

Ever since the Montreal Protocol, a growing awareness is 
present to preserve the earth's atmosphere. Both worldwide 
and nationally, a common understanding has grown under 
scientists and engineers, that naturally available substances 
have less chance to degrade the earth's environment. Under 
the name KANS (Kn;Jwledge institute for Application of 
Natural working Substances), a group of Dutch people from 
companies and institutes (see list below) have joined to 
encourage the usc of these natural working tluids. 

Meanwhile, in the Netherlands, a governmental program 
ROB (Reduction of Greenhouse Gasses) was launched as a 
response to the Kyoto Protocol. Within this program, the 
KANS initiative deploys various projects, from children's 
awareness to testing facilities for refrigerants. One of the 
projects is described here: to compile <wailable physical 
properties of natural refrigerants. 

Compilation of properties of natural working fluids 
It was noticed that various physical properties of natural 

ret:rigerants are not generally available. However, much 
mtormation should exist, as these refrigerants were very 
important before the introduction of the CFC' s in the 1930s. 
Apart from ammonia, which is only being applied by a 
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restricted group of enterprises, the knowledge about natural 
refrigerants was not readily available anymore. 

Now modern refrigerants, like CFC, HCFC's, HFC's, and 
their mixtures, are very well known, partly from the effective 
efforts of chemical companies, as they benefit from the sale 
of these halogenated hydrocarbons. Natural refrigerants 
however, have not been treated this way. This is exactly the 
purpose of this project: to ease the re-introduction of natural 
refrigerants by compiling the useful properties for the 
refrigeration industry in an easy and accessible way. Doing 
so, one of the obstacles in introducing the natural refrigerants 
in the general field of refrigeration industry is removed. 

PROJECT DESCRIPTION AND LIMITATIONS 
General objective 

The general objective for this project is to facilitate the 
optimal engineering of refrigeration systems with natural 
refrigerants. To do this, the end result of this project consists 
of formulae for calculation of physical properties available as 
DLL files. Together with REFPROP data, these files can be 
used within a user defined EXCEL based program. 

Beside this, a program is made to access physical, toxic and 
safety data. A simple cycle program for comparison of the 
various substances will complete the project. 

Approach 
The project was split up in 5 phases to ease the work as a 

team. 
I. Quick Scan (to investigate in-house information available 
at all project partners), 
2. Format (to decide the format in which the information will 
be presented), 
3. Analysis (to analyse in-house and requested data and 
presenting it in the desired format), 
4. Distribution (to distribute data to other partners) 
5. Reports and publication 
This approach worked fairly well, although the phase 3 
(analysis) was underestimated in workload. 
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Selection of refrigerants 
First, a choice had to be made for selecting the typical 

refrigeration systems. It was decided only to investigate 
compression (primary) systems and secondary systems. 
Absorption systems like ammonia/water have been skipped 
because of their complexity (one additional degree of 
freedom) and their (still) limited application. 

Secondly, it had to he decided upon which refrigerants 
should be selected. The refrigerants have been selected by 
means of a ranking of all possible substances. After 
discussion it was decided to select the ones below on grounds 
of present use now (e.g. propane) or potential in the future 
(e.g . carbon dioxide) . See the selected lists in table I and 2. 
General data used 

As there was no intention to produce any data that is 
already available in literature, it was decided to apply the 
data from REFPROP 6.0 (NIST 1998). However, some 
substances have (up to now) not been incorporated in this 
version. So REFPROP 5. 1 was applied for the missing ones 
(e.g. dimethylether. n-pentane. iso-pentane). For the 
secondary tluids, the data of Melinder (Melinder 1997) was 
adopted, as this work contains already a lot of the most 
common brines. Other brines that were missing, were added 
with commercially available formulae and data (see list of 
contributers at the end of this article) . 

Constraints to the choices we made 
To be able to compare different refrigerants, a simple DX 

cycle is calculated (see below) . Heat transfer and pressure 
drop must he known within the cycle . For single phase tlow, 
the commonly used Gnielinski model for heat transfer was 
used (VDI, 1988). For pressure drop, the Blasius model for 
friction in smooth tubes was taken. 

For two-phase llow many (complicated) models are known . 
Nevertheless. only formulae have been selected, that have 
been developed for refrigerant formulation in terms of their 
physical properties. To reduce complexity (for the sake of 
this project). common models were accepted like the Gungor 
& Winterton model for heat transfer (Gungor and Winterton 
1987). In the future . we hope to extend these fairly rough 
estimations . 

Tah/e I. Sclecred prinwrv rc:fi·igemnts 

Normally, it is sufticient to have only sub critical data of 
refrigerants. For C02 however, many applications have been 
described that are super critical. However, for simplicity 
reasons in this project, this area is not covered up to now. 

For secondary fluids, we have chosen so far not to 
incorporate mixtures of substances. 

RESULTS 
Gathered data 

For each refrigerant several data are required. To have a 
good overview of all the data, each of the refrigerants have 
been assigned to one of the project partners. All gathered data 
from all the partners and other sources have been 
concentrated at the assigned partner. To do this, the partners 
have (in line with the ' 'Quick scan") tilled in a proceedings, 
software and book reference list of all information in their 
possession. 

Once each partner had all the gathered information, the 
data had to be analysed to assess the usefulness . When the 
data are enough, a fun ction list of that refrigerant property 
can be checked ''Y" for enough. A completed function list for 
ammonia is given in table 3 as an example at the end of this 
article. 

The function list is a set of functions applicable to each of 
the properties investigated. It is divided in groups concerning 
a general description (molar mass, CAS number, ODP, GWP 
etc.), application (flammability, toxtctty, safety and 
compatibility), thermodynamic state properties (critical data, 
saturation, PVT functions, enthalpy and entropy) and 
transport data (specific heat, viscosity, conducti vity and 
surface tension). To ease the calculation of heat transfer and 
pressure drop, the Reynolds, Prandtl and Nusselt number can 
be calcul ated. For the pressure drop the friction number 
(according to the Blasius equation) and the dynamic pressure 
head can be calculated. 

Once each partner has completed all of his functions lists 
per refrigerant, a complete overview of the whole project can 
be made concerning the "white spots" , or missing data. As by 
now (June 200 I) , the Wight spot list has the form as 
mentioned in table 4 at the end of this table. 

Group ASH RAE Chemical name NBP (°C) Tcrit. ec) 
Pure RE-170 Dimethyl-ether -24.0 128,8 

R-290 Propane -42,0 96,7 
R-600a lso-hutane -11 ,6 134,7 
R601x !so-pentane 27 ,8 187,4 

R-601 (NC5) n-pentane 36,2 196,4 
R-717 Ammonia -33,3 132,3 
R-744 Carhon dioxide -78,4 31.1 

R-1270 Propylene -47 ,7 92,4 
Mixed R-290/R-600a (50/50) Propane/iso-butane -33 115 

R-601/R-60la (50/50) n-pentane/iso-pentane -I 7 58 
R-170/R-2lJO Ethane/propane -49 92 
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Fig. I. Overview of the main units of the software program 

Architecture of the software program 
As the software program is the main output of this 

program. it contains all of the compiled data. To make this 
happen. the main architecture contains four units: 

Tahle 2. Selected secondary refrigerants 

Group Chemical 

Aqueous Ice slurry 
Ethyl alcohol 

Methyl alcohol 
Glycerol 
Ammonia 

Ethylene glycol 
Propylene glycol 

Potassium carbonate 
Potassium acetate 
Potassium formate 
Sodium chloride 

Magnesium chloride 
Calcium chloride 

Non-aqueous Diethyl benzene 
H ydrotl uoroether 

Polydimethylsiloxan 
Terrene from citrus oil 
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A remote set of data from other sources, which is 
consulted by the function library. 

A library of help files , containing application data (i .g. 
safety and compatibility). 

A function library of all the data gathered in this project. 
This library can be consulted from an external user program 
(via DLL's), or by the program itself, when the user is 
searching particular data. 

A simple DX refrigeration cycle calculation program. 
See figure l for an overview of the main units . By means of 

this architecture, the user may consult the function library, 
use the data within another user defined program, or is able to 
design a simple refrigeration system. The results can be 
compared between all the natural refrigerants with respect to 
pressures, temperatures, dimensions, energy consumption and 
environmental impact. 

Layout of the program 
To give an idea of the layout of the program, one of them is 

given in figure 2. 
It can be observed that the program is easy to use, 

especially for the enterprises, which do not employ 
scientifically educated personnel. 

Brandnames 

Dowcal I 0, Anti frogen N 
Dowcal 20, Antifrogen L 

Tyfoxit I, xx 
Freezium, Hycool, Tyfoxit F, Antifrogen KF 

Dowthermj 
HFE7100 

Baysilon KT3, Syltherm XLT 
D-limonene 
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Tah!t, 3. F11nction list n/IIIIIIIWIIia, as an l'XliiiiJ!Ie oj'allthc reji·igemnts investigated 

Functionlist Ammonia (NH3) 

Description Function call Sources 

s Molar mass K Molmas(Refr) iiar92c, ammo?, llore94b, lind94 

s Freezinq temperature (only secondary refr.) K Tfreezing(Refr, X) ammo?, iiar92c 

s Brand names K BrandName(Refr) 
s CAS number K CAS(Refr) iiar92d (7664-41-7) 

s Chemical formula K ChemFormula(Refr) NH3 

s Structural formula (or drawing) K Structurai(Refr) 
Flammability 

s Lower flammability limit K_LFL(Refr) iiar92c, ammo?, lind94, carl96, iiar92d 

s Hiqher flammability limit K HFL(Refr) iiar92c, ammo?, lind94, carl96, iiar92d 

s lqnition temperature K T lqnition(Refr) lind94, cpr13-2(paq22), iiar92c 
Toxicity 

s Max allowable concentration (Mac-value) K MAC(Refr) lpaul94a, ammo?, 
s General toxicity information K Toxicity(Refr) cpr13-2, iiar92d, lind94 

General Safety 
s Precautions in handling and storage K Handling(Refr) CPR13-2, 
s Safety classification (A 1 .. etc) K SafetyCiass(Refr) CPR13-2 

Compatibility 
s General compatibility info K Comp(Refr) CPR13-2, knab97, ammo-22, halo 

Critical values iiar92c 
Critical temperature K tc(Refr) iiar92c, ammo?, cpr13-2, lind94 
Critical pressure K _pc(Refr) iiar92c, ammo?, cpr13-2, lind94 
Critical specific volume K vc(Refr) iiar92c, 
Saturation properties 
Saturation pressure K _psat(Refr, X, T, phasetl iiar92a, ammo8, refprop6.0, 
Saturation temperature K Tsat(Refr, X, p, phasetl iiar92a, ammo8, refprop6.0, 
PVT functions 

s Specific volume, K v Tp(Refr, X, T, p, phase) refflrQQ 6.0, iiar92a, ashr89. 
Temperature as f(p,v) K T _pv(Refr, X, p, v, phase) refflrQQ 6.0, iiar92a, ashr89. 
Pressure as f(T,v) K _p Tv(Refr, X, T, v, phase) refflrQQ 6.0, iiar92a, ashr89. 

I 
Enthalpy functions 
Enthalpy, K h Tp(Refr, X, T,_Q,Jlhase) ashr89, refprop 6,0, ammo8.(tables) 
Temperature as f(p,h) K T _ph(Refr, X, p, h,_Q_hase) ashr89, refprop 6,0, ammo8.(tables) 

Entropy functions 
Entropy, K s Tp(Refr, X, T, p, phasel refprop 6.0, ash89, 
Temperature as f{p,s) K T _ps(Refr, X, p, s , phase}_ refprop 6.0, (ash89 ?) 

Specific heat 
Vapour heat capacity at constant volume K cv Tp(Refr, X, T, p) ashr89, refprop 6.0 

s Heat capacity at constant pressure K cp Tp(Refr, X, T, p, phase) ashr89, refprop 6.0 
Vapour velocity of sound K VS Tp(Refr, X, T, p ) ashr89, refprop 6.0 
Transport properties 

s Viscosity K Viscosity Tp(Refr, X, T,jl_J.)_hase) ashr89, refprop 6.0, wiel72 
s Heat conductivity K Conductivity_ Tp(Refr, X, T,_Q,_phase) ashr89, refprop 6.0, wiel72 

Surface tension of the liquid 
Heat transfer and friction loss 

K Surface Tension T(Refr, X, T l ashr89b, refprop 6.0 

s Reynolds number K Reynolds(Refr, X, T, p, u, d) GUNGOR & WINTERTON 
s Prandtl number K Prandti(Refr, X, T, p) 
s Nusselt number 

Pdyn(rho, v) and Ksi 
K Nusselt (Refr, X, T, p, phase, Re, Pr}_ ohad95, shah76,qunq87, qunq86 

Notes: 
- X is composition of primary refrigerants or concentration for secondary fluids 
- phase is the fluid state indication, 1 = liquid, 2 =vapour 
- u is velocity of fluid 

- All functions are related to primary refrigerants, the functions with an S in the first column also relate to the secondary 
refrigerants 
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Tahle 4. White SJWt list 

Vfhite Spot List 
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~Properties of Natural Refrigerants and Secondary Fluids, version 1.0 Bl l!!lliJB 

Me.in l Property I Se.fety I Compe.tibility I Cycle I 

Select Refrigerant 

Chemical Formula 

C.A.S number 

C3H8 

74-98-6 

Molar mass [g) 44.10 

Freezing Temperature [C) 

Critical Temperature [C) 96.70 

Critical Pressure [bar] 42.48 

Critical Density [kg/m3) 220.48 

Fig. 2. Main screen n,{the software program 

CONCLUSION AND OUTLOOK 
A fairly complete compilation of data on natural 

refrigerants is needed. This project is now under progress, 
and should be ready in the spring of 2002. As it has not been 
finalised yet, any comments on the choices or any response in 
general are still welcome and can be incorporated. 

Such a project encounters many difficulties. Many 
constraints and limitations must be accepted to keep the 
project manageable. Apart from this, many 'white spots' 
occur in the compilation, as (within the timeframe) it was not 
possible to find or measure missing information. 

In a future project, this constraints, limitations and 'white 
spots' can be minimised. It would incorporate the super 
critical stages of C02, other heat transfer functions (e.g. to be 
able to dimension liquid coolers and liquid-cooled 
condensers), more elaborate airside heat transfer and mass 
transfer (moisture) and a safety design algorithm for hydro 
carbon systems (e.g. according to EN 378). 

It might be necessary to include measurements when a 
thorough search in literature does not fully satisfy the need 
for information. 

For secondary fluids, a mixing algorithm can be included to 
calculate mixtures as well. Examples of mixtures are 
brandnames as Temper and Pekasol (both potassium acetate 
and formate mixtures). 
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ABSTRACT 
Thermal radiation properties of solid films play 

an important role in many technological applications 
such as low-temperature insulation systems, solar collectors 
and thermal control of space vehicles. In this paper, 
an investigation of spectral normal and total normal emittance 
of thin coating layers on a metal substrate has been carried out 
on the basis of the electromagnetic theory. Various 
combinations of metallic (gold, rhodium, platinum) and non­
metallic (silicon oxide and dioxide) coatings on a nickel 
substrate, with different values of the coating thickness, were 
investigated. 

The aim of the work concerns the analysis of 
the substrate/coatings combinations that are suitable for 
the required performance (low emittance, low weight, low 
degradation of radiant properties in use) in different temperature 
ranges. Total normal emittance measurements were also 
performed on two samples and the results showed a good 
agreement with the theoretical calculations. 

NOMENCLATURE 
d thickness 
n,k optical constants 
T absolute temperature 

Greek Letters 
E emittance 
/.. wavelength 

Subscripts 
I ,2,3, .. ,N coating layer indexes 
f..o spectral normal 
t, total normal 

INTRODUCTION 
Interest for the thermal radiation properties of solid films 

has been stimulated by numerous technological applications 
such as low-temperature insulation systems, solar collectors, 
and thermal control of space vehicles. In this last field, 
insulation systems consisting of layers of closely spaced 
radiation shields are often employed to control surface 
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temperatures of a spacecraft. The shields are usually made of 
metallic foils with low emittance coatings. In fact, the thermal 
performance of multi-layer insulations (MLI) is strongly 
dependent on the emittance of the foils, which should be ~ery 
low. The correct design of the shields (choice of matenals, 
coatings, and thicknesses) should take into account many 
parameters such as: radiation properties of the employed 
materials, specific weight, operating temperatures range, 
occurrence of oxides rate or metallic diffusion, quality of the 
deposition processes, and costs. 
Mylar polyester films are currently employed in most MLI 
shields when the operating temperatures are below 420 K. For 
wide operating temperature ranges (300 K to I500 K) thin 
nickel and molybdenum foils (10-20 J.lm thick) are used [1]. 
Emittance of such metallic materials is very sensitive to the 
degree of surface oxidation. Coatings of low-emittance and 
oxidation-resistant materials (such as gold or platinum) can be 
applied. Gold has a very low emittance but it is soft without 
protection and its use greatly restricts the operating temperature 
range; platinum is quite refractory but difficult to apply. When 
both oxidation and heat resistance are required, rhodium 
coatings can be used. 

Under severe environmental conditions, radiative 
properties degradation can be limited by using diffusion barriers 
(thin films of silicon oxide or dioxide), in order to prevent the 
diffusion of coating with substrate (which produces 
intermetallic compounds of low reflection), and/or using 
protective overcoatings (thin transparent oxide layers), to 
prevent abrasions and oxide growth [2]. 

For all the mentioned applications, it is important to know 
the radiant properties of the films employed as well as the 
influence exerted on the overall thermal performances by 
coating thickness and by surface temperature. This paper aims 
at giving a contribution on the subject, by presenting the 
emittance, theoretically evaluated, of numerous solid films as a 
function of the coating thicknesses and operating temperatures. 

ANALYSIS 
The calculation of the radiative properties of thin films can 

be performed by two different approaches: wave optics and 
geometric optics. Wave optics is based on superposition of the 
amplitudes of the electromagnetic fields, including interference 
phenomena [3-5]. Geometric optics is based on intensity 
superposition, excluding interference [6-7]. No quantitative 
criterion has been presented to characterise the range of 
applications for the two methods; the choice depends on the 
thickness of the film and of the degree of coherence [8]. 

In this paper the wave optics approach has been applied to 
predict the radiative behaviour of multi-layer systems: Figure I 
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Figure 1: Scheme of a metallic foil (thickness d) coated on 
both sides by N-layers of thickness di (i= I, 2, .. , N) 

schematically shows N-absorbing non-scattering films, with 
optically smooth surfaces, deposited, on both sides, on a 
substrate. For this multi-layer system (radiation shield), 
bounded by air or vacuum, spectral and total normal emittance 
can be evaluated in terms of the optical constants n, k and the 
thickness of each homogeneous medium. 

For instance, when N is equal to 1, (a single thin layer 
onto a thick substrate) the spectral normal emittance can be 
obtained by the following expression: 

EA.n =I- (tl22 + UJ22)/(p,/ + ql22) 

where: 

Ptz= Pz + g,tz- h,uz 
q,z= qz + h1t2 + g,u2 
t,z= tz + g,Pz- h,qz 
u,z= Uz + h,pz + g,qz 
g, = (no2- n,z -k,2)/[k,2+(n</+n,z)] 
h, = 2no k,/[k, 2+(no2+nt2

)] 

p2 =cosy, exp(a,) 
q2 = siny1 exp(a1) 

t2 = (gzcosy1 + h2siny1) exp(-a1) 

Uz = (h2cosy,- gzsiny,) exp(-a,) 
gz = (n,2

- nl +k, 2 -k/)1[ (n, 2+nz2) + (k, 2+kl)] 
hz = 2 (n,kz-nzk,)/[ (n, 2+nl) + (k,2+kl)J 
a 1 = (21t/A.) k1 d1 

y, = (21t/A.) n1 d1 

(1) 

(2) 

In the above equations, no is the air (or vacuum) refraction 
index taken equal to I, while n1, k1 are the optical constants 
(refraction and extinction index) of the substrate and nz, kz and 
dare the optical constants (refraction and extinction index) and 
the thickness of the thin layer. 
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emittance higher than 20% (owing to the combined radiant 
properties of Ni, Si02, and Au) while no significant influence is 
exerted for gold thicknesses greater than 0.05 J.Ull. Besides, 
a SiO overcoating thinner than about 0.1 Jlm does not 
significantly affect the total emittance of the system at 1073 
K, for any gold coating thickness; if the temperature is reduced 
(273 K) the limiting SiO thickness can rise up to 0.2 J.Ull· 

Figs. 7 and 8 summarise the theoretical results obtained 
with 24 nickel foils with coatings of different composition 
and thickness. The film characteristics are given in Table 1: 
each combination investigated differs from the others not 
only in radiative properties but also in operating temperature 
range, degradation in use and manufacturing costs. Figure 7 
gives the total normal emittance as a function of 
shield weight (for square meter) at 673 K. Each symbol 
and relevant code refer to the description (composition 
and thickness) of the foils reported in Table l. Densities of 
the investigated materials are taken from [10]. Figure 8 
analyses the same parameters at 1073 K. Generally 
speaking, the figures show that the lowest emittance 
values are reached when weight and manufacturing 
complexity increase as a result of coating and 
overcoating applications. The most suitable configuration, 
however, results from a compromise choice of the described 
parameters, taking also into account costs and operating 
conditions. 

EXPER~ENTALRESULTS 

Electromagnetic theory makes it possible to predict the 
radiant properties of multi-layer shields of different 
compositions; the results, however, may be affected by the 
restrictive hypotheses assumed by the theory. It is known, 
for instance, that the theoretical analysis used does not take into 
account surface effects (impurities, non-optically smooth 
geometry) that can greatly influence the radiative 
behaviour. Therefore, comparisons with experimental data 
are useful to verify the validity of the theoretical 
approach. 

Total normal emittance has been measured for two metal 
foils by means of an apparatus, working on the radiometric 
method, described in the ref. [ 11]. Measurements are obtained 
by a comparison of radiances emitted by the test sample 
and a blackbody, maintained at the same temperature. Sample 
and blackbody are placed in a container (equipped with a 
vacuum-tight potassium bromide optical window) connected to 
a vacuum pumping system to perform measurements in air, 
vacuum or controlled atmosphere. Two separate DC power 
supplies maintain the sample and the blackbody at the same 
temperature (within± 0.5 K). The sample and blackbody 
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Figure 4: Theoretical total normal emittance as a function of 
the coating thickness, for various coating materials (T=673 K) 

on nickel substrates. 
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Figure 5: Theoretical total normal emittance of gold coated 
nickel foils against temperatures, with different coating 

thicknesses. 

temperatures are measured by means of two thermocouples 
(type K, 0.5 mm-dia) placed inside the cavity of the blackbody 
and in a blind hole open on the back of the sample just below 
the emitting area (the distance between the top of the hole and 
the emitting surface is less than 0.2 mm). The two radiances 
coming from the sample and the blackbody are alternatively 
focused onto the detector through an optical path (plane mirrors 
S1 and S3, and spherical mirrors S2 and S4). A high-vacuum 
Hilger-Schwartz thermopile was used as detector and a lock-in 

967 

Digitised by the University of Pretoria, Library Services, 2015



amplifier, operating on chopper frequency, was employed to 
measure the detector output. The experimental apparatus is 
periodically checked against normal emittance standard 
(platinum-rhodium, oxidised khantal, and oxidised inconel) 
supplied by the National Bureau of Standards (NBS). The 
difference between the measured and the certified total normal 
emittances of the three reference materials tested is within the 
standard deviations specified by NBS. 

The first test sample consists of a nickel foil coated by a 
0.1 f.Ul1 Si02, layer and a 0.1 J..U11 vapour-deposited gold film 
(code NSXG2). The second sample is a nickel foil coated by a 
0.1 ~m Si02, layer without gold overcoating (code NSX2).'The 
experimental results, carried out between 373 and 673 K, in air 
atmosphere as well as in vacuum, are reported in Fig.9 in 
comparison with theoretical calculations. It can be observed 
that computed and measured emittances are in good agreement, 
confinning the usefulness of the analysis based on the 
electromagnetic theory for practical calculations and proper 
design of low emittance radiation shields.· 
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Figure 6: Limiting thickness of Si02 diffusion barriers and SiO 
overcoatings for Ni-Au systems in correspondence of which 

total emittance increases up to 20%. Influence of gold thickness 
and temperature. 
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Figure 7: Theoretical total normal emittance as a function of 
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Table 1: Composition (material and thicknesses) of24 nickel 
foils. 

Code Substrate d Coat. dl Coat. d2 Coat. d3 

(llm) ()lm) (l!m) ()lm) (l!m) ()lm) (j.lm) 

Nl Ni 10 -
NGI Ni 10 Au 0.01 
NG2 Ni 10 Au 0.05 
NG3 Ni 10 Au 0.10 
NRI Ni 10 Rh 0.01 
NR2 Ni 10 Rh 0.05 
NR3 Ni 10 Rh 0.10 
NPI Ni 10 Pt 0.01 
NP2 Ni 10 Pt 0.05 
NSI Ni 10 SiO 0.05 
NS2 Ni 10 SiO 0.10 
NSXI Ni 10 SiOz 0.05 
NSX2 Ni 10 SiOz 0.10 
NSX3 Ni 10 SiOz 0.25 
NSGI Ni 10 SiO 0.05 Au 0.05 
NSG2 Ni 10 SiO 0.10 Au 0.10 
NSXGI Ni 10 SiOz 0.05 Au 0.05 
NSXG2 Ni 10 SiOz 0.10 Au 0.10 -
NSRI Ni 10 SiO 0.05 Rh 0.05 
NSR2 Ni 10 SiO 0.10 Rh 0.10 
NSXRI Ni 10 SiOz 0.05 Rh 0.05 
NSXR2 Ni 10 SiOz 0.10 Rh 0.10 
NSXGSI Ni 10 Si02 0.05 Au 0.05 SiO 0.05 
NSXGS2 Ni 10 SiO, 0.10 Au 0.10 SiO 0.10 

CONCLUSIONS 
In this work the radiation properties of thin films have been 

theoretically investigated by means of the wave optics theory. 
Very thin layers of gold or rhodium coatings (about 0.1 J.U11 

thick) on nickel substrates were found to yield very low 
emittance values for the film in a large range of wavelengths. 
Morover, a coating of Au, Rh thicker than 0.1 11m eliminates 
the influence of the radiant properties of the substrate (Ni). 
Overcoatings of silicon oxide or dioxide layers (useful as a 
diffusion barrier and/or protection against abrasions and 
damages) up to 0.1 J!m do not significantly increase the 
emittance levels of the Ni-Au (or Ni-Rh) films. An analysis 
including thermal properties and weight considerations has been 
presented in order to address the choice of most suitable film 
compositions for a given thermal duty. 

Finally, theoretical total normal emittance results have been 
checked against measurements performed by means of a 
radiometric apparatus for two different thin films, in the 373-
673 K range; the comparison between predicted and measured 
values showed a satisfactory agreement. 
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ABSTRACT 
This paper is concerned with an experimental 

determination of the rheological performance of an 
Electrorheological Fluid when subjected to time-dependent 
applied loads. The experimental facility was built as a squeeze 
cell in which the fluid is sandwiched between two electrodes, 
one fixed and the other moving, which permits the 
instantaneous measurement of the mechanical and electrical 
responses of the fluid. The transient rheological characteristics 
of the fluid were assessed for various mechanical force levels 
for constant field excitation of the fluid established by the use 
of a digital controller in conjunction with the high-voltage 
power supply to provide a time varying applied voltage 
proportional to the instantaneous electrode separation. Input 
and output stress levels across the fluid were monitored using 
a dedicated data acquisition system enabling the dynamic 
response of the fluid to be determined using a combination of 
displacement, force, velocity and acceleration transducers. A 
comparison of the experimental results was made with the 
results from a modified theoretical analysis, which employs a 
hi-viscous shear stress/shear strain characteristic of the 
electrically stressed fluid. 

INTRODUCTION 
Electrorheological (ER) fluids belong to the general class 

of smart materials whose rheological properties can be 
modified by applying an electric field. The first useful 
application of the ER fluid in vibration control was introduced 
by Bullough and Foxon (1978) when both Coulomb and 
viscous damping was achieved by means of an ER valve­
operated vibration damper. The present ER fluids seem to 
meet the requirements of vibration control whilst the 
pos~ibility of employing them commercially in different 
engmeering devices such as clutches and brakes (Carlson and 
Duclos (1990)) is still not achievable. This is mainly due to the 
low value of yield stress that can be provided by the existing 
commercial ER fluids (Hartsock et al (1991) ). 

As a result, increasing attention has been devoted to the 
area of vibration control devices particularly in engine mounts 
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(Petek et al (1988)) and primary shock absorbers (Nakano and 
Yonekawa (1997), and Wereley and Lindler (1999)) as well as 
in adaptive structures (Ehrgott and Masri (1993)). 

These novel vibration control devices have been tested 
under slow transient loads applied to one of the electrodes or 
under low frequency steady vibration input. However, 
Maemori and Saito ( 1998) and Khusid et al ( 1999) have 
recently reported ER fluid shock absorbers that have been 
examined under fast loading, which corresponds to electrode 
velocities of the order of several crn/s. 

Moreover, these studies employ the ER fluids in either 
flow mode or shear mode of operation when the fluid flow rate 
is controlled in the former whilst fluid shearing is controlled in 
the latter. Stanway et al ( 1992) invented an alternative means 
of generating variable damping forces of larger magnitude 
from ER fluids that are employed in the squeeze flow mode in 
which the fluid is subjected to compressive stress. It was then 
reported by Monkman ( 1995) that ER fluids under tension and 
compression provide a high yield stress, which is an order of 
magnitude higher than that in shear mode. This new fluid 
strength encouraged the authors and other researchers to carry 
out systematic investigations to evaluate the mechanical and 
electrical properties of ER fluids in squeeze flow, and as a 
result, improved design information in the area of vibration 
control has emerged (see for example, Sproston et al (1994a 
and 1994b), El Wahed et al (1995, 1998a, 1998b, 1999a and 
2000), Jung and Choi (1995), Morishita and An (1996), 
Bonneau and Frene (1997)). 

In general, it should be noted that many investigations 
have been conducted in the field of vibration isolation and 
control due to the rapid phase change of an ER fluid and hence 
the fast conversion of its physical properties. Stanway et al 
( 1996) and Sims et al ( 1999) provide substantial reviews of the 
literature particularly in the classification of the modes of ER 
fluid operation and their potential engineering applications in 
vibration control. 

The experimental and theoretical studies reported here are 
concerned with the application of an ER fluid device to the 
fixings of structural members subjected to blast or impact 

Digitised by the University of Pretoria, Library Services, 2015



loading. These devices could be employed to control the fast 
loading transmitted through the fixing or to control 
defonnations (El Wahed et al (1998c and 1999b)). The 
transient characteristics of these field-controllable devices 
were assessed for various mechanical force levels, loading 
duration and electrical input. The experimental results are 
compared with the predictions of a theoretical model. 

NOMENCLATURE 
a radius of electrodes 
F1 input force 
F2 output (or transmitted) force 
G dimensionless radial pressure gradient defined in 

equation (1) 
h initial separation of electrodes 
M mass of top (oscillating assembly) 
p local pressure 
r radial co-ordinate 
S dimensionless radial variable defined in equation (2) 
t 
xl,x2 

X 

y 
y 
y 
y 
11, llr 
~ 

time 
maximum force amplitudes of two successive cycles 
dimensionless disk radius defined as the value of S at r 
=a 
displacement of top electrode 

velocity of top electrode 

acceleration of top electrode 

= llf'Tlr 
post and pre-yield fluid viscosities 
damping ratio 
fluid yield stress 
non-dimensional output force 

EXPERIMENTAL ARRANGEMENT 
Experimental Facility 

The experimental arrangement shown in Figure 1 
consisted of a vertically mounted rig capable of providing a 
transient input force to the upper assembly by means of a 
falling mass impacting on the striker plate. This force is 
subsequently transmitted across the ER device. The device 
consists of two superimposed, circular electrodes, 50 mm in 
diameter, the gap between which being filled with an ER fluid 
whose rheological characteristics can be changed by a change 
in the level of voltage applied across the fluid. The voltage 
applied was DC such that the fluid could be stressed by a 
constant applied field by employing a voltage controlling 
feedback device which increased or decreased the applied 
voltage in proportion to the instantaneous electrode separation 
(see El Wahed et al (1998a). 

The upper assembly was attached rigidly to the 
striker plate by means of a Kistler (Model 9331 A) 
piezoelectric force link whilst the lower surface of the lower 
assembly was rigidly attached to the supporting frame by 
means of a second identical force link. 

For the experimental tests, a very light spring was 
incorporated in the experimental rig in order to support the top 
assembly. This fixture was designed to enable the adjustment 
of inter-electrode gap prior to impact. This experimental 
arrangement permitted the instantaneous measurement of the 
input and transmitted forces. 
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The instantaneous displacement of the upper 
electrode was determined using an RDP (Type D5-200HK) 
L VDT, the velocity using an RDP (Type 240A0500) self­
induced velocity sensor and the acceleration using an Endevco 
(Type 7254-1 00) accelerometer, all three devices attached to 
the upper surface of the assembly. Electrical excitation of the 
ER fluid device was achieved by means of a Trek (Model664) 
high voltage amplifier. Data acquisition and processing was 
achieved using a Measurement Group (Type ESAM) analogue 
to digital converter that is controlled by a Pascal program 
running on an IBM compatible personal computer. An 
additional Endevco accelerometer (Type 2251 A -1 0) attached 
to the dropped mass was used to trigger the data logger just 
prior to the moment of impact. 

INTER-ELECTRODE GAP 
ADJUSTING FACILITY 

ACCELEROMETER FOR DATA 
· LOGGER TRIGGERING 

Figure 1. Experimental Arrangement 

ER Fluids 
In the present investigation, four different ER fluids 

were used which are as follows: 
ER Fluid 1: A suspension of calcium alumina-silicate of size 
0.5 to 5 f.1, min silicone oil of viscosity 10 eSt. 

ER Fluid 2: A suspension of agglomerated corn flour 
(supplied by Agglomeration Technology Ltd.) in silicone oil. 
The solid phase was supplied with an average diameter of 
90 f.1, m, which was subsequently ground and sieved to 

produce particulates in the range 10 to 28 p, m (see El Wahed 
et al ( 1999a). 
ER Fluid 3: A commercial fluid (ERF BA-1), which was 
supplied by Bridgestone Corporation (Bridgestone (1997)). 
ER Fluid 4: A commercial fluid (Bayer RHEOBAY TP AI 
3565) which consisted of a suspension of polyurethane of size 
5 to 6 f.1, min silicone oil of viscosity 5 eSt (Bayer AG (1994). 

Experimental Procedure 
The tests carried out consisted of the simultaneous 

measurement of the instantaneous values of the input force 
delivered to the upper assembly, its displacement, velocity and 
acceleration together with the transmitted force acting on the 
lower assembly across the ER fluid and the acceleration of the 
dropped mass. In addition, the applied voltage and the current 
drawn by the fluid were measured. The initial gap between the 
electrodes of the device was chosen as 2 mm, and the fluid 
was electrically excited by constant fields in the range 0 to 5 
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kY/mm. These measurements were collected at a sampling 
frequency of 10 kHz for three drop heights of the falling mass, 
namely 0.065, 0.115 and 0.165 m and for a mass ranging 
between 0.221 and 1.309 Kg. The device was tested under 
three different loading periods, namely 2 ms (system1), 50 ms 
(system2) and 70 ms (system3). These loading periods were 
achieved by incorporating compression springs with different 
stiffnesses between the striker plate and the upper force link. 

THEORETICAL MODEL FOR ER DEVICE 
The device in Figure 1 is modelled as an 

electrorheological fluid contained in the space between two 
parallel circular electrodes of radius a. The top electrode 
oscillates about its mean position with a displacement y (t) 
whilst the lower electrode is stationary. The theoretical 
modelling is directed towards the determination of the input 
force F1 (t) and the transmitted force F2 (t) from a set of 
experimental data for y (t), by application of the analysis 
reported earlier by Williams et al (1993). These forces can then 
be compared with the values taken from the experimental rig. 
The analysis (abbreviated here) assumes a quasi-static flow with 
a bi-viscous characteristic for the ER fluid in which the ratio y 
represents the ratio of the viscosities in the 'yielded' to the 
'unyielded' regions. (y = TJ I Tlr ). 

The non-dimensional pressure gradient G given by 

G = (h- y(t)) (dpJ 
21'1 dr 

(1) 

is determined as a function of the non-dimensional radius S 
given by 

S = y(t) l]r 

(h- y(t))2 'Z"l 
(2) 

where h is the mean separation of the electrodes, 't 1 is the fluid 

yield stress, y (t) is the velocity of the top electrode and r is the 

radial co-ordinate. Integration over the upper electrode then 
gives the transmitted force F2(t) in the form 

F = 2n'Z"l a3 f/J(X) 
2 

h- y(t) 
(3) 

where a is the radius of the electrodes, X is the value of S at r = 
a, and the non-dimensional output force ~ is 

(4) 

The integration of equation (4), once G is determined 
(numerically) as a function of S, is evaluated using simple 
quadrature. When F2 is obtained from equation (3) the input 
force Ft is then calculated using Newton's second law applied to 
the top electrode in the form 

(S) 
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where M and y are the mass and acceleration of the top 
assembly. 

RESULTS AND DISCUSSION 
An extensive testing programme has been conducted 

in order to assess the characteristics of the device that could be 
used to relax the fixings of structural members such as blast 
resistant panels during an extreme loading event. This new 
technology would enable these components to be designed 
more efficiently and limit the loading transmitted to the 
primary structure, thus reducing the risk of progressive 
collapse. 

The characteristics of the device were investigated 
when its initial inter-electrode gap was chosen at 2.0 mm. This 
represents almost half of the inter-electrode gap that was used 
by Khusid et al (1999) in their investigations. 

The device (system 1), filled with ER fluid 4, is 
excited in advance with the required electric field and a signal 
from the accelerometer attached to the falling mass is used to 
trigger the data logger just before the moment of impact. For a 
falling mass of 0.221 kg and a drop height of 0.065 m, the 
variation in the input force (recorded by the top force link) and 
the transmitted force across the ER fluid (recorded by the 
lower force link) are shown in Figures 2 and 3 respectively as 
a function of time for the zero-field case. The variation of the 
input displacement of the upper assembly is also shown in 
both figures. It can be seen, Figure 2, that the device was 
subjected to a maximum force of about 300 N during a loading 
period of about 2 rns. 
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The top assembly travelled a maximum distance of 
about 0.55 mm after impact and this was reduced to about 0.15 
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mm after approximately 74 ms. The effect of applying a 
constant field of 3 k V /mm on the behaviour of the ER device 
can be seen clearly in Figures 4 and 5 where the input 
displacement and the transmitted force have maximum values 
nearly five times less and four times greater respectively than 
in the zero-field case. The initial peaks are followed 
approximately 60 ms later by secondary peaks caused by 
natural rebound of the falling mass. Moreover, the upper 
assembly was found to be displaced, after 74 ms, by an offset 
that was about three times less than for the zero-field case. 

The performance of the electric field controller can 
be seen in Figure 4, where a decrease in the applied voltage 
was seen to correspond to a proportional decrease in the gap 
(see El Wahed et al (1998a). This was also found to be useful 
in order to prevent any discharge across the fluid gap when the 
electrodes become very close to each other. 

The ER fluid behaviour in squeeze has been 
successfully predicted by Williams et al (1993) by a model 
which assumes a hi-viscous rheological fluid characteristic. 
This model has been verified by the authors when the ER 
device was subjected to steady vibrations and energised by 
either a DC (El Wahed et al (1998a)) or an AC field (El Wahed 
et al (2000)). In the present investigation, the same numerical 
technique has been tested when the ER device is subjected to 
impulsive loads. 
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The results for the Newtonian case are shown in 
Figures 2 and 3 whilst the non-Newtonian case is shown in 
Figures 4 and 5. It can be seen that the predicted values of the 
transmitted force agree very well with the experimental results 
particularly when the change in the velocity of the upper 
assembly is high. This agreement is degraded when the 
transmitted force fluctuates about the zero value. 
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The predicted and the experimental values of Cbe 
input force were also seen to be in good agreement although 
the former data becomes noisy after the initial hit. This could 
be partly ascribed to the noise imposed on the acceleration 
data that has been used to estimate the input force. However 
the loading duration was successfully predicted since th~ 
temporal change in the predicted and experimental values of 
the input force seems to be in phase during the 2 ms period. 

For an applied field of 3.0 kV/mm, the variation in 
transmitted force and drawn current is shown in Figure 6 and 
this shows a massive reduction in current level following the 
moment of impact, followed by an increase to its average 
value, which is about 175 ~· The reduction in current value 
is ascribed to the fact that chains of particulates already 
formed would be partially broken at the moment of impact. 
However, the response of the ER fluid is fast and this prompts 
a new fibrous structure to be formed hence resuming the same 
previous current level. 
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The results taken for the drop height of 0.065 m are 
compared with those for the two other heights of 0.115 and 
0.165 min Figures 7 and 8 in terms of the input displacement 
and force transmissibility (defined as the ratio of transmitted 
to input force) respectively, for a range of electric field 
strengths. The device is seen to exhibit increasing values of 
force transmissibility, accompanied by decreasing input 
displacement with field strength, reaching a transmissibility 
value equal to unity for the smallest drop height at a field 
strength of 3 k V /mm and at 5 k V /mm for the two larger 
heights. 
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This enhanced solid body characteristic which the fluid 
displays when excited by a sufficiently large electric field can 
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be seen in Figure 7 as the motion of the top assembly is almost 

anestecL 
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Figure 8. Force Transmissibility v Applied Field 

The performance of the device was then assessed 
using the three further ER fluids, detailed earlier, and its 
characteristics are summarised in Figures 9 and 10 in terms of 
input displacement and force transmissibility respectively. It is 
clear that ER Fluid 4 (Bayer Fluid) produced the best system 
performance when solid body characteristics were seen to 
occur at 3 kV/mm whilst at least 5 kV/mm was required by the 
other fluids. 
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Figure 10. Force Transmissibility v Applied Field 

Although, ER-Fluid 3 supplied by Bridgestone was reported 
(Niaura (1997)) to deliver 2.4 kPa when it was tested in a 
Couette cell and excited by 5.0 kV/mm, its performance 
~uring the present investigation is clearly disappointing since 
It produced a maximum value of 0.6 for force transmissibility 
under the same field conditions. It is recognised that the 
performance of the device would be enhanced further if an ER 
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fluid with a higher yield stress was used as the Bayer fluid 
used here had a maximum yield stress of 3.0 kPa (see 
Bloodworth and Wendt (i996). 

In order to test the device under different loading 
periods, the above system was then modified by the addition 
of a compression spring between the striker plate and the 
upper force link. As a result, the input load could be attenuated 
and the device was then assessed when a force surge applied to 
the upper assembly lasted for about 50 ms (system 2) and 70 
ms (system 3) compared with 2 ms that was achieved using 
system 1. Figure 11 shows a comparison between tire 
performance of systems 2 and 3 in terms of input displacement 
for a range of electric fields. It can be seen that System 3 was 
capable of reducing the input displacement from about 1.6 mm 
(zero field) to 0.054 mm (5.0 kV/mm field) for a drop height 
of 0.065 m. Despite using a mass of 1.309 kg (about six times 
bigger than that used with system 1) the ER device was seen to 
deliver high stiffness and damping that is required to suppress 
such fast loading. 

0.0 0.5 1.0 1.5 2.0 2.5 3.0 3.5 4.0 4.5 5.0 
APPLIED FIELD (kV/mm) 

Figure 11. Input Displacement v Applied Field 

CONCLUSIONS 
In this work the performance of an ER fluid device 

subjected to various impulsive loading conditions has been 
investigated through a series of instrumented drop hammer 
tests. Of particular interest are the performance characteristics 
of the device under shock loading typical of blast conditions. 
The device was designed to work in squeeze flow mode and 
tested under various mechanical and electrical conditions. 
Experiments on four ER fluids showed that the device 
containing the Bayer fluid was capable of exhibiting sufficient 
electric field-induced damping forces under the imposed test 
conditions. The behaviour of this device was satisfactorily 
predicted by a theoretical model that assumes a hi-viscous 
fluid characteristic. 

In terms of providing the type of adaptable structure 
fixing, which was the initiator of the present investigation, the 
tests have shown that ER fluid technology is capable of 
controlling forces and movements in structural components 
subjected to impulsive or dynamic loading conditions due to 
the fast response times of the fluids leading to rapid load 
attenuation. There is therefore potential for this technology to 
be applied to blast resistant panels as used on offshore 
structures, curtain wall glazing systems in the built 
environment and energy absorbing structures in transport 
systems. Under the conditions imposed on the present 
investigation, the device appears to meet these industrial 
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requirements by providing a more viable means of achieving 
fixing relaxation. 

Further work will be conducted using an ER device 
with a larger electrode area in order to increase the capability 
of the device when subjected to rapid loading. The device is 
ultimately to be used to support either structural glazing panels 
or stiffened plates, which will be tested in a blast test facility 
recently developed in the University of Liverpool. 
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ABSTRACT 
Physical modelling is an easy way to simulate combustion 

and flow patterns by visualisation in cold, isothermal models, 
[6]. This is done in steps beginning with a burner model to 
investigate the flame and continuing with a boiler model to 
visualise the flow pattern and combustion processes. These 
models must be used with certain similarity criteria to visual­
ise real industrial processes properly. Together with mathe­
matical modelling high accuracy in simulation will be 
achieved. 

INTRODUCTION 
Despite great advances, which have been made in com­

bustion modelling, over the last decades, its application to real 
combustion chambers is far from common practice, [ 4]. The 
real industrial combustion process is one of the most difficult 
to model. Much research has been devoted to developing 
simplified methods for the optimisation of combustion proc­
esses, which occur in furnaces or boilers, and very often rep­
resent a compromise between the accuracy of a model and 
the production of useful results. There is often a need for 
modifying and improving the quality of combustion to 
achieve a reduction of emissions and to get a more rapid and 
efficient mixing of reactants. This could be done by studying 
the flow pattern in the furnace and in the combustion zone in 
particular. 

To model large-scale industrial units, like furnaces and 
?oilers or burners the physical modelling technique is used. It 
IS an efficient, cheap and rapid method to optimise or design 
modern boilers, burners and furnaces for implementation of 
low emissions of NOx, SOx, CO, soot and volatiles in real 
processes. 

PHYSICAL MODELLING 
Numerous studies in the field of heat and combustion 

technology have shown that physical modelling is a valuable 
experimental method involving small-scale water models for 
the study of aerodynamics of non-isothermal flow and com­
bustion processes occurring in large-scale combustors. The 
technique makes it possible to visualise the movement and 

mixing of combustion air, fuel and exhaust gases. Assuming 
that combustion process is controlled by turbulent mixing, the 
shape of the turbulent diffusion flame can be studied and 
visualised by using acid-alkali technique. The basis of the 
physical modelling is similarity theory. 

To physically simulate flow and mixing behavior in two­
and three-dimensional, an isothermal water must meet a 
number of similarity criteria. These are necessary for qualita­
tive and quantitative measurements in the model. By using 
dimensional analysis and differential equations, some dimen­
sionless numbers of the physical model have the same values 
as the prototype. To obtain similar flow patterns in the model 
and in the real combustion chamber, kinematic and geometric 
similarities are necessary. This is usually done by keeping the 
Reynolds number the same in the model and the prototype, 
or, if the combustion process is controlled by turbulent mix­
ing, by ensuring that the model is kept turbulent. To properly 
model the interaction between the hot furnace gases and the 
cooler air jets in a cold isothermal model, the thermal expan­
sion of the jets is taken into account using so called equiva­
lent dimensions principle (thermal similarity). To model mix­
ing between fuel and combustion air it is necessary to create 
the same momentum ratios between each flow in the model 
as in the real combustion chamber. 

There is a strong relationship between studying the flow 
pattern in order to obtain a better mixing of air, fuel and flue 
gases in the furnace room and having a decreased amount of 
different emissions of combustion products and an increased 
fuel saving. Therefore, it is interesting to investigate the flow 
pattern and by cheap means study what effects different 
changes will do to the boiler. Many times, physical modelling 
allows processes to be tested, which could never be exam­
ined, in a real plant because of the cost and the risk for dam­
age to the plant. The model offers numerous possibilities 
such as changing the position of the burners or air inlet ports 
and the combustor shape 

In practice it is not possible to maintain all similarity cri­
teria at the same time - one is forced to choose. A problem 
then is to decide which criteria can be neglected. The choice 
must be based upon experience, comparative experiments, 
simple calculation and so one. This is one of the reasons why 
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modelling is sometimes referred to as an art rather than a sci-

ence. . 
If possible a model investigation should be conducted m 

three steps: 
1. experiments in a model of an existing plant under known 

conditions and comparison with experience from the pla~t 
--this will verify how well the model simulates real condi­
tions; 

2. the main experiments are carried out in a model of the 
planned plant, usually a newly proposed one; . 

3. when the new plant has been taken into operatiOn works 
trials are conducted in order to verify the results of step 2 
- in this way experience is continuously built up so that 
uncertainties of the model results become smaller and 
smaller. 
The final design of the model is therefore often a com­

promise. Skills are required here in identifying the significant 
similarity criteria that need to be maintained. Once the model 
is built, a variety of experimental techniques are available to 
visualise the flows and obtain detailed measurements of re­
quired parameters. 

Two-dimensional visualisation 
The most commonly used physical model is the two­

dimensional (2D) water table modelling technique. It is used 
primarily to provide qualitative information about combus­
tion chamber performance. 

In 2D modelling, water is used to represent the combus­
tion gases or products and their mixing. The two-dimensional 
model is designed to visualise the flow pattern of the gas 
phase and simulates and visualises the non-isothermal com­
bustion processes despite isothermal conditions in a physical 
model of plant by solids particles (e.g. aluminium powder) 
and colored dyes. The simplicity of this technique is its main 
advantage. 

The two-dimensional model is a simple replica of the 
boiler's or furnace's vertical or horizontal cross section. The 
main dimensions of the model are scaled down whilst main­
taining geometrical similarity, but dimensions of the inlets 
are increased according to and equivalent diameter concept. 
The concept is based on the Thring-Newby similarity crite­
rion, which takes into consideration thermal expansion of the 
jet's cross-section when it enters the hot environment of 
combustion chamber. An original construction of a two­
dimensional model allows easy changes to be made to the 
configuration and size in the working section of real boiler or 
furnace, which is made from aluminium plates in the water 
table. The 2-D model is arranged in a horizontal plane and 
placed in a water table, which allows observation and visuali­
sation of the flow, Figure 1. Advanced digital video tech­
niques are used so that the general flow patterns in a combus­
tor can easily be seen and characterised depending on the 
combustor geometry and boundary conditions. 

Simple 2-D modelling can be the answer to many ques­
tions regarding the malfunctioning of the real combustor at an 
early stage and before any 3-D modelling is performed. In­
formation concerning the flow pattern helps to indicate the 
direction of the combustor and combustion process optimisa­
tion. Thus, 2-D modelling provides valuable information re­
quired to design a 3-D model, which is suitable for studies of 

e.g. different low-NOx combustion techniques or modifica­
tions in the design of a combustor. 

Figure 1. Two-dimensional visualization of the flow pattern 
performed during physical modelling in the two­
dimensional (2D) water table, [II]. 

Three-dimensional visualization 
The 3-D models are built of transparent materials, e. g. 

Plexiglas, on a scale of l/30 - 1/50 and have usually a com­
plex design, Figure 2. The geometrical similarit~ is mai~­
tained but as in the 2-D case, the concept of eqmvalent di­
ameter is used to calculate all inlet dimensions. 

The model need not be a full three-dimensional replica of 
the plant and in some examples only small sections of the 
equipment are simulated, often called partial modelling. An 
important feature in the design of the model is the facility of 
view its interior. 

This technique is used, when it is necessary to simulate 
flame length and shape in a small-scale isothermal physical 
model in order to investigate the effects on a plants thermal 
performance of a change to the system geometry, fuel and a~r 
mixing arrangement or other operating parameters such as air 
excess factor. In this way the 3-D model allows processes to 
be tested which could never be examined in a real plant be­
cause of the cost and risk of damage to the plant. 

The 3-D technique is used to visualise flow patterns in the 
gas phase and to simulate and visualise non-isothermal c~m­
bustion processes in the isothermal conditions of the physical 
model. To simulate and visualise combustion in the water 
model "Neutralisation technique", sometimes called 
"Acid/alkali", is used. Due to the effectiveness and practical 
usefulness of this technique, it has been developed into an e:­
fective method for the study and design of complex, envi­
ammentally clean combustion processes. When used along­
side computer simulations, it is a useful tool for the design of 
new and retrofitting of industrial combustion chambers. Of 
course, many assumptions and simplifications are made to al­
low the physical modelling of such complex chemical and 
non-isothermal processes. 

The technique simulates the mixing in the flame by using 
dilute solutions of sulfuric acid and sodium hydroxide to rep­
resent combustion air and fuel respectively. The alkali con­
tains colored indicator, which becomes clear on neutralisation 
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after mixing with diluted acid. The result is a visual represen­
tation of the diffusion flame. This method gives quantitative 
information that is directly related to the flame characteris­
tics, but it is not appropriate for investigating the complex 
combustion and aerodynamic processes immediately in front 
ofthe burner. 

The technique is developed around two basics concepts: 
1. in a free, expanding turbulent jet, the concentration of en­

trained fluid as a func,tion of axial distance only depends 
on the initial force (thrust) of the jet, it is independent of 
Reynolds number provided that fully turbulent flow ex­
ists; 

2. the combustion rate in the turbulent diffusion flame is 
limited by fuel-air mixing and not by the rate of chemical 
reaction - the "mixed-is-burned" concept, hence better 

b) 

mixing produces more rapid combustion and thus shorter 
flames. 

NUMERICAL MODELLING 
Design requirements of high-performance boilers or fur­

naces are usually summarized as the achievement of time, 
temperature and turbulence, commonly called 3T. 

Mathematical modelling methods have been very widely 
used tools for the design of a complicated boiler since 80s. 
With the rapid development of computer abilities recently the 
computational fluid dynamics (CFD) tools, such as FLUENT, 
STAR-CD or CFX, etc., have been successfully used for 
comprehensive simulation of different types furnaces or boil­
ers. 

c) 

Figure 2. Examples of the three-dimensional (30) visualization of the combustion processes performed during physical modelling 
in different types of boilers: a) tangentially coal and gas fired, [12]; b) wall coal and peat fired, [5]; c) oil fired, [9]. 

A similar process exists for turbulent alkali jet entraining 
and reaction with the acid. In this case it is the acid entrain­
ment rate alone which determines the progress of neutralisa­
tion. The relative strengths of the acid and alkali should be 
arranged so that the ratio of the acid molarity to alkali molar­
ity is equal to the stoichiometric air requirement on a mass 
basis. The reaction could be strong acid plus strong alkali re­
sulting in neutral salt. As a result, complete neutralisation 
takes place when the two solutions are mixed in the same 
proportions, as that required for stoichiometric combustion; 
the product of acid flow rate and acid molarity is equal to the 
product of alkali flow rate and alkali molarity. 

There are some indicators which are colorless in acid so­
lutions, e. g. thymolphthalein or phenolphthalein. A cali­
br~ted and reliable pH mater can been used to find the end­
P~mt and burnout profiles precisely. Variation of pH values 
Will then correspond to the degree of neutralisation and hence 
to the burnout. 

CFD numerical method mainly consists of three parts. 
The first one is the physical models, which are a set of con­
servation of mass, momentum, energy and state equations 
turbulent equations, chemical reaction source term equations, 
etc. The second one is a series of solution approaches for 
solving these physical models, and the third one is the pre­
processor of discretisation of computational domain and the 
postprocessor of visualisation of numerical results. The early 
versions of commercial CFD codes usually applied the struc­
tured grid, which made very difficult to deal with the indus­
trial units, which have very complicated geometry. Recently 
the new generation CFD codes, such as FLUENT and STAR­
CD, are based on the unstructured grid configurations, which 
make it possible to handle flexibly the very complicated ge­
ometry of real furnace or boiler. 

Ideally, the whole system with combustion process could 
be simulated by using the solid fuel data and operating condi-
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tions. Unfortunately, this kind of entire simulation tool has 
not reached the point where significant use is made in proc­
ess development for combustion of solid fuels. 

In the past, comprehensive numerical modelling of solid 
fuel combustion has been limited by lack of computer speed 
and capacity and by difficulties in describing essential physi­
cal model elements. However, with the in-furnace bed meas­
urement data or a black-bed model, the entire simulation can 
focus on the processes of homogeneous gas phase in the 
simulating domain, then CFD technique becomes the strong­
est numerical tool to deal with it. 

The CFD numerical simulations procedure for simulation 
ofboilers and furnaces includes following steps: 
- task analysis and physical models decisions; 
- geometry configuration; 
- discretization of computational domain - grid generation; 
- bed data and boundary conditions; 
- isothermal case - flow field and mixing pattern; 
- combustion case; 
- NOx postprocessor case; 
- numerical results analysis. 

a) b) 

Figure 3. The examples of mesh: a) boiler's geometry, 
b) boiler's fuel and air nozzles. 

APPLICATION OF PHYSICAL AND NUMERICAL 
MODELLING TECHNIQUES TO OPTIMISATIONS 
AND REDESIGN OF INDUSTRIAL BOILERS 
Coofiring combustion system for wall-fired boiler. (5) 

At the Firyskraft power station in Uppsala small solid 
particles (powders) of coal and peat are fired and the aim for 
the study of this plant was to develop and to apply by model­
ling the complicated combustion operations. The combustion 
system of a 400 MWe1 pulverized-fired boiler, Figure 4, has 
been design for two types of fuels and was based on results 
of experimental, physical and numerical modelling, studies of 

the boiler furnace aerodynamics, effectiveness of mixing and 
combustion processes. 

At the beginning of the boiler's retrofit, the burner model 
should be able to model representative flame shapes. In­
furnace measures to reduce NOx emission as air and fuel 
staging and flue gas recirculation were studied taking into 
consideration the boiler furnace geometry and operating con­
ditions. 

a) b) 

Figure 4. Modelling of wall coal-peat fired boiler by using: 
a) three-dimensional (3D) physical, b) numerical 
modelling techniques (mixing patterns). 

Complete combustion process during under-
stoichiometric conditions at the burner level was obtained 
when 20 - 30 % ofthe combustion air and 20 % recirculated 
flue gases were supplied via the OF A nozzles. Finally, the 
distribution of fuel between burner level was found to create 
even deeper under-stoichiometric conditions in the combus­
tion chamber to reduce NOx. 

Reburning system for tangentially-fired boiler 
The complete combustion system of the Limhamn district 

heating plant 125 MWth tangentially-fired boiler, Figure 5, 
with pulverized coal was redesigned based on results from 
mathematical and physical modelling experiments. The boiler 
was equipped in Low-NOx burners with an overfire air sys­
tem OF A. The aim of the boiler modification was to reduce 
NOx emissions (about 250 ppm at 3% 0 2 in a waste gas) by 
installing reburn system. As a reburn fuel natural gas was to 
be used. 

Primary in-furnace measures to reduce NOx as air staging 
and fuel staging were studied taking into account the boiler 
geometry and operating conditions. 

On the other hand, the design of a new, Low-NOx com­
bustion process was based on experimental (physical model­
ling) and theoretical (mathematical modelling) studies of the 
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boiler furnace aerodynamics, effectiveness of mixing and 
combustion processes. 

b 

Figure 5. Modelling of tangentially coal-natural gas fired 
boiler: a) three-dimensional (3D) physical, 
b) numerical modelling techniques. 

The experiments were conducted in a I :40 scale model, 
equipped with nozzles that could be tilted in the vertical and 
horizontal directions in order to optimise the size and posi­
tion of the natural gas nozzles and additional air ports. Before 
and after the retrofit extensive experiments were carried out. 

It was found that the combustion and reduction of NOx 
could be efficiently influenced by the direction of the addi­
tional air nozzles, without recirculated waste gas. The direc­
tion of the natural gas ports had a little influence on NOx re­
duction. These results of the modelling were in good agree­
ment with results of in-boiler experiments. 

After installation and adjustment of the reburning equip­
ment plant tests showed that low emission of the NOx, to 
about 120 ppm, have been achieved. This shows that reburn­
ing is an efficient way to reduce nitrous oxides. 

EXPERIMENTAL RESULTS 
In this work a combustion process has been simulated in a 

water models of a boilers' using weak solutions of acid 
(H2S04) and base (NaOH), which represented fuel and air re­
spectively. The local changes of the acid to base ratio inside 
the models were visualised using acid-base indicators, which 
alter the colour depending on the pH of the solution. The 
neutralisation process was recorded using the computer con­
trolled video system. 

The accuracy of simulation, using physical and numerical 
modelling techniques, depends on many factors like e. g. 
deep knowledge of the processes involved, great experience 
and quite a lot of scientific imagination and intuition and 

high quality of video system and high capability of com­
puters. 

SUMMARY 
The physical modelling technique is an established 

method for the optimisation and redesign of industrial com­
bustion chambers like boilers, furnaces or burners. 
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ABSTRACT 
Two-dimensional velocity measurements, using a 

Laser Doppler Velocimetry (LDV) with a forward scattering 
mode, were conducted in a swirling cold flow model. Flow 
data was obtained by using light scattering micron-size 
particles seeded in the flow. 5000 samples, above 1 kHz, were 
collected in order to validate the results obtained. 

Flame stability observation in a swirl combustor with 
preheated (combustion) air introduced in the combustor 
tangentially, was also studied. Fuel methane was introduced 
in the real model combustor axially. The geometric swirl 
number for the combustor was about 20. Experiments were 
conducted for air ratios ranging from 0.5 to 3.5 with and 
without pressure at the exit of the combustor. 

Results included two dimensional mean velocity 
distributions in the entire flow, recirculation flow zones 
(r.f.z), and jet flow interaction. NOx well below 40 % 
corrected to 0 % oxygen, the current and anticipated 
regulatory levels, was measured at the exit of the combustor. 
Flame stability showed a strong dependence on pressure at 
the exit of the combustor due to mixture acceleration in the 
combustor. The flame observed at 800°C combustion inlet air 
temperature, and high pressure at the exit of the combustor, 
was mainly yellow and highly luminous, a characteristic 
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strongly indicative of high combustion mixture velocity, a 
precursor for flame instability and extinction. 
Keywords: Two-dimensional, velocity measurements, Laser 
Doppler Velocimetry, recirculation flow zones, jet interaction, 
flame stability, and NOx. 

1. INTRODUCfiON 
This study ts concerned with swirling flow 

measurements, in an isothermal model as well real 
combustor. The models used were of the same geometric 
configuration and meant for high temperature combustion. 
The need for high combustion efficiency and low NOx 
emission in industrial combustors stimulate a lot interest in 
developing techniques, for in-combustor flow controlling 
mechanism, that can sustain combustion and enhance flame 
stability at a given thermal load. Most industrial combustors 
use flame stabilizers, such as bluff bodies or flame holders, to 
stabilize the flames. Similarly, the use of swirl combustors, 
for flame stabilization, is well known due to their flexibility 
in adjusting reverse flow zones (r.f.z.), high shear mixing, 
and good combustion characteristics (I). The three­
dimensionality nature, coupled with the spinning motion and 
difficulties associated with measurement techniques, make 
swtrling flows in a combustor an interesting combustion topic 
to study. 
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- NOMENCLATURE 

Area of the tangential inlet Ar 
D. 
Do 
MVa 

Diameter of tangential inlets from the center of the combustor. 
Diameter of the exits 

MVJ 
Sg 
X 

Fuel jet momentum 
Geometric swirl number 
Measuring position along the X-axis 
Measuring position along the Y -axis Air jet momentum 

Many researchers such as Keith and Sonju (2), have focused 
their attention on investigating swirl decay, mixing, and 
pressure drop in vane generated swirl combustor. 

However, in this study, swirl in the combustor was 
generated by introducing air tangentially, while fuel was 
introduced axially. Different behaviors of swirl flows, with 
high and low swirl numbers, have been reported by Weske 
and Shou (3), who noted that, the required axial and radial 
distances at which the fuel jet and swirling flows interacted 
varied with swirl intensities. At low swirl intensities, the 
axial imd radial distances of fuel jet and swirling flow 
interaction was short. However, the opposite was true for high 
swirl numbers. It is, therefore, reasonable to deduce that, 
under the influence of high or low swirl intensities different 
mechanisms dictates swirl progression along the combustor 
axes. 

Nevertheless, because of the uniqueness of almost 
every combustor installation, if only in regard to the 
associated ducting and surrounding, combustion and 
implicitly flame stability acceptability of a given installation, 
is often unpredictable on the basis of past performance of 
similar units. Specific information, on combustion stability of 
combustors, is not ordinarily available to the extent that 
unqualified predictions of flame stability can be made. 
Therefore, the present practice is to eliminate combustion 
instabilities by controlling heat release (1 ). Generally, flame 
stability in a gas-fired combustor, without the use of 
mechanical moving components, is influenced by the way 
energy is released. The combustor used in this study had no 
mechanical flame stabilizer (4). The thrust of this paper is, 
therefore, to bring to the fore some intricacies of flame 
stability in a preheated air swirl combustor. 

To date many researchers are investigating preheated 
swirling flows, in low swirl number regimes, and. conditions 
in tangentially injected swirl flows. Notable among the many 
results available are the works of Chang and Dhir (5). 

2. EXPERIMENTAL SETUP 
The experimental setup used, in cold flow studies, is shown in 
Fig. 1. Due to the difficulties associated with measuring the 
swirl number, experimentally, it was calculated according to 
Eq. 2.1, from the geometry of the swirl combustor assuming 
perfect mixing and conservation of momentum. The 
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geometric swirl number in this case was about 20. In order to 
obtain velocity vectors at each measuring point, 5000 samples 
were averaged. To better visualize the flow characteristics the 
mean velocity values were plotted in the whole region of the 
reactor after establishing, experimentally, that the flow was 
axisymetric. 

FUEL NOZZLE 

t::::::~~=J--COMPRESSOR 

Fig. 1 Isothermal Experimental Model 

S 
1 

= nD o D. [Tangential flow ] 
2 

4A 1 Total flow 
(2.1) 

The experimental rig used to measure NOx, air inlet 
temperature, and observe flame stability is shown in Fig. 2. 
The experiments were carried using nozzle type 1. The nozzle 
used was made of high thermal resistance ceramic material 
(6,7) and had the same geometric configuration as the one 
used in the cold isothermal model. Air preheated to the 
required temperature of 800 oc was introduced in the 
combustor tangentially. Measurements of NOx and flame 
observation were conducted from the upper module at 320 
and 400 1/min. air flow rates. For both flow regimes, cold air 
pressured to 6. 7 MPa was either introduced at the exit of the 
combustor or not. The fuel flow rate was gradually adjusted to 
give the air ratios of0.5 to 3.5. 

Table 1. Isothermal Experimental Conditions 

Test Burner Vel. Tangential 
Condition [1/min] Jet Vel. [1/min} 

1-A 13 115 
1-B 9 115 
1-C 9 144 
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Three different flow conditions were investigated, in cold 
flow, as shown in Table. l. The burner used had 8 holes of0.6 
rnm diameter, set at 30 degrees angle to the edges of the 
burner (Type-!). Velocities were measured in five Y planes 
namely, 0, l 0, 20, 30 and 40. The probe used was a backward 
scattering and manufactured by DANTEC. The specifications 
of the probe were as shown in Table.2. 

Table 2. DANTEC LDV Specifications 

Wave lenght [ nm ] A 500 500 
Focal lenght [ mm ] f 400 500 
Beam separation [ mm ] D 38 38 

Beam waist [ mm ] Din 1.35 1.35 

Receiver aperture [mm ] Da 47 47 
Fringe separation [p m] 8 f 5.27 6.58 
Diameter of focused lase df 189 236 beam r mml 

Measuring volume [ mm ] dz 3.97 6.21 

Fringe number Nf 36 36 

Fig.2 Real Model Experimental Setup 

3. EXPERIMENTAL RESULTS 
3.1 Condition 1-A 

514.5 

600 

38 

1.35 

47 
8.13 

291 

9.2 

36 

Under condition 1 -A, Fig. 3, an intensive type of r.f.z 
exited. The region of intensive reverse velocity(< -3 m/s) was 
located off the center line. The axial velocity ranged from -3 
m/s minimum and 1.5 m/s maximum at Y = 0 rnm and, 1.8 
m/s to -3 m/s at Y = 40 rnm. It was observed that the velocity 
profiles, at all Y positions, tended to rise towards the walls of 
the combustor. The fuel jet angle of attack region had a 
positive flow, which decreased with Y distances. This region 
represented the interaction zone between the fuel jet and the 
r.f.z. Positive flow in the direction of the fuel jet meant that, 
the fuel jet induced mixing was more predominant along the 
jet trajectory, compared to other swirling flow regions in the 
combustor. As for the decrease of the fuel jet velocity along 
Y -axis, it implied that the fuel jet disintegrated and lost its 
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momentum along its trajectory, in the combustor upon 
interaction with the r.f.z. The r.f.z was pushed more towards 
the wall of the combustor, by the jet, at Y=lO, 20 and 30 mm. 

3.2 Condition 1-B 
Under condition 1-B, Fig. 3, the region of positive 

velocity narrowed along the X-axis while the r.f.z was 
enlarged with less negative velocity (= -1.8rn!s) in 
comparison to 1-A. In other words, less fuel volume flow rate 
meant little recirculation of the mass, from downstream to 
upstream region, in the combustor. Positive flow was noticed 
in the trajectories of the fuel jests. The maximum velocity, at 
Y= 0 mm in the trajectory of the fuel jet as a whole, was less 
than(= lm/s) what was observed in condition 1-A (1.5 m/s). 
The point of maximum velocity was located close to the 
burner tip and remained unchanged for all positions along the 
Y -axis. The reason was that, by lowering the fuel volume 
flow while the air volume flow rate was kept constant, the 
fuel jet exit velocity was reduced and its prowess to 
disintegrate and enhance turbulence mixing was impaired. 
On the other hand, reduced fuel jet velocity meant less fuel jet 
ability to push the r.f.z further towards the wall compared to 
flow condition 1-A. In both flow conditions 1-A and 1-B 
there were prominent areas of positive velocity along theY­
axis of the combustor. However, fuel jet-r.f.z interaction in 
flow condition 1-B was not pronounced in X-axis compared 
to flow condition 1-A. Therefore, the region of intensive 
reverse flow velocity was short in flow condition 1-B 
compared to flow condition 1-A. 

3.3 Condition 1-C 

Under flow condition 1-C, Fig. 3, the tangential air 
flow rate was increased while, the fuel flow rate was kept 
constant compared to l-B. The effects were such that the 
highest value of forward velocity (3.5 m/s) was at Y, X= 0 
rnm. This contrasted with axial velocities measured in flow 
conditions 1-A and 1-B. The region most affected extended 
up to Y = 10 mm. Otherwise, the axial velocity profiles and 
magnitudes at Y=20, 30 and 40 rnm remained unchanged. 
The region of reverse flow, on both sides of the combustor 
axis, was relatively pushed far towards the walls of the 
combustor, as manifested by the location of the stagnation 
velocity (radial positions 18 and 28 rnm at Y = 0 and I 0 mm 
respectively). The maximum negative velocity value was 
about - 4 m/s at Y= 0 rnm. This meant that, at higher 
tangential air flow rates the r.f.z rotated strongly and covered 
relatively a small area compared to flow conditions 1-A and 
l-B. The steep profile trends, towards the combustor walls, in 
velocity noticed in conditions 1-A and 1-B were absent. It 
was, therefore, thought that the r.f.z was pushed more 
towards the walls of the combustor mostly due to the 
combined effects of centrifugal force and jet interaction. Only 
a small region of positive flow, very close X-axis, existed. 
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3.4 Swirl or Tangential Velocity 
Swirl or tangential velocity profiles for conditions 1-A, 

1-B and 1-C and Nozzle Type 1 are also depicted in Fig. 3. 
For all conditions the swirl velocity remained positive. In 
regions, ::::5 mm in axial direction close to the burner tip, 
swirl velocities were negative or close to negative and small 
in magnitude. However, at distances greater than 5 mm, from 
the burner tip in the axial direction, swirl velocities were 
positive and changed with radial distances. It was reasoned 
that the negative velocity values, at all Y positions and X:::: 5 
mm, may have been caused by miss alignment of the test rig 
with respect to the measuring LDV probe. A Precessing 
Vortex Core (PVC) was also thought to be probably one of the 
flow features, which may have led to negative velocity. 
However, swirl velocity increased in magnitude as the flow 
progressed along X and Y axes. Positive swirl flow velocities 
clearly meant enhanced fuel air mixing, in the combustor, by 
transporting the fluid from the center to the periphery of the 
combustor. 

4. NOx EMISSION 
In terms of overall NOx reduction, a comparison 

between Namazian et al (8) and the case of when a single 
hole exit plate was used in combination with a single hole 
burner, NOx was reduced by 66%. Namely, from 1200 to 180 
ppm corrected to 0% oxygen (Fig. 4). 

~ 
~ 600 
8 

ecoo 
·a. 
a. .. 
0 z 

- NOX output from conventional combustor 

..... NOX output from our swirl combuotor 

·+ · · S. P. Comb.= Swltl Prehea!H Combuator 

Nomallntlat. 

100 200 300 400 500 600 700 800 

Inlet combusUon air temperature ('C) 

180 ppm 

Fig. 4 Comparison of NOx (ppm) at 0% 0 2 

This reduction in NOx is as result of improved fuel , air and 
hot vitiated products mixing due to the intensity of the 
recirculation created in the combustor (9). This phenomenon 
was, however, achieved at the expense of a very unstable 
flame described as a "Ball of Flame" (1 0). As combustion 
processed the color of the flame observed, in the combustor, 
changed from blue to blue-yellow and fmally red. The 
yellowing and reddening of the flame was attributed to the 
gradual combustor lining temperature increase (Heat sink 
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effect). On the other hand, temperature increase in the 
combustor was accompanied by increase in. the flow velocity, 
which in tum shortened the residence time of the reactants 
and oxidants in the combustor. The short residence time led 
to improper mixing ratios and hence incomplete combustion. 
Kishimoto et al. (11) linked high temperature combustion 
flames to variations in oxygen quantities readily available for 
combustion. The colors of the flames observed in this study, 
as elucidated by Kishomoto et al., can be categorized as 
falling in the group of lean and near stoichiometric flames. 

5. COMBUSTION STABILITY LIMITS 
Stability limits of methane swirl combustion with 

preheated air, were studied under constant inlet air 
temperature and with and without pressure at the exit of the 
combustor. It was observed that, Fig. 5, introducing pressure 
at the exit of the combustor led to improved flame stability. 
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Fig.5 Stability Areas for Fuel-Air Momentum ratio Vs 
Various Air Ratios, with and without Pressure at the 
Combustor Exit. 

This meant that accelerating mixture at the exit of the 
combustor led to impro\lement on the square root ratio of the 
maximum to minimum fuel pressure drop across the burner 
orifices. In other words the introduction of pressure down 
stream, at the combustor exit, served to act as a jet 
discharging in the combustor flow, therefore, inducing 
stagnation within the flow in the combustor that led to flame 
stabilization Fig.5. Stagnation of the combustion mixture 
downstream in the combustor improved combustion by 
creating- high rate entrainment of the ambient fluid and hot 
vitiated products into the flame. Therefore, quick mixing took 
place in the vicinity of the burner nozzles and along the 
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In the case of a larger number of layers, the spectral nonnal 
emittance predicted by the electromagnetic theory is obtained 
through a more complicated expression [3], not reported here 
for the sake of brevity. 

A calculation program, based on wave optics 
relationships, has been developed to compute spectral nonnal 
emittance E:~.n using the optical constants n and k (as a function 
of wavelength) for the investigated materials taken from [9]. 
Furthermore, the computed monochromatic values have been 
used to evaluate the total nonnal emittance Em as a function of 
the surface temperature, according to the definition for Etn: 

(3) 

where t\ is the Planck fonnula for the spectral blackbody 
radiation. 

Numerous calculations were carried out, considering metal 
coatings (gold, platinum, rhodium), oxide coatings (silicon 
oxide and dioxide) and combinations of oxide/metal coatings on 
nickel substrates. The emittance of each system was computed 
by parametrically varying the thickness of the coating, in order 
to assess the deposition rate suitable to maintain or improve the 
thermal radiant properties of the base. 

THEORETICAL RESULTS 
In Fig.2, the computed monochromatic thennal emittance 

values are given for gold coated nickel foils, as the coating 
thickness varies. The curve with zero coating thickness refers 
to pure nickel: the shape of the other curves changes with the 
gold coating. Depositions exceeding 0.1 Jlm thickness do 
not appreciably improve the radiant characteristics of the 
system. The same considerations apply to rhodium-nickel 
systems, as shown in Fig.3. As a consequence, very thin 
layers of gold or rhodium coatings (about 0.1 Jlffi thickness) can 
theoretically assure very low emittances of the system in 
a large range of wavelength. The total normal emittance as a 
function of the coating thickness, for various metallic and 
non-metallic depositions on nickel substrates, is reported in 
Fig.4, at 673 K. It can be observed that for metal coatings with 
thickness greater than 0.1 Jlffi the influence of nickel thermal 
properties on the emittance of the coating/ substrate system is 
eliminated. On the contrary, SiO and Si02. coatings are quite 
transparent if thickness is approximately less than 0.1 Jlffi. 

Gold coated nickel surfaces exhibit excellent radiative 
properties also in the presence of very thin film coatings: in 
particular, Fig.5 shows the total normal emittance of such 
foils against surface temperature for different thicknesses of the 
gold coating. As mentioned before, metallic diffusion barriers 
and/ or protective transparent overcoatings are required, in 
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Figure 2: Theoretical spectral normal emittance for Ni-Au 
systems, with different coating thicknesses. 
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Figure 3: Theoretical spectral normal emittance for Ni-Rh 
systems, with different coating thicknesses. 

systems involving gold coatings, to prevent degradation of 
radiative properties in operating conditions. The effect of 
diffusion barriers or protective overcoatings on total emittance 
ofNi-Au foils is depicted in Fig.6. A layer of Si02, placed 
between Au and Ni, and a SiO overcoating are considered 
separately. The curves reported in. Fig.6 correspond to the 
conditions for which a Ni-Au system exhibits a 20% increment 
in emittance owing to the presence of the Si02 barrier (left 
scale, continuous lines) or the SiO overcoating (right scale, 
dashed lines). As an example, at 673 K, a 0.1 Jlm Si02 layer 
between Ni and a 0.03 Jlffi Au coating causes an increase in 
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ABSTRACT 
The recently developed method of Reverse-Vortex 

Stabilization (RVS) of plasma and flame is compared with the 
more traditional Forward-Vortex Stabilization (FVS) method 
Experimental calorimetric investigations and numerical 
simulations were performed with RVS and FVS comparing the 
energetic characteristics of Microwave and Radio Frequency 
inductive plasma torches The observed discrepancy between 
experimental and calculated results is sufficiently small t to 
conclude that the energy losses associated with the both types 
of vortex stabilization can be reliably predicted for the design 
of electrodeless plasma torches .. Calorimetric measurements 
were also performed comparison two gas combustion chambers 
using FVS and with RVS. Results of these investigations show 
that RVS is a very promising alternative for plasma technology 
and gas combustion chambers applications. 

NOMENCLATURE 
CNo concentration of nitrogen oxides 
FYS forward vortex stabilized (stabilization) 
H10 the main mode of MW energy propagation in the 

rectangular waveguide 
JCP inductively coupled plasma 
J energy input per unit mass of plasma gas 
MW microwave 
RF radio frequency 
RSM Reynolds Stress Model 
RVS reverse vortex stabilized (stabilization) 
Tg gas temperature after calorimetric tube 
We calorimetric power 
wd power input into the discharge 
Wg gas heat power after calorimetric tube 
JJ'j plasma jet power 

W, heat losses power 
Wt total power of gas burner 
T'l plasma torch efficiency 
2D two-dimensional 

INTRODUCTION 
Plasma sources are among the most powerful systems 

having relatively small dimensions; as such, heat transfer 
problems in such system are extremely important. To address 

the latter problem, a common method for insulating plasma­
walls is by employing a vortex flow[1]. Due to buoyancy in the 
centrifugal force field, this results in the hot plasma fluid fixed 
on the axis of the system. In the usual vortex method of plasma 
stabilization I insulation, the vortex generator is placed 
upstream relative to the electric discharge and the outlet of the 
plasma jet is directed towards the opposite side; as such this 
method is termed Forward-Vortex Stabilization (FVS). In such 
systems with intensive flow rotation, the pressure minimum on 
the axis near the vortex generator is deeper than that which 
exits downstream. As a result a central reverse flow forms and 
transfers upstream the energy from the center of the vortex­
stabilized plasma (2]. The hot reverse flow mixes with the 
incoming cold, direct vortex flow. In gas burners, this mixing 
results in ignition of the new gas reactants, high intensity and 
stability of the flame (3]. After mixing, the direct vortex of hot 
mixture or flame moves along walls ofthe plasma torch or gas 
burner and a significant portion of the thermal energy arrives at 
the device walls and becomes lost. This well-known 
phenomenon demands sufficient cooling of the device walls. 

The idea of the Reverse-Vortex Stabilization (RVS) is to 
direct an outlet of the plasma or flame jet along the axis to the 
swirl generator side [4-6]. In this case, cold gas comes into the 
hot zone from all sides except the outlet side and no significant 
recirculation zone is formed (6, 7]. 

In this paper we present a review of experimental results 
obtained during investigation ofMicro-Wave (MW) [5, 6] and 
Radio-Frequency (RF) [8, 9] Inductively Coupled Plasma (ICP) 
torches and gas combustion chamber (6, 10], together with the 
results of numerical simulations of investigated electrodeless 
plasma torches: MW (6, 7] and RF ICP (9, 11 ]. 

MICROWAVE PLASMA TORCH: EXPERNENTS AND 
SIMULATION 

Experiments were conducted with a microwave (MW) 
plasma generator with power input up to 5 kW. This plasma 
torch is a part of an experimental set-up for treatment of 
inorganic salt solutions (12]. A sketch ofthe MW plasma torch 
with the flow patterns of gas and plasma is shown in Fig. 1. The 
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quartz discharge tube (1) (r ID=4mm, !ength 140 mm) ~asses 
perpendicularly through two wave-gu1des (90><45 mm , not 
shown), which supply the H10 mode ofMW energy (frequency 
2.4 GHz) from two magnetrons. In the conventional FVS 
scheme (Fig. Ia) the plasma gas (air or nitrogen) enters the 
discharge chamber through four inlet openings of the original 
tangential vortex generator (2), resulting in stabilization of the 
plasma on the axis of the quartz tube I by the strong rotation of 
the gas. In the experimental plasma-chemical set-up, the MW 
plasma torch is joined to the on cooled massive steel reactor ( 4) 
by an uncooled connecting steel cone (5). 

Figure 1: Scheme ofthe MW Plasma Torches with Supposed 
Flow Patterns of Gas and Plasma. (a)- FVS; (b)- RVS. 

For experiments with RVS (Fig. lb) an additional 
vortex generator (7) with a water-cooled diaphragm (6) 
(diameter 26 mm) was installed between the quartz tube and 
connecting cone. Calorimetric and electrical measurements 
permitted determining the MW power input W d into the 
discharge and the heat losses wt to the water-cooled parts of the 
plasma torch. Unfortunately it is not possible to use water 
cooling for the quartz tube of the MW plasma torch, but as this 
tube is surrounded by the water-cooled parts of the plasma 
torch almost on all sides, it was assumed that practically all the 
heat from the quartz tube ends up in the cooling system due to 
convection. 

The experimental results are presented in Fig. 2 (dots 
with full curves) as function of J- the energy input into the 
discharge per unit mass of plasma gas consumption. The power 
input was approximately 3.5 kW; it varied a small amount due 
to the fact that changing the gas flow conditions also influe?ces 
the discharge conditions. The dots of curve (I) were obtamed 
for the FVS scheme (Fig. Ia) without the diaphragm and with 
the plasma-chemical reactor. Curve (2) corresponds to the same 
scheme, but with the diaphragm. Curve (3) corresponds to the 
RVS scheme (Fig. lb) with the reactor. As the heat flux to the 

plasma torch waDs from the reactor was significant, two 
additional series of experiments were made. The reactor was 
removed, the plasma torch was turned upside-down, and a hot 
plasma flow was directed upwards into ambient air. As the heat 
losses in the FVS scheme without the diaphragm were 
extremely large for all energy inputs, only the "new" scheme 
(Fig. I b) was used in the additional experiments. Plasma gas 
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Figure l: Heat Losses in the Microwave Plasma Generator. 

might be supplied through the original vortex generator (2 in 
Fig. 1) for realizing the conventional FVS scheme, or through 
the additional vortex chamber (7 in Fig. 1) for realizing the 
reverse vortex scheme of plasma stabilization. Curves (2' and 
3'inFig. 2) correspond to these two cases. 

The experimental investigation showed that if the 
plasma was stabilized by the conventional vortex flow the 
energy Joss to the plasma torch walls might exceed 30 %. With 
the RVS the energy loss was reduced to about 5 %. The heat 
loss in a simple system of this type corresponds to the low heat 
loss in plasma generators with a porous discharge c~amber, 
which, however, is very complex and expenstve to 
manufacture. Mor:e over, if the RVS is used, almost all of the 
plasma forming gas should pass through the discharge zone. 
Since the axial velocity in the "top" region of the reverse vortex 
should be quite low, discharge stability problems should not 
occur. As the flow direction should be constant throughout the 
axial region, it seems possible to inject additional gas _or 
particles into the "top" of the reverse vortex. Tests wtth 
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Zr02+Y 20 3 powder were made in the described MW facility. 
The introduction of the powder into the "top" of plasma torch 
with the RVS plasma ensures melting and spheroidization of 
particles up to 1 00 J.lm. 

The numerical simulations flow and heat transfer of the 
MW plasma torch were made using FLUENT. In the 20 
axisymmetric geometry the conservation equations for mass, 
energy and radial, axial and azimuthal momentum were solved 
simultaneously. To account for turbulence the Reynolds Stress 
Model was used. This model involves calculation of the 
individual Reynolds stresses and is more suitable for rotating 
flows than the usual k-& model. In the near-wall region the 
program used the logarithmic law for velocity. The law-of-the­
wall for temperature in Fluent comprises two different laws: a 
linear law for the thermal conduction sublayer and a 
logarithmic law for the turbulent region. The minimum size of 
the grid cell near the wall was about 0.3 mm. The heating of the 
plasma was assumed to take place in an idealized uniform heat 
generation zone in the central region of the rotating flow. The 
pre-described heating zone length was 120 mm. Its diameter 
was varied, but was usually 26 mm. The temperature of 
metallic parts of the plasma generator were assumed be 300 K. 
On the cylindrical wall, convective cooling with a heat transfer 
coefficient of 50 W m-2 K"1 and radiation cooling with an 
external emissivity of 0.8 were assumed. Test calculations 
showed that the most realistic flow pattern in the inlet regions 
was obtained in a 20 geometry when the discrete tangential gas 
inlet jets were simulated by fixing the rotating velocity in the 
cells next to the cylindrical wall and defining the appropriate 
mass sources for the same cells. 

Figure (3a) shows the streamlines, profiles of axial velocity 
and the temperature distribution for the FVS scheme, and Fig. 
(3b) for the RVS scheme. In these two cases the heating zone 
(3.5 kW, length 0.14 m, diameter 44 mm) was in the center of 
the MW plasma torch quartz tube (linFig. 1). Nitrogen gas 
enters tangentially into the discharge chamber (FVS scheme) or 
into the additional vortex chamber (RVS scheme). The initial 
velocity of the tangential gas jets was estimated from the 
measurements ofthe pressure drop and the gas consumption. In 
the two cases showed in Fig. (3a and 3b) the initial tangential 
velocities and the gas consumption are respectively I 00 m s·1 (1 
g s-1

) and 225m s-1 (1.5 g s-1
),. It is easy to see (Fig. 3b) that the 

reverse vortex "compresses" the heat zone and protects the 
plasma torch walls from overheating. As it was initially 
supposed [4, 5], the main part ofthe plasma gas passes through 
the high temperature discharge zone and the size of 
recirculation zones are considerably reduced. Alternately, in the 
FVS scheme (Fig. 3a), , the main part of the incoming gas 
mixes with the hot recirculated flow and moves along the 
cylindrical quartz wall thus bypassing the discharge zone. The 
calculated energy losses for the appropriate cases are shown by 
the dots of the broken curves on Fig. 2 (curve 2' -for the FVS 
scheme, curve 3' - for the RVS scheme). While a discrepancy 
between experimental and calculated results occur due to the 
oversimplified description of the discharge zone, ; this 
discrepancy is sufficiently small to conclude that the energy 
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losses can be reliably predicted for other electric discharges and 
flames by employing numerical simulation models. 

Temperature, K 
1130 1960 2790 3620 4440 S270 6100 

iilllillllilllllllil••e~:~e-~~ijm 

Figure 3: Temperature distribution, streamlines and profiles of 
axial velocity for three different cross-sections and for outlet of 
the MW plasma torches with FVS (a) and with RVS (b). 

RADIO FREQUENCY (ICP) INDUCTIVELY COUPLED 
PLASMA TORCH: EXPERIMENTS AND SIMULATION 

The scheme of the RF inductive plasma torch with the 
reverse vortex flow is shown on Fig.( 4). Plasma gas enters the 
discharge volume through tangential swirler-2. The water­
cooled nozzle- I prevents the immediate exit of the plasma gas 
from the volume. On the left side of the scheme, the gas 
streamlines-5 are shown. The streamlines -7 of the gas and 
plasma in the radial plane are shown on the right side of the Fig 
(4). The discharge volume is restricted by the quartz tube -3. 
Water-cooled inductive coil-4 supplies RF electromagnetic 
energy, which is absorbed in the toroidal skin-layer -8 of the 
plasma fluid -9. Plasma leaves the discharge volume as a flow-
6 through the nozzle- I. 

There is one fundamental difference between microwave 
plasma and ICP. In a MW plasma there is a central hot zone 
with low flow velocity that acts as a stabilizing core produci~g 
active species and electrons. In ICP, the RF field energy IS 

absorbed in a toroidal zone -8 around the center. The diameter 
of this zone determines the coupling efficiency of the energy 
transfer from the inductive coil -4 to the plasma-9. In the 
reverse vortex flow, there is a significant negative radial flo~ 
component over the entire length of the active region. Thts 
radial flow should compress the toroidal skin-layer zone-8 MW 
or flame. Therefore, the stability of this setup should be lower 
than in MW or flames. 

Figure 4: Scheme of the RF ICP Torch with RVS. 

Preliminary experiments (9, 13] show that it is possible 
to obtain stable ICP plasma with the reverse vortex flow 
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configuration. The experiments were accomplished using a 
common RF power supply with a frequency of 2 MHz. The 
quartz plasma chamber has ID= 75 mm. The 4-loop inductive 
coil has ID= 90 mm and length of I 00 mm. The distance 
between the 50 mm nozzle and the inductive coil is 70 mm. 
Argon was principally used as the plasma gas. In some 
experiments the admixture of nitrogen was used. 

To comP,are the efficiencies of the RVS ICP and FVS 
ICP torches of the same geometry as plasma jet generators, 
total calorimetric measurements and numerical simulations 
were made using atmospheric pressure argon plasma The FVS 
ICP torch geometry differs from that normally used by the 
nozzle-(lin Fig 4)on the plasma exit end. 

In the calorimetric measurements and simulations a 
nozzle of 43 mm length and 25 mm smallest 10, and a feeder 
with ID= 72 mm that has four circular tangential inlets of2 mm 
diameter was used. The quartz tube length was 380 mm and the 
center of the inductive coil was at 130 mm from the feeder side 
of the nozzle. After a preliminary study [9,13] the plasma torch 
scheme was modified for the calorimetric measurements to 
provide water cooling of all surroundings including the quartz 
tube. The powers absorbed by the nozzle and the tube were 
separately measured. A stainless steel heat exchanger was 
mounted downstream of the plasma torch to measure the 
exhaust gas enthalpy. Measurement of the argon temperature 
after the heat exchanger indicated that heat loss after this point 
~as negligible. The total radiation intensity at about 1.3 m 
dtstance from the plasma with a black-body surface absorber 
was measured and then the total radiation loss was calculated 
taking into account partial absorption by the non-transparent 
water-cooled parts of the plasma torch. The sum of all the 
measured losses (nozzle, tube, radiation and heat exchanger is 
eq~l to the total energy initially absorbed by the plasma from 
the mductive coil. The total discharge power W d• measured 

with about 3% accuracy, was 55% - 75% ofthe plate power of 
the -~ generator depending on the discharge regime and 
stabtltzation method. The plate power of the Soviet RF 
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generator BliH 11-60/1,76 was calculated by multiplying the 
anode voltage and anode current. The accuracy was poorer 
because of the low resolution of the monitoring devices. The 
repeatability of the discharge regime also was not very qigh, as 
the final adjusting of the generator-discharge system could be 
made only after the discharge ignition. 
The experiments with a FVS ICP in the geometry with the 
contracted plasma exit have shown the extremely high stability 
of this discharge. It is possible to change the RF generator 
power by an order of magnitude with the same argon mass 
flow, retaining a stable discharge, only its brightness and 
volume change. The reason for the high stability becomes 
obvious from modeling [9, 11]. The gas flows mostly around the 
discharge and cools it mainly through its "surface" (conductive 
cooling). The discharge absorbs energy from the 
electromagnetic field. When the RF power is increased, the 
stronger ampere force pulls more gas from the circumventing 
flow towards the skin region. Moreover, the plasma expands 
due to the increased power, and as a result the gas temperature 
in the circumventing flow increases and the gas expands 
thermally, partially mixing with the plasma Thus, the result of 
an increased power increment is electromagnetic and 
thermodynamic "pumping" of gas through the plasma region 
(convective cooling). 

The power characteristics of the FVS ICP, such as the 
dependence of the average plasma jet enthalpy on the plate 
power and the dependence of the plasma torch efficiency on the 
discharge power (Fig. 5) are typical. 

~ao ·r---------------------------------~ 
~ Ai"20D mass now 
;:- 50 • 1,4 g/s 
u 
~ 40 A a 2,3 g/S 
·u a 3,2 ~Is 
'5 30 .= • 1 ,4 g/s - simulation 

~ 20 .... 
Gil 

a 10 
"" Gil 

s: o+--------+---------+------+------' 
0 10 20 30 

Total discharge power Wd (kW) 

Figure 5: Argon FVS ICP. Dependence of11 on Wd for 
Different Argon Mass Flow. 

40 

Here the plasma torch efficiency 11 is the ratio of the 
plasma jet power JJ'j (we assume that the power of the plasma 

jet is equal to the power absorbed by the heat exchanger) to the 
total discharge power Wd: 11 = HJIWd. Increasing plate power 

under a constant argon mass flow rate results in an increase of 
the average plasma jet enthalpy from 0.8 kJ/g to 3 kJ/g. An 
argon mass flow rate increase under a constant plate power 
results in a decrease of the average plasma jet enthalpy. The 
plasma torch efficiency drops with the growth of the discharge 
power and with the decrease of argon mass flow rate (Fig. 5). 
Thus, the FVS ICP is able to generate a high enthalpy plasma 
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jet with low efficiency or a low enthalpy plasma jet with rather 
high efficiency. The simulation results are in a reasonable 
agreement with the experimental ones (Fig. 5). 

Considering the stability of the RVS ICP, the power 
threshold for its existence is much higher than for FVS ICP. 
The plasma torch efficiency for the RVS (Fig. 6) also drops 
with the growth of the discharge power and the gas flow rate 
decrease, though 11 reaches a higher level than in the FVS ICP. 

•It, 
Argon',, • 

mass flow'',,._ 
a 1.4 g/s- exper. 0-,, 

• 1.4 g/s- simul. '- --·----a----
.. 2.1 g/s- exper. ------
• 2.1 g/s- simul. 
• 2.3 g/s- exper. 

o+-----~----~----~------~----~--~ 
"i 10 l"i ?.0 ?"i 10 

Total discharge power W d [kW] 

Figure 6: Argon RVS ICP. Dependence of11 on Wd for 
Different Argon Mass Flow. 

1"i 

The average enthalpy of the argon plasma jet generated by the 
RVS ICP is higher than 2 kJ/g in all cases. It does not grow 
only with the plate power, but also with the argon mass flow 
rate, .which is extremely unusual for any type of discharge. It is 
possible to understand the reason for this phenomenon from the 
r~ult of the numerical simulation [9, 11] and flow pattern on 
F1g. 4. The gas flows mostly through the active discharge zone 
and after that its enthalpy rises to a very high and 
approximately constant level. An additional recirculation zone 
is formed in the closed part of the discharge tube due to the 
ampere force. Probably it is this recirculation that creates the 
plas~~ "tail", observed under some conditions during the 
prehmmary study [9, 13], and results as additional heat and 
radiation losses. (The fraction of the radiation losses in the total 
energy balance of the RVS ICP torch varied in a wide range: 
from 8% to 32%.) The increase of the plasma gas flow results 
in shrinking of the additional recirculation zone and the plasma 
volume. This leads to a significant reduction of heat losses via 
the quartz tube and radiation, so the average plasma jet 
enthalpy increases. This phenomenon indicates that the RVS 
I~P tore? is cap~ble of g~nerating a high enthalpy plasma jet 
wtth a h1gh efficiency. Th1s property is very useful in various 
applications. Fig. 6 also shows that the modeling results for the 
plasma jet generation efficiency of the RVS ICP torch was in 
good agreement with experiments. A large discrepancy between 
the experimental curve and the simulated result is only beyond 
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the experimentally observed range of discharge stability (see 
data for the argon mass flow 3.2 gls and 14 kW power). 

The obtained plasma jet generation efficiency (up to 48 
%for the FVS and 58% for the RVS) of the studied argon RF 
plasma torches with a water-cooled nozzle was compared with 
reliable data for other argon ICP torches. The latter ranged 
from about 55% for the torch without a nozzle but with a water­
cooled probe for material feeding [14]; up to 45% [15]; up to 
37% in the papers cited in Ref.[ 16]. It becomes clear that the 
plasma jet generation efficiency of this R VS ICP torch is rather 
high. This is a promising property for those torches where the 
nozzle is a necessary design part, for example, in the sources of 
supersonic plasma jets [17]. 

From the application point of view, probably the most 
prom ising property of the reverse vortex flows is the possibility 
to inject an additional axial flow from the closed end of the 
system without substantially disrupting the flow pattern. Our 
experiments showed that the axial argon flow could be as 
strong as the main swirl argon flow without extinguishing the 
discharge. The calorimetric measurements of a similar regime 
gave the next results: at 49 kW plate power, 2.29 g/s argon 
mass flow through the tangential feeder and additional 0.85 gls 
of nitrogen mass flow through the axial tube, the discharge 
absorbed 36.46 kW (74.4 % of plate power). With 48.4 % 
efficiency, it generates a plasma jet with average enthalpy of 
5,62 kJ/g. This corresponds approximately to 6000K 
temperature for the given mixture of an argon and nitrogen. 
Therefore, it may be possible to insert large quantities of 
material (gaseous or disperse) for plasma treatment in the active 
zone. According to our insight [18] the treated products should 
not significantly interact with the plasma torch wall. This 
property may open new opportunities in plasma technology, as 
the lack of such properties in traditional RF discharges restricts 
their applications in plasma chemistry and technology [19]. 

EXPERIMENTAL 
BURNERS 

INVESTIGATION OF THE GAS 

A comparative investigation was carried out for the 
experimental vortex gas burners with conventional FVS and 
with RVS. Schemes of the burners are presented in Fig. 7. 

Propane-butane mixture was used as a fuel and air as 
oxidant. In all experiments consumption of fuel gas and air was 
constant and calculated power of the burner was 1800 ± 300 
Wt. Energetic characteristics of the burners were examined 
using gas temperature measurements and a calorimetric water­
cooled tube which was connected with the outlet of burner or 
acted for the burner side wall. These characteristics are 
presented in T~ble 1: gas temperature T

8 
and gas heat power W8 

after the calonmetric tube, calorimetric power We, total power 
Wr. and concentration of nitrogen oxides CNo· 
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Figure 6. Schemes and Picture of the Gas Burners of 2 kW 
Power. (a)- with FVS; (b) and (c)- with RVS. 1 -quartz tube; 
2 • tangential air feeder for swirl flow formation; 3 and 4 - fuel 
gas injection; 5 - diaphragm for flame jet exit 

Table 1. Energetic characteristics of the examined burners 

Type of burner Wc,Wt T!!'K W8,Wt Wr.,Wt CNo,% 

Reverse-vortex 1570±30 780±10 400±15 1970±40 0,35 

Direct-vortex 1250±25 490±10 155±10 1405±30 0,41 

Cooling direct 100±30 560±10 215±10 1615±35 0,46 
vortex 

The quartz wall of the conventional direct vortex burner 
was heated to a red glow while the reverse vortex burner may 
be handheld without any special cooling (Fig. 6c). Hence, the 
heat loses to the wall of the reverse vortex burner cannot be 
more than 1 00 Wt. 

CONCLUSIONS 
Experimental investigations and numerical simulations 

show that RVS is very promising method for different high 
temperature applications. A discrepancy between experimental 
and calculated results is sufficiently small to conclude that the 
energy losses can be reliably predicted for the design of 
electrodeless plasma torches with the both types of vortex 
stabilization. 
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ABSTRACT 
Gas phase combustion systems involve time dependent 

chemical reactions that release energy and change 
composition. To model the behavior of such systems, 
adequate account must be made of the chemical kinetics 
of the reactive medium. The paper presents with 
examples, some of the main procedures that have been 
followed to model successfully the events taking place in 
the combustion process in a variety of systems and to 
predict the temporal variations in the composition of all 
the important reactive species, temperature and the 
associated energy release. The limitations that need to be 
overcome are outlined. 
Keyword: chemical kinetics, combustion modeling 

INTRODUCTION 
Combustion processes by definition involve chemical 

reactions that are exothermic and relatively fast. 
Accordingly, the proper modeling of such processes needs 
to define the type and sequence of chemical changes that 
take place and consider their consequent temporal changes 
in composition and properties of the system. This is no 
simple task since complex coupled non-linear differential 
equations would result with much of the key information 
about the mode of these reactions, their corresponding 
properties and the reactive species may be unknown. It is 
only relatively recently, with the continuing increase in 
the capacity and speed of computing facilities and the 
significant advances made in the solution of complex 
mathematical systems that extensive progress is achieved 
to satisfy these objectives with a considerable degree of 
success. This effort was prompted largely by the need to 
bring about substantial improvements to the performance 
of combustion systems to effect enhanced efficiencies, 
reduced emissions and a greater safety and reliability 
while burning a wide range of fuels. 

The present contribution presents a concise review of 
some of the main procedures that have been followed to 

model successfully the combustion process in a variety of 
systems. These include practical heat and work producing 
devices. The limitations that still need to be overcome will 
be outlined. Throughout, much ofthe examples cited will 
be derived mainly for convenience from work the author 
and his associates have been involved with. 

Modeling Combustion Systems 
The computational modeling of combustion processes 

and systems has undergone rapid and major advances in 
recent years to contribute effectively to the continued 
development of improved designs coupled with 
improvement to our understanding of the complex 
processes involved. Such models serve both as design 
interpolative and explorative tools requiring only little 
support from experimental testing. They also serve as an 
analysis tool in the interpretation of the behavior and 
results of complex experiments while developing 
improvements to physical, chemical and numerical sub­
models. 

The combustion models can be classified according to 
their being either Diagnostic or Predictive. Those models 
that are mainly diagnostic aim through analysis and using 
some experimental input data, such as temperature or 
pressure-time variation, to derive additional information 
about the combustion processes such as the energy release 
rate, power output, efficiency and oxides of nitrogen 
formation. The quality of the derived results will depend 
very much on the experimental data utilized and the 
associated assumptions employed in their analysis. On the 
other hand, predictive models through formulations of the 
physical and chemical related equations describing the 
combustion system and making suitable assumptions with 
relevant boundary equations can predict some of the key 
combustion parameters without the need for input of 
experimental in formation. Of course, the extent of success 
achieved in modeling combustion is critically dependent 
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00 the completeness of understanding its processes and 
the range of values of the variables over which the model 
is applicable. Experimental validation of the predicted 
results are, of course, always needed and expected. 

The course of the combustion process can be followed 
and defined in a number of often-interdependent ways. 
Through chemical reaction, the concentrations of the 
different species of the system undergo rapid changes. 
These will have major influence on the overall and local 
properties of the system. Such changes will result in 
apparent energy release that is so important to 
applications. Accordingly, the rate of combustion can be 
defined in terms of the rate of change with time of the 
concentration of any of the reacting species; often the 
reactants or products. Or it may be through the consequent 
changes to some of the affected variables, such as mixture 
temperature, pressure and enthalpy or the net energy 
release. These variables, through proper modeling can be 
shown to be inter-related. In an application it would 
depend on the purpose of modeling to select a format of 
the combustion rate that is likely to provide more 
conveniently the answer needed. 

Combustion models also can be broadly classified 
depending on how the combustion rate is defined. One of 
the simplest and widely established approaches is through 
specifying, whether arbitrarily or experimentally a 
function that describes the variation of the fraction of 
mass burned and the consequent energy release rate with 
time. These functions can vary very widely in form and 
often incorporate empirical constants that are made to 
vary depending on the system and operating conditions. 
Obviously, such approaches, although can be very simple 
to incorporate in comprehensive modeling procedures, are 
of very limited applicability unless experimental 
information about the behavior ofthe combustion system 
is available. The procedure is used primarily for 
interpolative or extrapolative purposes with a need for a 
full awareness of the limitations of the approach. 

The combustion rate in turbulent combustion models is 
assumed related to the flame front area and the 
corresponding flame speed. The flame area is determined 
either experimentally or estimated from flow analysis 
considerations. The flame speed is often obtained from 
correlations that are derived either from experimental 
observations or a simple assumed theory. Such approaches 
have also their serious limitations, especially when the 
performance of practical devices such as engines, is 
modeled. 

A third approach to modeling the combustion rate is 
through simulating the chemical reaction activity of the 
system. This can be done to varying degrees of detail 
depending on the objectives of the modeling activity, the 
extent of computational effort that is considered 
acceptable and above all whether the needed information 
about the reaction kinetics of the system is known with 
sufficient reliability. Such a modeling approach can be 
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simplistic which considers hypothesized gross or global 
reactions that proceed during combustion to result in the 
conversion of the fuel-air mixture directly into products 
with the consequent release of energy. Obviously, this 
empirical approach has its serious limitations. The 
alternative is to formulate a comprehensive listing of the 
likely reacting species both stable and unstable and the 
corresponding combinations of sequential elemental 
reactions that may proceed at significant rates. The 
corresponding rate data for all these reactions need to be 
known with sufficient accuracy. This representation of the 
sequence of reactions during combustion should yield not 
only reliable energy release rates but also provide a 
detailed account of the compositioQ of the reactive system 
and its temporal changes. Thus, it is the only approach to 
modeling that can provide reliably information about 
exhaust emissions. Such a detailed modeling becomes 
much too unwieldy, when considering the oxidation 
reactions of most practical fuel systems. Hence, reduced 
kinetic schemes may be formulated that tend to serve as a 
compromise between having fully detailed schemes and 
those of the simple gross type. The reduced formulation of 
kinetic schemes can vary widely in length and 
comprehensiveness depending on the system considered 
and the information required from using the model. Great 
care is equally needed in the derivation, selection and use 
of such abridged schemes. 

Combustion models can be further classified broadly 
according to whether they are zero-dimensional single­
zone or quasi-dimensional multi-zone models. Another 
group of models that is increasing in prominence is multi­
dimensional that incorporate computational fluid 
dynamics, C.F .D. 

Models Based on Energy Release Formulations 
One of the simplest combustion models is the zero­

dimension single-zone approach were the energy release 
is assumed to be time independent with the products of 
combustion in a state of chemical thermodynamic 
equilibrium. The resulting instantaneous bulk energy 
release then can be calculated from thermodynamic 
relations readily. The products are assumed to remain 
either frozen in composition, irrespective of the 
subsequent changes to the system or the Equilibrium State 
is retained. The consequent changes in composition and 
the corresponding bulk energy release determined can be 
determined accordingly. This is a simple approach that 
can be quite useful under some conditions such as those 
for highly reactive mixtures and under high temperature 
conditions. The composition of the products and the 
energy release calculated this way, however, can be 
grossly in error, especially when conditions depart 
significantly from the near-equilibrium state assumed. 
Moreover, during combustion only a partial state of 
equilibrium may be apparent, where some product species 
appear in near equilibrium concentrations while others do 
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not. Obviously, approaches that involve an assumption of 
thermodynamic equilibrium cannot be expected to predict 
well features and properties of time-dependent 
combustion processes. 

An approach to combustion modeling of zero dimension 
single zone systems is through the use of empirically 
based combustion energy release functions that account 
for the gross energy changes due to combustion. This 
modeling approach effectively assumes combustion to be 
equivalent to an external heat transfer process with some 
adjustment made to the composition of the system due to 
the consequent changes in temperature. This approach has 
been used widely with some success in applications where 
sufficient information and experience are available about 
the combustion characteristics of the system and when 
only changes in gross performance parameters such 
temperature and pressure are needed. These heat release 
rate functions can be derived through simple 
thermodynamic analysis of existing experimentally 
obtained temporal variations in pressure or temperature. 
For example Figure (1) shows the energy release rate 
derived from the experimentally obtained pressure 
diagram of an engine operating on an autoigniting 
homogeneous mixture of n-heptane and air [6]. A similar 
approach has been used extensively by the diesel engine 
industry to develop pressure-time records and derive the 
consequent indicated power output and torque [1]. 
However, information about changes in composition due 
to combustion cannot be obtained reliably. Also, the 
charge in diesel engines is neither homogeneous nor has 
uniform properties. Such an approach, in principle, can be 
improved upon when dual or multiple combustion zones 
are assumed during the combustion phase [2]. For 
example, Figure (2) shows for a spark ignition engine the 
rate of burning fuel derived on the basis that the charge at 
any instant during combustion is made up of burned and 
unburned changing in size zones. Such an approach can 
produce a better representation of the energy release rate 
variation due to combustion than single zone models. 
From such information, generalized approaQhes can be 
developed that can represent the assumed temporal 
variation in the energy release due to combustion. These 
can be incorporated into fairly elaborate predictive engine 
performance models [3]. Such approaches have been 
shown to be quite useful in predicting changes in 
performance due to changes in operating and design 
conditions when formulated functions based on extension 
of experience with related practical systems are used. 

Chemical Kinetic Combustion Modeling 
It is assumed that the usual formulations for chemical 

kinetic relations are sufficiently well known that they need 
not be reproduced here. Only a selection of results that 
illustrate the different approaches to combustion modeling 
will be presented with typical examples of their 
applications presented and discussed. 
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Figure (1) Rllta of energy release variation with 
time derived from experimental pressui"HHrne 
record for an engine operating on n-heptane air 
mixtures in the absence of external Ignition [6). 
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maa of fuel bumed and the energy released 
with time for a CFR engine operating on 
methane [10]. 

The reaction rate is commonly represented by the rate of 
change of the molar concentration of a reacting species, 
"i" with time, "dCi/dt". It is directly related to the product 
of the instantaneous concentrations of the species 
involved in the reaction and exponentially dependent on, 
"-EIRT"; where,"E" the activation energy of the 
reaction,"R" universal gas constant and ''T" temperature. 
This relation is applicable strictly only to single step 
elementary reactions. However, mainly for convenience it 
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has been widely applied instead to the entire combustion 
process. A single-step gross overall reaction is assumed to 
take the fuel and oxygen directly to products without due 
regards to the multi-step nature and species of the 
combustion reactions. To have such a relation fit 
experimental observations; suitable empirical constants 
are derived. A resort to such an overall kinetic approach 
is empirical and can provide agreement with experiment 
over only the range of conditions that were used in the 
first instance to obtain the corresponding constants. Its 
application may be only viable for representing the energy 
release rate and changes in the fuel concentration over 
only a narrow range of the progress of reactions, such as 
during the preignition stage. For practical fuels and under 
certain operating conditions, even such a simple and 
approximate relation does not apply. For example, the pre­
ignition reactions of a homogeneous mixture ofn-heptane 
and air during the compression stroke in the absence of a 
deliberate external ignition source in an engine, shown in 
Figure (1 ), produces an apparent gross reaction rate that 
does not follow the Arrehenius format. Instead, it shows a 
multitude of activation energy values with some appearing 
to be even negative [6]. 

Of course, the combustion reactions of fuels in air 
increase in complexity with an increase in the size of the 
fuel molecule. Even for a relatively simple fuel such as 
hydrogen or methane numerous reaction species both 
stable and unstable are formed during the course of the 
reaction. The~ take part in a very large number of 
possible reaction steps. Each has its own rate, which 
varies with the instantaneous concentration of the 
corresponding species taking part and temperature. 
Accordingly, the prediction of the energy release and the 
local temporal changes in the system properties must take 
the rates of these reactions into account collectively. 

There has been much progress in developing 
comprehensive schemes for the oxidation of common 
fuels in air. These vary widely in complexity, detail and 
accuracy. Obviously, when the transient and final 
concentrations of reacting species are required, such as 
often the case when the extent of exhaust emissions needs 
to be established, the use of a suitably comprehensive 
scheme is a must. For example, to consider the oxidation 
reactions of a mixture of common gaseous fuels such as 
that of natural gas, a scheme made up of around 150 
reaction steps were used in predictive models relating to 
natural gas combustion [8]. For a higher hydrocarbon fuel 
such as n-heptane in air significantly larger size schemes 
are needed, especially when wide ranges of temperature, 
equivalence ratio and pressure are to be covered. 

The use of comprehensive reaction schemes in 
predictive models is readily possible for zero-dimension 
single-zone systems. It can be applied often also to two­
zone quasi-dimensional models. However, their 
incorporation in full into multi-dimensional CFD models 
remains a hurdle yet to be overcome. Much effort is 
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expended in this direction with increasing prospects of 
success. 
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Some Examples 
Liu and Karim [9] used a kinetic scheme for the 

oxidation reactions of methane in air made up of 138 
reaction steps and 32 chemical species. They used it to 
predict the autoignition of methane in a variable 
compression ratio engine in the absence of an ignition 
source while considering the mixture to behave as a single 
zone and accounting for the effects of heat transfer and 
residual gases. Figure (3) shows very good agreement 
with the corresponding experimental results of Downs et 
al. [5). Such approaches yield very comprehensive data 
about the concentration changes in the many species 
taking part in the reaction whether stable or unstable. 
Figure ( 4) shows typically for the case of adiabatic 
constant pressure reaction of methane initially at 800K, 
how the peak values of some of the key reactive species 
vary with equivalence ratio [1 0]. Some of these species 
have exceedingly low values while others (e.g. H, OH, 0 
and CH3) do reach substantial concentrations during the 
course of the reaction. The corresponding peak value of 
temperature attained sometime during the reaction, which 
is also shown, can exceed the thermodynamic calculated 
values for rich mixtures. 

Khalil et al. [7] used an extensive scheme of 1966 
reaction steps and 380 species to describe the reactions of 
a higher hydrocarbon fuel such as n-heptane in air. Figure 
(5) shows the complex and changing nature of the 
combustion energy release under isothermal conditions of 
a stoichiometric mixture for a range of temperature values 
reflecting the multi-stage nature of its reaction. This 
cannot be represented adequately by a single gross 
reaction. 

Until recently CFD modeling could not incorporate 
comprehensive detailed kinetics but incorporated mainly 
gross single step reactions. This invariably resulted in 
comprehensively detailed information of the flow 
characteristics while the chemical aspects often remain 
poorly represented. A number of approaches are being 
tried to remedy this situation. For example drastically 
reduced schemes are used. Another approach is to 
essentially decouple the two aspects of the calculation 
such that comprehensively detailed chemical scheme is 
used over a simplified corresponding condition with a 

1•,---------------------------------~ 

-­=--... ~ ... 0 

~~7--~7--7~--~~0~~--~-7--~~--~~ 

LGv1o • ,_!•1 

Figure (5) Variation of the calculated energy 
release rate for n-heptane-alr mixtures for a 
range of temperatures [7). 

zero dimensional system. Then, the results are used in a 
fitting procedure to obtain an apparent gross reaction rate 
functions that are reapplied into the CFD code to produce 
modified results. This way a quasi-combined CFD and 
detailed kinetics modeling is achieved [4]. 

For example, Figure (6) shows predicted pressure time 
development during the compression ignition of a 
H2/02/ Ar stoichiometric mixture both when using a 
single zone modeling with detailed kinetics and CFD 
modeling incorporating the varying activation energy 
function. Significant differences between the results ofthe 
two approaches and the corresponding experiment can be 
seen. These show that further research is needed to 
develop improved combustion models that account 
reliably for both the chemical and physical aspects of 
combustion. 
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ABSTRACI' 
For the efficient usage of energy resources, optimwn design 

and development of new combustors are extremely important 
ParticuJarly, emission and energy efficiency are recently 
becoming very important considerations for our ci-vilization. 

Heating System including this newly developed combustor 
serves to supply wann air and moisture to control atmosphere in 
greenhouse to grow trees, vegetables, flowers etc. We developed 
the high performance combustor (80kw type) adapted fuel-air 
counter flow. With the cylindrical combustor, fuel oil is atomi2rd 
from one side and. bwnps toward counter air supplied from 
anodler opposite side situated near the middle of combustor. 
The combusting flow go through along the periphery of inner 
wall of combustor and exhausts from the annular exit port 
provided at the opposite side of fuel inlet. The distance between 
fuel and air supply ports is very important for heat transfer 
efficiency and stable flame. 

It is confinned experimentally that the combustor attained to 
save I SOlo of fuel numing cost, compared with current fuel-air 
cooical supply combustor. The test was executed for hours from 
midnight to 8 a.m. to control at 14't setting of atmosphere in the 
greenhouse, The combustor design method and evaluation of 
performance are presented accading to experimental data. 

It is also revealed by CFD (Computer Fluid Dynamics) 
results that the periphery wall of the combustor is heated up by 
the high temperature combusting flow and therefore the heat 
~fer rate increased. 

.· · , . . .. .· ~ 
I - - ~------------------------~ : .... .... ... ',, : ' ....... 
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I 
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I 
I 
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F1g. I Heating System arranged in Greenbouse 

NOMENCLATURE 
a area(m1 
Co specific heat (Jimole·ac) 
f( enthalpy (kJ) 
Mi heat fonnation (kJ) 
n, N flow rate (mole/s) 
p pressure (Pa) 
Q heat(kJ) 
R gas constance (Nm/mole· K) 
t, T temperature ~OC), (K) 
V flow rate (m /s) or Volume 
W mass of economizer water 
w mass of vapor production 
Greek Letters 
a heat efficiency 
p combustion efficiency 
"( specific latent heat of water 
l1 perfonnance factor 
a time(sec) 
X molecular fraction 

I. INTRODUCI10N 

~ 
1 start of measurement 
2 final of measurement 
A heavyoil 
air air 
ave average 
B ~yairflow 
C counter air flow 

input 
in duct inlet 
0 output 
out duct outlet 
p wannair 
q economizer 
w water 
res residual 
superscript 
I modification 

Performance of heating system used to keep adequate 
temperature and moisture is very important not only for 
competition of price of product but also environmental problem. 
Generally, fuel and air are issued from dual annular nozzle in 
same direction for current combustors. It is JrObably tbat this 
combustion technology might be adapted in the original design 
without taking into the sufficient consideration such as efficiency 
and emission because of the ease of keeping the stable flames. 
Therefore, it has been thought that there might be the other better 
combustion technology or the improvement of the current 
combustors. However, no other ideas have been proposed up 
to date. 

As venture, one engineer in OBARA FWRA, Co., Ltd., 
tried to bump the fuel into counter airflow. After several 
adjustments, combustion seemed to be emphasized because the 
wann airflow produced from the heating system, circulating in 
the greenhouse, became higher temperature. It was reported to 
our co~ Ochionoseki National College of Technology) for the 
commiss100 to the investigation. This research has been taken 
part to evaluate the combustion efficiency in actual proof for the 
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commission. 
On the swvey, reports for applications such as this heating 

system of combustor adapted the air-fuel counter flow 
combustion technology have never been published to date yet. 
Most of the papers on the basis of COWlter flow flame are 
concentrated on the basic research such as flame structure and 
extinction characteristics etc[1-3]. Therefore, we could not much 
refer the literatures. 

This heating system is usually arranged in the green house as 
shown in Fig. I. Newly developed combustor is 80kW type. 

2. APPARATUS 
Newly developed heating system is shown schematically in 

Fig2, including air-fuel coWlter flow combustor, fun to supply 
warm air and economizer. The parts of the combustor and the 
economizer are respectively shown in Photo.1 and Photo2. 

Cool Air A Cool Air 

Fig.l Heating System with Counter Flow Combustor 

Photo I Air-Fuel Counter Flow Combustor 80 kW type 

Photo l Economizer 

In Fig. 2, the indices 1, 2, 3 and 4 respectively show the 
heater outer wall, combustion chamber, accompany air 
(secondary air) inlet and fuel nozzle. Here, we call the air in 
greenhouse the cool air and the air produced from the heating 
system the warm air. The indices 5, 6, 7, 8 and 9 are respectively 
inner wall of combustor periphery, blowers to supply cool air, 
blast pipe, ring blower and counter air flow supply nozzle. The 
indices 10, 11, 12 and 13 are the support stand, the bwner with 
heavy oil atomizer, main flame and counter air spread The 
index 14 shows radiant heat flux from the flame against the 
periphery inner wall of the combustor. The index 15 is the heat 
transfer surface, which heats the cool air passing through the 
room swroWlded by the combustor periphery outer wall and the 
heater inner wall The index 16 is the exhaust of the produced 
wann air, which go through index 17 (exhaust ducts; diameter 
530mm) and then exhausts to atmosphere of greenhouse to 
control temperature, mixing with the cool air. 

Combustor is cylindrical and the dimension is 500mm 
diameter and 2000mm length. The proper distance between fuel 
inlet and COWlter airflow nozzle is the range from 0.8m to 12m. 
This distance should be carefully adjusted to keep stable flame. 

Cool Air 

Duct 

Wlml~···~····· 16 
:: 

•••• :: t 
";~···~ .53cm 

17 Section A· A' 17 Ace~ Air Inlet Dimcnsion 

Fig. 3 Heating Part of Cool Air and Accompany Air Inlet 

Section A-.N and the detail of the part of the accompany air 
inlet are shown in Fig. 3. The wann air passage is shomt 
schematically with the arrows. Fuel accompany air (Secondary 
air) comes into the combustor through the inlet vent provided at 
the outside of the fuel nozzle device. This accompany air flow 
is important to serve to enhance combustion and keep stable 
flame. 

The index 18 is economizer, which is heat exchanger as 
shown in detail in Fig.4. This serves to efficiently produce 
vapor from water heated by flue gas to give moisture to 
atmosphere in greenhouse. This device is constructed of pipe of 
20 pieces of 50mm diameter tube. Index 19 is fun to blow an 
air to water surfiK:e to enhance the production of the vapor 
amount 

3. Theory 

3.1 Material Balance Equations 
Material balance block diagram is shown in Fig. 5. Here, we 

name this fuel oil "A", of which composition is Wlcertain. If 
fuel nA mole, accompany airflow 11a mole, counter airflow 11c 
mole and flue gas no mole are respectively given, the material 
balance is as follows. 
Reaction equation 

C tsHJS( 1)+(55/2)02(g)-19H20(g)+l8COig) (1) 
Here, heavy oil fonnula is assumed C 1sH• 
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inaccuracy of these approximate relations to the precise ones is 
negligible (in comparison with experimental setting of 
parameters k,n of a power-law model), these approximate 
relations do not include the parameter A and with respect to 
their accuracy provide functional dependence of entry 
parameters in the resulting expression between flow rate and 
pressure gradient. 

b) helical case 
Rivlin [10], and Coleman and Noll [11] ranged among 

first who derived balance equations for the case of the rotating 
inner cylinder. A series of authors published papers dealing 
with various constitutive equations and experimental set-ups -
e.g. Tanner [12,13], Dierckes and Showalter [14], Rea and 
Showalter [15], Righi and Galili [16], Winter [17], Wronski 
and Jastrebski [18,19], Garcia-Ramirez and Isayev [20], Dostal 
et al. [21]. This contribution shows that quasisimilarity 
behaviour described for non-helical case is possible to derive 
also for the helical one. Quasisimilarity analysis will be used to 
determination of the relation flow rate-pressure drop-torque. 

PROBLEM FORMULATION 
In the following we consider steady laminar isothermal 

helical flow of incompressible power-law fluids through a 
concentric annulus. We suppose that the outer cylinder is 
stationary, the inner one rotates under exerting of a constant 
torque M. The end effects are neglected, fluid is ejected into 
the annulus in the axial direction (purely axial pressure force). 

Denoting velocity components 

(1) 

we can formulate balance equations in the form 

dTrz 1 dTr; 2 Op 2 
-+-·T =P -+-·T.~. =0 -=-prW (r) 
dr r rz ' dr r r'l' ' ar 

(2) 

where 

P= 8p(r,z) = p(r,L)-p(r,O) <O 
az L 

(3) 

Boundary conditions fulftl 

U(KR) = 0, U(R) = 0, W(KR) = n, W(R) = 0 (4) 

Rate of strain tensor D and shear stress tensor T 

0 r dW dU 0 Tr; Trz dr dr 
D= r dW 

dr 0 0 
' T= Tr; 0 0 (5) 

dU 0 0 Trz 0 0 dr 

are related through the power-law model ('1 denotes viscosity) 

1 I n-1 

D = - · T 17 = k-;; ·(II ) 2n II = T 2 + T 2 

17 
' T ' T r; rz (6) 

The quasisimilarity solution will be derived in three 
consequent steps: derivation of a dimensional solution, its 
transformation to a non-dimensional fonn, and fmally 
application of suitable scales to the resulting relations 
(obtaining of the 'universal' proftles). 

First step 
The solution is of the form 

Pr C2 C1 T =-+- T; =-
rz 2 r ' r r2 

where 

R -2i-5 

F;(r) = f~ir, 1; = F;(KR) (i = 1,2,3,4) 
r 17(r) 

(7) 

(8) 

(9) 

(10) 

(11) 

Consequently we obtain the relations for axial flow rate and 
torque 

Q = - nP . (J - JJ J 
2 4 12 

(12) 

Second step 
To obtain dimensionless quantities we use the following 

coefficients to which the dimensionless transformations are 
related 

physical coefficient unit dimensionless 
quantity quantity 
r,z,L R m ~.s,l 

Trq>• Trz -PR/2 (=H) Pa t~<P· t~~ 
u k 110.R.H110 rns-' u 

W,--0 k'ln. Hl/n s-' w,ro 

Q k"n.R3. Hlln mjs- 1 q 

'1 k''n. HI-lin Pa.s TJ* 
M Rj.H Nm m 

Jb Fi k"n.R. H-1+1m N-'m:z'-:zs-' jj, fi 
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From above we derive the non-dimensional form of the 
solution 

(13) 

(14) 

u(~) = /3 -.A? · /2' w(~) = P · ft (~), {J) = P ·it (15) 

where 

(16) 

(17) 

The relations for dimensionless axial flow rate and torque are 
ofthe form 

(18) 

Third step 
The answer to a question how to obtain suitable scales 

transforming the dimensionless solutions for various entry 
parameters to a unique one is given by behaviour of the whole 
problem for the two limiting cases of a parameter ~: ~~0 and 
~~00. 

a) case ~~0 (vanishing influence of rotation) 
In this case we obtain 

1m (( 2 \1+! t-1 ( \I+!) q~qo = 1+3n. 1-A. J II -K II • .A? -K2 J II ,{J)~o 

(19) 
where 

I l-11 

i,· ~ f): 2(i-2)-~ . ({ 12 -]: 2 \2 )2,;" d): ~ 0, \IL 0, } 0, (i = 1,2,3,4) (20) 

The relation for q0 was derived by Hanks and Larsen [2]. 

b) case ~~oo (prevailing influence of rotation) 
From the relations obtained in the second step it follows that 

where 

1-11 I l I\ 3 1-11 

}; ~ P " · ~ ~-;;r d~ = P7 ·a,. (' 12 3 4) J" ., l = ' ' ' . (22) 
K 

n -~ -5 
1.0 
0.8 
0.65 

'-' 
b() 

.s 

-II 

0.5 

0.35 

-t---r----r---r--,.----,~--...--..1.... 0.2 

0.2 0.4 0.6 
K 

0.8 1.0 

Figure 1: Dependence of q0 on entry parameters n,K. 
(individual curves correspond to values ofn consecutively 

from top to bottom- as in Figs.2,3) 

~ -1.25 
ca. 
eo 
.s -1.50 

-1.75 

-2.00 

-2.25-+-.,--~-r----,,....----..---.-----

0.2 0.4 0.6 0.8 1.0 
K 

Figure 2: Dependence of ~0 on entry parameters n,K. 

The relations for q0, q.., determine in the plots log( q) 
against log(~) two asymptotic straight lines intersecting at the 

point ( q0, ~0) where 

(23) 
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(24) 

These three quantities q0, ro0, ~0 represent the scales that enable 
to introduce the resulting transformations 

(25) 

-1 

n 
~3 

-- 1.0 
0 

8 
-5 0.8 ';j) 

..2 0.65 

-7 0.5 

0.35 
-9 

0.2 
-II 

0.2 0.4 0.6 0.8 1.0 
K 

Figure 3: Dependence of ro0 on entry parameters n,K. 

0.0100 

0.0075 

0.0050 
~ 
0" .._, 
bl) 

..2 
0.0025 

0.0000 

-0.0025 

-2.0 -1.5 -1.0 -0.5 
log(pr) 

Figure 4: Dependence of qr on n, ~r· 

From above it follows that in the coordinate system 
log( qr) - log(~r ) - log( ror) there exist two asymptotic planes 
given by the relations 

lim ( q' . fJ' ) = 1 ~ log( q, ) + log(fJ, ) -log( W, ) = 0 
p,~o w, 

(26) 
lim(log(q,))=O . (27) 
p,~o 

It is evident that the straight line given by the intersection of 
these asymptotic planes represents all Newtonian cases. 
Moreover, and this is substantial for the whoie quasisirnilarity 
analysis, neither plane depends on flow behaviour index n and 
aspect ratio K or any other entry parameters. This implies that it 
is possible to determine approximate resulting values of the 
whole problem from the following Figs.l-5 (where the value 
K=0.99 was taken as a basis for a 'universal' profile). From the 
entry parameters we obtain the values q0, ro0, ~0, consequently 
the values qn <Or, and from the above Table the resulting fmal 
values (as e.g. flow rate Q). If we restrict the quasisirnilarity 
region by the conditions 

K ~ 0.4 , n ~ 0.2 (28) 

then the inaccuracy of the approximate solution from the 
precise one does not exceed 2%. 

n 0.2 0.35 0.5 
1.00 

0.65 

0.75 0.8 

0.50 1.0 
K=0.99 

0.25 
~ 

3, 0.00 00 
..8 

-0.25 

-0.50 

-0.75 

-1.00 

-1.00 -0.75 -0.50 -0.25 0.00 0.25 0.50 
log(pr) 

Figure 5: Dependence of <Or on n, ~r· 

CONCLUSIONS 
Quasisimilarity of the problem studied enables 

determination of sufficiently precise solution flow rate-pressure 
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drop-torque in the broad region of entry parameters. This 
approach fully eliminates any n~erical calculations and the 
results are immediately at hand usmg a few graphs depicting 
the individual transformations. 
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ABSTRACT 
Experimental program for studying influence of parameters 

adjustable for hydraulic descaling by flat-water jet was 
prepared. Experimental work was concentrated on the study of 
descaling in relation to heat transfer. Influence of inclination 
angle and water pressure on heat transfer is discussed in this 
paper. The experimental work obtained physically realistic 
description of the mechanism of the heat transfer processes 
while removing oxides from the steel surface by high-pressure 
water jets. Heat transfer is described by heat transfer 
coefficients and by heat flux distribution. The knowledge of the 
boundary conditions allows using the numerical models for the 
computation of material temperature fields during descaling, the 
computation of heat losses and thermal stresses caused by high­
pressure spraying. 

INTRODUCTION 
Hydraulic descaling is the process of removing oxides layer 

from a hot (typically steel) surface using high-pressure water 
jet. This process is essential in the hot rolling. Quality of 
descaling can strongly influenced final quality of rolled surface. 
The scale is formed during heating in a furnace (primary scale) 
and during rolling process (secondary scale). Both types of 
scale must be removed before entering rolls. High-energy water 
beam has two effects on a scale layer. The first one is a 
relatively intensive thermal shock depending on a set of 
parameters (water pressure, nozzle type, distance from the 
surface, inclination angle, speed of product moving). The 
second effect is mechanical caused by impingement pressure. 
There is no acceptable answer to the question - which effect is 
dominant? A suitable numerical model could give the answer to 
this question. Realistically working numerical model needs 
realistic boundary conditions. The knowledge of heat transfer 

coefficient (HTC) distribution and impingement pressure (IP) 
distribution is necessary. 

EXPERIMENTS 
The experimental conditions were prepared in the way, 

which is as close as possible to the real mill conditions. There 
are two basic conditions, which should be kept. The first is the 
initial temperature of tested sample and the second is the speed 
of sample motion. Speed is very sensitive parameter and should 
be kept with very good repeatability. A special experimental 
stand was developed for these tests. 

EXPERIMENTAL STAND 
The experimental stand was built to study the cooling of 

linearly moving objects. A six-meter-long girder carrying a 
movable trolley and a driving mechanism (Fig. I) forms the 
basic part of the experimental device. An electronic device 
measuring the instant position of the trolley is embedded in the 
trolley. The driving mechanism consists of an electric motor 
controlled by a programmable unit, a gearbox, two rollers and a 
hauling rope. The girder is divided into three sections. The 
marginal sections are used for the trolley's acceleration or 
deceleration. The velocity of the trolley is constant in the mid­
section and it is here where the spray nozzles quench the 
measured sample. The experimental process can be seen at 
Photos 1 and 2. 

PROCEDURE OF THE EXPERIMENT 
• An electric furnace (heater) heats the test plate to an initial 

temperature of the experiment, (950°C was used here). 
• The plunger water pump is switched on and the pressure is 

adjusted. 
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I. cooling medium supply 
2. pressure gauge 
3. nozzle 
4. moving deflector 
5. manifold 
6. tested sample 
Fi2ure 1: Priocioal scheme of the linear test bench 

A driving mechanism moves the test plate under the spray. 
After recovering the temperature field in the plate, the 
movement of the plate under the spray is repeated. 

• The sensor measures the temperature in nozzle axis 
position at a depth of 1 mm from the cooled surface and the 
temperature is recorded with a sampling frequency of 100 
Hz. 

• The positions of the test plate and the sensors (in the 
direction of movement) are recorded together with the 
temperature values. The record of instant positions is used 
for computation of instant velocities while moving under 
the spray. 

A speed of 1 m/s was used for all experiments mentioned in this 
paper. 

EXPERIMENTAL PROGRAM 
High-pressure nozzles with flat-jet sprays were used for the 

experiments. The results published here are for the nozzle with 
a spray angle of30° and a water flow of0.75 Vs at 100 bar. The 
experiments were conducted for different pressures and the 
inclination angle at constant distances of 150 mm of the nozzle 
from the quenched surface. 

Figure 2 shows schematically the tilting of the nozzle when 
studying the inclination angle. 

The research program covers the angles from +30° to -30°, 
While the typical inclination, used in industry, is small and 
positive. The pressures used for experiments cover the range 
from 90 bar to 450 bar. 

7. moving trolley 
8. data logger 
9. roller 
10. electric motor 
11. hauling steel wire rope 
12. girder 

Inclination 
angle P +W +1~ +s• o• .s- -ts- ..JCr 

1 m/s 

Figure 2: Scheme of nozzle positions 

EXPERIMENT EVALUATION 
The pass under the nozzle causes temperature drop in 

the material sample that is indicated by temperature sensor. An 
example of temperature record is plotted in Fig. 3. This 
information together with material properties and calibration 
characteristics of temperature sensor is used as input of inverse 
heat conduction task [3]. The results of computation are surface 
temperature, heat flux and heat transfer coefficient An example 
of inverse computation output is in Fig. 3 (surface temperature) 
and Fig. 4 (HTC). 

1016 

Digitised by the University of Pretoria, Library Services, 2015



-.. 1--~T I 

~-

J: AT -----,.,-
,,;·" - / 

/ -.. - - - -,._...,H 

Fipre 3: Measured and computed temperatUre drop -one path 
under the nozzle 

The surface temperature drop & T under the jet was 
used as one of the parameters for comparing particular 
experiments. This was obtained as a difference between the 
temperature at the beginning of contact with spray and the 
lowest temperature after the spray (see Fig. 3). 

- -........ l.f 

Fipre 4: Computed HTC 

- -
Previous experience from experimental work shows 

that description of heat transfer must not be reduced to a single 
parameter - maximum of the heat transfer coefficient. The 
space distribution of HTC is important If one parameter is 
necessary, the mean integral value of heat transfer coefficient is 
used. HTC history curve is integrated in the impact area and the 
mean value HTc- is computed. 

INFLUENCE OF NOZZLE INCUNATION 
Two computed parameters are used for investigation of 

inclination angle influence - temperature drops on the surface 
&T and HTC mean integral value HTc-. The relative values 
are plotted in Fig.S. The reference value of 1000/t is for 
inclination angle 0°. 

1tl - l+:r-1 -
l* .. -... 

~: 
• 
• 
• 
• .. .. .. ... • • • • • lnciMIIan ,...lcllll 

Figure S: Influence of inclination angle 

INFLUENCE OF WATER PRESSURE 
Significant influence of water pressure on heat transfer 

intensity was expected. The minimum used pressure was 90 bar. 
This value is taken as reference for re-computation of cooling 
characteristics. The results are summarised in Fig.6. 

-.. - ,. -- - -Wlarprweurep..I'J 

Figure 6: Influence of water pressure 

a ... IIIII 

MATHEMATICAL PROCEDURE FOR DATA 
GENERALISATION 

The objective of the mathematical reduction of data 
was to obtain function HTC = f(x, t) where x represents the 
position and t represents the surface temperature. The following 
formula satisfies these demands: 

1017 

(x-.u)2 

HI'C(x, t) = 6(t) e- 2o-2 (t) -I (1) 

Digitised by the University of Pretoria, Library Services, 2015



(x-p)2 

2a2(t) 
The Gaussian function e is used because of the 

high similarity to the computed data (see Fig.4) and the easy 
geometrical interpretation of coefficients o and JL As the shape 
of the function is asymmetrical to the impingement point p the 
o(t) function is defined separately for x < p and x l!. JL 
Function b(t) represents the maximum values of the HTC for 
surface temperature t. This function is important especially 
when the approximation function is used for a wide temperature 
range. It is expressed by formula 

a-b a+b 
8(t) =-arctg c(t-d)+-

1r 2 
(2) 

Value a represents the maximum value of HTC for 
very low temperatures, value b represents the maximum value 
of HTC for very high temperatures. Value c represents the 

minimum value of the derivative da/dt. Valued represents 
temperature in which the minimum value of derivative is found, 
i.e. the temperature in which the highest decrease of the 
maximum HTC value is effected. The coefficient I in formula 
(I) is used to compensate the heat radiation. The value p in 
formula ( 1) represents the position of the impingement point 
and it may be set to zero by defining the co-ordinate origin on 
the x-axis. The major advantage of the above numerical 
approximation is that it reduces the enormous number of data in 
the files to eight coefficients. Formula (1, 2) is easy to use in the 
numerical models. 

CONCLUSION 
The experimentally based study of water pressure and 

nozzle angle inclination on heat transfer intensity in water jet 
descaling process is presented. The experiments were 
conducted for one nozzle type and fixed speed of descaled 
surface 1 m/s. 

The part of study, aimed to the influence of an 
inclination angle, showed small sensitivity of local values ?~the 
heat transfer coefficient to the impact angle. Non-negl1gtble 
changes in heat transfer intensity were found for large 
inclination of +30° and -30°. 

It should be stressed that the study of surface quality 
after descaling shows a significant role of the inclination of the 
nozzle. In the other words: Small sensitivity of local values of 
the heat transfer coefficient to the inclination does not mean 
small sensitivity of the quality of descaling to the inclination .. 

The pressure results, a related part of our study, gtve 
quantitative information on grows of the intensity of heat 
transfer with the growing pressure of descaling. 

The generalisation formula for HTC data was 
designed. This formula can be used in the numerical models as 
a temperature boundary condition. 

Photo 1: Hot test plate before experiment 

Photo 2: Test plate passing water jet 
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ABSTRACT 
The purpose of this paper is to numerically analyze the 

three-dimensional heat conduction in a built-in motorized high­
speed spindle with helical water cooling. The effects of 
different heat sources (q = 60 w, 120 w and 240 w), cooling 
water flow rate (0.4 Llmin, 0.8 Llmin and 1.2 Llmin) and 
free convection heat transfer coefficient in atmosphere 
(h = 5 W/m2 °C, IO W/m2 °C and 20 W/m2 0C) on the 
temperature distribution are examined in detail. The numerical 
results indicate that without cooling liquid, the highest 
temperature of the spindle could be increased up to about 
2I2 °C. The cooling liquid removes most of the heat produced 
by the motor. Even though the free convection heat transfer 
coefficient is increased up to 4 times, the temperature 
difference of the spindle is just within I °C only. 

INTRODUCTION 
High speed machining increases productivity and reduces 

production cost, and has been attracting interests of engineers 
for many years. Recently, the high-speed spindles are usually 
equipped with built-in motor, so that power transmission 
devices such as belts and gears are eliminated. However, the 
increase of the spindle also incurs adverse effects such as noise, 
chattering and heat generation of spindle bearing systems [I]. 
Therefore, how to solve the thermal behavior in a built-in 
motorized high spindle is becoming a very important topic. 

Boss manns and Tu [2, 3] presented a power flow mode for 
a more complete thermo-mechanical model of high-speed 
motorized spindles. This power flow model accounts for all 
major heat sources within the spindle system, such as (1) heat 
generation by angular contact ball bearings (2) heat generation 
by the electric motor (2) heat generation due to viscosity shear 
of air by the rotating components of the spindle. Later, Stein 
and Tu [4] proposed a dynamic mathematical model of the 
spindle system, which can be used as part of a model-based 

monitoring system for estimating the spindle bearing preload. 
The model is derived from physical laws of heat transfer and 
thermo-elasticity. 

The purpose of the paper is to analyze the heat transfer in 
a built'-in motorized high-speed spindle with helical water­
cooling channel as shown in Figure I. The spindle has a 
special bearing with 5-25 11m high-pressure gas layer between 
spindle and bearing. The temperature distributions for different 
values of heat sources, cooling water flow rate and free 
convection heat transfer coefficient are examined. 

MATHEMATICAL ANALYSIS 
Figure 2 is the physical model of the built-in motorized 

spindle with helical rectangular water-cooling channel. The 
heat generated per volume by the motor q is distributed in the 
middle of the inner housing with length 30 mm. The spindle is 
operated in an air-conditioned environment at temperature 
T"" = 20 °C. Therefore, the heat is removed both by the force 
convection of cooling water with convective heat transfer 
coefficient hw and the natural convection of ambient air with 
convective heat transfer coefficien ha. The following 
assumptions simplify the analysis: 

I. The heat conduction is steady state. 
2. The thermal conductivities k of the inner walls (material is 

copper, k = 386 W/m 0 C) and outer walls (material is AISI 
302, k = I6.3 W/m 0C) are isotropic and temperature 
independent. 

3. The radiation effect is neglected. 
4. Both the convective heat transfer coefficient of hw and ha 

are uniform over the solid surfaces. 

Then the three-dimensional heat conduction using cylindrical 
coordinates ( r • ' • z ) is as follows: 

1019 

JJI 

Digitised by the University of Pretoria, Library Services, 2015



The corresponding boundary conditions are 
1. At the inner walls with the heat source supplied, 

ar 
-ka;;=q (2) 

2. At the inner walls with no heat source, the adiabatic 
boundary condition is-assumed. 

3. At the surfaces of the helical water channel, 

-k: = hw(T- Tw) (
3
) 

where T w is the water temperature inside the helical channel, 
which is set to be 17 °C in the present study. 
4. At the outer walls, 

-k: =h0 (T-T0 ) (4) 

The forced convection heat transfer coefficient in the 
helical rectangular channel can be estimated from the 
experimental formula obtained by Abadzic [5]: 

Nu = 0.332(Re)0
·
6 (Pr)036 (5) 

where Nu (Nu = hwDtlk) is Nusselt Number, Pr is the Prandtl 
Number of the cooling liquid (for water Pr = 5.38 )and Re is 
the Reynolds number based on the hydraulic diameter. 

NUMERICAL METHODS: 
The governing equation ( 1) together with the boundary 

conditions were solved numerically. The three-dimensional 
elliptic partial differential equations are expressed in the finite 
difference forms by a second-order central difference scheme. 
The grid inside the computational domain was made by the 
elliptic generation methods. The whole grid system was 
divided into 3 blocks by the multi-block method. Figure 3 
outlines the computational mesh used in this investigation, and 
the total number of grid points is approximately 48,103. 
Computations were performed on a Pentium III 700 personal 
computer and typical CPU times were 8-10 hours for each 
case. 

RESULTS AND DISCUSSIONS 
Figure 4 shows the temperature distribution of the spindle 

with heat source 120 W and no cooling water flowing in the 
channeL The heat dissipated is only by the natural convection 
with convective heat transfer coefficient ha = 5 W /m2 °C. It is 
seen that without cooling liquid, the highest temperature of the 
spindle could be increased up to about 212 °C. Figures 5 and 6 
illustrate the temperature distribution of the spindle with heat 
source 120 W and 240 W, respectively, with cooling water 
volume flow rate FR = 0.8 Llmin and ha = 5 W/m2°C. It is 
noted that for a flow rate FR = 0.8 Llmin, the corresponding 
velocity and convective heat transfer coefficient are V = 0.475 

rnls and hw = 7143 W/m2 °C, respectively. It is seen that the 
maximum temperatures are reduced significantly with helical 
water-cooling. In addition, the hot spots are almost 
concentrated near the center of the spindle. This is due to the 
fact that the wall thickness of the spindle is very thin compared 
to the spindle length. Thus, most of the heat is conduced along 
the radial direction compared with the axial direction. The 
temperature contour of the spindle with heat source 120W and 
cooling water flow rate 0.4Limin (V= 0.238 rnls, hw = 4724 
W/m2 0 C) and ha = 5 W/m2 °C is presented in Figure 7. One 
can see that the maximum temperature is increased slightly due 
to the decrease of the water flow rate from 0.8 Llmin to 0.4 
Lim in. 

Figure 8 shows the variation of the averaged temperature 
along the axial direction with different values of heat source 
(q = 60 W, 120 W and 240 W) with FR = 0.8 Llmin and 
ha = 5 W/m2 °C. As expectedly, the temperature of the spindle 
is higher as the heat source is increased. Since The maximum 
temperature is less than 25°C even for q = 240 W, the present 
helical water cooling channel is a very efficient heat sink. 
Figure 9 presents the variation of the averaged temperature 
along the axial direction with different values of water flow 
rate (FR= 0.4, 0.8 and 1.2 Llmin) with q = 120 W and ha = 5 
W/m2 °C. For FR = 1.2 Llmin, the corresponding velocity and 
convective heat transfer coefficient are V = 0.95 rn/s and hw = 

10853 W/m2 °C, respectively. The maximum temperature is 
reduced as the water flow rate is increased. Finally, Figure lO 
illustrates the variation of the averaged temperature along the 
axial direction with different values of free convection 
coefficient (ha = 5, 10 and 20 W/m2 0C) with q = 120 Wand 
FR = 0.8 Llmin. The numerical results indicate that even 
though the free convection heat transfer coefficient is increased 
up to 4 times (from ha = 5 to 20 W/m2 0 C) the temperature 
difference of the spindle is just within 1 °C. This confirms that 
most of heat is removed by the cooling water. 

CONCLUSIONS 
This paper presented the three-dimensional heat 

conduction in a built-in motorized high-speed spindle with 
force convection of cooling water and the natural convection of 
ambient air. The temperature distributions for different values 
of heat sources, cooling water flow rate and free convection 
heat transfer coefficient are shown. It is demonstrated that the 
hot spots are almost concentrated near the center of the spindle, 
and without cooling liquid, the highest temperature of the 
spindle could be increased up to about 212 °C. The 
temperatures rise can be reduced significantly with helical 
water-cooling. In addition, even though the free convection 
heat transfer coefficient is increased up to 4 times, the 
temperature difference of the spindle is just within I °C 
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Figure 1: The built-in motorized high-speed spindle 
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Figure 2: The physical model of the built-in motorized spindle with helical water-cooling channel 
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Figure 3: The computational grid system 
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Figure 4: The temperature distribution with heat source 120W and no cooling liquid 
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Figure 5: The temperature distribution with heat source 120W and cooling liquid 0.8Limin 
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Figure 6: The temperature distribution with heat source 240W and cooling liquid 0.8Limin 
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Figure 7: The temperature distribution with heat source 120W and cooling liquid 0.4Limin 
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ABSTRACT 
This work quantitatively studies dynamic electrical 

resistance during resistance spot welding. A determination of 
dynamic resistance is necessary for predicting the transport 
processes and monitoring the weld quality during resistance 
spot welding. In this study, dynamic resistance is obtained by 
taking the sum of temperature-dependent bulk resistance of the 
workpieces and contact resistances at the faying surface and 
electrode-workpiece interface within an effective area 
corresponding to the electrode tip where welding current 
primarily flows. A contact resistance is composed of 
constriction and film resistances, which are functions of 
hardness, temperature, electrode force, and surface condition. 
The temperature is determined from the previous study in 
predicting unsteady, axisymmetric mass, momentum, heat, 
species transport, and magnetic field intensity with a mushy­
zone phase change in workpieces, and temperature and magnetic 
fields in the electrodes of different geometries. The predicted 
nugget thickness and dynamic resistance versus time show 
quite good agreement with available experimental data. 
Excluding expulsion, the dynamic resistance curve can be 
divided into four stages. A rapid decrease of dynamic resistance 
in stage I is attributed to decreases in contact resistances at the 
faying surface and electrode-workpiece interface. In stage 2, the 
increase in dynamic resistance results from the primary increase 
of bulk resistance in the workpieces and an increase of the sum 
of contact resistances at the faying surface and electrode­
workpiece interface. Dynamic resistance in stage 3 decreases, 
because increasing rate of bulk resistance in the workpieces and 
contact resistances decrease. In stage 4 the decrease of dynamic 
resistance is mainly due to the formation of the molten nugget 
at the faying surface. 

INTRODUCTION 
Resistance spot welding has been widely used in joining 

thin workpieces due to its light weight and easy manufacturing. 
Water-cooled copper electrodes apply a load to squeeze the 
workpieces. In addition to produce an intimate contact between 
workpieces to allow the current to flow, the electrode force also 
serves to break up any surface oxides or films on the faying 
surface. A voltage is applied across the ends of electrodes. In 
view of the induced current flow, electrical contact resistance at 
the faying surface results in the greatest heat generation and 
temperature near the interface. Melting begins at the faying 
surface either in the center of the contact patch or near the 
periphery. The molten nugget grows until current flow is 

terminated. The electrode force continues to be applied until 
cooling has been finished. 

Evidently, electrical resistance is the most important factor 
affecting resistance spot welding. A rigorous study of electrical 
resistance is necessary not only for an understanding but also 
for a monitoring of the process to obtain good weld quality 
[1,2]. Aside from studying static electrical resistance affected by 
different electrode forces and workpieces in different 
thicknesses, Roberts [3] experimentally found that dynamic 
resistance cannot be considered as a constant during resistance 
spot welding. The dynamic resistance was equal to the sum of 
the bulk resistance of the two workpieces, and contact 
resistances at the faying surface and two electrode-workpiece 
interfaces. An initial drop of dynamic resistance was attributed 
to the rupture of the surface film. After the initial breakdown of 
contact resistance, the resistance increased slightly with time in 
welding aluminum using cleaned electrode tips, while the 
resistance tended to decrease in welding stainless steel and 
aluminum with contaminated electrodes. Dynamic resistance 
curves for welding low-carbon steel showed an increase and 
subsequent decrease after the breakdown of contact resistance. 
The rise in dynamic resistance after the breakdown of contact 
resistance was proposed to be due to the heating of the 
workpiece, and the subsequent fall after the maximum resistance 
has been reached may be attributed to two causes; the growth of 
the nugget diameter and the increasing penetration of the 
electrodes into the workpiece. Both produced increasing current 
carrying areas. At a given instant, the greater the welding 
current, the lower the resistance. 

Bhattacharya and Andrews [4] obtained the similar dynamic 
resistance curve to monitor the quality of spot welds in mild 
steel, stainless steel and aluminum. In welding mild steel, the 
initial steep fall was followed by a trough and a distinct pea~. 
Neither aluminum nor stainless steel showed this peak. Dynamic 
resistance can be divided into three stages. The decrease of 
d)'llamic resistance in Region I was due to the breakdown of 
contact insulation or fritting; in Region II the increase of 
dynamic resistance was attributed to the temperature coefficient 
of constriction resistance [5]; the diminishing dynamic 
resistance in Region Ill resulted from the growth of fused 
metallic bond. They proposed a detailed interpretation by using 
concepts of softening and melting voltages. In contrast to 
stainless steel and aluminum alloy and many other materials, 
the dynamic resistance curve for mild steel permitted correlation 
with nugget growth and offered a means of monitoring weld 
quality. 
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Savage et al. [6] extensively measured dynamic resistance 
curves for different welding currents, electrode forces, and 
material combinations of uncoated and galvanized auto-body 
steels with degreased or pickled surface conditions. The shape 
of the dynamic resistance curve differed markedly with the 
surface conditions and different material combinations. The 
typical dynamic resistance curves of steel-to-steel welds made 
from as-received stock agreed with the curves presented by 
Roberts [3]. Expulsion was found to occur for high welding 
current and time. If the nugget grows to a size such that it can 
no longer be contained by the surrounding solid metal under 
the compressive ele_ctrode force, expulsion will occur. The 
dynamic resistance curve of the plain carbon AK material 
interpreted by Dickinson et al. [7] can also be divided into five 
stages. Stage I reflects the breakdown of insulating layers or 
fritting . The contacts then become workpiece-workpiece 
contacts. In Stage II, contact resistance at the faying surface 
decreases due to the competition between the softening of 
contact spots and increases of bulk resistances in the surface 
film and workpieces with temperature. The increase of dynamic 
resistance in Stage III results from an increase of resistivity with 
temperature. The end of this stage corresponds to the local 
melting beginning to occur at the contact spots. Dynamic 
resistance in Stage IV results from a competition between the 
increased resistivity of bulk workpieces and decreased contact 
resistance at the faying surface from additional melting and 
softening. Stage V shows that contact resistance at the faying 
surface decreases due to the growth of the molten nugget and 
mechanical collapse. Variables including current level, electrode 
force, and material being welded can cause significant variations 
in the shape of the dynamic resistance curve. 

Dynamic resistance is usually calculated by dividing the 
weld voltage by current. Most investigations measured the 
dynamic impedance rather than resistance, because a phase shift 
existed between voltage and current. At a small phase shift 
which is a function of resistance of the load and inductance, the 
impedance and resistance are nearly equivalent. ro avoid the 
error induced' by inductance, only one data point of dynamic 
resistance is available per half cycle. Applying a method to 
reduce the discrepancy, Gedeon and Eagar [8] and Gedeon et al. 
[9] found that the generalized dynamic resistance curve can be 
divided into four, six or eight stages depending on if the steels 
were uncoated, galvannealed , or hot-dipped. Weld quality thus 
can be more successfully monitored by using multiple sensors 
simultaneously measuring dynamic resistance, voltage, current, 
and electrode displacement. 

Evidently, a quantitative and theoretical interpretation of 
the complicated dynamic resistance curve is needed to clarify 
the observed results. Holm [I 0] first pointed out that a 
constriction resistance will arise when current flows from one 
conductor of infinite extent to another through a finite area of 
perfect electrical contact. For a clean metal contact the contact 
resistance is simply a constriction resistances. If a film is 
present, the contact resistance consists of the constriction and 
film resistance. Greenwood [II] derived a general equation to 
find the constriction resistance of a cluster of contact spots. It 
was shown that the resistance may be regarded as the sum of the 
parallel resistance of contact spots. Although the theoretical 
analysis has been provided for a long time, a rigorous 
determination associated with experimental validification 
during resistance spot welding has not been found yet. This 
becomes the objective in this work. 

In this study, a model including constriction and film 
resistances to determine dynamic resistance affected by 
hardness, temperature, electrode force, and surface conditions 
during resistance spot welding is presented [12]. Th~ predicted 
results with the temperature obtained from the prevtous study 
[13] are compared with available experimental data. The 

significance and mechanism of dynamic resistance together with 
bulk and contact resistances therefore are revealed. 

NOMENCLATURE 

E* roRoGiiq 

Ef Ef /To 

g volume fraction 
Hv hardness 

I welding current, amp 

e , e 1 , e2 , length, as illustrated in Fig. I 

e3 , e4 
Lo I2

Jl()ll!f /ppf 
n total number of contact spots 

Pr m magnetic Prandtl number = ii f ;ap 

R r resistance 

Rd dynamic resistance, Rd = Rd /Ro 

ro electrode radius, as illustrated in Fig. 

Ro electrical contact resistance at faying surface at To 

s film thickness 
W electrode force 

B nugget thickness 

Ef effective thickness of heat source at faying 

surface, m 
Tip magnetic diffusivity of liquid 

cr electrical conductivity, cr =Oioliq =gp +gscrsol 

I: apiip ;r5hr 

time, t = taQ lr6 
Superfcript 

Subscript 

E 
e ,liq 

s,sol 
w 
0 

dimensional quantity 

electrode 
liquid and liquidus 

solid an~ solidus 
water or coolant 
ambient 

SYSTEM MODEL AND ANALYSIS 
Resistance spot welding is accomplished by the heat 

generated from temperature-dependent electrical contact 
resistance at the faying surface. Temperatures are obtained by 
solving axisymmetric, unsteady equations of mass, momentum, 
energy, species, and magnetic field intensity in the workpieces 
and electrodes [12,13]. Modeling electrical contact resistance is 
described as follows: 

Electrical contact resistance. A local electrical contact 
resistance at the faying surface or electrode-workpiece interface 
can be simulated by 

R __ l_+ __ s_ 
c- 2aet 7t a2 etf 

(1) 

where the first and last terms on the right-hand side represent 
constriction and film resistances, respectively [10]. Each 
contact spot is considered as a circle with an effective radius 

(2) 

1026 

Digitised by the University of Pretoria, Library Services, 2015



which shows that the size of a contact spot is a function of 
electrode force, hardness, and the total number of contact spots 
[10, 11, 14]. Temperature-dependent hardness indicates that 
contact area increases with time. In view of temperature­
dependent electrical properties and hardness, the model 
presented by Eqs. (1) and (2) involves transient coupling 
between thermal-mechanical effects. In this work, the 
distribution of contact spots is considered to be uniform and 
the number of contact spots remains the same during the 

welding process. Considering a load W = 3000 N, hardness Av 

= 5x109 N/m2 and choosing the number of contact spots n1 = 

10 implying the total number of contact spots n = 14940, Eq. (2) 

leads to an effective radius a = 3.6x10-6 m as a reasonable 

comparison to the electrode radius of ro = 3.05x1o-3 m. 

Substituting Eq. (2) into Eq. (1), local contact resistance in a 
dimensionless form becomes 

R -R JOH; R snHv 
c- 1-

0
-+ 2~ (3) 

where dimensionless parameters governing constriction and 
film resistances are, respectively, defined as 

(4) 

In Eq. (3) temperature-dependent electrical conductivities of 
workpieces, surface film and hardness can be found by curve­
fitting experimental data provided by Ono et al. [15], Boyer and 
Gall [16], Touloukian [17], and Grange et al. [18], respectively. 
Dimensionless temperature-dependent electrical conductivities 
and hardness from experimental data are as follows: 

(a) Electrical conductivity of workpiece AISI 1008 
Solid [16] 

0.11 + 0.275(T- 1) 
for 1 ~T~ 3.5 (5) 

~ - 1 vs- 1 
~ + 0.07147(T- TsoJ) 

sol 

for 3.5~T~Tsol 

(6) 
Liquid [15] 

1 + 0.034(T- Tliq) 
for T;?:: Tliq (7) 

while electrical conductivity in the mushy zone 0' = gp + 

gsO' sol · 

(b) Film electrical resistivity of iron oxide [17] 

_l_ = 175483 e- 2.64301 T 
Of 

(c) Hardness of workpieces AISI 1026 [18] 

Hv = 2.0657 e- 0.610487T- 0.065 

(8) 

(9) 

Resistance spot welding is analyzed by setting a cylindrical 
coordinate system with the origin on the intersection of the 
axisymmetric axis and bottom electrode-workpiece interface, as 
illustrated in Fig.1. 

Fig. 1 : Sketch for resistance spot welding and coordinate 
system. 

Except for proposing more relevant and accurate electrical 
resistances to replace film resistance decreasing linearly with 
increasing temperature [19-22] , the major assumptions made are 
the same as those proposed by Wei et al [12] and Wang and Wei 
[13]. They are that the mushy zone is a porous medium in a local 
thermal and phase equilibrium. Mean values of properties 
within the temperature range considered are chosen and allowed 
to be distinct between phases. Solid diffusion is neglected. 

Numerical method. Each of conservation equations as 
presented by the work of Wei et al. [13] and Wang and Wei [12] 
can be cast in the form 

(10) 

The control-volume, implicit finite-difference scheme with 
staggered grids [23] was used. A grid system 50 x 53 in 
workpieces and 27x72 in the electrode were selected. The axial 
direction is divided into uniform spaces while the spacing ratio 
in the radial direction is 0.95. A dimensionless uniform time 

step was 2 x1o-5 . The maximum deviation of the computed 

resistances by using grid systems of 50x53 and 72x75 is less 
than 1%. The convergence tolerances for global energy and 
velocity components and enthalpy, concentration, and magnetic 

intensity fields were w-2 and w-3 , respectively. If solutions 
converged, temperature distributions were used to calculate 
resistances. Number of iterations at each time were around 100. 
The global energy balance was that heat generation in the 
workpieces and electrodes should be equal to the total internal 
energy rise and heat convected to the electrodes, coolant hole, 
and surroundings. Considering 1500 time steps, the execution 
time by using an IBM RS6000 computer was about 4 .hours. 

RESULTS AND DISCUSSION 
In this study, the unsteady variation of electrical resistance 

during resistance spot welding is quantitatively determined by 
incorporating in the previous work [ 12, 13] predicting 

_axisymmetric unsteady mass, momentum, energy, species and 
magnetic field intensity transport in the workpieces and 
electrodes. Electrical resistivity of the-insulating surface film on 
a contact surface is much greater than that of the workpieces. An 
increase of temperature results in electrical resistivity of the 
surface film to decrease white bulk resistivity of the workpieces 
to increase. Hardness decreases with increasing temperature. The 
size of a contact spot on the contact surface is a Junction of the 
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electrode force, total number of contact spots, and hardness. 
Interactions between these factors affecting the change of 
electrical resistance during spot welding (see Eq. (3)) are 
therefore studied in the present work. 

This model is confirmed from a good agreement with a 
measured relationship between nugget thickness and time 
provided by Gould [ 19] in weld~ng AISI 1008, as sh~wn in Fig. 
2. In this case, solute concentratiOn 0.32 wt% of Mn m a Fe-Mn 
alloy, total thickness of the two workpieces e = 0.715, electrode 

tip radius re = 0.9, dimensionless parameter governing welding 

current (or Lorentz force) Lo = 6.17x 10 8 and constriction and 

"l 0.1 

I 

c5 
I 

0.2 -1 
I 

0.1 

0.0 

__ ,.. __ . _____ ___ .. ,..., ........ -= 
-··---- · 2..0--..Wololll(l 

0 ~--~ 

;///········· 
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Fig. 2: Comparisons of dimensionless nugget thickness versus 
time in welding AISI 1008 steel between one- and three­

dimensional predications from Gould [19], Wei et al. [12] and 
this work and the measurement from Gould [19]. 

film resistance parameters R 1 = 100 and R2 =50. This work 
shows a better agreement with the experimental result than the 
one-dimensional prediction from Gould [19] , and three­
dimensional prediction from Wei et al. [6] . The former neglected 
heat transfer in the radial direction so that thicknesses of the 
nugget are overestimated. The latter assumed an inaccurate 
electrical resistances, where the film resistance decreases 
linearly with increasing temperature and bulk resistivity of the 
workpieces remains constant. 

Fig. 3 shows that the predicted dimensionless dynamic 
resistance curve agrees quite well with the experimental result 
from Savage et a!. [6] in welding uncleaned steels by choosing 
workpiece thickness of 0.89 mm, the number of contact points 

n 1 = 10, and ro = 2.78 mm, Lo = 4.67xl08 , I = 8700 A, R 1 = 

40, and R2 = 30. The trend of the dynamic resistance curve also 
agrees with that presented by, for example, Roberts [3) . , 
Bhattacharya and Andrews [4], and Dickinson et al. [7]. In ~h1s 
work, the dynamic resistance represents the total electncal 
resistance, which is the sum of bulk resistance in the 
workpieces, contact resistance at the faying surface and two 
times of contact resistance at the electrode-workpiece interface. 
After taking a sum of local resistances of grid points in series 
along the axial direction between the electrode tips for any 
given radius less than the electrode tip radius through which 
electric current primarily flows, the resulting resistances for all 
radii were added in parallel to give the total bulk resistance. The 
total contact resistance at the faying surface or electrode­
workpiece interface was obtained by summing local contact 

resistances in parallel for all radii less than the electrode tip 
radius. 

3 

2 

1 

0.00 0.02 0.04 0.06 0.08 0.10 012 0.14 

T 

Fig. 3: A comparison of dimensionless dynamic resistance 
versus time between the measurement from Savage et al. [6) and 

prediction from this work in welding not cleaned steels with 
welding current of 8700 amps. 

Typical values of dimensionless parameters estimated from 
pure iron and manganese and its alloy are listed in Table 1. 

R 

0.00 0.05 0.10 0.15 0.20 0.25 

T 

Fig. 4: Unsteady variations of dimen~ionless dynamic _ 
resistance, bulk resistance, and contact resistances at the faymg 

surface and electrode-workpiece interface. 

The variations of dimensionless bulk resistance in workpieces, 
contact resistances at the faying surface and electrode-workpiece 
interface, and the resulting dynamic resistance ~ith time are 
shown in Fig. 4. It can be seen that contact resistance ~t the 
faying surface decreases rapidly i_n an ear~y stage until the 
minimum value at a dimensionless t1me 0.02 1s reached. Contact 
resistance then increases and reaches a local maximum value at a 
dimensionless time of 0.05. Thereafter, it decreases gradually 
and finds an inflection point at a dimensionless time of 0.125. 
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As can be seen from Eq. (3), contact resistance is composed of 
constriction and film resistances. The latter overrides the former 
in the early stage of welding. Because both electrical resistivity 
and hardness of the surface film on the contact surface decrease 
with increasing temperature, film resistance decreases in the 
early stage. The drop of contact resistance in the early stage 
therefore is a result of rapid decrease in film resistance. Since 
electrical resistivity of workpieces increases and hardness 
decreases with increasing temperature, constriction resistance or 
contact resistance at the faying surface exhibits a local 
maximum within a certain range of temperature in an 
intermediate stage. The inflection point of contact resistance at 
the faying surface at dimensionless time of 0.125 is due to an 
initiation of the molten nugget. A similar trend can be seen for 
the contact resistance at the electrode-workpiece interface. As 
welding time is large, contact resistance at the faying surface 
becomes lower than that at the electrode-workpiece interface. 
This is attributed to a more marked softening and earlier melting 
at the faying surface. It is also found that bulk resistance of the 
workpieces increases while the increasing rate decreases with 
increasing time or temperature. 

The resulting dynamic resistance curve therefore can be 
divided into four regions. In the first stage, the rapid drop of 
dynamic resistance results from decreases in film resistances at 
the faying surface and electrode-workpiece interface. In the 
second stage, dynamic resistance increases with time. High 
increasing rate of dynamic resistance at the beginning of this 
stage is a result of increases in bulk resistance and contact 
resistances at the faying surface and electrode-workpiece 
interface. Near the end of this stage the reduction of increasing 
rate of contact resistance at the faying surface decreases the 
increase of dynamic resistance until the maximum is reached. In 
the third stage, dynamic resistance decreases as time proceeds. 

R 

0.00 0.05 0.10 0.15 0.20 0.2$ 

T 

Fig. 5: Unsteady variations of dimensionless dynamic 
resistance, bulk resistance, and contact resistances at the faying 

surface and electrode-workpiece interface, 0' s = 0' 5(20°C) . 

This is because the decreases in contact resistance at the faying 
surface and electrode-workpiece interface are greater than the 
increase in bulk resistivity. Decreases in contact resistances are 
due to an incessant increase in the soften area. The fourth stage 
starts from a marked drop accompanying with an inflection at a 
dimensionless time of 0.125, where the molten nugget initiates. 
It should be noted that the molten nugget takes place in this 
stage rather than the second region, as proposed by Dickinson et 
a!. [8]. As time further increases, expulsion will take place. In 
view of mechanical collapse, expulsion cannot be treated in the 
present work. 

Provided that bulk resistivity of the workpieces is a 

constant at the ambient temperature (namely, 0' =cr(20°C) , the 
predicted variations of dynamic resistance, bulk resistance in 
workpieces and resistances at contact surfac~s with time are 
shown in Fig. 5. Instead of a local maximum within an 
intermediate stage as shown in previous figure (Fig. 4), contact 
resistances at the faying surface and electrode-workpiece 
interface monotonically decrease with time. This is due to the 
ignorance of the increase in bulk resistivity with temperature in 
constriction resistance. Contact resistances decrease solely from 
the reduction of hardness. Therefore, the local maximum of the 
dynamic resistance curve disappears and dynamic resistance 
becomes rather flat in the intermediate stage of welding time. 
Temperature-dependent bulk resistivity of the workpieces 
exhibits a significant effect on the shape of the dynamic 
resistance curve. 

The surface contaminant and oxide layer can be removed by 
alkaline degreasing or acid pickling. In the case of a vanished 
film resistance or film thickness s = 0, rapid decreases of contact 

R 2 

0.00 0.05 0.10 015 0.20 0.25 

T 

Fig. 6: Unsteady variations of dimensionless dynamic 
resistance, bulk resistance, and contact resistances at the faying 

surface and electrode-workpiece interface for vanished film 
resistance. 

resistances and dynamic resistance in the early stage disappears, 
as shown in Fig. 6. Contact resistances at the faying surface and 
electrode-workpiece interface thus increase and then decrease 
with increasing time. The corresponding dynamic resistance 
curve increases with time until the maximum value is reached. 
Referring to Fig. 4, contact resistance at the faying surface 
exhibits a more pronounced rise. 

CONCLUSIONS 
The conclusions drawn are the following: 
I. The predicted nugget thickness and dynamic resistance 

versus time agree quite well with available experimental data. 
Dynamic resistance is defined by summing the total bulk 
resistance in the workpieces and contact resistances at the 
faying surface and two electrode-workpiece interfaces within. an 
effective area corresponding to the electrode tip where weldmg 
current primarily flows. The total bulk resistance is obtained ~y 
adding temperature-dependent resistance at each grid point m 
series for any given radius less than the electrode tip radius a~d 
then summing the resulting resistances of all radial locations m 
parallel. The total contact resistance at the faying surface or 
electrode-workpiece interface is determined by adding all local 
contact resistances in parallel within the electrode tip radius. 

2. Contact resistance at the faying surface or electrode­
workpiece interface is determined by taking the sum of 
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constriction and film resistances. A rapid drop of contact 
resistances in an early stage results from the decrease of film 
resistance, where both resistivity and hardness decrease as 
temperature increases. Contact resistance exhibits a local 
maximum in an intermediate stage, since constriction resistance 
can be increased or decreased by competing increased resistivity 
and decreased hardness with increasing temperature. 

3. Without film resistance the rapid decrease of contact 
resistance in the early stage disappears. Provided that resistivity 
of workpieces is independent of temperature, the local maximum 
of contact resistance disappears. 

4. Excluding expulsion, dynamic resistance versus time 
can be divided into four stages: Stage I is the decrease of 
dynamic resistance due to decreases in contact resistances at the 
faying surface and electrode-workpiece interface; an increase in 
dynamic resistance in stage 2 results from the primary increase 
of bulk resistance in the workpieces and an increase in the sum 
of contact resistances at the faying surface and electrode­
workpiece interface; dynamic resistance in stage 3 decreases 
because the increasing rate of bulk resistance of workpieces and 
contact resistances decrease; in stage 4 the decrease of dynamic 
resistance is mainly due to a formation of the molten nugget at 
the faying surface. 
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Table 1 Typical values of dimensionless parameters 
Constriction resistance parameter, R 1 3 0 

Film resistance parameter, R2 30 

Electrical contact resistance, E * 

Thickness of surface film, Er 

Thickness of heat source at contact surface, s 

Parameter governing welding current, Lo 

Lengths for electrode, ~2• ~3, ~4 

Magnetic Prandtl number Pr m 

Maximum radius of coolant hole, r c 

Thermal-to-electrical property parameter, 1: 

Electrical conductivity ratios, <J sol , <JE 

1030 

0.56 

10-3 

3.28x10-7 

3 xi0 7 

0.5, 0.5, 1 

3xl04 

0.5 

2.5 x10-s 

1.05, 6.5 
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ABSTRACT 
In this study, the transmittance and reflectance of (Ba,Sr)Ti03 

(BST) thin films for several different thickness deposited on the 
Fused-Quartz, MgO and silicon substrates are measured at room 
temperature using FTIR (Fourier Transform Infrared 
Spectrometer) from 0.64 J.lm to 19.6 J.Lm. By Beer's law, the 
extinction coefficient of the BST films can be evaluated. Using 
the energy conservation law, the absorptance of the BST films 
sample can also be figured out. The results indicated that the 
transmittance and the extinction coefficient of the BST films are 
very high between 0.64 J.lm and 10 J.Lm. 

INTRODUCTION 
Barium strontium titanate (Ba,Sr)Ti03 (BST) thin films are 

being widely investigated as alternative dielectrics for ultra large 
scale integrated circuits (ULSis) DRAM storage capacitors due to 
(I) its high dielectric constant, (2) low leakage current, (3) small 
dielectric loss, (4) lack of fatigue or aging problems, (5) high 
compatibility with device processes [ 1). In addition, the thin films 
or multiplayer systems of BST can be used in nonlinear optical 
devices such as planar waveguides, optical switches with mimmal 
optical propagation losses [2] or the sensor material for thermal 
imaging detector. However, whether or not BST films can be 
successfully applied largely depends on more thorough 
understanding the material's properties. 

In the past, some investigations have focused on the 
dependence of optical properties and film structure on the 
deposition parameters of thin films deposited by various methods 
such as sputtering, sol-gel process, pulsed laser deposition and 
radio-frequency (RF) magnetron sputtering [2). Tcheliebou et al. 
[3] stated that the films are polycrystalline with a strong reflection 
along the (Ill) plane. The refractive index and the absorption 
coefficient are determined at room temperature ranging from 
0.382 to 0.8 J.Lm by spectrophotometer measurements of the 
transmittance at normal incidence. Thielsch et al. [4] investigated 
the refractive index, absorption coefficient and the thickness of 
the BST films at near-normal incidence in the wavelength range 
0.2-1.1 J.lm by measuring the optical reflection spectra with a 
double beam Perkin Elmer Lambda-2 spectrophotometer. Wang 
and Tseng [5] studied the structural and optical properties of BST 
films deposited on the transparent substrate at various 
temperatures of 350-65o·c and annealed at 450-65o·c in the 
spectral range 0.2-0.9 J.Lm. Kuo and Tseng [6] determined the 
optical constants, refractive index and absorption coefficient, and 
the thickness of BST films by measuring optical reflection spectra 
in the wavelength 0.18-0.9 J.lm with Nikon n&k Analyzer 1200. 
Up to now, no detailed studies have elucidated the optical and 
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thermal radiative properties related to the BST thin films in the 
infrared spectrum. 

Fourier transform infrared (FTIR) spectroscopy is a major 
analytical technique that has widely been used by chemists [6, 7). 
FTIR has brought additional merits such as high sensitivity, high 
precision, quickness of measurement, and extensive data 
processing capability. Ravindra et al. [8] studied the temperature­
dependent emissivity of silicon-related materials and structures in 
rapid thermal processing using a emissometer, which consisted of 
a FTIR spectrometer designed specially to facilitate simultaneous 
measurements of surface spectral emittance and temperature. 
Recently, we [9] used FTIR spectroscopy to investigate the 
emission spectrum of some heating source in rapid thermal 
processing systems. 

In this study, the transmittance and reflectance of BST thin 
films for several different thickness deposited on different 
substrates are measured using FTIR in the wavelength range from 
0.64 to 19.6 J.Lm. Then, the extinction coefficient ofthe BST films 
can be calculated by the Beer's law. Using the energy 
conservation law, the absorptance of BST thin-film samples can 
also be figured out from the transmittance and reflectance. 
Therefore the absorptive characteristics and optical properties will 
be known from these radiative properties, and are offered to be 
references in manufacturing and research. 

NOMENCLATURE 
d thickness 
k absorption coefficient 
n refractive index 

Greek svmbols 
A. wavelength 
ue extinction coefficient (m-1

) 

Subscrivt~ 
e extinction 
f film 

substrate 

EXPERIMENTAL METHOD 
EXPERIMENTAL APPARATUS 

A Bomem Micheson series MB-154 FTIR Spectrometer 
equipped with a deuterated triglycine sulfate (DTGS) detector 
(0.7-40 J.Lm) or Silicon detector (0.64-1.2 J.Lm), and a wide-band 
(0.7-20 J.Lm) ZnSe substrate beam splitter was used. For the 
reflectance measurement, the Barnes Model 134 horizontal 
specular reflectance attachment is used. The angle of the incident 
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light beam was 11 deg from the normal to the BST thin film 
sample surface. Figure 1 shows the general arrangement of the 
instrument used in the present study. The spectrometer is a self­
contained unit consisting of one sample compartment and a sealed 
interferometer compartment. The whole system contains a 
stabilized internal light source, a Michelson interferometer, an 
infrared-transmitting beam splitter, a Helium-Neon laser for 
measurement of the scan position, power supplies and electronic 
assembles. They are interfaced with a computer for data 
acquisition of the measured transmission and reflection. The cast 
aluminum compartment is sealed to prevent the entry of dusty and 
moist air, which could erode the beam splitter. It is noted that 
Bomem MB-154 spectrometer is a single substrate self­
compensating beam splitter and a permanent alignment 
interferometer. Besides of the internal light source, there is an 
optional emission port for the external light source on Bomem 
MB-154 FTIR system. Instead of spatially separating the optical 
frequencies, the FTIR spectrometer modulates all wavelengths 
simultaneously with distinct modulation frequencies for each 
wavelength. This is done by means of a variable interference 
effect created by separating the incoming beam into two parts, 
then introducing a path difference, and finally recombining the 
beam. The resulting beam intensity recorded as a function of 
optical path difference is called "interferogram". Computing the 
Fourier transform of the interferogram yields the emission 
spectrum. 

EXPERIMENTAL SPEQMENS 
(B3o_7Sr03)Ti03 (BST) thin films were prepared by sol-gel 

method on both Fused-Quartz and MgO (001) substrates with 
varying film thickness from I layer to 12 layers. While, the 
(Bao 5Sr0.5)Ti0j (BST) thin films were deposited on the silicon 
substrate by the radio-frequency magnetron sputtering with 
varying thickness from 0.4437 to 0.6426 11m. These BST thin 
films were not deposited in-house-they were supplied through 
the courtesy of the Dr. Tseng, department of Electric Engineering 
of the National Chiao Tung University, Hsinchu, Taiwan, R.O.C. 

The reflectance of the substrate with a thin film depends on 
the refractive indices of thin film and substrate, and on the path 
difference of the light rays in the film, i.e. on the thickness of the 
films. The film thickness could be calculated from the wavelength 
position and the interference order of the reflection maxima and 
minima [10]. The thickness for the thinner sample could be 
approximately obtained by multiplying the average 1 layer's 
thickness and the number of layer. The calculated thin films 
thickness and the substrate characteristics are listed in Table 1 in 
detail. 

T able I: The calculated films thickness o fS amp1es. 
Quanz/BST sample A sample B sampleC sampleD sample E sample F sampleG 

d,(mm) 1.3 1.3 u u 1.3 1.3 1.3 

dr(~m) 0.0999 0.2939 0.4110 O.Sl09 0.7747 0.8621 0.9833 

MgOIBST sampleH sample I sample J sample K sampleL sampleM sampleN 

d,(mm) OS O.S OS 0.5 0.5 0.5 0.5 

dr(~m) 0.0472 0.0945 0.1890 0.2413 0.3524 0.4922 0.666S 

Si!BST sampleO sample P sampleQ 

d,(mm) 1.0 1.0 1.0 

dr(~m) 0.4437 0.5898 0.6426 

EXPERIMENTAL PROCEDURE 
When starting at room temperature, the spectrometer would 

need about an hour to allow its temperature to stabilize. In room-

temperature experiments, the resolutions are 4cm·•, and the 
measurements were performed several times for each sample, 
ensuring the accuracy of measurements. The transmittance 
measurements are performed employing a typical FT-IR 
procedure. The incident beam is approximately normal to the 
sample plane and no accessory was need. 

A gold mirror is used as the reference for the reflectance 
measurement. The spectral reflectance was determined by 
dividing radiation reflected from the sample at a given frequency 
by the radiation reflected from the gold mirror at the same 
frequency. Estimated reflectance of this gold mirror is about 99% 
for all wavelengths [II], which is used as a correction factor for 
the raw data. To enhance the signal-to-noise ratio, the number of 
scans is increased to 256. 

-- optical sl&nal 

- • •• - electrical ncnal 

B Interferometer 

detector 

.....--...,....---, 

Figure 1: schematic diagram ofthe FTIR apparatus. 
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Figure 2: transmittance curve generated by (a)DTGS detector and 
(b) Silicon detector. 

The calibrations were initiated by a self-calibrating system, 
which compensates for slight drifts in electronics. The procedure 
was done at the start of every working day. To test the validity of 
the transmittance curves generated by the Bomem attachment, the 
background spectrum is carried out twice continuously. The first 
scan was executed as background, and then the second scan was 
executed and divided by background. If the spectrometer 
measurement is accuracy, the exact transmittance should be I 00%. 
Figure 2a shows the result of one di' ided by another, which is 
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generated by the DTGS detector. It is found that the transmittance 
is almost 100% in the spectral range from 1.0 to 17 Jlm. There are 
some error in the wavelength below 1.0 J..lm and the wavelength 
greater than 17 11m. As there are some errors below 1.0 11m the 
silicon detector is used to reduce the error below 1.5 11m 
generated by the DTGS detector. Figure 2b shows the 
transmittance curve generated by the silicon detector. It is found 
that the transmittance is almost 1 00% from 0.64 to 1.2 11m. Our 
experiments by the present instrument reasonably are in good 
performance on the measuring the radiative properties of the 
materials. In this study, the experiment data in the wavelength 
range from 0.64 to 1.0 11m is generated by the silicon detector and 
the experiment data in the wavelength range from 1.0 to 19.6 J..lm 
is generated by the DTGS detector. 
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Figure 3: variation of transmittance as a function of wavelength 
for different thickness of the BST films deposited on the Fused­
Quartz substrate. 
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Figure 4: variation of transmittance as a function of wavelength 
for different thickness of the BST films deposited on the MgO 
substrate. 

RESULTS AND DISCUSSION 
The transmittance of the bare substrates and the BST thin 

films deposited on the Fused-Quartz and MgO substrates for 

various thickness are showed in figures 3 and 4, respectively. The 
bare MgO and Fused-Quartz substrates are double-side polished. 
The transmittance of bare Fused-Quartz substrate is about 95% in 
the wavelength range from 0.64 to 4.8 J..lm, and it is opaque at 
wavelength greater than 4.8 11m. The transmittance of bare MgO 
substrate is about 85% at wavelength smaller than 10 11m, and it 
is opaque at wavelength greater than II Jlm. The BST thin films 
will reduce the transmittance. Due to the interference between the 
air-film and film-substrate interfaces, there exist interference 
fringes where the thickness of thin films was approximately equal 
to the incident wavelength, e.g. smaller than 3.8 J..lm (greater than 
2630 cm-1

) in figure 3. 
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Figure 5: variation of transmittance as a function of wavelength 
for different thickness of the BST films deposited on the silicon 
substrate. 

Figure 5 depicts the transmittance of the bare silicon 
substrate and the different-thickness BST thin films on it. The 
transmittance of bare silicon substrate is about 10-35% range 
from 1.08 to 19.6 Jlm, and it is opaque at wavelength smaller than 
1.0 11m. It is apparent that the transmittances of the samples 
decrease with an increasing in thin films thickness. 
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Figure 6: variation of spectral reflectance for different thickness 
of the BST films deposited on the Fused-Quartz substrate. 
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Figures 6, 7 and 8 show the reflectance of the BST thin films 
samples and bare Fused-Quartz, MgO and silicon substrates. 
There also interference fringes at the short wavelength as 
rnentioned above. In figure 6, the reflectance of the EST/Fused­
Quartz samples is higher than that of bare Fused-Quartz substrate 
in the spectral range 0.64-8 J.lm and 13-19 J.lm, respectively. The 
reflectance of the BST/Fused-Quartz samples increases with an 
increasing in BST film thickness. In figure 7, the reflectance of 
the BST/MgO samples is higher than that of bare MgO substrate 
in the spectral range 0.64-7 J.lm. From figures 6 and 7, the 
minimum reflectance of the BST/Fused-Quartz or BST/MgO 
samples at short wavelength is equal to the reflectance of bare 
Fused-Quartz or MgO substrate. In figure 8, the maximum 
reflectance of the BST/Si sample at short wavelength is equal to 
the reflectance of bare silicon substrate. The reflection period of 
SST samples vary with the BST thin films thickness. The thicker 
the BST thin film is, the larger the reflection period is. 
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Figure 7: vanat10n of the spectral reflectance for different 
thickness of the BST films deposited on the MgO substrate. 

The experimental absorptance is determined by subtracting 
the sum of the reflectance and the transmittance from one. The 
spectral absorptance of different-thickness BST thin films is 
shown in figures 9, I 0 and II. In figure 9, the absorptance of the 
BST/Fused-Quartz samples decreases with an increasing in BST 
film thickness in the spectral range 5-7 J.lm and 13-19 J.lm, 
respectively. In figure 10, for the BST thin films deposited on the 
MgO substrate, a higher absorptance of above 90% appears from 
9.5 to 14 J.lm. In figure II, the absorptance of the BST/Si samples 
is higher than 60% in the range of 0.64 to 6 J.lm, and the 
absorptance of the samples inccreases with an increasing in BST 
film thickness in the spectral range 6-19.6 J.lm. 
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Figure 8: vanat10n of the spectral reflectance for different 
thickness of the BST films deposited on the silicon substrate. 
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Figure 9: vanat1on of the spectral absorptance for different 
thickness of the BST films deposited on the Fused-Quartz 
substrate. 

BSTonMgO 

--- •ub•tr ... 

80 ---- d,•0.0 .. 72(~) 

;1 -·- d1 •0.0M5(~} 
0 -··- d,-0.1180 (...,m) 

B 60 -···· d,•0.2413(~) 
c --· d,•0.3524(~) 

i --·· d,•0.-4822(~) 
40 --··· ",•0.8&65(~) 

~ 
20 

o~ .. ~--~~~~~~~u 
0 4 8 10 12 14 16 18 20 

Wavelength ( 1-1m ) 
Figure 10: variation of the spectral absorptance for different 
thickness of the BST films deposited on the MgO substrate. 

1034 

Digitised by the University of Pretoria, Library Services, 2015



100 

80 

~ 
~ 60 u 
c 
IV 
Q. ... 40 0 
en .c 
c( 

20 

0 
0 

BST on Silicon 

-- eubatrat• 

d,. 0.4437 ( ""' ) 

df. 0.5191 ( ""' ) 

d,• 0.6426 ( ""') 

4 8 10 12 14 16 18 20 

Wavelength ( ~m ) 

Figure 11: variation of the spectral absorptance for different 
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The spectral transmittance of the BST thin films could be 
determined by dividing the spectral transmittance of the 
film/substrate composite by the spectral transmittance of the 
substrate. Figures 12 and 13 show the transmittance of BST thin 
films for varying thickness deposited on the Fused-Quartz and 
MgO substrate, respectively. In figure 12, the BST thin films 
deposited on the Fused-Quartz substrate had a transmittance of 
above 75% in the spectral range from 0.64 ~m to 4.1 Jlm. While, 
in figure 13, the transmittance of BST deposited on MgO was 
higher than 80% range from 0.7 to II f1 m. Due to OH 
compounds on the Fused-Quartz substrate, there is an significant 
absorption at 2.7 ~min figure I2 [I2, I3]. The transmittance of 
BST thin films decreased with increasing thickness at wavelength 
greater than 3 Jlm. As the spectral transmittance of the BST thin 
films were obtained, the extinction coefficient ae was calculated 

according to Beer's law [14]. Figures I4 and I5 show the 
extinction coefficient of BST films deduced according to the 
Beer's law from the transmittance of the BST films mentioned in 
figures 12 and 13. We noted that absorption of H20 and C02 is 
very serious and this will have a seriously intluence on the result 
of experiment data. 
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Figure 12: variation of transmittance as a function of wavelength 
for different thickness of the BST films deposited on the Fused­
Quartz substrate. 
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Figure 13: variation of transmittance as a function of wavelength 
for different thickness of the BST films deposited on the MgO 
substrate. 
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Figure 14: variation of extinction coefficient as a function of 
wavelength for different thickness of the BST films deposited on 
the Fused-Quartz substrate. 
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Figure 15: variation of extinction coefficient as a function of 
wavelength for different thickness of the BST films deposited on 
the MgO substrate. 

The real and imaginary parts of the complex refractive index, 
n( A) (refractive index) and k( A) (absorption coefficient) of the 
BST films deposited on the silicon substrate were obtained from a 
Nikon n&k analyzer I200. The spectral reflectance data were 
analyzed and fitting using the BST model built-in Nikon n&k 
Analyzer I200. Figure I6 shows the refractive index n( A) of 
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BST films deposited on the silicon substrate with different 
thickness in the wavelength range 0.18-0.9 J.lm. It reveals that the 
refractive index rises sharply toward the 0.3 J.1m wavelength, 
displaying the typical shape of a dispersion curve near an 
electronic interband transition. The strong increase in the 
refractive index is associated with the fundamental band gap 
absorption (2]. Figure 17 shows the absorption coefficient k( A. ) 
of BST films deposited on the silicon substrate. It is found that 
the absorption coefficfent of the BST films is decreasing with the 
increase wavelength from 0.3 J.liD to 0.9 J.1ID and the value is very 
small. 
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Figure 16: the refractive index of the BST films deposited on the 
silicon substrate for different thickness. 
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Figure 17: The absorption coefficient of the BST films deposited 
on the silicon substrate for different thickness. 

CONCLUSION 
The transmittance and reflectance of the BST films for 

several different thickness deposited on the Fused-Quartz, MgO 
and silicon substrates were measured at room temperature using 
FTIR from 0.64-19.6 J.1m Using the energy conservation law, the 
absorptance of the BST films samples can also be figured out. 
The results indicated the absorptance of the BST/Fused-Quartz 
sample decreases with an increasing in BST film thickness in the 
spectral range 5-7 J.1ID and 13-19 J.1ID, respectively. For the BST 
thin films deposited on the MgO substrate, a higher absorptance 
of above 90% appears from 9.5 to 14 J.1ID. The absorptance of the 
BST/Si samples is higher than 60% in the range of 0.64 to 6 11m, 
and the absorptance of the samples increases with an increasing in 
BST film thickness in the spectral range 6-19.61-!m. By Beer's 

law, the extinction coefficient of the BST films can be evaluated. 
The extinction coefficient of the BST films is high in the spectral 
range from 0.64 to 11 J.liD. 
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Abstract : In research the heat structures 
arising under laser beam action on non -
transparent liquids are theoretically 
investigated. It is known, that under strong 
laser radiation the temperature waves appear 
and propagate in liquid. These waves possess 
an information about thermophysical and 
thermo-dynamic properties of liquids. It is 
established by us, forms of the temperature 
waves depend greatly on physical properties 
of liquid involved. Moreover, on the base of 
these signals new optical method for 
investigation of thermophysical and 
thermodynamic properties of liquid is 
developed. Influence of laser parameters on 
thermophysical and thermodynamic 
properties of liquid is estimated. 

Nomenclature : s - entropy, v i 

components of velocity vector, 77 and ~ -
dynamic and volume viscosities respectively, 
( s ) - the falling wave Poynting vector 

averaged by the oscillation period of the 
electromagnetic radiation, I 0 - light intensity 
on the absorbing liquid boundary, R - radius 
of pipe, in which the liquid is acted by the 
laser, f ( t ) - dimensionless function 
describing the dependence of light intensity 
on time, t o - laser radiation duration , P -
acoustic pressure , I - length of liquid section 
under radiation, Po -initial pressure at x = 0, 
P 1 acoustic pressure amplitude on 
distance x =I from liquid free boundary. 

During nonresonance interaction of great 
laser radiation with non - transparent liquids 
various opto - thermophysical and opto -
thermodynamic processes take place, which 
are connected with strong compression and 
heating the liquids. In propagating the laser 
radiation in absorbing medium ( liquid ) there 
are convection flows due to its heating. 
Increasing the laser generator power leads to 
transformation of laminar flow to turbulent 
one [ 1, 8]. Y arovaya et al [7] showed, that 
heating the liquid by laser radiation results in 
formation of gradient of various physical 
magnitudes, for example, refraction index 
n ( T) , surface tension coefficient a ( T) 
and so on. 

Temperature waves propagating in liquid 
possess an information about the liquid 
physical properties. Using this information, 
i.e. the liquid temperature change by time, 
ones may find thermophysical and 
thermodynamic properties of medium. With 
connection to this fact, recently for 
investigation of kinetic coefficients of liquids 
the optical methods based on absorption and 
scattering of the light in liquids [2,5,6] are 
used. 

In general form the differential equation 
of heat conductivity with account of 
absorbing the electromagnetic wave energy 
.has a view: 
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pr[ as +(v. V)s]=div(A. VT)+!l·( avi + 
at 2 axk 

avk 2 5: avi J 2 ( ) +---u,k- +~·(divv) -div s (l) 
ax, 3 axk 

The last summand in the equation ( 1) 
describes the energy density caused by 
absorption of the light wave. 

On the base of theoretical calculations of 
Galich N.E. [ 1] it is established, if the laser 
radiation energy density is greatly less than 
the liquid internal energy, in other words, 
there is the condition I<< cp C P T (herein 
c - sound velosity in medium, other 
indications are well - known ), then the 
medium is weakly absorbing, and coefficient 
of transfer may be accepted to be constant. In 
this case mathematical model of the heat 
transfer is described by linear differential 
equation. However, if I z cp C P T, then 
temperature of liquid already changes in wide 
area, and thermophysical and thermodynamic 
parameters of the liquid essentially alter by 
temperature, hence, for determining the 
kinetic coefficients it is necessary to use the 
nonlinear models. 

It is proposed that absorption of the laser 
beam in liquid obeys Bouger'slaw, so the 
radiation intensity with penetration depth 
changes by well - known law 

[ 
y2 + 2 2 ] 

I(x,y,z,t)=l0f(t)exp ---r-ax (2) 

Heat exchange with surrounding medium is 
defined by Newton law: 

Q=a0 (T)·[T(x,y,z,t)-T0 ] (3) 

For simplicity let's consider a case of one­
dimensional heat propagation in liquid, when, 
before the laser action, temperature is the 
same everywhere and permanent. Under the 
laser radiation influence the liquid heats 
essentially, and the relaxation of temperature 
field takes place. It is of great interest to 

elucidate, how the laser power effects on 
thermophysical and thermodynamic 
properties of the liquid and , as a result, to 
handle technological processes by means of 
alternating electromagnetic waves. 

The differential equation of heat 
conductivity accordingly to above may be 
represented in the following dimensionless 
form 

aB a2B aB 1 a 
-+Fo-+Pe-= (A-(B)x 
ar ar2 at; C/B)p(B) ac; 

aB ) 10a(B) [ ~f- ] x- + ·exp - a(B)d( -
ac; C/B)p(B) o 

(4) 

where the next abbreviations are introduced 

I = __!_:_!___ Nu = aof B = T- I'a ;- = ~ 
o Ao·To' Ao' To ''=' I' 

_ !!__!__ F _ r0a p _ vi _ ___&__ r-
2 

, o- 2 , e- ,a-
1 I a CaPo 

Initial and boundary conditions are given like 

e c S', o) = o, ae~~ 0 ) = o 
(5) 

e ( 0' r) = f(r)' e ( 1 'r) = rp(r) 

Hence, problem of determining the laser 
radiation influence on thermophysical and 
thermodynamic properties of liquids is 
mathematically reduced to solving the 
inverse problem for the equation ( 4) under 
initial and boundary conditions (5). 

It is taken, the heat conductivity due to 
convection is much more than that because of 
diffusion. Having neglected the diffusion 
summand in the equation ( 4 ), we have 
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ae 820 ae 1 a(B) 
-+Fo-+Pe- 0 x 
8r 8r2 Bs Cp(B)p(B) 

x exp[- Ja(B)ds]-2iNu ao(B) ·B 
0 R Cp(B) p(B) 

(6) 

The equation (6) is nonlinear, so its solving is 
conjugated with serious mathematical 
difficulties. Nevertheless, under certain 
conditions ones may obtain correct analytical 
solution of the equation ( 6). If there is the 
following dependence 

a( B) =B·a0 (B)·exp[- Ja(B)d(]. (7) 

then by using Laplace transformation 
solution of the equation ( 6 ) in images is 
expressed by the formula 

• • [ 1 ( I 
rp ( s ) = f ( s ) · exp Pe / 0 - 2Nu R - s -

- Fo · s2 
)] , (8) 

where functions - images are defmed by the 
next relationships, respectively 

~ ~ 

f* ( s ) = J f ( r )e -sr d r, rp • ( s ) = J q>( r )e -s r d r 
0 0 

Having used the method of determinated 
moments for the equation (8), we acquire the 
next relationships for defming the 
thermophysical parameters of the liquid in 
dimensionless form, i.e. Pe , Fo and Nu 

Pe = fo ( (/Jo - (/Jo J-t, Nu = .!!-__ [/0 - Pe( (/Jo -1]] 
It fo It 2/ fo 

Fo = Pe·q>2 ((/Jo _q>2J- ft ' (9) 
fo fo J; fo 

During calculations, the moments of degree 
k for functions f ( t) and g ( t) are found by 
formulae 

GO l 
h = f[J(t)- f(oo)]. k! dt, . 

~ tk ' 
lpk = H rp( t ) -q>< oo) l- d t 

0 k! 
in the last relationships ones should use 
values of given functions f ( r) and rp ( r) at 
steady regime t~ oo. 

From the second formula in the 
relationships (9) we may conclude, increasing 
the laser power leads to increasing the 
Nusselt number, in other words, under the 
laser radiation action there is an 
intensification of the heat exchange with 
surrounding medium. Effect of the radiation 
intensity on values of Pe and Fo is 
expressed through f k and rp k . 

By the same scheme ones can evaluate 
influence of the laser radiation on 
thermodynamic properties of liquids 
involved. In all existing investigations 
concerning interaction between laser beam 
and liquids, the lasts are taken as non -
viscous, and influence of their viscosity and 
thermal conductivity on propagation and 
absorption of acoustic waves generated by 
laser action are neglected. Moreover, 
interaction of laser beam on heavy - viscous 
liquids, for example, oils and oil - products, 
drilling muds and cement slurries used for 
drilling wells are not studied in general. 

For mathematical description we should 
take dimensionless function f (t) in (2) in 
Gaussian form [ 4] 

f(t) =(~r )112 
·exp [ -( tJ'] 

Restricting ourselves by parts of linear 
perturbations in motion equation, for 
determining an acoustic pressure ones have 
the following equation as it was made by 
Gusev V.E.and Karabutov A.A. in [ 4 ] 
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2 
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1} 3 P a c 2 f3 I 
1) ] &z a - 2C o f(t)e-ax ' (10) 

p 

herein all the quantities are well - known. We 
consider linear variant of the problem, when 
all the liquid physical parameters 
insufficiently change under laser radiation 
action, and they may be proposed as perma­
nent. The differential equation (1 0) should be 
resolved at zero initial conditions 

P( X, t = 0) = 0' BP( X~:= 0 ) = 0 (11) 

and boundary ones, that are given in 
accordance with involved phenomenon 
nature. Then, from additionally selected 
boundary condition effect of laser beam on 
liquid studied parameters is found by 
resolving the inverse problem. 

Eor resolving the differential equation 
(1 0) under initial conditions (11) Laplace -
transformation and the method of 
determinated moments are used again. After 
non - complex calculations ones have the 
following system of equations for 
determining required thermodynamic 
quantities 

2( 2CP (/JoJ 
a= l 1 + P I

0
lfo ' 

( 12) 
Formulae ( 12 ) allow us to qualitatively 
estimate influence of laser radiation on liquid 
thermodynamic parameters. For this purpose 
it is necessary to represent informative part of 
the function qJ ( r) in form 

qJ ( r) = qJ ( oo) · ( 1- e -kr ) , 

taken from obtained experimental data and to 
find an· the ratios of type f k I qJ k . On the 
base of available integrals values found by 
Gautschi W. [ 3] ones may write down 

a= ~(1 + 4/iCPqJ{ oo )J 
I J; f3 10lkt0 ' 

~ +i1J+ Pox(~: -I J = P0 C
2

10 x ( 13) 

l 1 1 f;I 0 j3lk l 
x 2f;- k 1

0 
+ 4a C Pc qJ(oo) 

From the first formula in ( 13) it should 
be concluded, that absorption coefficient a 
depends on both liquid thermodynamic 
parameters, and the laser radiation 
characteristics. The second equation in ( 13 ) 
results in 

; = pc 210 l_1 ___ 1 + f;I 0 f3lk ]-
2f; kt0 4aCPcqJ(oo) 

4 (cp J --1]-PX --1 
3 cv 

(14) 

Since volume viscosity ~ is exposed 
during expansion and compression of liquid 
only, i.e. when non - equilibrium processes 
take place in the liquid, so in the studied case 
( I 0 = const ) laser radiation duration t o 
necessary for generating sufficiently non -
equilibrium process should be defined as 

t 0 ~ [ p: 2 

+ ~ ~ + PX ( ~: - I J] x 

X ( p c 
2 

+ p c 0 J;" I 0 fJ lk J -I. (15 ) 

2J;" 4aCPlp(oo) 

From expression ( 14 ) it is also concluded, if 
the laser radiation intensity satisfies the 
condition 
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J 

2 2 ] 4 pc pc t 0 I ::; -TJ + PX _P -1 + --- r x 0 
3 c" K 2vtr 

(16) 

then ansmg non - stationary processes in 
liquid are not enough for volume viscosity. 

As it was marked above, radiation 
absorption obeys Bouger's law, i.e. generated 
by laser radiation acoustic pressure amplitude 

is defined by [ 
2 

x ( 4 J2 C P cp ( 
00

) JJ 
P = P0 • exp - - 1 + 1 l vtrf31olkto 

(17) 
Volume expansion coefficient B might be 
found from the last formula 

4.J2C Pep( oo) 

jJ= (1 p J .f;"kt I I -fn-0 -1 
0 0 2 p 

I 

(18) 

At last it should be noted, formula ( 18 ) is 
valid under condition al > 2 only, that is 
always satisfied for above case due to the 
first expression in ( 13 ). The formula ( 18 ) 
allows to qualitatively estimate influence of 
laser radiation parameters on volume 
expansion coefficient. 

Conclusion 

Convection variant of the problem (4) 
described in the paper corresponds to laminar 
regime of flow, when the last is characterized 
by small value of the Reynolds number. If the 
laser generator power value is less than 
certain critical magnitude evaluated by 
Galich N.E. [ 1 ] , then the convection is 
absent, and the problem should be solved 
without taking into account the summand 
proportional to the Peclet number. 

Optoacoustic waves which arise in 
propagating the laser radiation within liquid 
can be applied for practical needs. Using 

these signals, we have developed the new 
method of determination of water - content in 
oil. Furthemore, technique of multiphase 
liquid separation on components by the laser 
radiation is recently found. 
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ABSTRACT 
Experimental and analytical investigations of heat transfer 

between two concentric cylindrical tubes made of black 
anodized aluminum, with and without a concentric 
semitransparent cylindrical radiation shield in the annular space, 
are presented in this paper. The radiation shields were tubes 
made of Plexiglas (polymethylmethacrylate or acrylic), fused 
quartz, and Lexan (polycarbonate resin). The mathematical 
model of'the radiation heat transfer was based on a diffuse-gray 
enclosure theory. In addition, it was assumed that the shields 
are opaque to thermal radiation emitted by surfaces with 
temperatures in the range 9 °C to 80 °C. In the experiments, the 
air inside the apparatus was evacuated to absolute pressures in 
the range 6 mbar to 10 mbar. At these values of air pressure, 
the natural convection heat transfer in the annular spaces 
between the inner and outer tubes is negligible. However, the 
conduction resistance through the residual air is significant, and 
it was accounted for in the proposed mathematical model. The 
calculated results deviate from the corresponding experimental 
data by less than ± 11.8 %. 

INTRODUCTION 
Materials that are highly transparent to electromagnetic 

radiation with wavelengths in the range 0.1 J.~.m < f.. < 3.0 J.~.m, 
and ahnost opaque for wavelengths longer than 3.0 J.lm, are 
commonly used in energy conversion, building, solar, thermal, 
and agricultural engineering, and also in heat transfer 
experiments. Examples and details of windows and radiation 
shields made of such materials can be found in the works of 
Sparrow and Cess (1970), Siegel and Howell (1972), Fuschillo 
(1975), Viskanta et al. (1978), Modest (1993), and Holman 
(1997). Additional references are available in Guers et al. 
(200 I). Experimental and analytical investigations of heat 
transfer through semitransparent cylindrical radiation shields 
made of such materials are presented in this paper. 

Specifically, this work deals with heat transfer between two 
concentric cylindrical tubes made of black anodized aluminum, 
With and without a concentric semitransparent cylindrical 

radiation shield positioned in the annular space. The inner tube 
was maintained at uniform temperatures in the range 30 °C to 
80 °C. The outer tube was maintained at a uniform temperature 
of about 9.5 °C. The radiation shields were tubes made of 
Plexiglas (polymethylmethacrylate or acrylic), fused quartz, and 
Lexan (polycarbonate resin). The analytical model of the 
radiation heat transfer was based on a diffuse-gray enclosure 
theory. In addition, it was assumed that the semitransparent 
shields are opaque to thermal radiation emitted by surfaces with 
temperatures in the range 9 °C to 80 °C. In the experiments, the 
air inside the apparatus was evacuated to absolute pressures 
between 6 mbar to 10 mbar. At these values of air pressure, the 
natural convection heat transfer in the annular spaces between 
the inner and outer tubes is negligible. However, the 
conduction resistance through the residual air is significant, and 
it was accounted for in the proposed mathematical model. 

Details of the experimental work are given in Guers et al. 
(200 I). Nevertheless, a concise description of this aspect of the 
work is also included in this paper, for the sake of 
completeness. A mathematical model of the radiation heat 
transfer was also proposed by Guers at al. (200 I), and their 
model is similar to that used in this paper. However, Guers et 
al. (200 I) ignored conduction through the residual air, and 
concluded that errors in the predictions obtained with the 
diffuse-gray/opaque shield theory could be as high as ±38%. In 
this work, it is shown that with proper accounting of the heat 
conduction through the residual air, the diffuse-gray/opaque 
shield model yields results that are more accurate. The 
calculated results deviate from the corresponding experimental 
data by Jess than ± 11. 8%. 

NOMENCLATURE 
Ai Area of surface i [m2

] 

C Thermal conductance [W fC] 
Dinside Inside diameter of shield [m] 
Doutside Outside diameter of shield [m] 
eb,i Blackbody emissive power of surface i [W/m2

] 

Fj-k Radiation shape factor from surface j to surface k 
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G 
I 
Jj 
kair 
km 
keff 
Lsh 
P;n,ca/c 

P;n,expt 

q 
qcond 

qrad 
ri 
~ond 
~ond,adj 
~If 
~q 
Rsp,j-k 

Irradiation or incident radiation flux [W /m2
] 

Current input to heater [A] 
Radiosity of surface j [W/m2

] 

Thermal conductivity of air [W /m-0C] 
Thermal conductivity of shield material [W /m-0C] 
An effective thermal conductivity [W /m-0C] 
Effective length of the apparatus and shields [m] 
Calculated input power to the heater [W] 
Input power to the heater in the experiments [W] 
Heat transfer rate [W] 
Conduction heat transfer rate [W] 
Radiation heat transfer rate [W] 
Radius of surface i [ m] 
Thermal conduction resistance [°C/W] 
Adjusted conduction resistance, see Eq. (9), [m· 2] 

Effective resistances, see Eq. (10), [m" 2
] 

Equivalent resistances, see Eq. (10), [m" 2
] 

Space radiative resistance between surfaces 
j and k [m- 2

] 

Surface radiative resistance of surface i [m" 2
] 

Heat conduction shape factor [m] 
Temperature of surface i [0C] 
Absolute temperature of surface i [K] 
Voltage input to heater [V] 
Total hemispherical emissivity of surface j 
Wavelength of radiation [J..llll] 

SYNOPSIS OF THE EXPERIMENTAL SET -UP 
The experimental set-up is shown schematically in Fig. 1. 

The outer diameter of the inner tube was 0.0381 m, and its 
effective length was 0.2743 m. The inner diameter of the outer 
tube was 0.1397 m, and it too had an effective length of0.2743 
m. These tubes were made of aluminum, and their surfaces 
were anodized (black). 

I.=-, COU!IIei-Fiow Wilt« Cimlit 11 Semi· 
Wm:rBath TIIIJIIptlalt ., lJ RJidildoa 

ShicJcl 

I l I D.C.Powar 

I ~~ I 

I 

I Vacuum l I AIIOdiad 
PmQp r Alumimlm 

Inner Tube 

I .A.aodimd Alunaiallll Olar Tube 

I 
With 

Wrapped With Copper TuM for EledrieaJ 
Watr.rCooliqJ Reder 

Figure 1: Schematic illustration of the experimental set-up. 

The outer tube was tightly wrapped on its outer surface 
with a coil made of two (side-by-side) '14-inch copper tubes. A 
paste of high thermal conductivity was used to minimize 
thermal contact resistance between the surfaces of the copper 

tubes and the outer surface of the outer tube. Water from a 
constant-temperature bath was circulated through the two 
copper tubes, in a counter-flow path, to maintain the outer tube 
at a desired uniform temperature (about 9.5 °C in this work). 
The inner tube was fitted with an electrical cartridge heater. 
This heater was supplied with de power, which was adjusted to 
achieve steady, essentially uniform, inner tube temperatures in 
the range 30 °C to 80 °C. The voltage and current inputs to the 
heater were measured using high-accuracy digital multimeters. 

Removable endplates made of Delrin (0.0 191 m thick) and 
covered with aluminum foil were used to seal the openings 
between the concentric inner and outer tubes. During the 
experiments, the air in the annular space between the inner and 
outer tubes was evacuated and maintained at absolute pressures 
that were in the range 6 mbar to 10 mbar. Under these 
conditions, the density of the residual air is rather low, and 
hence the Rayleigh number for the annular gap is also low, so 
the natural convection in the annular space is negligible. 
However, conduction heat transfer through the residual air must 
be, and was, accounted for in the corresponding mathematical 
model. The thermal conductivity of the residual air at these 
absolute pressures was assumed to be essentially the same as 
that at one atmosphere absolute pressure. 

Temperatures were measured at 12 locations both on the 
outer and the inner tubes, using 30-guage chromel-constant 
(Type E) thermocouples and an electronic digital readout. 
Using a calibrated quartz thermometer as a secondary reference, 
it was determined that this set-up yields temperature 
measurements that are accurate to within± 0.1 °C. 

The complete apparatus, consisting of the assembly of 
inner and outer tubes, semitransparent cylindrical radiation 
shield, and the Delrin endphttes, was wrapped with about two 
layers of cotton and hydrogel (baby diapers) to insulate it and 
prevent moisture buildup on hot humid days. The entire 
apparatus was then enclosed in a large plastic box, filled with 
silica gel and paper insulation. 

Three different Plexiglas tubes, three different fused quartz 
tubes, and one Lexan tube were used as the semitransparent 
radiation shields. These seven semitransparent radiation shields 
are denoted here as Shields # 1-7. Their inner and outer 
diameters are given in Table 1. A photograph ofthe test section 
loaded with the three fused quartz shields, and with the 
Plexiglas and the Lexan shields outside, is provided in Fig. 2. 

Table 1: Details of the radiation shields used in this study 

Material Shield# Dinside Doutside 
1 0.04400 m 0.05057 m -

Plexiglas 2 0.08800 m 0.09510 m 
3 0.10740 m 0.11360 m - . 

Fused 4 0.04610 m 0.05052 m 
Quartz 5 0.08030 m 0.08550 m -

6 0.11000 m 0.11480 m 
Lex an 7 0.08935 m 0.09450 m 
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Figure 2: Photograph of the test section, shown here with one 
ofthe Delrio endplates pulled open. 

ANALYTICAL CONSIDERATIONS 

Heat Transfer in the Empty Test Section and Procedure for 
Estimating Heat Conduction Losses 

Consider the schematic of the empty test section (the test 
section without any radiation shield) given in Fig. 3. 

\ 
\ 
\ 

' No Shield 
Figure 3: Schematic of the empty test section. 

I ' \ , 

The outer surface of the inner tube is denoted as 1, the 
inner surface of the outer tube is denoted as 2, and 3 and 4 
indicate the inner surfaces of the Delrio endplates. Each of 
these four surfaces is assumed to be isothermal and diffuse gray. 
The irradiation, G, and radiosity, J, for each of these surfaces 
are assumed to be uniform. Surfaces 3 and 4 are considered to 
be re-radiating surfaces and identical. With these assumptions, a 
diffuse-gray enclosure theory, as described by Holman ( 1997), 
for example, can be used to generate the equivalent resistance 
network given in Fig. 4. 

Figure 4: Equivalent resistance network representation of 
radiation heat transfer in the empty test section. 

As surfaces 3 and 4 are re-radiating and identical, there is 
no net heat transfer to, from, or between them: eb,3= J3= eb.4= h 
For any diffuse-gray opaque surface, j, the surface radiation 
resistance is: 

(1) 

where Ej is the total hemispherical emissivity of the surface j, 
and Aj is its area. The space radiation resistance between any 
two diffuse-gray opaque surfaces, j and k, without any 
intermediate participating medium between them, is: 

Rsp,J-k = li(AJ~-k) (2) 

where Fj-k is the corresponding shape factor. The total 
blackbody emissive power of any surface j is given by ebJ = 
cr(Tabsl· Using the equivalent resistance network, and with T 1 

and T 2 as inputs, the net rate of radiation heat transfer from 
surface 1 to surface 4 can be calculated as follows: 

Reqv,sp,l-2 = {J / Rsp,l-2 + 2 /( Rsp,l-3 + Rsp,2-3)} -I 
(3) 

qrad = (eb,l -eb,2)/(Rsurf,I + Reqv,sp,l-2 + Rsurf,2) 

All required shape factors, Fj-k• were computed using well­
established practices (Sparrow and Cess, 1970). 

Under steady-state conditions, the power input to the heater 
embedded inside the inner tube is equal to the rate of heat loss 
from the inner tube to the outer tube by radiation and 
conduction: 

p = qrad + qcond,end plates,insl + qcond,air (4) 

The term, qcond, end plates, insh may be expressed in terms of the 
temperature difference (T 1 - T 2), a heat conduction shape 
factor, S, and an effective thermal conductivity, ketr, that 
characterize the Delrin endplates and the insulation packed 
around the apparatus. Thus, 

qcond,endplates,msl =Skeff(T; -TJ =C(T; -TJ (5) 

where C is an effective heat conductance, given by 

C = Skeff (6) 
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The rate of heat conduction through the residual air in the 
annular space between the inner and outer tubes is given by: 

qcond,air = (~- T2) I {ln(r2 I 1j) 1(21Z"kairL)} (7) 

In the experiments, the voltage and current inputs to the 
heater, V and /, respectively, and T 1 and T 2 were measured. 
These measurements were used to calculate the power input to 
the heater (P = VI), qrad, and qcond, air· In these calculations, it 
was assumed that the values of kair at pressures around 1 mbar 
and one atmosphere are essentially the same. Then, using these 
calculated values, the effective heat conductance, C, for the 
apparatus was determined as follows: 

C = (P-qrad -qcond,air)l(~ -T2) (8) 

For the empty test section, the following average value of C was 
determined: C = 0.0152 WfC. This value was assumed to also 
apply in experiments with the radiation shields. 

Heat Transfer in the Test Section Loaded With a Radiation 
Shield 

A schematic representation of the test section loaded with a 
semitransparent radiation shield is given in Fig. 5. 

One Shield 
Figure 5: Schematic of the test section loaded with one shield. 

Now, the outer surface of the inner tube is denoted as 1, the 
inner surface of the outer tube is denoted as 4, 2 and 3 indicate 
the inner and outer surfaces of the semitransparent shield, 
respectively, and 5, 6, 7, and 8 denote portions of the inner 
surfaces of the Delrin endplates. Each one of these surfaces 
was assumed to be isothermal, gray, and a diffuse emitter and 
reflector. In addition, the irradiation, G, and radiosity, J, for 
each one of these surfaces were assumed to be uniform. These 
assumptions were used as a starting point in the formulation of 
the mathematical model of radiation heat transfer in the test 
section loaded with one radiation shield. 

In the mathematical model of the radiation heat transfer, it 
was assumed that the semitransparent shields used in this work 
are essentially opaque to thermal radiation emitted by gray 
surfaces with temperatures in the range 9 °C to 80 °C. Thus, the 
radiation heat transfer from the inner to the outer tubes goes 
through two finite-length annular spaces, as can be inferred 

from an examination of Fig. 5, each bounded by diffuse-gray 
opaque surfaces. The rate of heat transfer across each of the 
annular spaces is due to radiation exchange between diffuse­
gray surfaces and conduction through the residual air, as 
described in the previous subsection. The heat transmission 
from one such annular space to the next one involves heat 
conduction through the wall of the intervening radiation shield. 
One-dimensional radial heat conduction was assumed through 
the wall of the radiation shield. 

To facilitate an iterative solution of the governing 
equations, the integrated resistance network representation 
schematically shown in Fig. 6 was used. 

~ro:!,adj,air,i 

Rcond,adj,sh 
Cl:ond,sh 

~ 

~oro:!,adj,au,o 

Figure 6: Integrated resistance network representation. 

In this integrated resistance network, Rcand,adj ,sh, R:and, air, i ' 
and R:ond, air, 0 are adjusted conduction resistances of the shield, 
and air in the inner and outer annular spaces, respectively. They 
are defined as follows: 
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( eb 2 - eb 3) R . = . , 
cond,ad;,sh (J;- J;) l[ln(r3 I r2) 1(2trkshL)] 

R .. - (eb,t-eb ,2) (9) 
cond,adj,mr,, - (~ - J;) l[ln(r2 I 1j) 1(2trkair,,L )] 

(eb3 -eb4) R = , , 
cond,adj,mr,o (J; -T

4
)/[1n(r

4 
/r

3
)1(2trkair,oL)] 

Here, surfaces 5 and 7 are assumed to be re-radiating and 
identical, as are surfaces 6 and 8. Thus, eb.s = J5 = eb.7 =hand 
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et, 6 = J6 = eb,s = Js. The blackbody emissive power of a surface 
' 4 

j is ~J = cr(T absJ) . The integrated resistance network given in 
Fig. 6 yields the following equations for qrad + qcond. air. 

transmitted through each of the two annular spaces in the test 
section loaded with one shield: 

Reqv,sp,I-2 = [1 I Rsp,I-2 + 2 /(Rsp,I-5 + Rsp,2-5 )r1 

Reqv,l-2 = Rsurf,l + Reqv,sp,l-2 + Rsurf,2 

Re.ff,I-2 = [1 /(Rcond,adj,air,i) + 1 /(Reqv,l-2)r1 

Reqv,sp,3-4 =[11 Rsp,3-4 +2/(Rsp,3-6 +Rsp,4-6)r
1 

(10) 

Reqv,3-4 = Rsurf,3 + Reqv,sp,3-4 + Rsurf,4 

Reff,3-4 = [1/(Rcond,adj,air,o) + li(Reqv,3-4)r
1 

(eb 1 -eb 4) 
qrad + qcond,air = (R R' ' R ) 

e.ff,l-2 + cond,adj,sh + eff,3-4 

Under steady-state conditions, qcond,sh = qrad + qcond,air· The 
surface and space radiation resistances were calculated using 
Eqs. (1) and (2). Then, with experimentally measured values of 
T1 and T4 as inputs, Eqs. (9) and (10) were solved iteratively to 
obtain the corresponding value of qrad + qcond,air· This iterative 
procedure can be summarized as follows: 1) assign reasonable 
guess values for T2 and T3; 2) using Eq. (9), calculate ~ond,adj,sh. 
1\:ond, adj, air, j, and ~ond, adj, air, 0; 3) calculate qrad + qcond, air using 
Eq. (10); 4) calculate T2 and T3; and 5) repeat steps 2) to 4) 
until convergence. In this work, the iterative solution procedure 
was assumed to have converged when the relative changes in 
the absolute values of T2 and T3, in successive iterations, were 
both less than I 0- 10• 

In principle, the radiation shield could be assumed to be 
semitransparent, for all wavelengths of radiation, and a 
numerical solution of the full radiative transfer equation (RTE) 
could be used to calculate the net radiation heat transfer from 
the inner tube to the outer tube [Siegel and Howell, I972; 
Modest, I997]. However, if scattering and emission of 
radiation within the shield material are considered negligible, 
then such calculations could be done using a relatively simple 
technique based on the net radiation method [Siegel and 
Howell, I972; Siegel, I973; Viskanta et al., 1978]. Using such 
an approach, in conjunction with a ray tracing procedure, an 
overall transmittance and an overall reflectivity of the shield to 
incident radiation from the inner tube could be worked out, and 
similar overall properties could also be worked out for radiation 
incident on the shield from the outer tube. As the radiation 
shields used in this work are cylindrical, the conditions of 
incidence on the shield for the radiation from the inner and 
outer tubes are different; thus, the corresponding values of 
overall transmittance and overall reflectivity would also be 
different. Appropriate values of these transmittances could be 
calculated from more basic radiation properties of the shield 
~aterial and the surrounding media [Siegel and Howell, 1972; 
Siegel, 1973]. The development and implementation of such a 

detailed and sophisticated semitransparent model were not 
undertaken in this work; rather, they are suggested as possible 
extensions of this work. Here, the focus is on exploring the 
possibilities offered by the proposed model, in which a 
relatively simple diffuse-gray/opaque shield theory of the 
radiation heat transfer is used in conjunction with a model of 
one-dimensional radial conduction heat transfer through the 
residual air (at pressures between 6 mbar to 10 mbar) inside the 
experimental apparatus. 

With the proposed mathematical model, and with the values 
of T 1 and T 4 (obtained from the experimental measurements) 
used as inputs, the power input to the electric heater inserted in 
the inner tube were calculated using the follows equations: 

qcand,end plates,insl = C(~-~) 

P;n,ca/c = qcond,end plates,insl + qrad + qcond,air 

(11) 

Anodized Aluminum and Shield Material Property Data 
The discussions and recommendations in Guers et al. 

(200 I) pertaining to the emissivity of the anodized aluminum 
surfaces, and the emissivity and thermal conductivity of the 
shield materials, were followed here. Thus, for the anodized 
(black) aluminum surfaces with temperatures in the range 300 K 
to 400 K, the emissivity was obtained using the following 
equation: 

&01 = 0.82-{(0.82-0.76)/lOO}(Tabs -300) (12) 

For the shield materials, the emissivity and thermal 
conductivity data in Table 2 were used. 

Table 2: Emissivity and thermal conductivity data for the shield 
materials. 

Shield Material Esh ksh [W /m-0C] 
Plexiglas 0.88 0.18 

Fused Quartz 0.90 1.40 
Lex an 0.88 0.19 

RESULTS, DISCUSSIONS, AND CONCLUSIONS 
Data on V, I, T 1o and T 4 for 18 different experimental runs 

are presented in Table 3. For each run, these measurements 
were used to deduce the experimental value of the power input 
to the heater inserted in the inner tube as follows: 

(13) 

The proposed mathematical models of the radiation heat 
transfer, conduction heat transfer through the residual air and 
the radiation shield, and the conduction heat transfer through 
the Delrin endplates and the surrounding insulation were then 
used to calculate the corresponding values of the power input to 
the electric heater inserted in the inner tube (P;n,calc). Following 
that, the percentage deviations of the calculated values of the 
power input, P;n,calc• from the corresponding experimental 
values, P;n, exp, were determined using the following equation: 
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%Dev = 1 OO(P;n,expt - P;n,calc) / P;n,expt (14) 

Table 3: Measured data and P;n,expt values. 

Run Shield v I T1 T4 P;n,expt 

# fVl fA] [OC] f°Cl fWl-

A 1 34.18 0.2183 48.96 9.73 7.46 
B 1 38.11 0.2432 57.45 9.72 9.27 
c 1 42.10 0.2683 67.52 9.70 11.30 
D 2 34.09 0.2147 51.33 9.59 7.32 
E 2 42.02 0.2669 70.38 9.57 11.22 
F 3 33.95 0.2177 48.67 9.64 7.39 
G 3 38.06 0.2438 57.33 9.60 9.28 
H 3 42.06 0.2692 66.25 9.66 11.32 
I 4 34.00 0.2169 51.01 9.63 7.37 
J 4 42.09 0.2676 71.98 9.59 11.26 
K 4 38.11 0.2428 60.42 9.66 9.25 
L 5 34.08 0.2186 55.48 9.68 7.45 
M 5 42.06 0.2693 75.14 9.66 11.33 
N 6 33.91 0.2174 50.64 9.63 7.37 
0 6 38.03 0.2435 59.77 9.68 9.26 
p 6 41.90 0.2681 68.76 9.63 11.23 
Q 7 34.03 0.2183 53.48 9.69 7.43 
R 7 42.03 0.2691 72.19 9.69 11.31 

Table 4: Comparison of P;n, expt and P;n, calc 

Run Shield P;n, expt P;n, calc %Dev 
# [W] fWl 

A 1 7.46 6.63 11.11 
B I 9.27 8.24 11.08 
c I 11.30 10.29 8.91 
D 2 7.32 6.71 8.36 
E 2 11.22 10.40 7.27 
F 3 7.39 6.52 11.76 
G 3 9.28 8.22 11.43 
H 3 11.32 10.04 11.33 
I 4 7.37 7.13 3.31 
J 4 11.26 11.48 -1.90 
K 4 9.25 8.99 2.88 
L 5 7.45 7.60 -1.97 
M 5 11.33 11.61 -2.48 
N 6 7.37 7.11 3.61 
0 6 9.26 8.96 3.20 
p 6 11.23 10.91 2.90 
Q 7 7.43 7.13 4.04 
R 7 11.31 10.83 4.28 

The results presented in Table 4 show that the proposed 
model, based on a simple diffuse-gray/opaque-shield theory of 
radiation heat transfer and a model of one-dimensional radial 
heat conduction through the residual air in the experimental 

apparatus, provides results that deviate from the experimental 
results by less than ± 11.8 % in all cases considered here. In this 
context, it is worth noting that the calculated results of Guers et 
al. (200 1 ), obtained using a similar diffuse-gray I opaque shield 
model, but ignoring conduction heat transfer through the 
residual air, deviated from the corresponding experimental data 
by as much as ±38%. Thus, the results presented in this paper 
clearly show that it is important to account for conduction heat 
transfer through the residual air, which, in all experimental runs, 
was at absolute pressures in the range 6 mbar to I 0 mbar. 

The results presented in Table 4 also show that the 
proposed diffuse-gray/opaque-shield model yields the most 
accurate results for the shields made of fused quartz. Thus, it 
may be concluded that of the three semitransparent materials 
examined in this study (Esh values almost equal), fused quartz 
provides the most effective shielding (it is essentially opaque) 
with respect to thermal radiation emitted by gray surfaces 
maintained at temperatures in the range 9 °C to 80 °C. The 
same conclusion can also be made purely on the basis of the 
experimental data given in Table 3. 
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ABSTRACT 
The paper aims to apply experiment and computer 

simulation to investigate the heat transfer characteristics 
of different fluids through the microchannels with 
different geometries. An experimental apparatus with 
multi-functions, low uncertainties, high precision and 
temperature control was constructed. The experimental 
results are compared with the results of computer 
simulations and theoretical predictions from the 
conventional laminar flow theory. The flow rate, fluid 
temperature and pressure drop were measured at steady 
states to analyse the flow characteristics. It was 
concluded that the effect of allowance for machining of 
microchannels on heat transfer characteristics could be 
neglected under lower flow rate. The fluid mass flow 
rate, the inlet temperature of fluid, and the geometric 
parameters, particularly the hydraulic diameter and 
aspect ratio H/W m in rectangular microchannels were 
found to have a significant influence on the fluid flow 
and heat transfer characteristics. 

INTRODUCTION 
Significant attention has been given to fluid flow in 

microchannels due to the development in micro-fluidic 
devices and systems. In 198I, Tuckerman and Peace [I] 
originally introduced the concept of the microchannel 
heat sinks. They demonstrated that the water-cooled 
microchannel heat sink is capable of dissipating high heat 
flux without a phase change. Wu and Litter [2] measured 
the fiction factor about the gas flow and heat transfer in a 
single microchannel. Their measurements indicated that 
the friction factors were above those obtained from the 
traditional Moody diagram. Peng and Wang [3-5] 
investigated the heat transfer characteristics of liquid 
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flowing through microchannel structures. The forced 
convection of liquid in microchannels both with and 
without phase change was studied experimentally. They 
found that fully developed turbulent convection was 
initiated at Re from I 000 to I500, and heat transfer 
behaviour in the laminar and transition regions was very 
unusual and complex and are affected by liquid 
temperature, velocity and microchannels. Tao and 
Mahulikar [6] investigated the effect of Brinkman 
number on heat transfer characteristics in microchannels. 
The experiment was carried out using a water tap to 
supply constant flow. Without the Data Acquisition 
System, and control of liquid flow and temperature, the 
experimental uncertainties were much larger. Wong [7] 
studied the heat transfer characteristics of a thermal 
microsystem. Without the control of fluid flow and 
temperature in his experimental apparatus, the unsteady 
state and uncertainty still affect his experimental results. 

During the last decade, extensive studies both 
experiment and theory are carried out in the world. 
However, due to the lack of a clear fundamental 
understanding of the enhanced mechanics of 
microchannels, most of these results appear to be unclear 
or rather speculative and, therefore, have not gained a 
wide acceptance. This paper is focused on studying the 
heat and fluid flow characteristics in microchannels with 
different geometrical arrangements and a variety of 
conditions by evaluating channel pressure drop and 
distribution oftemperature and velocity. 

NOMENCLATURE 
Ac cross-sectional area (m2

) 

DH dynamic diameter (m) 
f friction factor 
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differential pressure and flow rate measurements were 
found to be less than ± 1%. The maximum uncertainties 
for other parameters are as follows: average fluid 
velocity, ±1.5%, Reynolds number, ±2%, friction factor, 
±3%, and pressure drop, ±1.5%. 

Theoretical analysis and computer simulation 

Considering the uniform structure, and thermodynamic 
condition including the similar boundary conditions, one 
three-dimensional microchannel with rectangular cross 
section was analysed and illustrated in Fig.2. It involves 
the determination of heat transfer and fluid flow for 
laminar forced convection in microchannels in the fully 
developed regime. A theoretical model is developed 
under the following assumptions: 

l. The fluid is assumed to be Newtonian and 
incompressible 

2. The flow is considered to be laminar 
3. The material properties are independent with 

temperature 
4. The effects of radiative heat transport are neglected. 
5. The bottom of microchannel heat sink has a uniform 

heat flux 

z 

Figure 2: Schematic ofmicrochannels 

The heat transfer coefficient he can be calculated from 

the Nusselt number hc DH/kr. For flow in long 
microchannels, the significant length in the Nusse1t 
number is the hydraulic diameter, DH. defmed as 

DH= 4 flow cross-sectional area (I) 

wetted perimeter 

For a microchannel with rectangular cross-section, the 
hydraulic diameter can be calculated as follows: 

DJF2 WmH (2) 
(Wm+H) 

where W m and H are the width and height of 
microchannel, respectively 

The average heat transfer coefficient depends on the 
temperature of the fluid and wall surface. In forced 
convective heat transfer, the temperature of the fluid does 
not level out but varies both along the direction of mass 
flow and in the direction of heat flow. At a given cross­
section of the microchannels, it is therefore a common 
practice, to use the average fluid bulk temperature, Tb, to 
replace Tr. At steady state, the heat generated from the 
bottom is totally removed by the fluid flowing through 
the microchannels owed to neglect the heat loss through 
the thermal insulation materials. From the energy 
conservation, q can be calculated by: 

q=mcpl\Tb=cp V Pr[(Tw-Tin)-(Tw-Tout)]= 

Cp V Pr(Tout-Tin) (3) 

where m is mass flow rate; cP is specific heat at constant 
pressure; L\Tb is difference in average fluid bulk 
temperature between the inlet and outlet of microchannel; 

Tw is the surface temperature of wall; V is fluid volume 
flow rate, it can be calculated by the 

equation: V =n U W mH, n is number of microchannels; 
W m and H are single microchannel width and height, 

respectively; U is average fluid velocity; Tin and Tout are 
the fluid temperature at the inlet (Z=L) and the outlet 
(Z=O) of microchannel, respectively. If L\Tb is small, it 
has good cooling effect under the same condition. In this 
paper twelve test sections with rectangular cross sectional 
geometries are investigated and listed in Table 1. 

Table 1 Geometric parameters of the test sections 

Test Aspect 
sections w .. H(mm) L(mm) D..(mm) ratioy 

(mm) 
I 0.1 0.6 45 0.1714 0.167 
2 0.2 0.6 45 0.3 0.333 
3 0.3 0.6 45 0.4 0.5 
4 0.6 0.6 45 0.6 I 
5 0.05 0.2 45 0.08 0.25 
6 0.2 0.3 45 0.24 0.667 
7 0.3 0.2 45 0.24 1.5 
8 0.22 0.6 45 0.322 0.367 
9 0.21 0.6 45 0.311 0.35 
10 0.6 0.1 45 0.1714 6 
11 0.3 0.1 45 0.15 3 
12 0.2 0.1 45 0.1333 2 

To simulate the practical condition, the film heater was 
supposed to produce heat flux 1 x 104W /m2

• Deionized 
ultra filter water is used as the working liquid. Then oil, 
air and, methyl-alcohol are used as the working fluids to 
analyse the cooling effects. For a given fluid, more 
critical Nusselt number depends primarily on the flow 
conditions, which can be characterized by the Reynolds 
number, Re. For flow in long conduits the characteristic 
length in the Reynolds number, as in the Nusselt number, 
is the hydraulic diameter, and the velocity to be used is 

the average over the flow cross-sectional area, U , or, 
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According to above Equations, when n=4, the fluid 
flow rate and ReoH can be calculated and given in Table 
2 based on the medium water. In long ducts, where the 
entrance effects are not very important, the flow is 
laminar when the Reynolds number is below about 2100. 
In the range of Reynolds numbers between 2100 and 
10000, a transition from laminar to turbulent flow takes 
place. The results of flow velocity, Reynolds number, 
friction factor and pressure drop between inlet and outlet 
of microchannel are calculated and given in Table 2. The 
flow friction factor f and pressure drop are expressed as 
follows 

8'tw 
f=-­

-2 
pU 

2DH~p 

pU
2

L 

fpU
2

L 
2DH 

(5) 

(6) 

Table 2 The parameters of test sections with different cross-
sectional areas 

U (Re 

Test U (mis) 
no.=2100) Ap(Pa)(Re 

sections O,(mm) ~(m'} Rc"" (m/s) Ap(Pa) ""=2100) 
I 0.1714 

0.06 0.813 250.703 6.812 0.255 21896.15 183411.9 
0.3 

0.12 0.406 219.401 3.892 0.291 3574.286 34211.22 
0.4 

0.18 0.271 195.023 2.919 0.328 1340.357 14432.86 
0.6 

0.36 0.135 146.267 1.946 0.437 297.8571 4276.402 
0.08 

0.01 4.679 702.085 14.595 0.091 603160.7 1804107 
0.24 

0.06 0.813 351.042 4.865 0.182 11169.64 86818.78 
0.24 

0.06 0.813 351.042 4.865 0.182 11169.64 66818.78 
0.322 

0.132 0.369 214.082 3.626 0.298 2820.935 27671.36 
Cl.JII 

0.126 0.367 216.615 3.754 0.295 3166.406 30697 
lCl 01714 

0.06 0.613 250.703 6.612 0.255 21696.15 163411.9 
II cus 

0.03 1.626 436.603 7.764 0.145 57188.57 273669.7 
12 0.1333 

0.02 2.439 584.925 6.759 0.109 108596.1 369662 

COMPUTER SIMULATION AND EXPERIMENTAL 
RESULTS 

A commercial Computational Fluid Dynamics (CFD) 
code was developed by FLUENT which was based on a 
boundary fitted fmite volume control technique. All the 
computer simulations presented here were performed by 
using FLUENT 5.5.14 installed on a workstation. The 
QUICK discretization scheme was used to ensure at least 
second order spatial accuracy. Under-relaxation factors 
of pressure, momentum, energy and density are 0.3, 0.1, 
1 and 1, respectively. Convergence criterions of 
continuity, x-velocity, y-velocity, z-velocity and energy 
are 1xl0-6

, 1x10-6
, 1x10-6

, 1x10"6 and 1x10-9, 

respectively. Computer simulations are focused on the 
effects of mass flow rate, fluid and solid materials, 
different geometries and processing tolerance on the 
pressure drop and fluid temperature. 
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• Effects of different DH on the fluid bulk 
temperature and pressure drop when the mass 
flow rate and bottom heat flux are the constant 

• Effects of fluid velocity on the fluid bulk 
temperature difference and pressure drop when 
the DH and bottom heat flux are the constant. 

• Effects of fluid materials on the fluid bulk 
temperature difference and pressure drop when 
the DH, fluid velocity and bottom heat flux are 
the constant. 

• Effects of solid materials on the fluid bulk 
temperature difference and pressure drop when 
the DH, fluid velocity and bottom heat flux are 
the constant. 

• Effects of processing tolerance on the fluid bulk 
temperature difference and pressure drop when 
the DH, fluid velocity and bottom heat flux are 
the constant. 

For all the test sections used in this study, the pressure 
drop, fluid bulk temperature difference and average flow 
velocity are plotted in Fig. 3, Fig. 4(a) and (b) as function 
of Dh when the working fluid is water, the material of 
test section is made of copper. The theoretical values of 
pressure drop, temperature and velocity are listed in 
Table 3. As seen in Fig. 3 and Fig. 4(b), for bigger 
channels there exists a good agreement both pressure 
drop and velocity among three curves. As Dh decreases, 
the pressure drop across the microchannel increases 
gradually. At the same time, the gap among these curves 
begins to increase. It can also be observed that pressure 
drop increased dramatically from about 1 x 1 05Pa at 
DH=0.133mm to over 6xl05Pa at DH=0.08, which means 
that at a given flow rate, a higher pressure gradient is 
required to force the liquid to pass through the 
microchannels. As shown in Fig. 4(a), there does not 
appear to be a strong enhancement or decrease on the 
fluid bulk temperature when the mass flow rate is 
smaller. The temperature curves of computer simulation 
and experiment are lower than that of theoretical 
predictions. 
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Figure 3: A comparison of experimental and computer 
simulation values of pressure drop vs. DH with theoretical 

predictions 
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For the same fluid mass flow rate, the pressure gradient 
for smaller DH is significantly higher than that required 
for larger DH· However, the difference between bulk fluid 
temperature and wall temperature is less significant when 

12 
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(a) 
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g 

0.7 
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DH(nm) 

(b) 
Figure 4: A comparison of experimental and computer 

simulation values of bulk fluid temperature difference and 
velocity vs. DH with theoretical the predictions 

DH is above 0.24mm. To dissipate the high heat flux and 
keep the low wall temperature, it is clear that, if selected 
properly, the correct combination of mass flow rate a~d 
size of the microchannels can provide improvement m 
heat dissipation. As shown in Fig. 5, for test section 2, 
the curve of pressure drop by computer simulation is 
linear as expected from theoretical predictions. In Fig. 6, 
as the fluid flow velocity increases, the fluid bulk 
temperature and wall temperature of adjacent surface to 
fluid decrease smoothly. For solids with higher thermal 
conductivity, the effects of solid materials on the pressure 
drop and fluid bulk temperature can be neglected. 
Aluminium has the same cooling effect on wall surface 
temperature as copper. As shown in Fig. 8, the cooling 
effect of copper and aluminium are better than that of 
steel. Compared with solid materials, fluid materi~ls have 
significant effects on the pressure drop and flmd bulk 
temperature. Among these liquid, air is the weakest 
cooling medium. Because oil has very high viscosity 
(1800 times than water), pressure gradient 7.5xi06Pa is 
required to force oil to pass through the microchannels. 
Meanwhile, its cooling effect is lower than that of water. 
According to Fig. 9 and I 0, considering both the press~re 
drop and cooling effect, water is one of the best coohng 
liquids. 

For test section 1, 6, 7 and 10 with the same cross­
sectional area 0.06mm2

, test section I has the same DH as 
test section 10. Their results of pressure drop and bulk 
fluid temperature difference L\ T b by computer simulation 
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Figure 5: The effect of fluid flow velocity on pressure drop 
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Figure 6: The effect of fluid flow velocity on fluid inlet and outlet 
temperature 
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Figure 8: The effects of different solid materials on fluid inlet and 
outlet temperature 

are given as follows: 25556Pa, 8.6K; 10069Pa, 8.6K; 
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9851Pa, 8.7K; 24886Pa, 8.9K, respectively. It is clear 
that the smaller aspect ratio y is, the better cooling effect 
it has. DH has a significant influence on pressure drop. 
Because the aspect ratio y and DH are the functions of 
size of microchannels, there exists an optimum between 
lower pressure drop and higher cooling capacity. For test 
sections 2, 8 and 9, the allowance for machining is Omm, 
O.Olmm and 0.02mm, respectively. Their results of 
pressure drop and bulk fluid temperature difference !l T b 

i: 
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I 340 

0 330 
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320 

.fi 310 

I 300 
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Figure9: The effects of different solid materials on fluid inlet and 
outlet temperature 
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Figure 10: The effects of different fluid materials on pressure drop 

by computer simulation are given as follows: 3651Pa, 
8.6K; 3201Pa, 8.6K; 2827Pa, 8.6K, respectively. 
Allowance for machining affects the pressure drop more 
than bulk fluid temperature difference !l T b· Under lower 
mass flow rate, this influence can be neglected. For test 
section 10, 11 and 12, their results of computer 
simulation are given: 24886Pa, 8.9K; 57069Pa, 8.6K; 
100142Pa, 8.6K, respectively. These results also confirm 
that the smaller aspect ratio y is, the better cooling effect 
it has. Only tiny difference of DH can cause a significant 
gap among the results of pressure drop. 

CONCLUSIONS 
Through giving theoretical predictions of pressure drop 

and fluid bulk temperature difference from conventional 
flow theory, laminar forced convection in microchannel 
heat sink with rectangular cross-section was investigated. 
For microchannels with large diameters, the results of 
experiment and computer simulation are in rough 
agreement with the theoretical predictions from the 
conventional flow theory. But, as DH decreases, there is a 
significant increase in pressure drops and bulk fluid 
temperature difference compared to that predicted by 

conventional flow theory. The results indicate that fluid 
materials have more significant effects on heat transfer 
characteristics than solid materials of test section. 

The results of theoretical prediction, computer 
simulation and experiment show that DH is one of the 
most important parameters for the thermal-hydraulic 
performance. Mass flow rate has a significant influence 
on fluid cooling effect more than its pressure drop. 
Allowance for machining affects the pressure drop more 
than temperature. Under lower mass flow rate, this 
influence can be neglected. The aspect ratio is also an 
important factor for the heat transfer characteristics. It is 
undoubted that there exists an optimum among these 
variables. To optimise the geometry for microchnnel heat 
sink applications, further investigations are necessary. 
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ABSTRACT 
The thermal performance of a heat spreader with Phase 

Change Material (PCM) is investigated experimentally under 
transient conditions. The transient thermal load generated by a 
microprocessor is obtained by running a variety of software 
applications commonly encountered in Personal Computer 
usage. The representative load cycle is used to simulate the 
chip with a variable heat source heater. Introducing PCM in 
selected pockets of the heat spreader modifies the heat spreader 
thermal characteristics. The heat dissipation characteristics of 
the air-cooling system mounted on the heat spreader are 
maintained constant for all of the experiments. The results 
indicate that modifying the thermal characteristics of the heat 
spreader improves the maximum heat dissipation rate under 
actual transient conditions encountered in PC operation. 

INTRODUCTION 
The thermal management of electronic devices has become 

an important topic in heat transfer. The power dissipation of the 
computer chips is rapidly increasing. The thermal management 
of these high power systems provides a complex challenge. 
Unfortunately, the heat transfer area is not increasing in line 
with the power dissipation. This results in an ever-increasing 
heat flux with higher power processors. 

It becomes even more important to provide the proper 
cooling for these high power chips. In the most recent 
literature, new techniques have been developed to handle the 
demand for high power dissipation. New heat sink designs have 
new flow paths, increase in surface area, and heat transfer 
coefficient enhancements. 

Microchannel heat sinks show a promising potential. In 
recent works, a microchannel has been applied to this problem. 
The small-scale enhancement of a microchannel gives and 
enhancement in the thermal performance of the heat sink. Yu et 
a!. [ 1] used a microchannel heat sink for chip cooling. They 
found that the microchannel heat sink could provide an 
improvement. 

Unfortunately, the majority of available literature does not 
take into account the transient nature of chip cooling. Most of 
the work has been done dissipating a steady state power load. 
However, the actual computer chip does not dissipate a steady 
state power. The highest power rating is still used as the design 
limit. However, the design limit is the maximum condition at 
100% usage. An actual chip power will fluctuate with time. 
This is especially true for personal computers and small 
electronic devices. Therefore, the power output is directly 
dependent upon the percent CPU usage. This also allows the 
possibility of a momentarily higher than allowable surface 
temperatures. 

The use of Phase Change Materials (PCM) is traditionally 
used in transient cohtrol of thermal systems. The PCM makes 
use of the latent heat of fusion to absorb heat. The addition of a 
PCM to a cooling scheme can add a better transient control. 

Lu [2] modeled the transient performance of a high power 
electronics chip with PCM using FEM. Their results indicate 
the potential of a PCM in improving the transient performance. 
However, their results have employed very high temperatures, 
on the order of 5000 K, which do not have any practical 
significance. In another work, Weinstein [3] added a PCM to a 
handset mock up to provide transient control. They found that 
the PCM would allow for an increase in operation time. The 
present work explores the application of the PCM in PC chip 
cooling by conducting experiments with different void fraction 
ratios of the PCM in the heat spreader. 

NOMENCLATURE 
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hL Average heat transfer coefficient, W/m-2K 
P Power, W 
t Time, s 
~t Time interval during transient power loading, s 
T Temperature, °C 
v Velocity, m/s 
V Volume, m3 

VF Volume Fraction, dimensionless 
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GREEK LETTERS 
9 Excess Temperature Percentage, [(~T/( Tb- T.))*100] 

SUBSCRIPTS 
a Air 
b Base 

Inlet 
0 Outlet 

Surface 
w Wax, used as PCM 

OBJECTIVES OF THE PRESENT STUDY 
The present work involves the use of phase change material 

in a heat spreader plate. The PCM is used to control the 
transient effect of chip loading. A typical power cycle is used to 
emulate the loading of a computer chip. The effect of the PCM 
on the transient thermal performance of the spreader plate is 
experimentally evaluated. 

EXPERIMENTAL SET-UP 
The experimental apparatus was developed to study the 

effect of PCM on the transient performance of a spreader plate. 
An electric heater is used to emulate the computer chip. The 
actual heater is a 1 em x 1 em flexible heater. The heater size is 
close to the actual dimensions of a chip. The heater is secured 
to a spreader plate using an adhesive. The power input is 
controlled to impose the desired loading conditions. 

The spreader plate is manufactured from a plate of 
aluminum. The plate has the overall dimensions of J inches 

material are 2.413x10-6 m3
, 7.239x10-6 m3

, and 1.267x1o-s m3. 
The volume fraction, VF, is defmed here as the volume of PCM 
divided by the volume of material. The respective VF for the 
PCMs are 0.02, 0.07 and 0.11. After completion of the first 
round of tests, a fifth spreader plate was constructed. Figure 2 
shows the fifth plate. It has a wax volume of 2.17x10-5 m3 and 
a VF of0.20. 

Figure 2: Modified Aluminum Spreader Plate. Overall 
dimensions are 3"x 3" x %" thick with one ':!.." diameter hole 
and 2 W' diameter hole. Volume of PCM = 2.17x10-6 m' 
and VF = 0.20. 

Thermocouples are distributed in the spreader plate to 
determine surface temperatures. The base temperature i~ 

known. An array of surface temperatures on the cooling side is 
known. The temperature of the PCM is also known. 

The spreader plates are placed in an identical air-cooling 
setup. A small wind tunnel is constructed to provide uniform 
airflow over the heat spreader as shown in Fig. 3. The air 
velocity is fixed at 4.00 ± 0.05 m/s. Each of the spreader plates 
is mounted in the same manner. 

wide by 3 inches long andY.. inch thick (76.2mm x 76.2mm x f 
19mm). The spreader plate is shown in Figure 1. 

[L [;?1 (<:-:::::~ 
NO HOLES ONE HOLE 

THREE HOLES FIVE HOLES 

Figure 1: Aluminum Spreader Plates. The overall 
dimensions are 3"x 3"x %"thick and ':!.. inch diameter holes. 
Four different volumes of PCM; 0.00 m3

, 2.413x10-6 m3
, 

7.239x10-6 m3
, and 1.267x10-5 m3

• 

The volume of the spreader plate is 1.1xE-4 m3
• Paraffm 

wax is used as a PCM. The spreader plate was altered to 
receive a varying volume of PCM. The three volumes of PCM 

[3] 

Figure 3: Air-cooling System. The miniature wind tunnel 
has a test section area of 5.806x10-3

• The components are: 
[1] Spreader Plate, [2] Heater, [3] Thermocouples, [4] Air 
Thermocouples, [5] Pitot Tube, and [6] Fan. 

The air-cooling system involves the use of a miniature wind 
tunnel made of Lexan as shown in Fig. 3. The Lexan is an 
optically clear polycarbonate. A variable speed fan controls the 
air velocity. The voltage is fixed to provide an air velocity of 4 
rnls. The air passes through a set of flow straightener and enters 
the test section. The air velocity is measured using a pitot tube. 
The inlet and outlet air temperatures are measured using 
thermocouples. The thermocouples where calibrated to ±0.1 oc. 
The inlet temperature varied slightly during the testing due to 
the changing ambient conditions. However, the temperature 
was within the range of22.1 octo 23.1 °C. 
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EXPERIMENTAL PROCEDURE 
The spreader plates are mounted in the wind tunnel. The 

air velocity is held constant for each test. Four different 
volumes of PCM are tested. The four VF for these cases are 0, 
0.02, 0.07, and 0.11. The air velocity is set at 4.00 ± 0.05 m/s. 
First, a steady state power load of 100 Watts is applied to the 
spreader plate. The temperatures are recorded for this case. 
The other cases involve a varying power load to emulate 
tnmsient chip power usage. The thermal performance is 
reported for each testing condition. 

RESULTS 
The thermal performance of a spreader plate is found under 

several different power loading conditions. A spreader plate is 
used to distribute the heat from a small area into a larger base 
area. A variable electric heater is used to emulate a 
microprocessor. The maximum base temperature is limited to 
62 °C. The reported melting temperature of the wax is 66°C. 
However, the actual melting temperature was experimentally 
detennined to be considerably lower, around 50-55°C. 

There are several different loading conditions that are 
presented. The thermal performance of each case is reported. 
The reference case for comparison is a spreader plate that has 
no PCM. It is the point of reference for all of the testing. This 
plate was tested first for each of the loading conditions. For 
reasons of clarity, only the spreader plate with a VF of 0.00, 
0.07, and 0.11 will be presented. The spreader plate that has a 
VF of 0.02 has a similar performance as the plate with 0.00 VF 
PCM. 

The first loading condition is a steady state power loading. 
The heater is set to deliver a constant power. The steady state 
temperatures are recorded. 

80 
75 
70 
65 

-60 
() 55 
~50 

.Q 45 
.... 40 

35 
30 
25 
20+-----~----~----~----~----~ 

0 500 1000 1500 2000 2500 

Time ( seconds ) 

Figure 4: Base Temperature for Steady State Load of 40 
Watts. The transient history of the Base Temperature for a 
steady state 40 watt loading of a spreader with varying 
PCM. VF = 0.00, 0.07, and 0.11. 

Figure 4 shows the thermal performance for the constant 
load of 40 Watts. As seen in the figure, the temperatures reach 
a steaay state value in approximately 2500 seconds. The 
average heat transfer coefficient, hL. on the cooling side is 
calculated to be 28.8 W/m2K. The spreader plate with no PCM 
reaches the lowest steady state temperature of 77.5 °C. The 
spreader plate with a VF of 0.07 reaches a steady state 
temperature of 76.1 °C. The spreader plate with the most PCM 
and a VF of 0.11 reaches the highest steady state temperature of 
80.1 °C. This behavior makes sense because the increase in the 
PCM material results in a decrease in the thermal conduction 
paths. The base temperature for the plate with a VF of 0.11 
shows a slight depression in the shape between 55 oc and 65 
°C. This is due to the energy being consumed in the latent heat 
used to melt the PCM. 
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Figure 5: Wax Temperature for Steady State Loading of 40 
Watts. The transient history of wax temperatures for each 
spreader plate cavity. The plate with VF=0.07 has 3 
cavities. The plate with a VF=0.11 has five cavities. VF = 
0.00, 0.07, and 0.11. 

Figure 5 demonstrates the temperature history for the wax 
temperatures in the PCM under a constant load of 40 watts. 
The distinct temperatures are the temperatures of the wax in 
independent cavities. The spreader plate with a VF of 0.07 has 
three cavities. The spreader plate with a VF of 0.11 has five 
cavities. The effect of the PCM and latent heat can be seem by 
the flattening of the slop around the melting temperature of the 
PCM. This curve for each constant loading power input was 
useful in developing the transient loading. 

Figure 6 shows the resulting base temperatures for the 
constant loading case. The steady state base temperatures are 
reported for the various spreader plates. Based upon this data, 
the variable loading case was developed. 

The variable loading case uses two power inputs. The 
higher power input is the maximum power input. The lower 
power input is a percentage of the maximum or higher power 
input, typically 25% of the maximum value. The load is varied 
between these two power inputs with different time intervals. 
This loading scenario simulates the processor being loaded at 
I 00% capacity and then at 25% capacity. 
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Figure 6: Base Temperature verses Power Input. The Base 
Temperature for a steady state loading verses the power 
input. VF = 0.00, 0.07, and 0.11. 

The first variable loading case is shown in Figure 7. The 
first loading condition is using 40 watts as the maximum and 15 
watts as the minimum. The time duration is 240 seconds at 
each power rating, starting at the maximum power. 
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Figure 7: Power Curve for the First Variable Load. P max = 

40 W, Pmin = 15 W, ~t = 240 s. 
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Figure 8: Base temperature versus time under variable 
loading- First Case. P max = 40 W, P mia = 15 W, ~t = 240 s. 

The first loading was applied to the spreader plates with a 
VF of 0.00 and 0.11. Figure 8 shows the results of the first 
transient load. The base temperature for the plate with VF :::: 
0.00 varied between a maximum of 63.1 °C and a minimum of 
56.9 °C. The plate with a VF of 0.11 varied between a 
maximum of 63.0 oc and a minimum of 57.5 °C. The two 
plates transient thermal performance is very close to each other. 
It is interesting to see that the only difference between these 
plates occurs in the early transients. Although, there is no 
discemable difference when the plates reach a steady state 
pattern. 

The second variable loading case is shown in Figure 9. 
The second loading condition is using 30 Watts as the maximum 
and 7.5 Watts as the minimum. The time duration is 240 
seconds at each power rating, starting at the maximum power. 
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Figure 9: Power Curve for the Second Variable Load. P max 

= 30 W, Pmin = 7.5 W, ~t = 240 s. 
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Figure 10: Base temperature versus time under variable 
loading- Second Case. P max = 30 W, p min = 7.5 W, ~t =240 s. 

The second loading was applied to the spreader plates with 
VFs ofO.OO, 0.11, and 0.20. Figure 10 shows the results ofthe 
second transient loading case. The base temperature for the 
plate with VF = 0.00 varied between a maximum of 52.5 oc and 
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a minimum of 46.7 °C. The plate with a VF of 0.11 varied 
between a maximum of 50.1 oc and a minimum of 44.5 °C. 
The plate with a VF of0.20 varied between a maximum of 47.5 
oc and a minimum of 42.0 oc. When the plates reach their 
steady state pattern, the spreader plate with PCM has a lower 
maximum surface temperature. The percent temperature 
excess, e, for the VF of 0.11 is 8.0%. It seems that the VF of 
0.11 is not absorbing enough energy to depress the base 
temperature for this loading. The plate with a VF of 0.20 
begins to show a considerable improvement. The excess 
temperature for the VF of0.20 is 16.7%. 

The third variable loading case is shown in Figure 11. The 
third loading condition is using 30 Watts as the maximum and 
7.5 Watts as the minimum. The time duration is now 120 
seconds at each power rating, starting at the maximum power. 
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Figure 11: Power Curve for the Third Variable Load. P max 
=30 W, Pm~n = 7.5 W, dt = 120 s. 
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Figure 12: Base temperature versus time under variable 
loading- Third Case. Pmax = 30 W, Pmln = 7.5 W, dt = 120 s. 

The third loading was applied to the spreader plates with a 
VF ofO.OO, 0.11, and 0.20. Figure 12 shows the results ofthis 

transient load. The base temperature for the plate with VF = 

0.00 varied between a maximum of 50.74 oc and a minimum of 
48.1 °C. The plate with a VF of 0.11 varied b~tween a 
maximum of 48.5 oc and a minimum of 45.9 °C. The plate 
with a VF of0.20 varied between 45.72 oc and 43.25 °C. When 
the plates reach their steady state behavior, the spreader plate 
with PCM has a lower maximum surface temperature. The 
percent temperature excess for a VF of 0.11 is 9.35%. The 
excess temperature for a VF of0.20 is 17.2%. 

The forth variable loading case is shown in Figure 13. The 
forth loading condition is using 35 watts as the maximum and 
8.75 watts as the minimum. The time duration is now 120 
seconds at each power rating, starting at the maximum power. 
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Figure 13: Power Curve for the Forth Variable Load. Pmax 
= 35 W, Pm~n = 8.75 W, dt = 120 s. 
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Figure 14: Base temperature versus time under variable 
loading- Forth Case. Pmax = 35 W, Pmln = 8.7, dt = 120 s. 

The forth loading was applied to the spreader plates with a 
VF ofO.OO, 0.11, and 0.20. Figure 14 shows the results ofthis 
transient load. The base temperature for the plate with VF = 

0.00 varied between a maximum of 54.8 oc and a minimum of 
51.5 oc. The plate with a VF of 0.11 varied between a 
maximum of 52.0 °C and a minimum of 49.4 oc. The plate 
with a VF of 0.20 varied between 49.8 oc and 47.0 oc. When 
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the plates reach their steady state behavior, the spreader plate 
with PCM has a lower maximum surface temperature. The 
percent temperature excess for a VF of 0.11 is 10.1%. The 
excess temperature for a VF of0.20 is 14.1%. 

Excess Temperature, e, 
Percentage 

VF Case 1 Case 2 Case3 Case4 
0.00 0.0 0.0 0.0 0.0 

0.11 0.0 8.0 9.35 10.1 

0.20 0.0 16.7 17.2 14.1 

Table 1: Excess Temperature, 8, Percentage for transient 
loading cases. VF = 0.00, 0.11, and 0.20. 

Table 1 shows the results of the transient load testing for 
the five different spreader plates. The VF for each plate is 0.00, 
0.11, and 0.20, respectfully. Case 1 is the first loading case of 
P max = 40 watts, P min = 15 watts, and ~t = 240 seconds. Case 2 
is the second loading case of P max = 30 watts, P min = 7.5 watts, 
and ~t = 240 seconds. Case 3 is the third loading case of P max = 

30 watts, Pmin = 7.5 watts, and ~t = 120 seconds. Case 4 is the 
forth loading case of P max = 3 5 watts, P min = 8. 7 5 watts, and ~t 
= 120 seconds. As seen in the table, the largest q reached was 
17.2 for Case 3 and a VF of 0.20. It can be seen that the 
increase in VF results in improved performance. However, an 
optimization for specific application is required. 

CONCLUSIONS 
The use of a phase change material in electronics cooling 

can provide an improvement in handling transient thermal 
management. The PCM has already proven useful in such 
applications as high heat fluxes [2] for high heat fluxes and in 
hand sets [3] to extend operation time. The use ofPCMs in this 
application could possibly extend air-cooling of 
microprocessors. Some conclusions from this study are: 

1. The PCM provides a lag in the very early transients as 
compared to the spreader plate without any PCM. The 
early stages of the loading have shown that the plates 
with PCM provide a more even ramp up in 
temperature. This would be valuable ifthe steady state 
behavior is not of concern. 

2. The PCM does make a difference in the constant 
loading of the spreader plate. The PCM has the effect 
of augmenting the typical base temperature curve. The 
region of change denotes the operating region of the 
PCM. The transient design of the spreader plate 
should fall within this region. If the transient loading 
falls outside of this region, the PCM will be ineffective 
in producing the desired effect, as in Figure 7. 

3. The PCM does provide a reduction in the maximwn 
base temperature of the spreader plate as compared to 
the plate without any PCM. This behavior is seen in 
Figures 9, 11, and 13. 

4. The vol~e of the PCM has a significant effect upon 
the transient performance. The volume for a specific 
loading must be optimized for the best perfonnance. 
Table 1 also demonstrates this behavior. On the other 
hand, too much volume of PCM will cause a limiting 
effect in the conduction paths of the spreader piate. 
This will also cause a detrimental effect upon the base 
temperature and cause an increase in base temperature, 
as seen in Figure 3. 

The use of a PCM in electronics could provide a much 
need extension of air-cooling. Unfortunately, the application of 
the PCM is very dependent upon the loading conditions. 
Further optimization is required to determine the proper PCM 
material type, PCM volume, and orientation. Further 
experiments are being planned with significantly higher 
volumes ofPCM embedded in the heat spreader plate. 
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ABSTRACT 
Experimental results have shown that it is very difficult to 

initiate boiling with refrigerant Rl34a flowing in 
microchannels with cross-section of 75 x 800 11m. The design 
of *e test section made it possible to measure the bulk fluid 
temperature inside the microchannels non-intrusively. The bulk 
fluid was demonstrated to be in a metastable liquid state even 
under very high wall heat fluxes and superheat temperatures. 
The results suggest that bubble growth was suppressed (high 
wall superheats measured) for liquid Rl34a flow boiling in 

microchannel with hydraulic diameter (0,.) about 1371!m. 

INTRODUCTION 
Recently, in various branches of industry, there has been a 

growing interest in developing miniaturized thermal systems 
and microscale devices. The increasing technological demands 
in various new areas require a comprehensive understanding of 
the fundamental phenomena that govern thermal transport in 
small scales. The boiling of liquids in microchannels is one of 
the most important topics, because of the potential applications 
in electronic cooling, micro thermal systems, and the like. 
Experimental data and theoretical work in the open literature 
reveal that the boiling process in micro scales is quite different 
from that in normal scales. 

Lin et a/. [1] could not generate bubble with static water, 
methanol, and FC43 liquids in microchannels that are 7.5 11m 
deep, 30 and 60 11m wide, until they raised the heater wall 
temperature to the proximity of the critical temperature. Jiang, 
eta/. [2,3] observed that during the boiling process of water in 
microchannels with hydraulic diameters of 40 and 80 11m, the 
wall temperature increased almost linearly with the wall heat 
flux until the onset of critical heat flux (CHF) condition. No 
boiling plateau, which is associated with saturated nucleate 
boiling state, was observed in the boiling curves. The 
~xperimental results of Lin et a/. [1] and Jiang et a/. [2,3] 
Indicated that the typical bubble generation and growth 
mechanisms commonly observed in macrochannels are 
suppressed in microchannels. 

Peng and Wang [4,5] experimentally investigated water 
and methanol flow boiling in microchannels of cross-section 
from 200 x 700 11m to 800 x 700 11m. They noted that no vapor 
bubbles could be observed even in fully developed nucleate 
boiling regime. This behavior was termed as "bubble 
extinction". Two lypothetical concepts, "evaporating space" 
and "fictitious boiling", were proposed to explain this new 
behavior in microchannels [6]. "Evaporating space" is the 
critical liquid space less than which bubbles could not 
successfully form and grow. "Fictitious boiling" implies that 
the liquid has reached conventional nucleate boiling conditions, 
but internal evaporation and bubble growth have not yet been 
realized or there may exist countless micro-bubbles within the 
liquid that cannot be visualized by ordinary means. If the 
microchannel size is smaller than the "evaporating space", 
"fictitious boiling" can be induced, otherwise, normal nucleate 
boiling will occur. 

Peng et a/. [7] proposed semi-empirical correlations to 
predict the boiling conditions in the microchannels. The 
correlations demonstrated that decreasing the size of the 
microchannels resulted in dramatically high wall superheats for 
nucleation. Peng et a/. [8] demonstrated experimentally that the 
correlation successfully described the superheats for nucleate 
boiling in microchannels. Peng eta/. [9] investigated the role of 
perturbations on the dynamics of clusters, and developed the 
physical interpretation of "fictitious boiling". They also 
proposed a criterion for the occurrence of the fictitious boiling. 

The literature review demonstrates that the boiling process 
in microchannels is quite different from that in conventionally 
sized channels. Bubble growth is suppressed when the channel 
size is below a critical value. However, this critical size is not 
the same for different fluids. For example, for water and 
methanol, it is difficult to generate bubbles in channels with 
diameter (Dh) smaller than 1 mm [7,8,9]; but bubbles can be 
produced easily within R-12 flow through channels with a 
hydraulic diameter of 0. 7mm [7]. The theoretical work of Peng 
et a/. [7] indicates that the critical c11annel size for refrigerants, 
such as R-12 and Rl34a, should be much smaller than that of 
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water. However, no experimental work has reported what the 
critical channel sizes should be when using refrigerants. 

Shannon et a/. [10] are developing a microscale cooling 
system in the size of 100 x 100 x 2.5 mm. The design of such a 
system needs to characterize heat transfer in channels as small 
as 75 x 800 J.Lm (Dt. = 137 J.Lm). In the ongoing work of 
investigating evaporation heat transfer in microchannels, we 
found that two-phase flow is very difficult to be generated in 
microchannels with cross-section of 75 x 800 J.Lm when heating 
the subcooled liquid R 134a. This bulk refrigerant was 
determined to be in metastable liquid state even under very 
high wall heat fluxes and superheat temperatures. It is shown 
that hydraulic diameter of 13 7 J.Lm is small enough to restrict 
bubble growth in Rl34a flow. 

NOMENCLATURE 
A emp irical constant in equation ( 1) 
Ott hydraulic diameter (J.Lm) 
dP pressure drop (kPa) 
G mass flux (kg/nfs) 
H channel height (J.Lm) 
h1v latent heat (kJ/kg) 
I current (Amps) 
m mass flow rate (kgls) 
P pressure (kPa) 
q'" heat flux (kW/nf) 
T temperature ( 0 C) 
~Tsup minimum wall superheat in equation (1) ( 0 C) 
V voltage (Volts) 
v' liquid specific volume at saturation (m31kg) 
v'" vapor specific volume at saturation (of/kg) 
W channel width (J.Lm) 

Greek Letters 
a surface tension (N/m) 

Sybscrjpts 
bulk bulk fluit 
ei test section inlet 
eo test section outlet 
I liquid phase 
oi orifice inlet 
sat saturation 
v vapor phase 
wi inner wall 

EXPERIMENTAL METHOD 

~ 
The experimental facility is shown schematically in Figure 

1. It is an open-loop system consisting of a refrigerant supply 
tank, control valves, a test section, and a receiver tank for 
adjusting the flow rates and experimental conditions. The 
refrigerant tank contained saturated R 134a, which was 
maintained at desired pressures (or temperatures) using an 

electric resistance heater and a variable transformer (variac). 
Liquid refrigerant was driven into the test loop by placing the 
supply pipe at the bottom of the refrigerant tank. The receiver 
tank was exposed to room temperature. A sufficiently large 
surface area of the tank wall provided a stable lower pressure. 
The flow rate and test section pressure were adjusted by two 
control valves. 

Figure 1: Microchannel test facility 

In Figure 2, the test section is enlarged and shown in scale. 
It had four parallel channels 85 mm long, and a cross-section 
dimension of75 x 800 J.Lm. It was fabricated from four layers of 
Kapton® films with a total thickness of 250 J.Lm. Two inner 
layers, with a thickness of 75J.Lm each, were cut with channels 
and headers. The two outer layers were 50 J.Lm thick each. The 
webs between the channels. were 1000 J.Lm wide. The 
fabrication process of such a heat exchanger has been reported 
by Selby eta/. [11]. 

A Kapton® insulated heater was mounted above a 3mm 
thick aluminum block using high thermal conductive epoxy. 
Aluminum was used because its high thermal conductivity 
could provide uniform heating in the four channels. The 
aluminum block was then attached to the microchannels. The 
whole test section was insulated with rubber insulation S mm 
thick. The heater was supplied with DC, and the heating power 
was adjusted by a HP power controller. Twenty-five millimeters 
downstream of the heating section, four type-T tine-gage 
thermocouples (75 J.Lm wire diameter, Tchl - Tch4 in Figure 2) 
were mounted above the center of microchannels using high 
thermal conductive epoxy. 

Heat leakage upstream and downstream was estimated to 
be negligible, because thermal conductivity of Kapton is low(­
Q..l S W /m 0 C) and the test section is very thin (250 J.Lm). 
Therefore the heating effect was limited to the part mounted 
with heater only. This design is an improvement over others, 
where materials with high thermal conductivity were used; 
because of axial conduction, the boiling in the microchannels is 
mixed with that in the large inlet and exit headers [2,3]. 
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Because the channel wall was very thin (50 J.Lm) and it was 
insulated, the readings of the four thermocouples were just the 
bulk fluid temperature inside the specific channel. This new 
design for the test section permitted the bulk fluid temperature 
inside the microchannels to be measured non-intrusively. 

(a) Top view 

Electrical heater 

SOilm 

(b) Cross-section A -A 

Figure 2: Test section 

The fluid temperatures at the inlet and outlet were 
measured using two type-T thermocouples (Tei and Teo in 
Figure 1 ). A pressure transducer (Setra model 206, 0 - 1724 
kPa, Peo in Figure 1) was used to measure outlet pressure in the 
test section. The pressure drop across the test section, dP in 
Figure 1, was measured by using a differential pressure 
transducer (Setra model C230, 0 - 69 kPa). The mass flow rate 
was measured with a low-flow-rate meter (Rheotherm® model 
TUl/16), and double-checked by measuring the rate of mass 
accumulation in the collection tank. For all the experimental 
data, the differences between these two methods were within 
±3%. The Rheotherm reading was used for data analysis. 

Measurements were recorded with a Hewlett-Packard (HP) 
data logger and a microcomputer. The sampling interval was 
three seconds and all the data were recorded in Microsoft Excel 
for future processing. Errors associated with the thermocouples 
were estimated at less than ± 0.2°C. The uncertainty in flow 
rate measurements was estimated to be less than ± 3%. The 
uncertainty in pressure measurements was ± 0.2%; and in 
differential pressure measurements, Jess than± 0.3%. 

Experimental Procedure and Data reductjoun 
Rl34a was used as the working fluid. The liquid 

temperature was supplied at room temperature. The liquid 
subcooling varied from 0.5 to 5°C, by changing the test section 

pressures. The liquid mass flux raged from 100 to 330 ltg/nfs. 
The first test procedure was to adjust the control valves in order 
to get the desired mass flux and pressure. When these values 
were stable, the heater was turned on and the heating power 
was increased step by step. At each power level, at least 6 
minutes of data were taken, with the time depending on how 
long it took to reach a stable state. Data were taken 
continuously until liquid superheat disappeared, i.e., the 
readings of T~ht-T~h4 were the same as saturation temperature 
corresponding to the test section pressure. During the 
experiments, the variation of mass flux was kept within ± 5%; 
inlet subcooling, within ± 0.2°C; and saturation temperature, 
within± l°C 
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+ Re=42, m=3.8 g/mln "*-Re=43.4, m=3.93 g/mln -¥- Re=54.9, m=5.03 g/mln 

.-Re=71.3, m=6.5 g/mln -+-Re=91.1, m=8.3 g/mln -RP112, m=10.2 g/mln 

Figure 3: Water flow distribution in microchannels under 
different mass flow rates (Reynolds numbers) 

The total heat generated by the electrical heater was 
calculated by multiplying the voltage and current across the 
heater. The test section was insulated with Smm-thick rubber 
insulation. Heat losses to the environment were estimated as 
negligible. Axial heat conduction along the length of the tube 
was also negligible. The heat flux value was calculated by 
assuming that the same amount of heat had been added to each 
of the four channels. When subcooled liquid is heated, and 
especially when liquid superheat occurs, more heat will be 
added to the front part. Therefore, the calculated heat flux is the 
average over the entire heating section. Mass flux G was 
calculated assuming a uniform distribution among the four 
channels. 

Auxiliary tests with water were preformed to evaluate the 
distribution, energy balance, and temperature measurements. 
After the heating section, the water bulk temperature was 
measured (Tcht-Tch4 in Figure 2). The high thermal conductivity 
of the aluminum permitted the assumption of a uniform 
temperature heating condition. Therefore, the differences 
between Tcht-Tch4 were attributed to maldistribution. The 
fraction of flow in each channel can be calculated, given the 
heating power, inlet temperature, as well as mass flow rate of 
the water. As shown in Figure 3 for Reynolds numbers ranging 
from 42 to 112, the percentage of total flow in each of the four 
channels was within 25% ± 1.5%, indicating good liquid flow 
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distribution. Since liquid refrigerant was supplied to the inlet­
distribution header during the flow boiling test, this also 
indicated good distribution of Rl34a in the flow boiling 
experiments before the onset of nucleate boiling (ONB). The 
situation after ONB is quite complicated. An analysis of that is 
given later. 

The energy balance of the test section was determined to 
be within ± 5% for all the six runs (Figure 3 ). Thus, the heat 
loss from the test section was rather small, and the test section 
was appropriate for our measurements. 
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Figure 4: Comparison ofT eo with Tchl- Tch4 in water flow test 

The effectiveness of thermocouples Tchl-T ch4 in measuring 
bulk fluid temperatures was also evaluated by comparing the 
measurements of 'th1-T ch4 with the exit temperature '1;:0 • As 
shown in Figure 4, Tchi-Tch4 under-represent the bulk fluid 
temperature Teo within 0 to -1 °C. This difference was 
attributed to heat loss from the test section into the 
environment. 

RESULTS AND DISCUSSION 
As described previously, the power level was increased 

from zero and data were taken continuously until liquid 
superheat disappeared. Figure 5 illustrates the experiment with 
a mass flux of 164 kglnfs, an inlet temperature of 23 °C (inlet 
subcooling of 5 °C), and a saturation temperature of 28 °C. 

For the first 700 seconds (region I in Figure 5), the heater 
was turned off. All the temperatures remained the same and the 
pressure drop was low, which indicates that the fluid in and out 
of the channels was in liquid phase. 

In region II of Figure 5, when the heating power was 
adjusted to O.SW (q" = 5.5 kW/nf>, the bulk fluid 
temperatures(Tchi-Tch4) increased to values higher than the 
saturation temperature. The outlet temperature (Teo) was still a 
little bit lower than the saturation temperature, which was 
attributed to the heat loss of the metal T-junction used to insert 
the thermocouple. When the heater power level was increased 
to 0.7 W (q" = 8 kW/nf), the bulk fluid temperatures in all four 
channels were brought to about 32 °C; while the outlet 
temperature reached and remained at the saturation temperature 

of about 28°C. At the same time, vapor slugs (or plugs) were 
observed at the exit of the test section. Obviously, the fluid 
reached the boiling condition; but for some reason, boiling did 
not begin in the microchannels. So the fluid remained in a 
superheated liquid state. When the metastable superheated 
liquid reached the macroscale exit tube, boiling occurred and 
the superheat disappeared. This process continued for two 
power levels of 0.9 Wand 1.3 W. Figure 5 (c) shows that the 
total pressure drop remained almost the same and at low values 
in regions I and II, which is another proof of liquid superheat 
state in region II. 

When the power level was adjusted to 1.7 W (q" = 20 
kW/nf), the bulk fluid temperatures in all four channels 
increased from 42°C to 46°C. Suddenly the temperatures 
dropped: channel four, to 2~C; channel three, to 33°C; and 
channel one and two, to 39 °C. These dropping temperatures 
were accompanied by a sudden increase in the total pressure 
drop, as shown in Figure 5 (c). After that, the measured bulk 
temperatures in region III exhibited a very strange behavior. 
The bulk temperatures increased and decreased alternatively, 
with enormous differences between various channels; while the 
measured total pressure drop increased monotonically. 

The process that occurred in region III can be explained as 
follows. For some reason, boiling occurred earlier in channel4 
than in the others, and the bulk fluid temperature dropped to 
approximately saturation temperature. This point is taken as the 
onset of nucleate boiling (ONB). The bulk fluid temperature 
decreasing introduced more heat into this channel and increased 
the wall heat flux. Higher heat flux also, in tum, helped 
nucleation in this channel. The boiling introduced larger 
pressure drop to channel 4, which reduced the flow rate and 
caused the total flow to be redistributed among the channels. 
The channels with no or less boiling must have had a higher 
mass flow rate in order to balance the pressure drop. Therefore, 
the bulk fluid temperatures dropped to different values, and the 
total pressure drop went up. Because liquid superheat is a non­
equilibrium metastable state, the boiling process may also be 
unstable and related to other factors such as heating time, 
history, etc. All these along with flow redistribution in parallel 
microchannels made the whole process a very complicated one, 
resulting in the strange behavior observed in region III. 

Finally, in region IV, after the heater power was adjusted to 
4.3 W (q" = 50 kW/nf) for 2 to 3 minutes, the bulk fluid 
temperatures in all four channels dropped to and remained at 
the saturation temperature. This process was also accompanied 
by a sudden jump in pressure drop. In region IV, boiling 
occurred in all four channels, and a stable two-phase flow was 
obtained. Therefore, energy balance could be used to estimate 
the vapor quality, which was determined to be about 70%. 

Same experiments have been repeated for different mass 
fluxes (100 to 310 kg/nfs), and inlet subcoolings (0°C to 5 oc). 
Similar liquid superheat phenomenon was recorded, and all 
four regions, as shown in Figure 5, were identified. However, 
the extents of superheat were different for different mass fluxes 
and inlet subcoolings. 
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Figure 5: Flow boiling in microchannels, G = 164 ± 5 
kg/nfs, Tei = 22.7 ± 0.2°C, T1a1 = 28 ±1 °C 

When designing microchannel heat sinks with subcooled 
liquid flow boiling, great attention must be paid to the 
phenomenon of bulk liquid superheat. Normally, heat 
exchangers with phase change are preferred because they 
provide a relatively more uniform wall temperature and a 
higher heat transfer coefficient. However, when liquid 
superheat occurs, the evaporator performs in a fashion similar 

to single phase flow heat exchangers. Even worse, when 
bubbles form in the superheated liquid, the growth rate is very 
rapid; and the explosive formation of vapor is often a source of 
instability[ 13 ], as indicated in region III of Figure 5. Therefore, 
it is very important to understand the mechanism behind the 
bulk-liquid superheat phenomenon in the microchannels. 

In Figure 5 region II, boiling did not begin in the 
microchannels until the measured bulk liquid superheat reached 
18°C at a wall heat flux of about 20 kW/rrt. In fact, the wall 
superheat in the heating section T..; - T,., which is of more 

interest for nucleation initiation, should be higher than the bulk 
liquid superheat r;,ult - T.., , because the wall is heated from 

outside. Therefore, the bulk liquid superheat can be taken as a 
conservative estimation of the wall superheat Tw;- T.a . So it is 

safe to say that ONB did not occur at wall superheat below 
l8°C. This wall superheat is much higher than what normally 
observed for heterogeneous nucleation boiling in macroscale 
channels. 

In macroscale channels, the superheated liquid state owes 
its existence to an energy barrier that causes the vapor embryo 
to collapse, rather than lead to nucleation, if it is less than a 
critical size [11]. Typically, high liquid superheat before ONB 
occurs in the glass apparatus, where the range of active cavity 
sizes is severely restricted, or in well wetting fluids at low 
reduced pressures, such as nitrogen, R-12, and R-114 [13]. The 
surface roughness of the channel under investigation has been 
measured at 0.3 J.Lm for upper and bottom walls. Kandlikar and 
Spiesman [ 14] reported that the difference in wall superheat for 
four surfaces with roughness of0.188 Jlm to 3.06 Jlm is within 
0-30%. Thus, surface roughness seems not to be the reason for 
the high liquid superheat reported. For sbucooled Rl34a flow 
boiling in macroscale annular ducts, Yin et a/. [15] reported 
wall superheat as high as l8°C before ONB, but this is limited 
to very low saturation temperatures cnly (-5 - 1 °C}, and the 
wall superheat decreased rapidly when saturation temperature 
increased. It looks like experimental results cannot be explained 
by macroscale nucleation theories. 

In fact, the high bulk liquid superheat phenomenon in the 
current work revealed suppression of bubble growth by the 
confined wall of the microchannels. This is obvious because we 
observed that as soon as the superheated liquid exited into a 
larger tube, boiling occurred and liquid superheat disappeared 
instantly. Peng eta/. [8] measured nucleation temperatures for 
static water, methanol, ethanol, and carbon tetrachloride boiling 
on a platinum wire confined in capillary tubes. Their results 
demonstrated thatthe bubble nucleation temperature increased 
markedly as the size of microchannel decreased. Their 
experimental results also support the theoretical work of Peng 
et a/. [7], where they derived the correlation for bubble 
nucleation temperature in microchannels: 

4AT (v"-v')O' (1) ar..p ~ ··~ D, 
lv 

where A is an empirically determined constant, with a 
suggested value of A= 280. Taking Rl34a at r.., = 28°C as an 
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example, the calculated results were plotted according to 
decreases in the channel hydraulic diameter. As shown in 
Figure 6, the wall superheat needed for nucleation increases 
dramatically when the channel hydraulic diameter is reduced to 
about 100 J.l.m. This is consistent with the current experimental 
results, suggesting that nucleation is very difficult to achieve in 
microchannels with hydraulic diameter of about 13 7J.1.m. 

25 

20 
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Figure 6: Comparison of measurement with the prediction of 
Peng et al. [7] 

CONCLUSIONS 
Metastable bulk liquid superheat phenomenon of Rl34a 

flow boiling in 75 x 800 J.l.m microchannels was investigated 
experimentally. The specially designed test section provided a 
way to measure the bulk fluid temperature in microchannels 
non-intrusively. The bulk liquid superheat before the onset of 
nucleation boiling (ONB) was as high as 18 °C, at surface heat 
flux of 20 kW/rrf, saturation temperature of 28 °C, inlet 
subcooling of 5 °C, and mass flux of 164 kg/nfs. The wall 
superheat was estimated to be even higher than the bulk liquid 
s~perheat before ONB. In addition, the bulk liquid superheat 
disappeared and two-phase flow was achieved when the fluid 
reached the conventional scale tubes. The experimental results 
indicate that the typical bubble growth mechanism observed in 
macrochannels is depressed for refrigerant R134a flow boiling 
in microchannels with hydraulic diameter close to 1 00 J.l.m. 
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ABSTRACT 
This study examines the two-phase refrigerant side pressure drop 

in a plate evaporator used in a refrigerator. The refrigerant was 
Isobutane (R600a). The refrigerant channel had a non-circular cross­
section best described as a circular segment. It was found that the best 
estimation of the frictional pressure drop was with a homogeneous 
method and with a modified version of the separated Lockhart and 
Martinelli method. 

INTRODUCTION 
Despite the fact that domestic refrigerators and freezers are the 

most common application of the vapour compression cycle, not much 
can be found in the open literature on how to calculate the pressure 
drop in their evaporators. This two-phase pressure drop calculation is 
complicated by a winding refrigerant path with frequent bends and 
sometimes, as in the system studied in the present article, by a non­
circular cross-section. 

NOMENCLATURE 
A area (m2) 

B constant 
C constant 
Cr skin-friction drag coeflicient (-) 
d diameter (m) 
dh hydraulic diameter (m) 
F force (N) 
f friction factor (-) 
G mass flux (kg/m2s) 
g gravitational acceleration (m/s2) 

k pressure drop coefficient (-) 
L length (m) 
M constant (-) 
m constant (-) 
m mass flow (kg/s) 
n constant (-) 
P perimeter (m) 
q cooling capacity (W) 
R radius (m) 
Re Reynolds number (-) 

condensing temperature CCC) 
evaporation temperature (0 C) 
average velocity (m/s) 
quality(-) 
length (m) 

Greek 
a void fraction (-) 
X Martinelli parameter(-) 
!!.p pressure difference (Pa) 

¢ 2 two-phase multiplier(-) 

() inclination (0
) 

J1 viscosity (Ns/m2
) 

J1 averaged viscosity (Ns/m2
) 

p density (kg/m3
) 

Subscripts 
I liquid 
v vapour 
lo liquid only 
VO vapour only 
tp two-phase 
h hydraulic 
e entrance length 

EXPERIMENTAL SET-UP 
Experiments were conducted with a modified standard 

refrigerator (Electrolux ER8893C) under steady state conditions. It 
consisted (figure I) of a piston compressor (Eiectrolux HL60AH), a 
wire on tube condenser using natural convection heat transfer, a 
capillary tube as expansion device (partly heat exchanged against the 
suction line) in series with a needle valve, and an evaporator also 
using natural convection heat transfer. Isobutane (R600a) wa.s used ~s 
refrigerant. The system contained approximately 300ml mmeral Oil 
(standard charge) where most of the oil is hold-up in the com~~essor 
house. The evaporator studied (660mm*490mm) was pos1t10ned 
vertically, in the cabinet, at the back wall (cold wall evaporator). It was 
of plate type, which means two flat alu~inium sheets emboss~d and 
bonded with a thin Zinc-layer, as to prov1de a path for the refngerant 
flow between the two sheets. On the front side, pressure taps were 
attached on 16 positions along the refrigerant path (figure I and 2) 
with tubing leading upwards towards the transducer to avoid 
concentration of oil. A valve arrangement multiplexed the obtained 
pressure to a pressure difference transducer (Druck 0,35 bar) .. rn this 
way a single pressure transducer was used to measure all the d1~e:ent 
pressure drops on the evaporator, stepwise addressmg every pos1t1on. 
Absolute pressure was measured on both the low (Druck 2,5 bar) and 
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the high-pressure side (Druck 16 bar). The refrigerant mass-flow was 
measured using a coriolis type meter (Micro Motion D6) positioned 
downstream the condenser. A hand-regulated needle valve was 
positioned just downstream the mass flow meter (and upstream the 
capillary tube). Thermocouples of type T were placed, on the surface, 
at different positions on the system. Inside the refrigerator cabinet a 
variable heat load was placed. The measurement data was collected 
with a logger (Agilent 34870A) and stored on an ordinary PC with HP 
VEE software. The software also controlled the valve arrangement via 
a relay output. 

:=:~=-=:;;:1 
meter Mass flow~ 

Expansion (hand 
operated needle valve) 

Figure 1: Experimental set-up. 

Figure 2: Evaporator with pressure tap positions and relative length. 

MEASUREMENT PROCEDURE 
All experiments were carried out in a climate chamber held at 

25°C. By varying the heat load, inside the refrigerator cabinet, 
different cabinet air temperatures were achieved giving different 
evaporating temperatures and hence different refrigerant mass flows. 

After a heat load was set, the needle valve was adjusted so that 
superheat was achieved in the accumulator inlet as can be seen in 
figure 3 (i.e. vapour quality x=l at relative length I ,0. See figure 2 for 
length scale). It was also checked through a sight glass, at the 
condenser side, that sub-cooled refrigerant entered the mass-flow 
meter. To achieve both these conditions the refrigerant charge had to 
be increased compared to the original charge (from 34g to 
approximately 55g). The pressure drop in the evaporator was measured 
I 0 times at each position with a scan interval of about five seconds. 
This was repeated at least four times under steady state conditions 
giving no less than 40 measurement points at each position for every 
test condition. It was checked after a test series that no oil had 
concentrated in the tubing by simply turning off the cooling system 
while pressure measurement continued. 

g -5 •. ... --- ·-=~--- ./" ~ 
a ....,._ --- - - -,e ,___~-.- ---- ---~ ~ I i ~~: --··---1----- !-· ..... -~t---·- ... --- ............ ---~ 
~ -2o . __.-u : ---
-25+-----1-----4-----+----~----~----~--~ 

0 0,2 0,4 0,6 0,8 1,2 1,4 

Relative length 

~2 ........ J ·····x·····4 ---sj j 
~----~========~-----

Figure 3: Surface temperatures along the evaporator. Superheating 
starting at accumulator inlet (Relative length I ,0) 

DATA REDUCTION 
Some disturbance at the measured pressure drop could be 

expected immediately after a shift in connected pressure tap positions. 
This could clearly be seen at the shift from position 16 to I. Due to 
this, the first four scans at each position were discarded. The 
remaining data was averaged at every position over at least 24 
measurement intervals. 

EXPERIMENTAL RESULTS 
Measurements were done under five test conditions as described 

by table I. As can be seen the saturation temperature in the evaporator, 
calculated from pressure, differed somewhat from the measured 
surface temperature given in figure 3. This is likely the consequence of 
a boiling heat transfer resistance, a heat transfer resistance through the 
evaporator wall and perhaps some increase of the measured surface 
temperature due to ambient air heating through the thermocouple wire. 

test t2 t1 mass mass flux inlet cooling 
nr ("C)1J ("Cl1 flow G vapour capact 

m (g/s) (kglmzsli quali~ q(W} 
X(-) 

1 -23,1 39,5 0,280 20,34 0,136 94,1 

2 -19,7 41,8 0,331 24,03 0,134 111,0 

3 -14,0 45,3 0,428 31,10 0,126 143,0 

4 -9,3 48,5 0,519 37,67 0,127 172,2 

5 -4,3 51,9 0,627 45,50 0,132 205,8 

Table 1: Test conditions. 
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Notes: 
I) Saturation temperature from averaged pressure, position 1 to 15. 
2) Saturation temperature from condenser pressure. 
3) Mass flow divided by cross section area 13,774mm2• 

4) Calculated from enthalpy at condenser outlet minus enthalpy 
change over capillary-suction line heat exchanger. 

5) Calculated as refrigerant mass flow times enthalpy change from 
evaporator inlet to outlet. 

At test number one the heat load was turned off. In number two to five 
it was altered from 50 to 200W in steps of SOW. The measured mass 
tlow and calculated cooling capacity were compared to compressor 
data and were found to be within I 0%. As can be seen in figure 4 the 
pressure drop increases along the evaporator (the pressure drop along 
the evaporator is for simplicity considered as positive). From position 
1 to I 0 (relative length 0 to 0,6) the increase is somewhat lower 
compared to the rest of the evaporator. Also seen from the figure is, as 
expected, that a higher mass flow gives a higher pressure drop. 

i 

~ :: 1 ... ------ ----- ------------------ ------------ -- -

a. 8000 +-~ ----------------w',.£---7 

e 
'tl 6000 +--------------::;;;~""' e 
• 4000 +-------~ 

~ 2000 +-------..-.~~~-"::r"'~J--+....-=-----------; 
0~~~~~--~~--~~ 

0 0,2 0,4 0,6 0,8 1,2 1,4 

Relative length (·) 

1 ......... 1--2---.--3--·"0--4-.-51 

Figure 4: Measured pressure drop along the evaporator. Numbers 
referring to test (see table I) 

ANALYSIS 
This analysis aims to find applicable correlations for calculating 

the two-phase flow pressure drop in the evaporator studied. Only the 
part of the evaporator with constant cross section (relative length 0,00 
to 1,00 in figure 2) will be analysed. In the following it will be 
assumed that the flow is practically incompressible in the sense that 
the density of each phase is constant. This assumption simplifies 
separated flow calculations and is acceptably justified in this case 
since the pressure drop is small compared to the absolute pressure in 
the evaporator (4% to 6%). However local properties, including 
density of the vapour, will be used throughout the calculations. It is 
further assumed that the flow is steady, one-dimensional and that the 
two phases are in local thermodynamic equilibrium. 

The total pressure drop can generally be subdivided into three 
components for a straight, constant cross section channel: ~he 
frictional, the change of momentum (or acceleration) and the elevatiOn 
(or gravitational) component. Since the evaporator studied consists ~f 
a number of bends a separate deflection component for the bends IS 

expected giving a total of four components. 

~total= 11p friction+ 11pacc. + 11pgrav. + 11pbends (I) 

The friction pressure drop is often the largest component and will be 
given the largest attention in this article. First, however the other 

components will be treated and lumped together. It will be shown that 
they are a minor part of the total pressure drop. 

Pressure drop from acceleration. gravitation and bends. 
When calculating the acceleration and gravitational pressure drop, 
knowledge about the void fraction is necessary. It is also essential to 
know the quality along the evaporator (dx/dz). Here it will be assumed 
that the quality linearly approaches I with evaporator length. That is, 
the heat flux is evenly distributed. The influence of a distributed heat 
flux was also tested (but will not be shown here) where the local heat 
flux was proportional to the evaporator surface area. For instance the 
position 9 to II (figure 2) experienced a higher heat flux compared to 
position I to 8. Only a small difference in the calculated pressure drop, 
compared to the linear model, could be noted with this approach. 
It was shown by Butterworth [3] that several of the available void 
fraction correlations could be cast in the general form: 

a= [1 + B(~)nl(Pv )n2 (.f!Lt3 ]-l {2) 
X Pt Pv 

Where the constants from different models are given in table 2. 

Correlation or model B nl n2 nJ 
Homogeneous I I I 0 

Zivi I I 0,67 0 
Lockhart and Martinelli,tt 0,28 0,64 0,36 0,07 
Thorn I I 0,89 O,I8 
Baroczy I 0,74 0,65 O,I3 

Table 2: D1fferent vo1d correlations 

For comparison the CISE correlation as described by Whalley [15] 
was also used. Using local properties of Isobutane calculated from 
measurement data from test number 3 one gets the results in figure 5. 

0,95 

=£ 0,9 
§ i 0,85 

i o.a+---------------------~ 
0,75 +--------------------~ 

0,7 -l------r----..,.------r---..,.------i 
0,2 0,4 

--Homogeneus --Zivi 
--Thorn -+-Baroczy 

0,6 0,8 

···><·· Lockhart Martinelli,tt 
-CISE 

Figure 5: Void fraction, different models. Data from test number 3 

As can be seen the void fraction increases with relative length. At 
relative length 0,0 the vapour fraction was approximately 0,2 in all 
tests while at relative length I ,0 it was I. The CISE correlation gives 
the lowest void fraction, the homogeneous the highest. The void 
fraction of the homogeneous flow is showing some deviation from a 
straight line due to a change in the density ratio with pressure. 

The acceleration and gravitational pressure drop can now be calculated 
according to Whalley [15]: 
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dp 2 d [ x
2 

(I- x)
2 

] L. L . (3) - (-bcc+grav = G - - + --- + [lZPv + (1- a)pJ,: x sm (} 
dz dz aPv (1- a)pl 

In this fonnula the first tenn represents the acceleration pressure drop 
and the second the gravitational pressure drop. The part sin B(xdz) is 
replaced, in this analysis, with the discrete height value measured from 
the position with relative length 0. The underlying assumption here is 
that the flow can be considered as a liquid-gas column with a mean 
density to create a gravitational pressure. The acceleration pressure 
drop can be seen in figure 6, the gravitational in figure 7. 

400 ...... --······-----········--·······--

~ 350 +------------------~!11111 
~ 
~ 300 

I 250 +--------------~~~--~ 

~ 200 +--------------=.,.==------~ 

f 150 +---------~~~~------~ 
~ 100+------~~~~---------~ 
l 50+---~~=-~~------------~ 

0.2 0.4 0.6 0.8 

relative length (-) 

--Homogeneous ---zivi ··"·· Lockhart Martinelli, II 
-CISE --Thorn -+-Baroczy 

Figure 6: Acceleration pressure drop, different models. Data from test 
number 3. 

. 0 ~ 
c -20 
.S! -40 
~ -60 
> -80 t! 
al -100 

t -120 .., -140 

~ -160 

: -180 

~ -200 
0,2 0,4 0,6 0,8 

relative length (-) 

~Homogeneous --Zivi 

-·*-·Lockhart Martinelli,tt ~Thorn 

-1--Baroczy --CISE 

Figure 7: Gravitation pressure drop, different models. Data from test 
number 3. 

As can be noted in figure 6 all the different void fraction models give 
similar acceleration pressure drop except the homogeneous. The 
results are consistent with the analysis given by Whalley [15] where it 
is shown that a homogeneous flow will give a linear acceleration 
pressure drop with quality while separated flow will give exponential 
shaped curves. As also can be seen, all the different curves, except the 
homogeneous, seem to follow the same line, despite different void 
fractions. This is due to a balancing effect of the ratio between quality 
and void in equation (3) levelling out each other for the different 
models. The calculated gravitational pressure drop (figure 7) is slightly 
more scattered, giving the highest pressure-increase at the lowest 
section of the evaporator with the CISE model. This is consistent with 
the lower void fraction as seen in figure 5. 

For the calculation of pressure drop in bends the Chisholm [5] method 
was used. This method, which is of the two-phase multiplier type, 
assumes homogeneous flow through the bends. The pressure drop 

obtained is the deflection pressure drop, through the bend, and should 
be added to the frictional pressure drop through the bend (where the 
bend is considered as a straight channel). 

[ 
Pi 2] f¥lb = f¥lb,lo 1 + ( Pv -l)(Bx(l- x) + x ) (4) 

where f¥Jb,lo is the deflection pressure drop obtained through the bend 

with single phase liquid only. 
2 

An - k G (5} 
'-'Pb,/o - lo 2P/ 

B=1+ 
2

•
2 

(6) 
R 

kfo(2+d) 

Entering these fonnulas with Rld=5,45 (Radius of bend divided by 
diameter) using the hydraulic diameter, and with the pressure drop 
coefficient k10 =0, 18 for a 90° bend circular tube of brass ( 16] and a 
pressure drop coefficient of k10 =0,216 for a 180° bend using a 
correction factor of 1,2 [10]. The pressure drop for a bend positioned 
at a given relative length is shown in figure 8. 

50~------------------------
'ii 
!!:. 40 -l---------_:~--,....=-t==~~ 
c. e 3o +----~~~~~~~--------~ 
"0 

~ 20~ .. ~---------------~ 

i 10 +------------------~ 
ll. 

0+-----~----~----~----~----~ 

0 0,2 0,4 0,6 0,8 

Relative length(-) 

1--+-go• bend -180. bend I 
Figure 8: Calculation of pressure drop. Data from test number 3 

Figure 8 shows that the pressure drop over a bend is larger, as 
expected, for a 180° bend compared to a 90° bend. Also seen in the 
figure is that the pressure drop for a bend increases with length (i.e. 
quality). Summing up all the different 90° and 180° bends, in the 
evaporator studied, the results of figure 9 are obtained. 
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Figure 9: Pressure drop calculation due to bends integrated over 
length. Data from test number 1, 3 and 5. 
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Figure 9 shows th~t a higher mass flow gives a higher pressure drop. 
The press~re drop m the be~ds could not be verified experimentally. 
It is possible that local disturbances at the pressure tap positions 
upstream and downstream of the bends, as for instance described b 
Subbu e~. al. ~12], made_ it impossible to measure this small pressur~ 
differentml. F~nally pu~m_g together the pressure drop contribution 
from acceleratiOn, gravitatiOn and bends using the homogeneous void 
correlations one get the results in figure 10. 

'ii 1000 
e:. 

800 a. e 
"0 600 
I!! 
;::, 

400 Ill 
Ill 
I!! a. 200 

0 
0 0,2 0,4 0,6 0,8 1,2 

relative length (-) 

1-+-1 --.-3 ---51 
Figure 10: Pressure drop calculation due to acceleration, gravitation 

and bends. Data from test number 1, 3 and 5. 

For comparison the Lockhart and Martinelli (turbulent-turbulent) void 
correlation was also tested with no significant change in the result. 
Figure 10 shows that the expected pressure drop for test number 5 is 
about 1100 Pascal. The measurement for this test number (figure 4) 
gave about 7600 Pascal and it'Can be concluded (assuming that the 
theoretical results are reasonably correct) that the major part of the 
total pressure drop comes from frictional forces. 

Frictional pressure drop 
Most correlations use the concept of a two-phase multiplier to 
calculate the two-phase frictional pressure drop. The single-phase 
p~es~ure drop is calculated separately, in the ordinary way, using the 
fnct10n factor and is multiplied with this multiplier as: 

!:.p friction,two-phase = ¢ 2 
X !J.p friction,one-phase (7) 

where 

An.. . 2xjxG
2 

Uf/ frtct10n,one phase = (8) 
- pxd 

Si~ce the one-phase pressure drop can be calculated in different ways 
usmg the mass flux from liquid, the gas or local mass fluxes of liquid 
or gas different associated multipliers must be used. In the following 
analysis two methods will be described, the homogeneous [4] and the 
Lockhart Martinelli [4] method. First, however, some discussion about 
the non-circular cross section of the refrigerant channel in the 
evaporator studied. 

As a consequence of the manufacturing process and the aesthetic 
demand of a flat surface, the refrigerant cross-section is not circular. It 
can best be described as a circular segment with a radius of 4 mm and 
a channel width of 2,5 mm. (figure 11 ). In the comers there is a small 

zinc deposition, from the manufacturing process (exaggerated in 
figure 11). 

Figure 11: Refrigerant channel cross-section 

One approximate way of treating a non-circular channel is to use the 
concept of a hydraulic diameter defined as: 

4A 
dh =-p (9) 

A is here the cross section area and P the wetted perimeter. The 
hydraulic diameter, obtained with this equation, was 3,21 mm. The 
hydraulic diameter concept originates from the definition of the 
friction factor. A force balance over a circular tube gives [I]: 

F=(2~rRL)x(~{ii2 )xf (10) 

where the first parenthesis is the surface area and the second the 
kinetic energy brought with the fluid. This force may also be described 
with the pressure difference over the length L (assuming horizontal 
flow): 

F=!J.px(~rR2 ) (II) 
where the parenthesis is the cross section area. Elimination gives (with 
d=2R): 

ld !J.p 
/=(--)x(--) 

4 L }_{ii2 
2 

(12) 

Here the first parenthesis is the ratio between the cross section area 
and the surface area. The numerical value 4 in the denominator, which 
is the scaling factor from conversion radius to diameter, explains the 
"4" in the definition of the hydraulic diameter (9). The condition that 
has to be met when using the hydraulic diameter concept for a non­
circular duct is that the mean shear stress at the boundary is the same 
as for a circular cross section. In a circular tube contours of equal 
velocity are parallel to the perimeter giving a uniform shear stress. For 
a rectangular duct, however, the contours of equal velocity are not 
parallel to the surface, especially near the comers. In general, the less 
the cross section deviates from the circular the more reliable the 
concept with hydraulic diameter will be. It is known that for turbulent 
flow the shearing force is much more evenly distributed due to 
turbulent secondary flow [16] compared to laminar flow. For a 
rectangular duct with an aspect ratio of less than 8 [8] the concept with 
hydraulic diameter is reasonably justified for turbulent flow. 
An experiment was performed on the cross section studied with single­
phase gas. Using the definition of the friction factor ( 12) with the 
diameter calculated as (9) and experimental results of pressure drop, 
an experimental friction factor was obtained. This was compared 
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against a theoretical friction factor calculated with the well-known 
smooth-pipe, Blasius equation (13) also using the hydraulic diameter 
(9). In figure 12 it can be seen that the experimental friction factor is 
well fitted with the Blasius equation, using the hydraulic diameter 
calculated in the conventional way. It was found that with a diameter 
deviating from this value (3,21 mm) the two different methods 
mismatched. This is a good indication that the hydraulic diameter 
concept is applicable for the cross section studied under turbulent 
conditions. 

f = 0,079(Gdh )-0,25 (13) 
J.i 

0,01 ,. ...................................................................................................................................................................................................... , 

~ 0,008 +----------=--.o:;::::,-----------------j 
.: ~ s .! 0,006 

.2 0,004 +--------------------1 
ti 
:E 0,002 +----------------------< 

0+-----r----r-----r------1 

0 5000 10000 

Reynolds number 

15000 

I • experimental -Blasius I 

20000 

Figure 12: Friction factor calculated from experimental results with 
single-phase gas compared to Blasius equation. 

In the case of laminar flow, where the shear force no longer can be 
assumed evenly distributed, analytical exact solutions can in principle 
be derived for every cross section. For the circular cross section an 
exact solution gives the classical: 

!=~ (14) 
Re 

For the circular segment as described by figure 11 (neglecting the 
Zinc) an exact solution [9] gives: 

f = 15,75 (15) 
Redh 

where Reynolds number is calculated using the hydraulic diameter (9) 
as characteristic length. This modest 1,6% decrease of the friction 
factor, compared to the circular tube, for the laminar case, is also an 
evidence that the concept of hydraulic diameter defined as (9) is valid 
in turbulent flow for the cross section studied. It has been shown [ 17] 
that a further improvement of the hydraulic diameter can be obtained 
for the turbulent case using the laminar duct solution: 

16 16 
deff = dh dh -- = 1,016dh (16) 

(C f Redh )laminar 15,75 

This equation holds in cross sections without unusually thin regions. 

The hydraulic entrance length for single-phase flow can be calculated 
using the expression [16]. 
L 
~ ~ 0,06Re (laminar) (17) 
d 

(turbulent) (18) 

The highest laminar Reynolds number used in the calculation was 
around 700 (liquid) giving an entry length of 0, 13m. For the turbulent 

case Reynolds number lower than 22000 (vapour) were used giving an 
entry length of maximum 0,0 17m. In this entrance length the friction 
factor is slightly increased due to a sharper velocity gradient close to 
the walls. 

In the following calculations the hydraulic diameter will be calculated 
using equation (9) neglecting the zinc joints in the corners. It will 
further be assumed that the flow is fully developed (no entrance 
length), and that no secondary flow exists as a result of the bends. In 
other words the single phase friction pressure drop will be calculated 
as a straight duct without entrance region. This assumption may seem 
crude but since the cross section is constant and the bends have fairly 
large radius of curvature it may be justified 

In the homogeneous method two more assumptions are invoked: 1 . 
The vapour and the liquid velocities are equal. 2. The two-phase flow 
behaves like a single phase having averaged two-phase fluid 
properties. With these assumptions it can be shown [4] that 

th~ = /,p [1 + (£L-1)x] (19) 
fto Pv 

Where the friction factor for the two-phase flow is calculated as: 

/,p=Mx(G!_h)-m (20) 
J.i 

M and m are respectively 0,079 and 0,25 for the turbulent case 
(Re>2000) and 15,75 and I for the laminar case. The mean viscosity is 
calculated as: 
I x 1-x 
-=-+- (21) 
Ji f.iv J.i! 

For the friction factor of liquid only Uta) the same equation (20) is 

used but with the viscosity taken as the liquids property. 

In the Lockhart and Martinelli method [4], which is based on a 
separated model, the liquid and the vapour are no longer assumed to 
flow with equal velocities. In this method the two-phase multiplier is 
empirically correlated against the Martinelli parameter, defined as: 

[ ]

1/2 
X= (dP/dz)1 

(dP I dz)v 
(22) 

where ( dp/dz) is the frictional pressure gradients for the liquid and the 
vapour as flowing alone in the pipe, respectively. The calculations of 
these gradients can be done as: 

2ftG2(l-x)2 

Ptdh 

(
dP) = _ 2fvG

2
x

2 

dz v Pvdh 

ft = Bx(G(1-x)dh )-n 

J.it 

(23) 

(24) 

(25) 

fv=Bx(Gxdh)-n (26) 
f.iv 

B and n can for this cross section be taken as 15,75 and I in the 
laminar case (Re1 or Rev < 2000) and as 0,079 and 0,25 for the 
turbulent case. Note that the product within the parenthesis of equation 
(25) and (26) are the Reynold numbers. 
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The empirical relations obtained for circular cross sections for the two­
phase multipliers are: 

c 1 
"'2=(1+-+-) 
'~'' x x2 (27) 

¢J=(I+CX+X
2

) (28) 

The recommended value of the constant C [4] is dependent of the flow 
regi~es assoc~ated with the flow of 'the vapour and the liquid as 
flowmg alone m the channel. Four combinations are possible (given in 
table 3). 

Liquid Vapour Recommended value of 
c 

Turbulent Turbulent 20 
Laminar Turbulent 12 
Turbulent Laminar 10 
Laminar Laminar 5 

Table 3: recommended values for the constant C 

In these calculation the liquid was 'found to be laminar in all cases 
while the vapour was turbulent. Hence the constant C was taken to be 
12. Whalley [ 15] showed that this constant assesses the interaction 
between the two phases. A higher value means larger interaction. 

The comparison between calculated total pressure drop, including 
pressure drop from acceleration, gravitation and bends, and measured 
pressure drop is displayed in figure 13. Two other methods, the Pierre 
[II] and the Friedel [15] are also shown for comparison. 

~~~~~~I ~15000~ 

!':~~;; 
o-t~ 

0 0,2 0,4 0,6 0,8 

relative length(-) 

.--------------------------------------~ 

~Homogeneous --Pierre, oilfree 

---..-Friedel -*- Lockhart Martinelli 

-.-measured 

-
Figure 13: Comparison total calculated pressure drop, test number 3 

The homogeneous method is using the homogeneous void fraction for 
calculating acceleration and gravitational pressure drop, the Lockhart 
Martinelli method and the Friedel method are using the Lockhart and 
Martinelli,tt (turbulent-turbulent) void fraction. All of the methods 
predict higher pressure-drop than measured. The homogeneous 
method predicts the closest values. It may seem odd that the 
homogeneous method, which assumes a high interaction between the 
two phases, gives a lower value than the Lockhart and Martinelli 
method with a low interaction constant. One must however remember 
that the two-phase multipliers as given by equation (27) or (28) and 
(table 3) are empirical and suited for a circular cross-section with fully 
developed two-phase flow. It is not known, to the knowledge of this 
author, how the non-circular cross-section and the influence from 

fr~quent bends change the .co.rrelation. If one assumes that the concept 
With a tw~-p~ase ~ult1pher correlating against the Martinelli 
parameter still IS applicable during these conditions the interaction 
constant C can be modified, using the obtained experimental data, for 
better pressure drop estimations. Using C=1 for Reynolds (liquid 
only}<500 or mass fluxes <34kg/(m2s} and C=3 above those limits a 
reasonable fit to measured data are achieved as shown in figure 14. 

e 8000 
::I 
en 
~Ci a.e:, 6000 

~c. 
c e 4000 
~, 
·c 2000 
Q) 
c. 
llC 
Q) 0 

0 2000 4000 6000 8000 10000 

predicted pressure drop (Pa) 

• • 2 3 X 4 ::K 5---10%--10% 

Figure 14: Lockhart Martinelli method (modified C constant) vs. 
experimental data. Test number 1 to 5. 
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Figure 15: Homogeneous method vs. experimental data. Test number 
1 to 5 

The homogeneous method, as can be seen in figure 15, overestimates 
the pressure drop, especially at the more upstream part of the 
evaporator and at lower mass fluxes. It may be due to lower gas 
velocity at the upstream part of the evaporator and a lower interaction 
between the two phases with lower mass flux. 

Using the Taite) and Dukler [13] flow map for horizontal flow (figure 
16) one can see that the flow pattern is predicted to entirely be in the 
annular region. But as noted by for instance Hoogendoorn [7] the 
upstream conditions (bends etc) can produce different flow maps. It 
was found by Bjork [2] that bends could act as slug generators during 
similar conditions. Further, the cross section studied is expected to 
modify the flow pattern map. Numerous evidence are also testifying 
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that these borderlines should be considered as the middle of a broad 
band. 

10 

- I 
~ ! 
.a i 
E intermitte~ :I 
c stratified wavy • 'C 0,1 
:I e 
II. 

0,01 

0,001 0,01 0,1 10 

Martinelli parameter, X (-) 

1··--· .. 1 3-51 

Figure 16: Flow regime map. Taite! and Dukler 

CONCLUSIONS 
It has been shown that best fit to data for calculating two-phase 

pressure drop in the evaporator studied was with a slightly modified 
version of the Lockhart Martinelli separated method. The interaction 
constant C = 1 is recommended for Re10<500 or a mass-flux less than 
34 kg/m2s. Over those limits it is recommended as C = 3. This method 
can only be recommended at similar conditions in terms of mass-flux 
and cross-section. More experiments are needed with other kind of 
plate evaporators, with different cross-sections and refrigerant path to 
create a more general method. Another robust method seems to be the 
homogeneous method predicting slightly higher pressure drop than 
measured. The concept with hydraulic diameter seems to be useful in 
the cross section studied. 
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ABSTRACT 
Experimental investigations of air and water single­

phase flows in 180° return bends were conducted. A 
total of nine 180° return bends has been tested for the 
present study. The test tubes are made of glass tube 
having inner diameter (D) of 3.0, 4.95, and 6.9 mm 
with dimensionless tube curvature ratio (2RID) of 3, 5 
and 7, where R is the radius of center line of bend. Test 
range of the Reynolds number for water and air is 
about 400 < Re0 < 10000. The calculated bend friction 
loss includes the loss in bend and the loss caused by 
the distorted flow in the downstream straight tube of the 
bend. This leads to the definition of the equivalent 
friction factor, fc. For both laminar and turbulent flow 
the bend friction factor increases when the curvature 
ratio (2R/D) is reduced. However, for a given curvature 
ratio, the effect of tube diameter on the bend friction 
factor is not significant. Based on the present fc data, 
correlations for laminar and turbulent friction factors 
for 180° return bend are proposed. 

INTRODUCTION 
Flow in curved channel finds a lot of applications in 

engineering practice. For example, the helically coiled 
pipes are largely used for heat exchangers such as 
steam generators and superheaters in nuclear power 
plant. The design of air-cooled heat exchangers 
requires the knowledge of heat transfer and frictional 

..;Corresponding author 

loss. For typical air-cooled coils, use of haitpin is very 
common. As expected, the hairpin that contains the 
180° return bend (U bend) will cause higher pressure 
drops than the corresponding straight tube. In addition, 
the higher pressure drops of return bend may 
significantly affect the refrigerant distribution in the 
design of circuitry. As a consequence, the frictional 
performance of a return bend is very important for 
accurate estimation of the performance of an air-cooled 
heat exchanger. Reported data of the friction factor and 
therefore the pressure drop, for flow in bends and 
curved pipes, were shown to be greater than for flow in 
straight tubes for laminar flow [ 1] and for turbulent 
flow [2]. In curved pipes, the centrifugal force drives 
the more rapid fluid in the concave part of the curve 
channel while the fluid in the convex parts is slowing 
down. Dean was the first to point out that the 
occurrence of a secondary flow at right angle to the 
main flow is due to the centrifugal force [3]. The 
magnitude of such secondary flows obviously reduces 
with an increase of bend radius, and with a decrease of 
fluid velocity. Dean also proposed a parameter to 
consider the dynamic similarity for steady laminar flow 
in a curved tube, which is now called the Dean number 
(~ = Re0 (2RID)0

"
5
). Furthermore, when the Dean 

number exceeds a critical value, a secondary vortex 
pair with counter-rotating circulation is found near the 
outer wall [4]. 
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There are some investigations relevant to this 
subject, but most of the previous studies were 
associated with helical coil and wavy pipe. For 
investigation to the 180° return bend, the investigations 
by Ito [2,5] are probably the most informative. 
However, his reported data were mainly applicable for 
larger diameter tubes (D > I 0 mm). In the application 
of HV AC&R, small diameter tubes may be more 
preferable [6]. This is because of less refrigerant 
inventory and smaller air-side drag are likely. 
Therefore it is the purpose of this study to investigate 
the frictional performance of 180° return bend having 
small diameter tubes subjected to various radius of 
curvature. In this study, air and water are used as the 
working fluids because air and water have diverse 
difference of physical properties. 

NOMENCLATURE 

internal diameter of tube (m) 
Dean number [Re(2R/D)0

·
5

] 

friction factor for a bend 
friction factor for a straight tube 
tube length (m) 

~P, pressure drop across the straight test section (Pa) 
~Ptotal total pressure drop across the test section (Pa) 
Q 2R!D 
R radius of center line of bend (m) 
Re0 Reynolds number (pUm D/~t) 
Um mean axial velocity (m/s) 

Greek Letter 
p density (kg/m3

) 

p viscosity (Ns/m2
) 

Subscripts 
d downstream 

straight tube 
u upstream 

EXPERIMENTAL METHOD 
Test Facility 

The test rig is designed to be capable of conducting 
tests for the air-water two-phase mixtures or for the 
single-phase flows of air and water alone, as shown in 
Figure I. Air is supplied from an air-compressor and 
then stored in a compressed-air storage tank. Airflow 
through a pressure reducer and, depending on the mass 
flux range, is measured by three mass flow meters. The 
water flow loop consists of a variable speed gear pump 
that delivers water. The mixer is designed to provide 
better uniformity of the flow stream. The inlet 
temperatures are near 25 °C. Three very accurate 
magnetical flowmeters with different applicable flow 

ranges are installed at the downstream of the gear 
pump. The accuracy of the air and water flowmeters is 
within ±0.2% of the test span. The test tubes are made 
of glass tube having inner diameters (D) of 3.0, 4.95, 
and 6.9 mm. A total of nine tubes are used for testing. 
Each tube has a upstream straight test tube of I OOD and 
the total tube length including bend, upstream and 

downstream straight tubes is 340D+n:R as shown in 
Figure I. Further relevant geometries like radius of the 
return bend (R), curvature ratio (2R/D) are tabulated in 
Table I. 

Air flow Meier T p 

Figure 1: Schematic of the test facility 

Table 1 Geometrical parameters of the test tubes. 

D (diameter mm) R (center to center) 2R!D 

9.6 3.2 
3 15 5 

21 7 
15 3.03 

4.95 25 5.05 
35 7.07 
21 3.04 

6.9 35 5.03 
49 7.1 

The pressure drop for air and water single-phase 
flows was measured by a differential pressure 
transducer having an adjustable span of 1300 to 13000 
Pa. The pressure taps are drilled vertically to the test 
tubes with a hole diameter of 0.5 mm. Resolution of 
this pressure differential transducer is 0.3% of the 
measurements. 

Tests of the single-phase flow for air and water are 
individually conducted in the loop. Leaving the test 
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section, the air is vented and the water is re-circulated 
by an open water tank. The air and water temperatures 
were measured by resistance temperature device 
(Ptl 000) having a calibrated accuracy of 0.1 K. Test 
range of Reynolds number for water and air is about 
400 < Re0 < 10000. 

The distorted flow condition by the secondary flow 
induced in bend was observed to persist at a 
downstream distance more than 50 D by Ito [2] for 
single-phase flow and 70 D by Cheng and Yuen [4] for 
two-phase flow. Therefore the flow resistance in this 
disturbed distance is increased. To have a fully 
developed flow condition for measurement, a straight 
entrance length, 1 OOD, is located at the upper stream of 
the straight test section, which has a length of Ls= 1 OOD, 
to serve as a reference for comparison of the pressure 
gradient between the bend and the straight tube. Also, a 
straight length of 2000 is directly connected to the 
bend outlet for flow recovery. A differential pressure 
transducer is used to measure the pressure drop across 
the upstream straight test section (LlP5), and another 
differential pressure transducer is utilized to measure 
the total pressure drop (.tlP total) which includes the loss 
of the bend and the loss from the straight portions of 
the upstream (Lu= 1400) and downstream (Lct= 2000) 
straight tubes. 

Data Reductions 
The pressure drop of the return bend is calculated 

by subtracting the equivalent straight tube pressure 
drop having the length, Lu +Lct, from the measured total 
pressured drop (LlPtotai). This leads to the definition of 
the equivalent friction factor, fc. Thus, 

LlPwml s 
D 2 ( 

_ 4(Lu +Lct)f pU~) 

fc = 2 (1) 
4Lc pU m 

D 2 
where Lc = nR is the axial length of the 180° return 
bend R is the radius of center line of bend, Um is the 
mea~ axial velocity in the tube, p is the fluid density, 
and the frictional factor for the straight tube, fs, is 
calculated as 

LlP
5 

fs = 2 
4L5 pUm 

(2) 

D 2 

The aforementioned approach is similar to that by 
Ward-Smith [7]. To verify the instrumentation and the 
measurement results, single-phase pressure drops for 
air and water alone were measured and a plot for 

friction factor versus the Reynolds number (Reo = 
pUmdlf.l) is shown in Figure 2, where f.! is the fluid 
viscosity. The base line is the Blasius friction factor 
equation for laminar and turbulent flow in smooth 
straight tube f5 = 16/Re0 and f5 = 0.0791/Re0 °.25

, 

respectively. As seen, the single-phase data for air and 
water agree favorably with the base lines. The good 
agreements shown in Figure 2 substantiate the accuracy 
of the instrumentation and the experimental apparatus. 

RESULTS AND DISCUSSION 

<J Straight Tube Air 2R/~5, D-7mm ® tao" Bend Air 2Rf[)z5, Oo7nm 
0 Straight Tube Walor 2RID-5, D-7mm 0 tao" Bend Walor 2RI[)o5, [)z7nm 

0.1 1::-

O.Ot 1::-

0.001 L.,__.;..._.;..._._....._J......I..t..J..OOO 1 ___ .....__-~.._..._...__...__._._-::_10000 

Re., 

Figure 2: Straight tube and U bend friction factors for 
air and water 

The pressure losses in U bends are presented in a 
form of friction factor as calculated by Equation ( 1 ). 
Test results forD = 7 mm are shown in Fig. 2. Data are 
plotted as friction factor vs. Reynolds number. The U 
bend friction factors (fc) are obviously greater than the 
straight Tube friction factors (f5) for the same Reynolds 
number shown in Figure 2. This difference is mostly 
caused by the secondary flow which increase the 
disturbance in flow. For turbulent flow the ratio off! fs 
is about 2 to 2.5, but for laminar flow much higher 
values of f!fs up to 10 have been observed. The value 
of this ratio in laminar flow increases with Reo and 
reachs its high values just before the transition to 
turbulent flow. Notice that the exponent dependence of 
the friction factor is quite different from that of straight 
tube. Furthermore, the slope is roughly the same in both 
laminar and turbulent region with a slope of -0.25. Test 
results indicate that the difference in property (either air 
or water) has a very negligible influence on friction 
factor and may eliminate the effect of Prandtl number. 

Figure 3 and Figure 4 are friction factor (fc) versus 
Reynolds number (Re0 ) for water and air, respectively. 
The tube diameter is 7 mm with the influence of 
curvature ratio (2RID) shown in the figures. For both 
laminar and turbulent flow, the bend friction factor 
increases with decrease of the curvature ratio 2RID. 
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This trend is also observed for flow in curved tubes in 
the ·literature. 

0.1 :-

0.01 :-

Rio 

Figure 3: Water friction factor versus Reynolds 
number with the effect of curvature ratio. 

I 
'It ,.., 2Jfllo<3, ~71rm 0,.., :zRII)oS, ~71rm ®,.., ~7. ~71rm 

0.1~ 

0.001 '----'---'---'-...................... .__1 __ __._ _ __.__.__...__&........1.-'-'-' 
1COO 1COOO 

Re, 

Figure 4: Air friction factor versus Reynolds number 
with the effect of curvature ratio. 

Figure 5 and Figure 6 are friction factor (fc) versus 
Reynolds number (Re0 ) subjected to the effect of tube 
diameter for water and air, respectively. Although there 
is a little difference for various tube diameters in the 
frictional fc data at Re0 < 800, however, this 
phenomenon does not prevail at higher Reynolds 
number region. 

In this study a smooth transition from laminar to 
turbulent region in the friction factor versus Reynolds 
number plot, typical for curved pipe flow, is not 
observed in this study. An opposite trend to the 
transition from laminar to turbulent for straight tube has 
been seen in the plot of fc versus Re0 . The large ratio 
(approximately 97 - 227) of straight tube length to 
curved tube length forces the calculated friction factor 
of the U bend to become the opposite trend of the 
straight tube. This is because the pressure drop of the 
return bend is calculated by subtracting the calculated 
pressure drop for the total length of the upstream and 
downstream straight tubes from the measured total 

pressured drop as shown in Equation (1). There is an 
uncertainty for using the calculated fc in the range of 
2000 < Re0 < 3000. Therefore, the bend friction factor 
data are then correlated with the effects of Dean 
number (~), Reynolds number (Re0 ) and curvature 
ratio (2R/D) for 113 laminar flow data (Re0 < 2000) 
and 143 turbulent flow data (Re0 > 3000), respectively. 

0.01 :-

Reo 

Figure 5: Water friction factor versus Reynolds 
number with the effect of tube diameter. 

0.1 =-

O.Q1 ::-

Reo 

-: 

Figure 6: Air friction factor versus Reynolds number 
with the effect of tube diameter. 

The following empirical correlations were 
deduced from the calculated fc data by Equation (1): 

Laminar for Re0 < 2000 

f ~ 16 -3
.
44 

_£ = (0.21D)e Q {-) Q Q0
·
66 (3) 

f5 Re 0 

Turbulent for Re0 > 3000 

f -35.3 34.72 

_£ = (0.0317D)e Q (Re
0

) Q Q-0
·
25 (4) 

fs 
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where Q = 2RID is the curvature ratio. The 
comparisons of the fc data and the predictions of the 
bend friction factor using Equations (3) and (4) for 
laminar and turbulent flows are shown in Figures 7 and 
8, respectively. 

0.18--------------

* Reo<2000 

0.1 0.18 

Experirrent Data (fc) 

Figure 7: Comparison of the laminar fc data with 
predictions by Equation (3). 

J 
l!!003 
0 

u 
'6 
~ 
0.. 
c:: 
0 

,0.02 

5 
(.) 

0 Re,>3000 

0.01 ~L..:.I__. ...... ....~......~-....~...-~..._,_..J......L.-.J.....I-~0.04 
0.01 0.02 0.03 

Experirrent Data (fc;) 

Figure 8: Comparison of the turbulent fc data with 
predictions by Equation (4). 

Fair agreements of data and predictions are 
observed in Figures 7 and 8. The mean deviations for 
the comparisons with predictions are 1 0.1% for the 
laminar data and 6.73% for the turbulent data. 

CONCLUSION 
1. For both laminar and turbulent flow the bend 

friction factor increases with decrease of the 
curvature ratio (2RJD). 

2. However, for a given curvature ratio, the effect of 
tube diameter on the bend friction factor is rather 
small. 

3. Since fc data were reduced from Equation (I) 
instead of utilizing the measured pressure drop 
directly across U bends, a smooth transition 
typical for curved pipe flow, from laminar to 
turbulent region in the friction factor versus 
Reynolds number plot, is not observed in this 
study. 

4. Based on the present fc data, correlations for 
laminar and turbulent friction factors for 180° 
return bend with the effects of the curvature ratio, 
Dean number and Reynolds number were 
proposed. 

5. The mean deviations for the comparisons with 
predictions are I 0.1% for the laminar data and 
6.73% for the turbulent data. 
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ABSTRACT 
The use of compact brazed plate heat exchangers as 

evaporators in refrigerating units has increased during the last 
few years, due to their compactness and high performance, 
and it is important to be able to accurately predict this 
performance. Numerous articles have been published 
concerning the heat transfer and pressure drop characteristics 
for one-phase flows. The main task still to solve is to present a 
general theory for the performance of the plate heat exchanger 
in one-phase applications. However, satisfactory accuracy is 
obtained with existing correlations for each geometry over a 
large range of Reynolds numbers. For the use of plate heat 
exchangers as evaporators in refrigerating systems, no general 
methods for the calculation of the heat transfer and/or pressure 
drop have been presented in the open literature, even though 
some correlations do exists. In the evaporator, two main 
regions are present - boiling region and superheating region. 
When predicting the performance of the evaporator, these two 
regions have to be treated individually. First the area of each 
region must be determined. With a given superheat and mass 
flows of both fluids known, the superheating area is readily 
calculated since both fluids are in single phase, i.e. single 
phase correlations can be used. The remaining heat transfer 
area would then be used to evaporate the refrigerant. However, 
some indications suggest that this "backwards calculating 
procedure" overestimate the overall heat transfer coefficient in 
the superheating region, i.e. the superheating area is 
underestimated. The present article investigates this described 
discrepancy between the "backwards" calculated superheating 
area and the observed superheating area. From simultaneous 
measurements of superheating area and temperature, mass 
flows and so forth, the discrepancy is readily calculated. The 
superheating area is measured with Thermochromic Liquid 
Crystals (TLC), a temperature sensitive paint, and an ordinary 
CCD-camera. 

INTRODUCTION 
In a current research program, sponsored by the STEM 

(Swedish National Energy Administration), high efficiency 
heat pump systems are investigated. As a part of that program, 
a project dealing with efficient evaporators in heat pumps for 
domestic use is carried out. A large majority of the evaporators 
in heat pumps on the Swedish market are compact brazed plate 
heat exchangers (CBE). The CBE has a small internal volume 
compared to the heat transfer area. Also almost all the material 
in the CBE is used for the heat transfer area. Further, it has a 
small external volume, hence it is easy to install in narrow 
spaces. 

Extensive research have been reported on the single-phase 
heat transfer in chevron-plate heat exchangers. Worth 
mentioning is the work by Martin [ 1] who extended the 
Leveque-analogy for simultaneous developing flows into the 
turbulent region. Claesson et al. [2] found good agreement 
between experimentally developed correlations (eq. 3) and the 
approach by Martin. 

Research concerning two-phase flows in chevron-plate 
heat exchangers is rather scarce. However, adiabatic two­
phase flows in corrugated geometries has been investigated by 
some researchers [3-8]. Further, research has been conducted 
on the use of plate heat exchangers as evaporators in 
refrigerator systems [9-28]. The focus in most of these has 
been the overall performance of the evaporator, with little 
attention on the separate regions in the evaporator. 

When evaluating the boiling heat transfer coefficient in a 
CBE, it is necessary to determine the heat transfer areas of the 
boiling and superheating regions. Perhaps the most common 
way is to use the single-phase heat transfer correlation on both 
sides in the superheating region. The area of the superheating 
region is then obtained and the boiling area and the boiling 
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heat transfer coefficient can be determined. However, 
Claesson et al. [2] found that this approach did not provide 
consistent results. The boiling heat transfer coefficients were 
expected to be a function of the boiling heat flux, as found in a 
previous investigation [29]. However, the resulting heat 
transfer coefficient displayed a considerable scatter. The 
reason for this scatter was not clear and a comparison between 
the measured area for superheat in Claesson & Palm [29], and 
the predicted area for superheat in Claesson et al. [2], showed 
a considerable deviation. It must, however, be kept in mind 
that the former investigation was done on a three plate CBE 
with only one refrigerant channel heated from one side whilst 
the latter test was on a commercial CBE with 40 plates. It is 
the aim of the present investigation to explore this observed 
discrepancy using the data from Claesson & Palm [29]. 

NOMENCLATURE 

Asup Area used for superheating the refrigerant (m2) 

b Pressing depth (m) 
CNu Constant in expression for Nusselt number (-) 
de Equivalent diameter (m) 
rhch Mass flow per sub-channel (kg/s) 
n Exponent on Reynolds number in expression for 

Nusselt number (-) 
Nsup• NRe, Nq" Exponent(s) in eq. (9) 
Nu Nusselt number (-) 
q" Heat flux (=Q I A), (W/m2

) 

<:>sup Heat load in superheating region (W) 
Re Reynolds number(-) 

Temperature (0 C) 
Urn Mean flow velocity (m/s) 
Usup Overall heat transfer coefficient in the 

superheating region (W/m2·K) 
W Width of plate (m) 
Greek 

A. 

1.1 
p 
Subscripts 
0 
evap 
H20 
in 
Measured 
out 
Predicted 
refr 
sup 

Heat transfer coefficient (W/m2·K) 
Superheat (0 C) 
Plate thickness (m) 
Logarithmic mean temperature difference in the 
superheating region (0 C) 
Thermal conductivity (W/m·K) 
Viscosity (Pa·s) 
Density (kg/m3) 

Reference case 
Evaporating region 
Water side 
Inlet condition in the heat exchanger 
Measured value 
Outlet condition in the heat exchanger 
Predicted value 
Refrigerant side 
Superheating region 

tot Total heat exchanger 
w Fluid at the wall 

COMPACT BRAZED PLATE HEAT EXCHANGERS 
The CBE investigated is of the chevron-plate type. It has 

an almost sinusoidal corrugation pattern and the corrugations 
are formed in a V-shape. Every second plate is rotated, see 
figure 1, giving a complex flow geometry, which promotes an 
early transition to turbulent flow. 

Figure 1: Schematic picture ofthe assembly of plates and the 
corrugation pattern. 

The chevron angle <p is defined as the angle between the 
direction of the channel formed by the corrugation and the 
centerline of the heat exchanger. Several different definitions 
of the characteristic numbers can be encountered in the open 
literature, due to the complex flow geometry. In this work, the 
equivalent diameter is defined as twice the corrugation depth, 
b. Subsequently, the Reynolds and the Nusselt numbers are 
based on this diameter, i.e.: 

Re 
p 0 u m 0 d. = 2 0 mch 

ll W·ll 

and 

a·d 
Nu=--e 

1.. 

(I) 

(2) 

The one-phase heat transfer is predicted by a Dittus­
Boelter type of equation, developed experimentally by the 
manufacturer on this specific geometry. 

( )
f~(Re) 

Nu=CNu ·Re"·PrfPr(Pr). ~ (3) 

The heat exchanger used in the experiments only had 
three plates, forming two channels. Hence, each channel was 
heated from one side only. Eq (3) was developed for a heat 
exchanger with several channels, each being heated from both 
sides. To compensate for this difference, the heat transfer 
coefficients calculated by eq. (3) were adjusted according to 
Petukhov & Roizen [30]. 
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More information on the respective functions for the 
exponents can be found in Bogaert & Boles [31]. 

MEASUREMENT OF SUPERHEATING AREA 
The experiments were carried out on a simple 

refrigerating system, with R-22 as the refrigerant, containing 
only the most important items, see figure 2. The evaporator 
had three plates, i.e. two channels, and no cover plate on the 
backside. Hence, the heat was transferred through only one 
plate, the other plate being near adiabatic. To ensure that the 
plate painted with TLC did not participate in the heat 
exchange, the ambient air was kept near the saturation 
temperature of the refrigerant flowing inside the evaporator. 

The system was run with four different heat loads, four 
different superheats and four different secondary refrigerant 
flows, with a total number of measuring points exceeding 50. 
The temperatures were measured with thermocouples of T­
type. The mass flow of the refrigerant was measured with a 
Coriolis flow meter from Micro Motion. The water flow on 
the secondary side was measured with a calibrated positive 
displacement flow meter. The water flow in the condenser was 
not measured. 

~ 0 
~;- [;] 

Hand.::.uW.ed .......... 

~ ~- ITIIIIID ~,8 .. --Opon.,.,..,.lon ..... .......... E 

Figure 2: Flowchart of test equipment. 

The superheating area was measured with a CCD-camera 
observing the colorplay of Thermochromic Liquid Crystals 
(TLC), which were painted on the outside of the corrugated 
surface of the refrigerant channel. A schematic picture of the 
setup is shown in figure 3. 

Figure 3: Measurement of the superheating area. 

All of the measured data were recorded by a HP 34970A 
Data Acquisition/Switch Unit and stored on the hard-drive of 
the computer. The colorplay in the pictures were transformed 
into area by calculating how many pixels that had a certain 
color. This procedure was carried out in Optimas 6.0. As can 
be seen in figure 3, a rather sharp transition occurs from the 
boiling region into the superheating region. Note that the 
entire heat exchanger is not displayed in this figure. It might 
also be interesting to note that there seems to be almost no 
maldistribution inside the channel, which was characteristic 
for almost all of the measured points. 

CALCULATION OF SUPERHEATING AREA 
The simplest way to find the heat transfer area for the 

superheating region as well as the evaporating region is to 
assume that the single-phase correlations for the heat transfer 
coefficient holds in the superheating region. For a 
performance evaluation process the backwards-calculating 
procedure is outlined as follows: 

T 

2 

Figure 4: Temperature profile in the evaporator, superheating 
region highlighted. 

In the superheating region, highlighted in figure 4, from 
measured mass flow, temperatures and pressures on both sides, 
eq. (3) is used for calculation of the heat transfer coefficients. 
Then the overall heat transfer coefficient is calculated 
according to 

( 
1 J ( 1 J 8 plate ( 1 J ( 4} 

Usup pred = asup,refr pred + A.plate + asup,H20 calc 

In the experiment carried out the secondary refrigerant 
was water and thus denoted in eq. (4) as H20. 

From the measured heat load in the superheating region, 
the area required to transfer that heat is readily calculated. 

Qsup 
Asup,pred = ___ ____:___ __ 

U sup,pred · S m,sup 

(5} 
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where 

(t"H 0 -t· er)-(t · 0 -t ) 
2 m,re m,H2 out,refr 

Sm,sup = ( t" t J In H20 - in,refr 

tin,H 20 - tout,refr 

(6) 

is the logarithmic mean temperature difference over the 
superheating region. It is assumed that no pressure drop occurs 
in the evaporator. 

The heat load is calculated by taking the enthalpy difference 
times the mass flow on respective side. Comparison between 
the two different heat loads obtained from respective fluid side 
shows a total energy balance better than 1 0% for almost all 
measurements. The losses to the surrounding from the un­
insolated surface are calculated to less than one watt. The total 
heat load used in the calculations is taken as the arithmetic 
mean. The mass flow of each fluid side is then adjusted to 
match the averaged heat load. 

The evaporating heat transfer area is the total heat transfer 
area minus the required superheating area calculated. 

HEAT TRANSFER COEFFICIENT FROM MEASURED 
SUPERHEATING AREA 

The heat transfer coefficients predicted by eq. (3) were 
compared to values based on the measured data. The 
calculations are quite straightforward and are briefly shown 
here. As for the calculation of the superheating areas described 
in the previous section the heat transfer coefficient on the 
water side is calculated by eq. (3). From measured heat load, 
heat transfer area and logarithmic mean temperature in the 
superheating region, the overall heat transfer coefficient is 
determined by 

Qsup 
U sup,meas = ----=----

Asup,meas · Sm,sup 

(7) 

The measured heat transfer coefficient on the refrigerant side 
is then calculated as 

{asup,refr )meas = 0 ( J 
__ 1__ _ plate _ __1 __ 

U sup,meas A plate <Xsup,H20 calc 

(8) 

The uncertainty in the heat transfer coefficient calculated 
in eq. (8) is estimated by propagation of error to be ± 11 % for 
low superheat and ± 6 % for high superheat. 

RESULTS 
The outlined procedure is used to calculate the 

superheating area in all tests with the three plat~ heat 
exchanger. The result is presented in figure 5 together wtth the 
experimentally determined superheating areas. It can be seen 
that at low superheats, the absolute discrepancy is not large, 

but at larger superheats the discrepancy becomes significant. 
Also the predicted area required for superheat flattens out at 
these larger superheats. A few of the calculated values agree 
well with the measured areas. 

Comparison between the predicted and the measured heat 
transfer coefficients as a function of the Reynolds number in 
the refrigerant flow is shown in figure 6. It is clear that the 
Reynolds number is not by itself responsible for the deviation. 
The predicted heat transfer coefficient, eq. (3), seems to be an 
upper limit to the measured heat transfer coefficient in the 
superheating area. 

Sl 

~ 

~ 

!: UJ 

) 

I +Mcuuml t. Eq. (S) I 

At..,l0 CJ 

Figure 5: Area required for superheating. 
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Figure 6: Measured and predicted heat transfer coefficient as 
a function on Reynolds number. 

It is assumed that the deviation is dependent on the 
refrigerant side only and that the waterside is appropriately 
modeled. Using eq. (3), it can easily be shown that the heat 
transfer coefficient on the waterside is more than an order of 
magnitude larger than the refrigerant heat transfer coefficient 
in the superheating region, so no significant error is introduced 
by this assumption. 

DISCUSSION 
The reasons for the observed discrepancies are not clear, 

and no parameter(s) fitting the behavior could be found. It 
might be that the superheating ar~a determined with 
Thermochromic Liquid Crystals (TLC) ts not the correct one. 
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The reason for this may be if dry-out of the wall occurs before 
all the liquid have evaporated, as may be the case in tube flow. 
However, as there exists a large swirl flow in the PHE 
(Claesson [32], Mehrabian [33]), it is believed that any 
droplets existing in the gas-core would be thrown onto the 
wall, hence re-wetting the wall. A distinct transition from 
wetted wall to pure gas flow with no entrained droplets in the 
gas core have indeed been visually observed (Pelletier [34]). 
Also, no correlation between the discrepancy and the predicted 
dry-out quality (Sthapak et al. [35]) could be found. 
Sthapak et al. developed their correlation for 6.55 mm 
diameter horizontal tube. Further, the nonequilibrium factor as 
defined by Katsaounis [36] is very close to one, indicating that 
thermodynamic equilibrium prevails near the dry-out point. 
Yan & Lin [28] found that mist flow occur at higher vapor 
qualities. This contradicts the finding of Pelletier (34]. 
However, the mass fluxes were higher in Yan & Lin than in 
the present investigation and the saturation pressures were 
substantially higher. It is also stated that the " ... mist flow 
results in a substantial rise in the heat transfer coefficient. The 
high-speed turbulent mist flow continuously wets the heat 
transfer wall ... ". Thus, even if entrained droplets exist in the 
vapor core, the heat transfer is not reduced and the wall 
temperature is maintained. From the discussion above, it is 
suggested that the error made in measuring the superheated 
area is small. 

Another possible reason for the discrepancy might be that 
the longitudinal heat transfer in the wall is important. The 
reason for this could be that the wall temperature just upstream 
of the boundary between the boiling and superheating region 
is lower than predicted by traditional logarithmic mean 
temperature difference procedure, due to the high upstream 
boiling heat transfer coefficient. To explore this possibility, a 
simple finite difference scheme was employed. 

Water 
ch•nnel 

Wall 

Refrigeran£ 
channel T 

L-~----~~--~~~~--~ 

Flow direction of refrigerant 

Figure 7: Finite difference scheme. 

The calculation scheme starts at the position were the 
superheat begins. The corresponding water temperature is 
calculated through a heat balance in the superheating region 
and the wall temperature is set to the arithmetic mean of the 
refrigerant and the water temperatures, i.e. assuming equal 
heat transfer coefficients on the water and refrigerant sides in 
the boiling region. The heat transfer area of each cell is set to a 

fixed value, flAw, and the total heat transfer area required to 
heat the refrigerant to the known leaving temperature of the 
heat exchanger is the total sum of the flAw. At the exit of the 
heat exchanger, the longitudinal heat transfer in the wall is set 

. dt I I 0 to zero, 1.e. 'ldx = . 
x=L 

Now, consider a small section of the heat exchanger, see 
figure 7. The energy balance on the water side is constructed 
of three equations. The first is delivered heat from the water to 
the wall. 

Q _a ·flA . (tH20,i+l + tH20,i _ t . ) (9) 
H20~w - H20 w 

2 
w ,1+! 

We thus have a decrease of water temperature over the section 

The amount of these two should equal, hence 

QH20~w = QH20 

On the refrigerant side, the same principle is used, thus 

· ( trefri+l +trefri) 
Qw~refr = arefr ·flAw . tw,i+l- , 

2 
' 

The equations over the wall are 

• '\ s;: tw,i+2 - tw,i+l 
Qw,+2~+1 = fl.w · W · 0 w __ :_____ __ ____::___ 

ox 

(10) 

(ll) 

(12) 

(13) 

{14) 

(15) 

(16) 

and finally the energy balance over a small segment of the 
wall 

(17) 

The complete set of equations along with the boundary 
conditions is set up and calculated in MS-Excel. Eq. (3) is 
used for the heat transfer coefficients on respective fluid side. 
The calculations show, even though up to more than 10% of 
the heat leaving the water is not retained on the refrigerant 
side but transported along the wall into the boiling region, that 
the effect of longitudinal heat transfer in the wall is not 
responsible for the deviation between eq. (3) and the measured 
heat transfer coefficient. The main influence the longitudinal 
heat transfe~ will have on the superheating region is that the 
water entering into the superheating region will have 
somewhat lower temperature than calculated by an energy 
balance between water and refrigerant only. However, the 
changes in the water temperature due to the increase of heat 
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leaving the water side is quite small since the heat capacity 
rate of water is quite large. 

Yet another phenomenon that might play a role for the 
discrepancies are the maldistribution of the superheated gas. 
As seen in figure 3, the boiling region seems to have no, or 
very little, maldistribution, thus the gas leaving the boiling 
region is evenly distributed. If the superheat is low, i.e. the 
onset of superheat is near the outlet port, the gas is in good 
contact over a large part of the superheating region. However, 
if the superheat increases, the gas is flowing towards the outlet 
port, creating a relatively larger portion of the heat transfer 
area in which the mass flow is low, hence decreasing the 
average heat transfer coefficient. 

The possibility that the maldistribution affect the 
degeneration of the area averaged heat transfer coefficient in 
the superheating region should be further investigated. 

( .. -~, 

( 
;-.:l 
! •• ) 

Figure 8: Moderate and low superheat, heat transfer area not 
well used market in the right figure. 

Finally, the discrepancy between the measured and 
calculated areas necessary for superheating could be caused by 
the fact that the experimentally determined areas were 
measured in a three-plate heat exchanger with heating of each 
channel from one side only, and that the correction made for 
this through the use of the thermal diameter is not correct. 
Further tests determining the superheating area in channels 
with double sided heating would be needed. This, however, is 
an experimentally challenging task. 

INFLUENCE ON SUPERHEATING AREA FROM 
CONTROLLED EXPERIMENTAL PARAMETERS 

In the experiments, three parameters were independently 
controlled, namely the amount of superheat, the mass flow on 
the water side and the total heat load in the CBE. In figure 9, 
the influence on the temperature profiles of a change in the 
operating parameters of the system are shown. 

a) b) 

! /JH 
~ ~~;/ 

.&t._. :, 

c) 

Figure 9: Different temperature profiles depending on the 
changes made on the refrigerant system. 

In figure 9a, the superheat and the mass flow of water is 
kept constant while the total refrigerating heat load is 
increased. The increase in total heat load leads to, beside the 
increase of the mass flow on the refrigerant side, an increase 
of the logarithmic mean temperature difference in the boiling 
region. The temperature level of the waterside is increased, 
thus also increasing the logarithmic mean temperature 
difference in the superheating region. To keep a constant 
superheat (which is taken care of by the expansion device), the 
heat transfer area of the superheating region will decrease. 
Hence, an increase in the total heat load yields a smaller 
superheating area. 

In figure 9b, the superheat and the total heat load is kept 
constant and the mass flow on the waterside is increased. The 
temperature profile on the waterside will flatten out with the 
incoming water temperature at a somewhat lower value, 
lowering the logarithmic mean temperature difference in the 
superheating region. To compensate, the superheating heat 
transfer area is increased. Hence, an increase of the water flow 
yields a larger superheating area. 

In figure 9c, the total heat load and the mass flow on the 
waterside is kept constant and the superheat is increased. The 
increase of superheat increases the heat load in the 
superheating region. The overall heat transfer coefficient will 
remain about the same, so a larger surface area will be needed 
in the superheating region to transfer the larger heat load. 

To quantify the impact on the area required for superheat 
of the different parameters discussed, a simple regression 
analysis was conducted, based on eq ( 18). 

-A~su~_/A_/ .:..:..:tot _ _ [ Alsup )N'"P ·[!eH2?_ )NRe · [~1o_!__ )N'i. (18) 

Asup.o;{ - ,Msup,O ReH~O.O q;ot .O 

/ Atot .O 

where 

Asup,O /A tot.O = 0.316, L1tsup,O = 3.8 °C, ReH20,0 = 428, 

q"sup.o= 5 467 W/m2 , Nsup = 0.97, NRe = 0.5 and Nq" = -0.23. 
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Max 
Min 

Table 1: Range of validity of eq. ( 18) 

(A.,.,.! A...,.., 
2.673 
0.129 

M,.,IAt..p,, 
2.550 

0.174 

RemoiRemo .• 
2.200 
0.452 

q".,.lq"...,, 
2.818 
0.998 

The exponents were detennined by multiple nonlinear 
regression analysis using the software Statistica, ver 4.5. 
Figure 10 shows the agreement between the calculated heat 
transfer area and the measured heat transfer area, and it can be 
seen that the agreement is fairly good. 

0.00 ................ ____ ................ --··--·---.. - ....... -........................................ .. ....................................... 1 

\•t + +Measured A Eq. (18) II 
0.01 

:;- 0.02 

.!. 
J 0,03 

0.04 

o.os 

A"* t • + ++ I 

+ LC.t.'f!J..b t~ + I 
++ \'1 4" ',! 

+ i A't ! 
A+( 

++ + t i'* 
+ .. '1: +A 

~ ++ • i + ! 

0.06 +---~-........----r--~-~-~--,---___,; 

8 10 12 14 16 
At..,P [•CJ 

Figure 10: Comparison between predicted and measured heat 
transfer area in the superheating region. 

CONCLUSION 
The present article investigates the observed difference 

between the measured and the predicted heat transfer area 
required for superheating the refrigerant in a Compact Brazed 
Plate Heat Exchanger used as evaporator in a small 
refrigerating unit. The cause of the difference is not quite 
understood. However, an attempt is made to empirically 
correlate the ratio of the measured and the predicted heat 
transfer area and fairly good agreement was obtained. 

A finite difference scheme was also employed, showing 
that the longitudinal heat transfer can not explain the 
discrepancies. Also the possibility that maldistribution of the 
superheated gas affect the discrepancy has been discussed. 
Finally, the correction for single sided heating may not be the 
correct one and more studies will be needed for more accurate 
predictions on the heat transfer coefficient in single sided 
heating. 
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ABSTRACT 

A simulation model for predicting the thermal 
performance of rotary regenerative boiler air heaters is 
presented. The model is based on an energy balance for a flow 
channel element from within a pair of plates of different 
thicknesses. The proposal for using plates of different 
thicknesses is due to the finding that one plate of a repeating 
pair used in a pack erodes faster than the other. Thus making 
the faster eroding plate thicker should extend the life of the 
pack. Previous work has shown that the thermal performance 
of a pack of alternating-thickness plates lies between that of a 
pack made up of either the thicker or the thinner plates and 
that erosion does not significantly affect performance. Hence 
the potential advantage of extended life is preserved. A case 
study is presented whereby an air heater is simulated with 
equal and then alternating-thickness packs. The results show 
very little change in thermal performance, but an increase in 
the mass and the life with alternating thickness packs. The 
increase in mass results in an increase in capital cost, but an 
economic analysis shows that the alternating-thickness pack is 
probably more cost effective. In addition to simulating the 
thermal performance of packs of different thickness plates, the 
air heater model is capable of simulating the effects of 
leakage, blockage, varying pack characteristics in the matrix 
and non-uniform velocity distributions. Verification of the 
model is discussed. 

NOMENCLATURE 

f3 - Thickness Ratio (a/b) 
A -Conduction Parameter (k.AconJI(m.CfL)) 
() -Dimensionless Time (m.Cfti(MC,.)) 
p - Density of the solid [kg/m3

] 

a -Half the corrugated plate thickness [m] 
A -Area [m2

] 

b -Half the undulated plate thickness [m] 
C - Specific heat capacity [kJ/kg K] 
FG -Flue gas 
h -Convective heat transfer coefficient [W/m2 K] 
i - Enthalpy [kJ/kg] 
k -Conductivity of the Solid [W/m K] 
L -Length of the plates [m] 

m - Mass flowrate [kg/s] 
M - Mass of Solid [kg] 
Ntu -Number of transfer units (h.Acon.J(m.C1)) 
SA - Secondary air 
t -Time [s] 
T -Temperature [0 C] 
r• -Dimensionless T ((T-Tco!Jinlet)I(Thounlet-Tcoldinlet)) 
W -Width ofthe plates [m] 
x - Distance from leading edge [ m] 
z - Dimensionless distance from the leading edge 
subscripts : 
f -Fluid 
s -Solid 
cond- Conduction 
conv - Convection 

INTRODUCTION 
Rotary regenerative air heaters are used in fossil-fuelled 

power stations to preheat boiler combustion air by means of 
the exhaust flue gas. A matrix of steel plates rotates relative to 
the flue gas and air streams so that the plates are alternately 
heated and cooled. The result is a net transfer of energy from 
the flue gas to the combustion air. 

Ljungstrom air heaters are of the rotating matrix type. The 
ductwork is fixed and directs the flow through packs of plates 
housed in a moving rotor as shown in figure I. They are 
mainly used to heat secondary air, although a variation known 
as a Ljungstrom Tri-sector air heater has an extra sector for 
heating primary air. 

In a Rothemuhle air heater, double winged hoods rotate 
on either side of a fixed matrix located in the flue gas duct to 
direct a flow of secondary air through packs of plates. In this 
case, the matrix is known as a stator. Besides the standard 
Rothemuhle air heater, another important type used in South 
African power stations is the Twinflow air pre-heater which 
employs separate hoods for heating primary air. The primary 
air hoods are located in the center section of the main 
secondary air hoods. The advantage of this type of design is 
that a separate primary air heater is not required. (The ratio of 
secondary to primary air flow rates is typically 8: 1). 
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Figure 1 : Regenerative air heater rotor­
Ljungstrom type 

In both Rothemuhle and Ljungstrom air heaters, the flue 
gas and air streams are arranged in counterflow. The axis of 
rotation is usually vertical, although some horizontal axis 
heaters exist. Two 50% duty air heaters per boiler are used, 
located directly after the boiler in the flue gas ducting. The 
flue gas inlet side of the air heater matrix (the top or boiler 
side) is known as the hot end while the lower (outlet) side is 
known as the cold end. 

Typically, the temperature of the flue gas at inlet is 
320°C. The outlet temperature is limited by the acid dewpoint 
of the flue gas and should be higher than approximately 
120°C depending on the sulphur content of the coal (typically 
1.3 % for South African power coal). The inlet combustion air 
enters at close to ambient temperature (5-50°C) and leaves at 
roughly 300°C. Recirculation of the combustion air and 
bypass around the air heater can be used to control the 
temperatures. 

By heating the combustion air in this manner the boiler 
efficiency is improved. Leakage occurs in regenerative heat 
exchangers as a result of the rotation of the matrix between 
streams and direct leakage from higher-pressure to lower­
pressure streams. Seals are used to minimize direct leakage, 
but air heaters operate with losses of combustion air (which is 
at a higher pressure than the flue gas) of 7% and more. This 
results in higher fan power requirements for a given outlet 
flow. 

Pressure drop is ano!her important consideration when 
dealing with overall plant efficiency. The lower the pressure 
drop across the regenerative air heater, the lower the ~an 
power required. Thus the matrix needs to be packed with 
corrugated plates giving low resistance to flow but high heat 
transfer rate to keep the matrix compact and cost effective. 

The matrix consists of a structural framework packed 
with repeating pairs of steel plates, the two plates in a pair 
having different geometries. The plates are produced by 
rolling sheet metal with corrugated rollers to produce a 
corrugated surface. One plate with corrugations parallel. to the 
flow is known as the corrugated or notched plate while t~e 
second plate, with corrugations at an angle to the flow, IS 

known as the undulated plate. The corrugated and undulated 
plates are conventionally made from material of equal 
thickness. 

The packs are arranged in multiple layers in the matrix. A 
matrix may consist of a hot end layer, an intermediate layer or 
layers and a cold end layer. The characteristics of the plate 
profiles are chosen depending on the most likely failure mode 
in each layer. 

Two modes of failure of packs exist in South African 
power stations - blockage and erosion. Erosion is the 
mechanical removal of plate material due to ash particle 
impingement. This can be a major problem in South Africa 
owing to ash contents of coal that can be as high as 38% by 
mass. Different plate configurations have different blockage 
and erosion characteristics. Blockage mainly occurs at the 
cold end of the matrix when metal temperatures drop below 
the acid dewpoint temperature. Water vapour condenses on 
the plates and dissolves oxides of sulphur to form sulphuric 
acid. This can result in an agglomeration of fly ash. Without 
effective sootblowing (the practice of cleaning plates by 
directing jets of steam into the packs) the build-up worsens to 
the point where the packs become blocked and must be 
replaced. Corrosion occurs in conjunction with the above two 
modes of failure. 

Erosion gradually takes place throughout the matrix and 
results in failure at approximately 40% mass loss when the 
plates lose structural integrity. Erosion studies (Gruen et al, 
2000; Crookes, 2000) have identified that the undulated plate 
of each repeating pair in a pack eroded at a higher rate than 
the corrugated plate. Making the faster-eroding undulated 
plate thicker should thus extend the life of that pack in 
applications in South Africa where erosion is a problem 
(Wilson eta!, 1998). 

The School of Mechanical Engineering at the University 
of the Witwatersrand and Eskom TSI are jointly carrying out 
research into the thermal and erosion performance of air 
heaters. A simulation model (Habbitts et al, 1998) was 
developed to predict air heater thermal and pressure drop 
performance for optimisation purposes. 

In order to investigate the thermal performance of an air 
heater packed with plates of alternating thickness, the model 
ofHabbitts was extended as outlined below. 

THE AIR HEATER MODEL 
To develop the equations necessary for analysis of an air 

heater consider an element within a pair of parallel plates. 
The ~lement consists of two metal sections of half the 
respective plate thicknesses and a fluid region of the same 
width as the flow passage between two plates (Figure 2). 

The following assumptions are made : 
• Steady flow into and out of the fluid region. 
• The width and number of plates are sufficient to reduce 

the problem to essentially one dimension. 
• Finite thermal conduction in the solid parallel to the 

• 

• 
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direction of fluid flow, with no transverse temperature 

gradients. . 
Finite convection from the solid regions to the flmd 
region, represented by an average heat transfer 
coefficient, h. 
Fluid thermal heat capacity is negligible in comparison 
with solid thermal heat capacity. 
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Figure 2 : Basic plate I channel element 

An energy balance for the fluid region gives : 

ar1 h.W 
-+--(2T -T -T )=0 
ax m.Cf f ·'' >2 

(1) 

while that for each of the solid regions gives: 

(2) 

and 

(3) 

Equations (2) and (3) differ only in the last term where 
the half plate thicknesses, a and b affect the conduction areas 
in the solid. The equations are now converted to 
?imensionless form where a plate thickness ratio, p is 
mtroduced and applied together with the conventional 
dimensionless groups. 

- 1-+Ntu r·- st +~2 =0 ar· ( r· ·) 
az f 2 

(4) 

(5) 

(6) 

E.quations (4), (5~ and (6) are the same as those used by 
Habbitts et al(l998) If the thickness ratio is unity. They are 
solved using the numerical technique of Mullisen and Loerke 
(1986). The plates are divided into elements and the equations 
are applied in finite difference form. The forward finite 
difference approximation is used for the fluid temperature 
equation, while the Crank-Nicholson implicit method is used 
in conjunction with the forward finite difference 
approximation for the two solid region equations. 

-=-----'----+Ntu TJ(z,n) st ' s2 ' 0 
r;(i,n)-T;(i-1,n) ( • . r·(i n)+T.(i n)) 

!!,z 2 = 
(7) 

~~(i,n+l)-~~(i,n) _ l(X Y) Ntu(1 1 )( • . • ) 
!l.B - + +2 +p Tf(l,n)-J:,(i,n) 

Where 

Y ~~ (i + 1,n)- 2~: (i,n) + r.:u -1,n) 
2&2 

X 
r.: (i + 1,n + 1)- 2J:: (i,n + 1) + r.: (i -1,n + 1) 

2&2 
(8) 

The finite difference equation for solid region 2 is similar to 
equation 8, but differs by the (1 +liP) term being replaced by 
CP+ 1) and the temperatures being replaced by those of solid 2. 
The numbers in brackets represent the element number, i and 
the time interval, n, respectively. The equations are applicable 
for 2<i<m-1 and n>O where i and n are integers and m is the 
number of elements along the plate. At the ends of the plate, 
an insulated end approach is implemented by setting the 
temperature of a fictitious element before and after the plate to 
the tell!perature o_f the end elements (i.e. T51 .(0,n)=Ts1.(1,n) 
and Tst (m,n)=Ts, (m+ 1 ,n); Similarly for solid region 2). 

Equation (8) results in m simultaneous equations for each 
of the two half plates which are solved at each time interval 
using matrix methods (Mullisen and Loerke, 1986). 

To model a pack of corrugated/undulated plate pairs, a 
'stretched length' is used to modify the surface area available 
for convection and the: cross sectional area available for 
conduction. The convective heat transfer coefficient is 
determined experimentally in a previously built thermal test 
facility (Caby, 1996). The facility uses the single blow 
transient testing technique (Cheng and Huang, 1994), 
whereby a computer simulation model of the test pack is set 
up and using the input and output temperature histories, the 
heat transfer coefficient is iteratively determined. 

The thermal test facility produces a correlation for the 
the~al and pressure drop performance of a sample pack. The 
data IS represented by a power relationship of Colbum-j factor 
versus Reynolds number and Fanning friction factor versus 
Reynolds number respectively (Figure 3). 

To model the entire air heater, the face of the matrix is 
divided into a number of sectors. Each sector has a stream of 
~uid and a pack arrangement associated with it depending on 
Its location within the matrix and its current position relative 
to the ducting. Once all the parameters of a sector are known, 
the air heater model is applied together with a heat transfer 
coefficient to determine the temperatures of the fluid and the 
solid in the-particular sector for one layer. The next layer can 
then also be calculated, using the outlet fluid temperature of 
the first layer as the inlet fluid temperature for the next layer. 
Once all the temperatures in a sector have been found, the 
algorithm moves on to calculate the temperatures of the next 
sector. 

Owing to the regular periodic variation of the 
temperatures within the air heater, it is not sufficient to 
calculate the temperatures once. Rather, the temperatures for 
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each sector are cal_culated in an ordered fashion and repeated 
as though the matnx were moving relative to the streams until 
convergence on the steam outlet temperatures is achieved. 

0.014 r--------------
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Figure 3 : An example of experimental heat transfer 
and pressure drop correlations 

The fluid properties are predicted for each sector during 
the _calculati~n. For the air streams, the values are predicted 
by mterpolation of tabulated data. The properties of the flue 
gas a:e d~pendent on composition, temperature and pressure. 
To Simplify the problem, the gas is assumed to consist of 
oxy~en, nitrogen, carbon dioxide, and water vapour. The 
specific thermal capacity is then predicted based on the mass 
fractions of these components. To account for the effect of 
ash, the heat capacity of the ash particles is used to modify the 
gas value based on a mass fraction. 

The viscosity and conductivity of the flue gas are 
calculated by the semi-empirical formula of Wilke (1950). 
The similar formula ofWassiljewa (1904) is used to calculate 
~e conductivity of the fluid. The ash burden of the flue gas is 
Ignored when finding the viscosity and conductivity. 

Leakage is accounted for by assuming that it takes place 
a~ the cold end only. This is due to the larger pressure 
difference between the combustion air and flue gas streams at 
the cold end of the air heater. The air stream flowrates are 
m?difi~d prior to the calculation and the leakage quantity is 
mixed mto the flue gas stream once the outlet temperatures 
have been determined. 

To account for blockage, the cross sectional area 
~vailable for flow is reduced, i.e. the velocity of the flow is 
Increased. This is used to represent the obstruction to flow 
ca~sed by the matrix framework or blockage due to ash 
buildup. Blockage is specified as a percentage for the entire 
layer in the matrix. Blockage in a particular sector can be 
specified by a defining a different pack for that sector. 

The velocity distribution is described by a velocity factor 
which is specified for each sector. The velocity factor is then 
used to modify the flow rate through the sector before the 
calculation begins. The stream flow rate remains unaffected as 
the velocity factors are corrected to maintain an average of 
unity. 
. The calculation is deemed to have converged once the 

difference in the stream outlet temperatures for each 
revolution is less than a defined tolerance. If a different pack 
type is specified for a particular region of a layer, the above 
~ethod of determining convergence fails. This is due to the 
different thermal performance of a different pack, which 

periodically changes the outlet temperature as it rotates 
through a stream. To accommodate this situation two 
revolutions are simulated before the temperature versu~ time 
profiles for each revolution are compared. The difference 
be~een any two temperatures one revolution apart is then 
momtored until each difference falls below the convergence 
tolerance specified . 

. The air heater model is written to simulate Ljungstrom, 
LJungstrom Tri-sector, Rothemuhle and Rothemuhle 
Twi~flow air preheaters. A maximum number of 6 layers can 
be ~Imu~a~e?. The number of time steps, distance steps and 
r~dial diVISIOns ~r~ . unlimited, but require more processing 
time for more divisions. A typical simulation with uniform 
velocity distribution, performed on an Intel Pentium 3 
300Mhz machine, required 25 seconds to process. 

THERMAL TEST FACILITY RESULTS 
The thermal and pressure drop performance 

char~cteristics of eroded packs have been investigated in a 
previOus study (Gruen et a!, 1998). It was concluded that the 
thermal performance was not significantly affected by 
erosion. 

Packs with plates of alternating thickness have also been 
tested i~ the thermal test facility. A new computer program 
for findmg the heat transfer coefficient by the single blow 
transient test method (Cheng and Huang, 1994) was written, 
based on the heat transfer model for packs with alternating­
thickness plates. It was found that the performance of the 
alternating-thickness pack lay between those of a pack made 
up of the thinner plates and one made up of the thicker plates. 

Hence, the advantage of increased life with similar 
thermal performance of the alternating-thickness pack is 
preserved throughout the life of the pack. 

VERIFICATION OF THE MODEL 
As mentioned earlier, air heaters are conventionally 

packed with equal thickness plates. Thus no data exist for an 
actual air heater operating with alternating-thickness packs 
and the model cannot be verified directly against measured 
plant data. 

To verify the calculation procedure, the results of the air 
heater simulation model may be compared with the results 
produced by the program of Habbitts for the same input data. 
The packs simulated must be of equal thickness plates and 
hence the thickness ratio is set equal to unity in the present air 
heater model. The program of Habbitts has been adequately 
verified by comparison with measured plant data from 
Matimba power station (Habbitts et a!, 1998). 

Obtaining reliable plant data for direct verification is 
difficult. The uncertainty in power station measurements is 
high. The flow rate measurements, for example, can have an 
uncertainty of 10 %. The simulation model is, however, useful 
in design and investigation work where the temperatures of 
different simulations can be compared. 

Two comparative simulations are considered for 
verification of the present model, one for a Rothemuhle type 
and the other for a Ljungstrom type. In both cases, the 
geometry and estimated inlet conditions were specified to 
approximate real air heaters. The outlet conditions and the 
difference in the values between the two simulation programs 
are presented in Table 1. 
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The difference in the temperatures is small and can be 
attributed to the way in which the many outlet temperatures 
for each sector are reduced to one stream outlet temperature. 
The program of Habbitts uses an average temperature 
calculated on an area basis while the present model uses an 
energy balance. The methods are similar because the specific 
heats of the fluid are almost constant under all conditions 
within the air heater and the mass flow rate through each 
sector is constant. 

Table 1 : Comparison of simulated temperatures. 

Model Model Difference 
Habbitts Present 

Et al (1998) Study 
Simulation of a Ljungstrom type : 
FG out T f0 C] 119.17 120.07 0.92 
SA out T [0 C] 270.67 269.84 -0.83 
Simulation of a Rothemuhle type : 
FG out T [0 C] 143.19 143.87 0.68 
SA out T f0 C] 285.45 285.39 -0.06 

Entrained leakage is also calculated differently in the two 
programs. (Entrained leakage is that amount of fluid that is 
transferred from one stream to the next by the relative rotation 
of the matrix.) The prediction of density in both programs is 
calculated by the ideal gas law which depends on temperature 
and pressure. The current simulation program uses the 
average of the inlet and outlet values whereas the program of 
Habbitts used the values at outlet. 

Based on the outlet temperatures and the aforementioned 
differences in the simulation programs, the calculation 
procedure of the present model can be accepted as being the 
same as the model of Habbitts. Because the model of Habbitts 
has been verified against measured plant data, the calculation 
procedure and implementation of the present model is thus 
also verified. 

The question arises as to the validity of the case where the 
thickness ratio is not unity. The thermal test facility predicts 
an outlet temperature using an estimated heat transfer 
coefficient and then compares this temperature to that 
measured. Depending on the error, the heat transfer 
coefficient is modified and the process is repeated to 
minimize the difference between the two temperatures. For 
the difference to reduce to an appreciably small value, the 
heat transfer model must be valid. 

For the tests carried out using the alternating plate 
thickness heat transfer model, the error between the measured 
and the simulated temperature versus time profiles were 
sufficiently small to conclude that the heat transfer model is 
valid. 

Hence, the air heater simulation model is verified, firstly 
by checking the calculation procedure against a verified 
simulation program and secondly by predicting the correct 
temperature versus time profile for the thermal tests of a 
sample pack with plates of alternating thickness. 

PERFORMANCE OF AN AIR HEATER PACKED WITH 
PLATES OF ALTERNATING THICKNESS 

A fictitious air heater similar to the Rothemuhle 
secondary air pre-heaters at Matimba Power Station was 
chosen for comparative simulations. The geometry and input 

conditions of the air heater were set identical to those of the 
real air heaters. The packs used in the simulations were 
different from those at Matimba due to the pack types at 
Matimba not having been tested for their thermal and erosion 
performance. 

The first simulation used packs of plates of 0.5 mm 
thickness, whilst the second simulation replaced the packs 
with packs of alternating thickness plates. The plate 
thicknesses were 0.5 and 0.8 mm for the corrugated and 
undulated plates respectively. The volume occupied by the 
packs remained constant for the two simulations, as this is 
most likely to be the case in reality due to the similar thermal 
performance ofthe two cases. 

The erosion life for each simulation was predicted using 
the experimental data and method of Crookes (2000). 
Although Crookes only considers packs of plates with equal 
thicknesses, the percentage mass loss to failure can be 
modified to predict the life of an alternating-thickness pack. 
Two assumptions are made, firstly that the erosion rate of the 
undulated plate is double that of the corrugated plate (this is a 
typical finding from previous work (Gruen et al, 2000, 
Crookes, 2000)) and secondly, that failure occurs once the 
average thickness of the corrugated plate is the same as for a 
pack with equal thickness plates at 40% mass loss. The point 
of failure for the 0.5/0.8 mm pack is predicted to be at 46 % 
mass loss. 

Table 2 shows a summary of the results. The thermal 
performance remains effectively unchanged, but the pressure 
drop has decreased by a small amount. This is due to the 
increased gap between the plates of the alternating thickness 
pack. On the other hand, the increased thickness of a plate 
pair reduces the number of plates per unit volume, with the 
result of slightly decreased thermal performance. 

The minimum plate temperatures for the two simulations 
have also been calculated to check if there are any detrimental 
effects due to the thinner plate attaining a lower temperature. 
As is shown, the average cold end plate temperature has 
increased by 1 °C. The thinner the plate, the greater the 
temperature fluctuations for a given rotational speed of the air 
heater. Thus, if the alternative of reducing the corrugated plate 
thickness instead of increasing the undulated plate thickness is 
used, the average cold end temperature would decrease. This 
must be considered for air heaters with already low flue gas 
outlet temperature as the possibility of sulphuric acid 
condensing on to the plates is increased. 

Table 2 : Simulated comparison of equal versus 
alternating thickness plates on air heater 

performance 
Equal Alternating Difference 

thickness thickness 
plates plates 

FG out T [0 C] 129.28 130.7 1.42 
SA out T [0C] 278.06 277.44 -0.62 

FG ~p [kPa] 0.802 0.746 -0.056 

SA ~p [kPa] 0.548 0.510 -0.038 

Min Plate T f0Cl 80.96 80.85 -0.11 
Ave Cold end T f°Cl l 01.34 102.26 0.92 
Pack mass f ton 1 259.2 325.0 65.8 
Predicted Life [yrs] 11.7 17.2 5.5 
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The predicted erosion life of the alternating-thickness 
pack is 5.5 years longer than the pack with equal thickness 
plates. This amounts to an increase of almost 50% in the life 
ofthe pack. 

The cost of a pack is essentially proportional to the mass 
of steel used and this makes up the capital cost. Thus the 
above simulation comparison shows that the capital cost of 
the alternating-thickness pack is approximately 65 tons of 
steel more expensive than the pack with equal thickness 
plates. (The relative costs of the supporting structures are not 
considered here.) 

The increase in capital cost is offset by the longer life of 
the alternating-thickness pack. Using pack lives of 12 and 18 
years for the equal and alternating-thickness packs 
respectively, a net present value study of the above situation 
shows that the alternating-thickness pack would be more cost 
effective in certain circumstances. With an interest rate of 10 
% p.a. and an inflation rate of 3 % p.a. over a time period of 
36 years, the net present costs of both methods are equal. 
Increasing the inflation rate causes the alternating-thickness 
pack to become more cost effective, while increasing the 
interest rate causes the equal-thickness pack to become more 
cost effective. 

Another economic advantage of the alternating-thickness 
pack is the reduced pressure drop which then requires less fan 
power to achieve the same flow rates through the air heater. 

CONCLUSIONS 
A regenerative air heater simulation model has been 

developed for predicting the thermal performance of air 
heaters packed with plates of alternating thicknesses. The 
model is also capahte of predicting the effects of leakage, 
1'1ockage, varying pack characteristics in the matrix and non­
miform velocity distributions. The model has been verified 
oy comparison with the model of Habbitts et a! ( 1998) and 
prediction of outlet temperatures from a thermal test facility. 

A case study of the economic implications of replacing 
the equal thickness plates in a particular air heater with 
alternating-thickness packs showed that the alternating­
thickness packs are likely to be more cost effective. 
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ABSTRACT 
Ground-coupled heat exchangers can be used to reduce en­

ergy consumption in building ventilation systems. The idea is 
to preheat air in winter and precool air in summer using the 
thermal capacity of the soil. To do this concrete or plastic tubes 
are put underground. Through these tubes the ventilation air is 
drawn. Due to the temperature difference between ground and 
air, the ventilation air is cooled or heated. The scope of this pa­
per is to describe and develop a three-dimensional unstructured 
finite volume model for the calculation of the ground-coupled 
heat exchanger. The model solves the conduction through the 
soil (including radiation and convection on the top layer) and 
the convective heat transfer with the air flowing through the 
pipe, using the unstructured finite volume solver of FLUENT. 
Time stepping is introduced to take the seasonal variations into 
account. The model is validated with measurements done on an 
existing ground-coupled heat exchanger and then used to study 
the performance of the ground-coupled air heat exchanger in 
the Belgian climate situation. Calculations are made with the 
Test Reference Year (TRY) data of Uccle (Belgium). It is 
shown that in summer the air can be cooled with about 9 °C 
at sufficient depth (3m) and tubes of about 50 m. In winter 
heating of 7 °C can be realised. It is also shown that a good 
control strategy is important. 

NOMENCLATURE 
a thermal diffusivity (m2 Is) 
A heat transfer area (m2) 

cp heat capacity (J lkgK) 

d tube diameter (m) 
h convection coefficient (WI m2 K) 

L tube length (m) 
m mass flow rate (kgls) 

Nu Nusselt number (-) 
Pr Prandtle number (-) 
q heat flux (WI m2

) 

Re Reynolds number (-) 
t time (s) 
T temperature (K) 

u wind speed (ml s) 

Greek Letters 
A conductivity (WI mK) 
p density (kg I m3) 

~ friction factor (-) 

Subscripts 
air air 
face calculation face in a segment 
i tube segment number 
m average in tube segment 
sur surface 
w tube wall 

INTRODUCTION 
In order to reduce energy consumption of buildings, sev­

eral passive techniques are nowadays being introduced in 
HVAC-installations. In most cases solar energy is directly or 
indirectly used to supply heat or electrical energy. Sometimes 
solar gains inside the building are avoided to keep down the 
size of the air-conditioning unit. The soil absorbs heat from the 
sun and thus accumulates heat in summer. In winter the heat 
is released to the surrounding structures and air. Furthermore, 
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Figure 1. GROUND-COUPLED HEAT EXCHANGER 

the soil has a big thermal inertia. Because of the aforemen­
tioned phenomena the temperature of the soil (at a sufficient 
depth) is lower than the surrounding air in summer and higher 
in winter. This effect can be used to supply a building with 
energy. One of the interesting techniques is to put tubes into 
the ground, through which air is drawn (see Figure 1). The 
air is cooled in summer and is heated in winter. These sys­
tems are called ground-coupled air heat exchangers. In several 
European countries this technique is used for private houses 
and office buildings. Recent examples are found in Germany 
(Schuler, 1999) and Switzerland (Zimmerman, 1998). In Bel­
gium only two buildings exist where a ground coupled heat 
exchanger is used. The first one is the Zenit-house, a private 
house (Lievens, 1999), the second one is the Oxfam building 
in Ghent (Cenergie, 2000), an office building in which several 
advanced passive technologies are used. In both cases no spe­
cial care was taken for the design of the ground tube. In the 
Zenit-house one tube is used at a depth of 0.6 m. In the Oxfam 
building also one tube is used, put at a depth of 0.5 m. Nei­
ther of these systems gives good performance (De Paepe eta!., 
200 l ). At this moment two new office buildings are under con­
struction in Belgium, using a more advanced ground coupled 
heat exchanger. These were designed using the CAPSOL soft­
ware and a 1 dimensional model developed at the Ghent Uni­
versity (De Paepe eta!., 2001). In the near future measurement 
results of the performance of these buildings will be published. 
Up till now no thorough analysis was made of the possibilities 
of the ground-coupled air heat exchanger in the Belgian cli­
mate. In this paper a three-dimensional model is developed to 
study the performance of the ground coupled heat exchanger. 
The conduction through the ground and the heat transfer at the 
ground-air surface are taken into account. This model is cou­
pled to weather data for Uccle (Belgium). The model allows 
to analyse the performance of the ground-coupled air heat ex­
changers in the Belgian climate. 

LITERATURE REVIEW 
In the literature several calculation models for ground cou­

pled heat exchangers are found. Tzaferis et al. studied eight 
models (Tzaferis et al., 1992). Six of the models use a one-

dimensional description of the pipe. A relation between inlet 
and outlet temperature of the tube is derived. For al these mod­
els no influence of thermal capacity of the earth can be taken 
into account. Secondly the influence of different pipes on each 
other cannot be studied. In one algorithm the ground is di­
vided into coaxial cylindrical elements. The thermal resistance 
of the ground is considered to be time-dependent. The pipe is 
divided in segments. In each segment the exit temperature is 
determined. In an other algorithm the steady-state heat balance 
is solved between a point in the ground and the tube. Miha­
lakakou eta!. (Mihalakakou et a!., 1994) present a model in 
which the ground surrounding the pipe and the pipe itself are 
described in polar co-ordinates. In this model temperature and 
moisture profiles are included in the equations. The influence 
of the ground surface temperature is modelled by the superpo­
sition of the algebraic solution of the undisturbed temperature 
field caused by the surface air temperature and the temperature 
field caused by the pipe. The authors claim the importance of 
including the moisture content in the soil. They show good 
comparison of calculations and measurements. The model is 
solved in the TRNSYS environment. In this model it is not 
possible to solve the influence of several pipes on each other. 
Bojic et a!. (Bojic et a!., 1997) developed a model in which 
the soil is divided into horizontal layers. It is assumed that the 
temperature of each layer is uniform. AI the pipes are placed in 
one layer. The heat transported from the air to the soil is mod­
elled by solving the heat balance between entrance and exit 
of the pipe and taking the temperature difference between the 
temperature at the pipe wall and the average air temperature 
between entrance and exit of the pipe. This model is a 2 di­
mensional model, so no influence of pipes on each other can 
be detected. The temperature variation through the pipe can­
not be studied with this model. No validation is given. None 
of the aforementioned models is capable of directly predicting 
the fully transient three-dimensional heat transfer in a multiple 
pipe ground-coupled air heat exchanger. Gauthier et al. (Gau­
thier eta!., 1997) describe a fully three-dimensional model. A 
Cartesian co-ordinate system is used. To be able to do this, the 
round pipes are replaced with square pipes of equivalent areas. 
In this model the influence of different layers in the soil, con­
crete foundations and insulation can be added. Validation of 
the model is discussed In this paper the last approach is further 
refined. In order to be able to calculate any type of geometry a 
unstructured grid is used. This enables the use of round tubes, 
without any further constraint. Furthermore the size of the grid 
can be varied to give more detail around the pipes and reduce 
calculation time where the precision is not needed. 

A comparable model with modelling of the condensa­
tion/evaporation in the tubes was recently presented by Roll­
muller and Lachal (Hollmuller et al. 2001). The model uses 
the same assumptions as (Gauthier et al., 1997) and is adapted 
to TRNSYS. It is validated with data from (Zimmerman, 1998). 
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Figure 2. THE UNSTRUCTURED CALCULATION GRID 

PHYSICAL MODEL AND NUMERICAL PROCEDURE 
A typical calculation grid is shown in Figure 2. The cal­

culation grid is considered to be a rectangular block in which 
cylindrical holes are drilled representing the buried pipes. The 
upper side of the rectangular block is the outside air surface. 
Here an extra layer can be added to take slabs, insulation, etc. 
into account. The lower side is considered to be at great dis­
tance (infinity) from the tubes. It is at a distance of at least 20 
times the diameter of the tubes. The left-hand and right-hand 
side of the calculation domain are considered to be adiabatic 
and at a sufficient distance from the tubes. The front and rear 
sides contain the inlet and outlet of the tubes. The calculation 
domain is divided in finite tetrahedral volumes. For each vol­
ume the temperature is constant and the conduction equation 
is solved. The mesh spacing near the surface and the tubes is 
more refined than at the boundaries of the grid. The airflow 
inside the tubes is coupled with the calculation grid through he 
boundary conditions at the tube wall. The tubes are divided in 
equal segments. The number of segments can be varied to ob­
tain more accuracy, but is always taken big enough to have a 
good resolution. Figure 3 illustrates the principle. In each seg­
ment the temperature is taken to be constant. The temperature 
of the previous segment and the heat flux through the wall are 
used to calculate the temperature in a given segment. 

The heat transfer model is based on the following assump­
tions: 

1. Conduction heat transfer is transient and fully three dimen­
sional in the soil and other materials. 

2. The thermophysical properties of the soil and other mate­
rials are constant. 

3. Heat transfer by moisture gradients in the soil is neglected. 
4. Heat transfer in the pipe is dominated by convection. It 

is however coupled with the temperature field of the sur­
rounding soil by the boundary conditions at the pipe sur­
face 

Assumption 3 is justified by the fact that heat transfer pro­
cesses take place over periods of 24 h and involve tempera­
ture differences of less than 10 K. Gauthier (Gauthier, 1994) 
showed that the maximal influence of the moisture gradients 
on heat transfer is below 0.1% of the total heat transfer in the 
soil. Puri (Puri, 1986) also reached the conclusion that mois­
ture movement has little effect on heat transfer. The thermal 

i-2 i-1 i+1 i+2 ----
I_~ T;_,,_ ~ r,f_~ T,.,, ---1 

I 
I ___ I ----

q_1 Tw,i-1 q 
Tw,i qi+1 Tw,i+1 

Figure 3. THE SEGMENTS FOR CALCULATIONS OF THE TUBES 

conductivity of the soil increases with water content, but so 
does in a similar proportion the heat capacity. 

The governing equations for the conduction in the soil may 
be stated as : 

( 1) 

The boundary conditions for the underground lateral ex­
ternal surfaces of the computational domain are assumed to be 
adiabatic, i.e. : 

"dT =O 
dn 

where n is the unit vector normal to the surface. 

(2) 

A constant and uniform temperature for the horizontal 
plane deep underground is imposed. For all the calculations 
this was set to 10 C. 

At the ground surface the heat flux from the outside air to 
the surface and the solar radiation is calculated by : 

(3) 

where Tsur is the temperature of the surrounding air and if sur the 
net radiation heat flux on the surface due to solar radiation and 
radiation to the sky. This can be a constant value or a time de­
pendent function. hsur is the convection coefficient determined 
by the empirical correlation (Mihalakakou eta!., 1997): 

hsur = 0.5 + 1.2u0
·
5 (4) 

where u is the wind speed above the ground surface. The Tsur• 

u and i!sur are taken from experimental data or the Test Ref­
erence Year (European Communities, 1985). Not all the solar 
radiation is absorbed. Depending on the type of ground surface 
a absorption coefficient is defined. There is also a radiative loss 
from the surface to the sky. For summer this is taken to be 100 
Wlm°C, in winter 50 W/m°C and in between 75 WI0 C. 

For the air flow inside the tubes the following equations 
are solved (see Figure 3) : 

ifi = htube (T;,m- Tw,i) 

iJiAi = rhairCp,air (T;- T;+I) 

(5) 

(6) 

where Ai is the inside surface area of the tube segment, i!i the 
heat flux over it. Equation (6) is the energy balance for the 
air flow. The convection coefficient hrube is determined by the 
Gnielinski correlation for turbulent flow (VDI, 1994): 
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i (Re- 1000)Pr 
Nu = ~ = (1.82logRe- 1.64)-2(7) 

1 + 12.7/f (Prj -1) 

and for laminar flow : 
I 

Nu = [3.663 +0.73 + (1.615 ( RePr~) l -0.7 )')' (8) 

Finally the heat flux is calculated by equation (5). Here 
the driving force is the temperature difference between the wall 
temperature and the average temperature of the air in the seg­
ment: 

T;- Ti-l 
Tim=---, 2 (9) 

The wall temperature is calculated by taking the weighted av­
erage over the surface of the segment's faces : 

1 
Tw,i = A;"LfacesAjaceTjace (10) 

The entrance temperature of the tube is taken to be the air tem­
perature at the surface and can be varied with time. The bound­
ary condition at the tube surface is thus for each segment: 

(JT 
A-=qi 

dZ · 
(11) 

The calculation grid is generated with the GAMBIT grid gen­
eration software (Fluent, 1998). The conduction equations are 
solved with FLUENT 3D (Fluent, 1998). The routines for the 
boundary conditions of the tubes have been added by user de­
fined subroutines to the Fluent environment. 

Time stepping was set in the Fluent solver as the second 
order implicit method. Time steps are set to 1000 s in real 
time, in the simulations. 

VALIDATION OF THE MODEL 
One-dimensional conduction 

In a first test case the solution of the conduction equations 
is validated . The problem of a semi-infinite solid onto which at 
one side a temperature is imposed is calculated. As there is no 
heat flux in x andy directions (sideways) this problem can be 
analytically solved as a one-dimensional conduction problem. 

The surface temperature is : 

T(t,O) = 1's (12) 

And the initial value of the ground temperature is 

T (O,z) =Too (13) 

The analytical solution is given by : 

T (t,z) = Ts +(Too- Ts)erf ( 12~) (14) 
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Figure 4. NUMERICAL VERSUS ANALYTICAL SOLUTION 

where a= .1::..... 
pep 

Simulations were done with p = 1800 kgjm3, ). = 0.5 
W jmK, Cp = 20001/kgK. 

In Figure 4 the analytical solution is shown for time steps 
of 1 h, 12 h, 24 h, 1 week and 30 days, with initial value of 
Too = 10 °C and Ts = 30 °C. The abscissa shows a variation of 
depth from z = 0 m to 4 m. In the same Figure the numerical 
results are shown for the simulation with the same values. A 
good correspondence is found. It is also shown that tempera­
ture influence at a depth of more than 3 m is not important. 

Ground-coupled air heat exchanger 
Secondly measurement data provided by Tzaferis et al. 

(Tzaferis et al., 1992) were used to validate a real simulation 
of a ground tube. In Figure 5 the input data are shown. These 
were realized by placing a heater in front of the tube to con­
trol the inlet air temperature. The ground temperature at 1.1 m 
depth is nearly constant and is 23 °C. The tube has a diameter 
of 0.15 m and a length of 14.8 m and is placed at a depth of 
1.1 m. A air mass flow rate at 4.5 mj s is circulated continu­
ously through the pipe during 9 days. Calculations were made 
with the same values for the soil characteristics as in the previ­
ous section. In Figure 5 the measured outlet temperatures and 
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Figure 5. VALIDATION WITH MEASUREMENTS 
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Figure 6. A CUT THROUGH THE CALCULATION DOMAIN 

the calculated outlet temperatures are shown. The calculations 
follow the same trend as the measurements. The model under­
predicts the cooling by approximately 2 °C to 5 °C on average. 
This is caused by the fact the exact composition of the soil and 
thus the characteristic values for heat capacity and thermal con­
ductivity are not known. 

PERFORMANCE IN THE BELGIAN CLIMATE 
Scope 

The described model was used to study the behaviour of a 
ground-coupled air heat exchanger in the Belgian climate sit­
uation. Therefore the weather data of the Test Reference Year 
of Uccle (Belgium) were added to the simulation (European 
Communities, 1985). The absorption coefficient of the soil 
was set to 0.8. The radiative losses were to the values men­
tioned earlier. With these data the whole year was simulated 
twice tot damp out the transient phenomena. The obtained so­
lution was used as basis for the simulation of a real year. The 
problem of four tubes with a diameter of 0.2 m and a length 
of 50 m was solved as a reference case. A total air flow rate 
through the tubes of 3000 m3 j h is assumed, resulting in and air 
velocity of 6.6 m/ s inside the tubes. The tubes are placed at a 
depth of three meter under the ground surface. The distance be­
tween the tubes is 1 m. These data were chosen in accordance 
with the rules of thumb for the design of ground-coupled heat 
exchangers given by Santamouris et al. (Santamouris et al., 
1996). Although these figures relate to increased summer ven­
tilation rates for cooling, they were here assumed to be constant 
over the whole year. 

With the aforementioned assumptions the heat exchangers 
were calculated for the whole year. First some general aspects 
will be discussed. Secondly a typical summer week in the Bel­
gian climate is studied. Finally a typical winter week is ana­
lyzed. 

General aspects 
Figure 6 shows two planes cutting through the calculation 

domain, one along the length of a tube, and one perpendicular 
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Figure 7. TEMPERATURES FOR WEEK FROM 21/7 TO 28!7 

to it. The case shown here are data for the winter situation. One 
can see that the top layer of the soil is frozen (below 0 °C). At a 
depth of about 1 m the temperature starts to rise to about 15 °C 
at 2.5 m. This high temperature zone is strongly influencing the 
top side of the tubes. 

In the surroundings of tubes a clear temperature drop in 
the soil can be detected up to 3 diameters from the tubes. This 
zone is seen along the whole length of the tubes. Due to the use 
of the 3-dimensional model, this can be clearly calculated. The 
tube spacing of 1 m is not sufficient to damp out the influence 
of the tubes on each other. 

A typical summer week 
Figure 7 shows the inlet air temperature (i.e. the outside 

air temperature) as defined by the TRY and the calculation re­
sults for the week from July 21 to July 28 .. At a maximum air 
temperature of 27.6 °C cooling to 18.2 °C is possible, which 
is a temperature difference of 9.4 °C. In general the calcu­
lations show that the ground-coupled tubes used here, damp 
out the variations in air temperature. This is mainly caused by 
putting them at a depth of 3 m and by sufficient length of the 
tube. Secondly a phase shift between the tube exit tempera­
ture and the inlet temperature can be detected. The response of 
the tubes is about 1 hour slower then temperature at the exit. 
Figure 7 also shows that during the night the air temperature 
is lower then the temperature leaving the ground-coupled heat 
exchanger. This clearly shows that a good control strategy is 
needed when a ground-couples heat exchanger is connected to 
a building. By-passing of the tubes, and thus taking air directly 
from the surroundings of the building, might be necessary. As 
the summers in the Belgian climate are moderate, the ground­
coupled heat exchanger has potential to supply a building with 
low temperature air. By doing this cooling installations can be 
reduced in capacity or even omitted. 

A typical winter week 
In figure 8 the results are shown for the week from Decem­

ber 21 to December 28. During cold days the air can be heated 
from -2.7 °C to 4.3 °C, yielding a temperature difference of 
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Figure 8. TEMPERATURES FOR WEEK FROM 21/12 TO 28/12 

7.0 °C. The same phase shift can be detected as in summer. 
During warmer winter days the air is not heated but cooled by 
the ground tubes. This is a situation that is not allowable. This 
again confirms the fact that at all times it is necessary to mon­
itor the outside air temperature and the exit temperature of the 
ground-coupled heat exchanger. For the Belgian winters the 
ground-coupled heat exchanger can reduce the power needed 
for heating, but heating cannot be avoided. 

CONCLUSION 
In this paper a fully three-dimensional unstructured con­

duction model is presented, which is coupled to the convection 
problem of air flowing through tubes buried in the soil. This 
model can be used for studying ground-coupled air heat ex­
changers. The model is validated with two different test cases. 
The model is used to study the use of ground-coupled air heat 
exchangers in the Belgian climate situation. 

It is shown that the influence of the pipe on the tempera­
ture of the surrounding soil is detected to a distance of twice 
the diameter of the tube. To make optimal use of the ther­
mal capacity of the soil and to eliminate the influence of the 
outside air, the tubes have to be buried below 2.5 m.However, 
this thermophysical optimum should be compared to less dras­
tic lay-outs and carefully be weighted against financial aspects 
(excavation costs). 

Finally typical summer and winter weeks have been simu­
lated. It is shown that the ground-coupled air heat exchangers 
have great potential. Cooling with 9 °C or heating with 7 °C 
is possible. Due to the moderate winters in Belgium, it is im­
portant to apply a good control strategy when a ground-coupled 
air heat exchanger is used. This has to allow bypassing the heat 
exchanger. 
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ABSTRACT 
The local turbulent heat transfer coefficient in aU-shaped 

bend was assessed by means of applied CFD. Both heat­
momentum analogy methods and a direct or conventional 
method were used. The experimental data show an increasing 
heat transfer coefficient from the inner part of the bend to the 
outer part in all cross sections along the bend. This trend was 
captured by all methods except for Reynolds analogy, which 
predicted a nearly constant value at each cross-section. 

The analogy methods over-predicted the lowest values and 
under-predicted the highest values of Nusselt number in most 
positions along the bend. When using the analogy methods, 
various linear and non-linear k-c: turbulence models and k-c:­
RNG were used to solve the flow field. 

The direct method showed better agreement with 
experimental data (although under-predicted) . In addition to 
the standard k-c: and k-c:-RNG, an Algebraic Stress Model, 
ASM, was used. The trends were generally best captured with 
ASM. It is obvious that the analogy methods (combined with 
detailed flow simulations) such as Reynolds analogy are 
incapable of predicting the variation of the Nusselt number in 
cross sections of the bend. However, predicted values of the 
mean Nusselt number in each cross section were reasonable. 

INTRODUCTION 
The development of CFD in recent years has made it 

possible to carry out pre-design analyses for industrial 
applications. There is a desire to come closer to the so-called 
virtual sign-off for instance in automotive, aerospace and 
process industry. This has forced the CFD-specialists on 
development of new methods for more accurate prediction of 
important flow and heat transfer properties. In thermodynamic 
machines such as reciprocating engines and gas turbines, the 
rate of heat transfer has a great impact on the fluid properties 
and the temperature field of the structure. This in tum 
influences the efficiency of the machines and their mechanical 
property. Thus, accurate and reliable prediction methods for 
local heat transfer coefficients in passages such as the cooling 
passages in gas turbine blades or coolant jacket in the internal 
combustion engines are highly desirable. Modem passenger 
car engines with aluminium alloys and increasingly higher 
power output, require ever more advanced cooling. These 
coolant passages have usually complex geometrical shapes 
with curvature, ~nverging-diverging sections, and also flow 
separation and re-attachment regions are present. 

The methods available today for prediction of heat transfer 
coefficients for these applications are, however, inaccurate or 
expensive. There is therefore a great need for investigation of 
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the validity of the existing methods, identification of their 
weaknesses and if necessary development of better methods 
should be attempted for. 

NOMENCLATURE 
CF shear stress coefficient= 2rw I p u2 

cp specific heat [J/kgK] 
C1c =1.44, empirical coefficient 
C2cc = 1. 92, empirical coefficient 
C ll =0. 09, empirical coefficient 
D tube diameter [ m] 
f friction coefficient =t1pi(LID)(pU212) 
h heat transfer coefficient [W/m2K] 
k turbulent kinetic energy [m2/s2

] 

L tube length [ m] 
Nu Nusselt number = hDIA. 
Pr laminar Prandtl number =p cP I}.. 
Pr1 turbulent Prandtl number[-] 
qw local heat flux (per unit area) [W/m2

] 

Re Reynolds number = UDiv 
r bend radius [m] 
St Stanton number; h I p cP u 

time averaged fluid temperature [0 C] 
tb fluid bulk temperature [~C] 
fw wall temperature [0 C] 
U mean velocity in the pipe [ rnls] 
u time averaged flow velocity parallel to wall [rnls] 
v time averaged flow velocity perpendicular to wall [rnls] 
y normal distance to the wall [ m] 

Greek Letters 

t1p pressure drop [Pa] 
f: turbulent dissipation [ m2/s3

] 

A. fluid thermal conductivity [W/mK] 
J.l molecular viscosity [Pa s] 
Pr turbulent viscosity [kg/ms] 
v kinematic viscosity [m2/s] 
p density [kg/m3

] 

ak =1.00, empirical coefficient 
O"c = 1.30, empirical coefficient 
rw wall shear stress [Pa] 
r1J angle in tube cross section, O=inside of bend, l80=outside 

ofbend (see Fig. 1) 
!2 bend angle, 0= start of bend, 90=mid-bend (see Fig 1) 

Superscripts 
' fluctuating properties (time dependent) 

time averaged properties 

Subscripts 
D diameter-based numbers 
i,J tensorial indices 

THEORY 

Analogy methods 
Due to its simplicity, Reynolds analogy or other similar 

temperature-independent calculation methods are popular for 
prediction of the heat transfer coefficient for above-mentioned 
applications. Assuming that both Pr and Pr1 are equal to 1, for 
a two-dimensional case, according to Incropera and Dewitt [2], 
Reynolds analogy reads: 

(1) 
or 

St = Cpl2 (2) 

which thereby assumes analogy between the temperature 
profile and velocity profile (heat-momentum analogy). 

If Pr can not be assumed equal to 1, then the modified 
Reynolds analogy or Colbums analogy can be used instead: 

St · P?13 = Cpl2 (3) 

Petukhov and Popov [3] proposed another analogy for tube 
flow with constant heat flux through the wall: 

f 
St= NuD = 8 

Re Pr [J( !_ J 
D 1.07+12.7Vs Pr 3 -1) 

(4) 

where 
f= Cpl4 (5) 

Another analogy method, known as Gnielinskis equation [8], 
is verified by measurements for 2300<Re< 106 and 
0.5<Pr<2000. 

f (Re -1000 )Pr 
Nu = 8 (6) 

1+12.7H(Pr~ -1) 
As these analogies are applied, the friction factor has to be 
known by, e.g., a CFD calculation of the corresponding flow 
field. This is the way the analogies are used in this paper. 

Direct method 
Both the momentum equation as given by White [7] and 

the energy equation as given by Eckert & Drake [3] have to be 
solved in the direct method. The temperature gradient at the 
wall is then used in the conventional way, as described by 
Eckert & Drake, to deduce the local heat flux, q .. , through a 
unit area normal toy, at the wall. 

ar ....,.., 
q =-A.-+pc tv 

w 0' p 
(7) 
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For the engineering applications, the heat transfer coefficient, 
h, is then calculated by: 

(8) 

The first term in eq. (7) accounts for molecular conduction and 
the second term is caused by turbulent convection. As eq. (7) 
suggests, both temperature field and flow field are necessary 
for the direct method. This means that the CFD methods have 
to solve one additional equation compared to the analogy 
methods. In addition, thermal boundary conditions have to be 
defined. In many engineering applications the thermal 
boundary conditions are not well known. This is another 
reason for the popularity of the analogy methods. 

Turbulence models 
The basic or reference turbulence model used in this work was 
the standard k-E model. The Reynolds stresses are modelled 
using the Boussinesq formula which links the Reynolds 
stresses to the mean rates of deformations: 

where J.lt is the eddy viscosity: 

e 
flt =pCJi-

8 
(10) 

The turbulent kinetic energy, k, and the turbulent dissipation, 
e, are given by Versteeg, & Malalasekera, [5), as 

(11) 

and 

(12) 

The values of the constants are: C!J=0.09, (!k=l.OO, cre=l.30, 

Cie=l.44 and C2e=l.92. 
Also non-linear k- E turbulence models, quadratic and 

cubic models as well as k-s-RNG were used in this work. The 
non-linear models take into account the anisotropy in the flow 
for instance near the wall. They are more suitable for 
separating flow and secondary flow. The RNG model has an 
extra term in the e-equation and is known to give better 
predictions of flows by curved swfaces. 

An algebraic stress model, ASM, was also applied. ASM 
accounts for the anisotropy of Reynolds stresses and might be 
regarded as a simplified full Reynolds stress model (RSM) 

without being as CPU-demanding. This is because the 
convection and diffusion terms are either removed or 
modelled. For details, see Versteeg, & Malalasekera, [5]. 

GEOMETRY DESCRIPTION 
It was found appropriate to use the same geometry as the 

one investigated by Baughn et a/. [1]. They used a 76-mm 
diameter circular tube with a 180° bend, in aU-shape, with 50 
diameter long inlet and outlet pipe legs. The tube was heated 
so that the wall temperature was 20 oc above the ambient 
temperature. Ambient air entered a bell-mouth with a 16:1 
area contraction, passed the inlet pipe leg, the U-bend and the 
exit pipe leg before it was routed to a sucking fan and back to 
the ambient. The bend mean radius was 3.375 times the pipe 
diameter. The Reynolds number was 60000. 

The temperature and velocity profiles at 2 pipe diameters 
upstream the bend were measured and presented by Baughn et 
a/. [1]. In the present work, the measured velocity and 
temperature profiles were applied as inlet boundary conditions 
at the above-mentioned position. This reduced the size of the 
CFD models. Figure 1 shows the geometry and explains the 
geometry-related definitions. 
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t Top view 

Inlet 

z 

Front view 

Figure 1: Schematic description of the U-bend 
geometry and the coordinates. 
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CFDMODELS 
Two CFD cases were studied. For Case 1 and Case 2 the 

commercial codes CFX and STAR-CD were used, respectively. 
The model in Case 1 consisted of 34686 cells and 36860 

vertices. Reynolds analogy as well as Colbums analogy, 
Petukhov-Popov analogy and Gnielinskis equation were used. 

Top view of the 
computational mesh 

Cross section of mesh in Case 2 

Figure 2: Computational mesh used for Cases 1 and 2 

The turbulence models used were standard k-e, k-E-RNG, and 
Algebraic stress model, ASM. Turbulent steady state air-flow 
at Re=60000 was assumed. The physical constants for air at 
300"K. were used. The wall temperature was set to 20°C higher 
than the inlet air temperature. 

In Case 2 the model consisted of 36162 cells and 38412 
vertices. The tube cross-section mesh and also the mesh 
density in the flow direction were slightly different from that 
used in Case 1. Reynolds analogy was used. Standard as well 
as quadratic and cubic k-E and k-E-RNG, were used. In one 
case the two-layer model was used with a Norris-Reynolds one­
equation low-Re [4] k-e in the sub-layer. The Norris-Reynolds 
model is more suitable for boundary layers without pressure 
gradient (6]. In the log-law layer a standard hlgh-Re k-E was 
used. The boundary layer was modelled by the computational 
mesh so that the sub-layer was resolved by at least 15 cell 
layers. Most cases were run both with Upwind difference 
scheme and MARS. MARS was used because it is a second 
order scheme and therefore predicts the flow characteristics 
better than a first order scheme like UD. This allows to study 
the influence of cells further up-stream than UD. The boundary 
conditions were the same as for Case 1. Figure 2 shows the 
used computational mesh for the two cases. 

RESULTS 
The results were processed in various cross sections along 

the U-bend at 0 = 15, 55, 90, 125 and 165 degrees, and at 6 
diameters downstream the bend. At each cross section, values 
were read at five lP values, namely lP = 15, 152.5, 90, 127.5 
and 165 degrees, i.e. upper half of the bend as shown in Figure 
1. At 60 only the locations lP = 0, 45, 135 and 180 degrees 
were considered. These are the positions chosen in the 
experiments by Baughn et a/. [1] . In the present work, 
however, only the results for the mid-bend cross section, i.e. at 
0 =90 degrees, are presented. It is important to mention that 
Baughn et a/. assessed the heat transfer coefficient by 
measuring the local heat flux and the difference between the 
temperature in the centre of the cell and the wall temperature. 
Thus the same method was used in the CFD-post processing. 
Figures 3 and 4 show the results at .Q=90° obtained for Case 1 
and Case 2, respectively. 

Case 1-results 
As can be seen in Figure 3, non of the analogy methods 

could predict the correct value at the outer part of the bend. 
They all seem to predict a similar trend, which fails to predict 
the continuously increasing Nusselt number from inner to 
outer part of the bend. 

The direct methods captured the above mentioned trend 
much better. ASM is the most successful one in the outer 
region. The standard k-E and k-e-RNG display very small 

difference. 
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Nu Nu In the mid-bend (90 degrees), Analogy Methods 
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-Petulct'l<:w-Popov 
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Angle in pipe cross-section, 0= Inside, 180= outside 

Nu in the mid-bend (90 degrees), Direct Method 

Nu 
300?-------------------------------------, 

250 

200 

150 

100 

• • 

e Experiment 

-- .ar- ·std.k-e & UD 

~ke-rng&UD 

--+-ASM 

50+-------~--------~--------~------~ 
0 45 90 135 

Angle In pipe cross-section, O=inside, 180= outside 

Figure 3: Computed Nusselt number for Case 1 at 
.Q=90°, in the middle of the bend. 

Case 2-results 

180 

Figure 4 shows the results for Case 2. Note that the scale and 
the legend are different from Figure 3. All the k-e models gave 
very similar results. Only the two extreme results, standard k-e 
with upwind difference scheme and cubic k-e with MARS 
scheme are plotted. Obviously they have all completely failed 
to predict the trend. Almost a constant value is predicted. Also 
in Case 2 the direct method has captured the trend better. 

The results from the two-layer model were between the 
results from cubic and standard k-e model. By shifting from 
Upwind difference scheme to MARS scheme, the level of 
Nusselt number increased dramatically, but the trend remained 
unchanged. 

DISCUSSION AND CONCLUSIONS 
The results presented here are similar to those for other 

cross sections of the bend. The analogy methods fail to predict 
the correct local Nusselt number. Nevertheless, they manage to 

Nu 
Nu In the mid-bend (90 degrees), Re-Analogy 

350 ~-------------------------------------

300 

250 

200 

150 

100 

50+---------~------~~------~--------~ 

0 45 90 135 180 
Angle in pipe cross-section, O=lnslde, 180= outside 

Nu Nu in the mid-bend (90 degrees), Direct Method 

~~------------------------------------~ ___________ .. ________ ------------- ... 
,;'' ........ -··-·····-··-··-··-··•··-··-··-··-··• 

=::::.::.:~~:~,::~~~;;;~ 
300 

~ 

200 

-Expenment 

1~ • -·•-- std_ke & UD 

--- quad_ke & UD 
- ..... cub1c_ke & UD 

100 •• _. •• std_ke & MARS 

--- quad_ke & MARS 
_ ..... cubic_ke & MARS 

~~------~--------~------~========~ 
0 45 90 135 

Angle in pipe cross-section, O=inside, 180= outside 

Figure 4: Computed Nusselt number for Case 2 at 
D=90°, in the middle of the bend. 

180 

predict a value, which is close to the mean value. This might 
be useful when only the transferred amount of heat is of 
greatest interest. 

To understand the mechanism which governs the Nusselt 
number, the flow field in the cross-section at Q =90°, shown in 
Figure 5, can be studied. It can be seen that the secondary flow 
transports hot fluid from outside of the bend to the inside of 
the bend. This causes cold fluid to continuously impinge on the 
hot wall of the outer bend. Thereby a high rate of heat transfer 
with high Nusselt number is achieved in the outer bend, i.e., 
near «!> = 180°. On the inner bend, near «!> =0° the fluid 
temperature is closer to the wall temperature than at «!> =180°. 
This is due to the transfer of heat from the wall to the fluid 
during its motion from the outer bend to the inner bend next to 
the hot wall. Hence, the Nusselt number has its lowest values 
near «!> =0°. These effects are captured when the temperature 
field is known. 
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When using analogy methods, the Nusselt number is 
detennined only based on the flow field. The highest secondary 
flow velocity and the highest shear stress occur near ct> =60°. 
This explains why Reynolds analogy has its highest values 
around ct> =60°. Other differences between the results from 
analogy methods in Cases 1 and 2 are probably due to the 
difference in the way the shear stress is assessed in the two 
cases. 

It is concluded that solving the temperature field for 
detennination of Nusselt number is vital when local values are 
desired. It is also important to investigate why MARS scheme 
over-predicts the Nusselt number and which impact other 
turbulence models have. 

--+ 
Figure 5: Velocity field at fr-=90°, in the middle of 

the bend. The velocity scale is given by the arrow 
above, indicating 12.5 m/s =Mean velocity in the pipe. 
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ABSTRACT 

Heat exchangers based on finned heat pipes have been 
designed and investigated. The heat pipe consists on a steel 
tube with an outside spiral aluminium fins. The distilled 
water with some impurities is used as a heat transfer 
medium in heat pipes. 

The method of the calculation of thermo-technical 
performances of heat exchangers based on heat pipes has 
been developed. It is offered to use designed heat 
exchangers as a recuperator of heat with low power 
boilers. 

The improvement of the boiler thermal efficiency is 5-
10 % and the diminution of ambient medium thermal 
pollutions has been achieved, using designed heat 
exchangers as water economizers and air-heaters in gas­
fired boilers. 

The questions, connected with improving boiler 
parameters, decreasing of the fuel consumption, dropping 
down of the heat exchanger mass and overall dimensions 
have been discussed also. 

A complex of scientific investigations, design­
experimental and technological-experimental works is 
carried out with the aim to creation the high effective heat 
pipe exchangers of a "gas-gas" type. These exchangers are 
intended for recovering of ejected heat flows behind the 
fuel and energy using equipment. The main characteristics 
of heat exchangers for different equipments and their 
advantages in comparison with traditional constructions 
are given. 

NOMENCLATURE 

Qmr-heater - a heat flow transmitted in air-heaters; 
B - rate of a fuel flow for boilers with air-heaters; 

1esc.boiter 1esc.air-heater Enthalpy of b . 
gas ' gas com ustton 

products escaping a boiler and combustion products 
escaping of air-heaters; 
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I ent.air-heater Jesc.air-heater . th I t . . 
air ' air - atr en a py a an atr mput 

and escaping of an air-heater; 
Qboiter - useful thermal power of the boiler; 
q3, q4, qs- heat loses in the boiler; 
a - coefficient of air-excess; 

l~ir - enthalpy of theoretically calculated the air 

quantity needed for burning; 

flTair-heater - medial temperature flow in air-heaters; 

nh.pipe- Number of heat pipes in an air-heater; 

l:.Ri - medial value of an aggregate thermal resistance 

of heat pipes; 

9, t- temperatures of the combustion products and 
air; 

fl17hoiler - magnification of boiler thermal efficiency 
at the using of an air-heater; 

QZ -a lowest heat value of the fuel; 

N, 17 eq - Additional power of the drive unit of a draft -

blast equipment; 

vgas ' vair - volumes of the air and combustion 

products at inlet temperature in draft- blast equipment; 

flp gas , flp air - aerodynamic resistivity of the air­

heater for combustion products and air. 

INTRODUCTION 

The complex research and design works are held in 
the field of the development of heat pipes - evaporative -
condensation systems, as well as devices and an inventory 
on their base. The high priority direction is the making and 
implementation of effective heat exchangers to recovering 
of ejected heat flows with the aim to solve of the energy 
saving problems. 

The major reserve of saving and rational using of fuels 
and energy resources, as well as improving of ecological 
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state of the surrounding medium, is the recovering of 
ejected heat flows for different fuel-using inventories. The 
analysis of the temperature of such heat flows is held. The 
temperature analysis has shown, that for industrial boiler 
using natural gas, the temperature of ejected gases 
compounds 180 .;. 250 °C and above. For industrial 
furnaces using natural gas the temperature of ejected gases 
achieves 400 - 600 °C. For drying installations, the 
temperature of air-drying agent compounds 100 - 200 °C. 
At the development and designing of fuel-using 
inventories such high temperatures of ejected gases had the 
feasibility base. Using of low-temperature heating surfaces 
(water economizers and air-heaters) of traditional 
constructions gives the mass-clearance performances of 
heat exchangers commensurable with mass and overall 
dimensions of the main equipment. 

However at the requirement of energy saving and at 
the ecological crisis in the world such thermal exhausts are 
intolerable. Our calculation shows the temperature of 
exhausts at incineration of natural gas should not exceed of 
100-130 °C. 

It is possible to provide an effective heat salvage and 
saving of fuels and energy resources with the help of heat 
exchangers based on heat transfer devices of evaporative -
condensation types as heat pipes - two-phase hot-water 
thermo-siphons. 

The heat exchangers based on heat pipes are effective 
and perspective type of the heat exchange inventory with 
diversified applications [ 1, 2]. They are intended for 
effective heat transfer between the flows of different 
matters, as well as for a salvage of power resources. At the 
efficiency estimation of their application as a recover of 
ejected heat flows it is necessary to remember, that such 
kettles are the most effective, when heat-exchanging 
mediums are gas flows. Thus, key problem is the rational 
using of heat recovers. The most effective is following 
applications of heat exchangers based on heat pipes as, for 
example, the air-heaters of boilers, furnaces, heat 
generators, propulsion systems and etc. It gives direct 
rising of the thermal efficiency of heat-using inventories 
due to delivery in fuel-combustion devices of the air, 
heated by the leaving combustion products. 

RESULTS 

We fulfilled operations connected with making and 
implementation of heat exchangers based on heat pipes (3, 
4]. These exchangers were intended as air-heaters of 
boilers with the thermal power of 0,7 MW and more, using 
the natural gas (fig.1). 

The creation of such air-heaters included a complex of 
research, development and design operations: . 

I) Development and examination of effective 
constructions of heat transfer devices - heat pipe 
exchangers; . . 

2) Settlement analysis of the thermal engmeermg 
performances of heat exchangers and analysis of the 
influence of these performances on technical and economic 
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parameters of the inventory, equipped with heat 
exchangers; 

3) Creation and development of the technology of a 
heat exchanger manufacture; 

4) Manufacture of the prototype and earring out of 
heat-technical and life cycle tests in the composition of 
inventories. 

Fig. I . Heat exchangers for industrial boilers based on 
heat pipes 

At the first stage the effective, reliable and 
technological constructions of heat pipes and two-phase 
thermo-siphons based on the tubes, created from carbon 
steel with spiral aluminium fins and water as heat transfer 
medium, have been designed. 

It is known the combination of steel and water in heat 
pipes gives the formation of uncondensible gas - hydrogen 
blocking a part of condensation zones, that aggrav~te~ the 
performance of heat pipes and heat exchangers. W1thm of 
a complex research the study of physicoch~mical pr~cess~s 
of compatibility of steel - water pairs m heat p1pe~ IS 

carried out. The long-time life cycle test of such heat pipes 
is held. The thermal properties of corrosion products and 
waste heat transfer medium [5, 6] are explored. On the 
basis of the analysis of these examinations th~ a~ditives to 
water for killing a process of hydrogen emission at the 
operation of heat pipes are proposed. Th~ .life ~ycle test of 
heat pipes with water and designed additives IS held. ~e 
trials were carried out during several thousand operation 
hours. They have shown the stability and invariance of 
heat pipe performances in investigated ext.emal 
environment. Moreover, the additives to water avertmg a 
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freezing of heat transfer medium are proposed. It prevents 
the depressurization of heat pipes at their storage or 
transportation in composition of heat exchangers at 
negative temperatures. Indicated additives to water are safe 
in operation, have inappreciable concentrations in heat 
transfer medium and do not slash the intensity of heat 
exchange processes in evaporation and condensation 
zones. 

The complex of thermal engineering examinations 
was held with the purpose of an information deriving about 
the heat transfer performances and thermal resistance of 
heat pipes. The contribution of contact thermal resistance 
between the aluminum fms and steel tubes in blanket 
thermal resistance was spotted for relevant heating 
environments. The examinations have shown, that despite 
of essential distinctions of material expansion temperature 
coefficients for steel and fins, the value of contact thermal 
resistance Rcont practically self-similar concerning the 
temperature in contact zone up to 180 °C. The obtained 
experimental values of Rcont are (2-3)-1 0-4 m2K I W. 

The relevant part of the development is the settlement 
analysis of air-heater heat-technical performances as well 
as analysis of the influence of air-heater technical 
performances on technical and economic performances of 
the inventory. Such analysis is grounded on the solution of 
combined equations described the heat balances for air­
heater, inventory with air-heater, as well as the heat 
transfer in air-heater, pinch of profitability of inventory, 
padding operational energy expenses and so on. 

Q . = B (' J esc.boi/er _ J esc.air-heater) (l) 
a1r-heater gas gas 

Qm,-lteater = B ( J;;: ·air-heater' J;;:·air-heater) (2) 

/.Q . / Bl + Jesc.boiler = 
I ~ botlu '/ gw; 

;=(1_q3+q4+qs)Q"'+alo (3) 
100 L air 

Qau_,ea~u = ( IJ.Tair-heater I 'i.Ri) nh.pipe (4) 

N = B (Vair /).pair+ Vga\· !J.p ga\· ) I 1leq (8) 

The joint solution of combined equations allows to 

receive expressions for finding of next parameters: tesc, 

8e.w: ,Qau_,uun B, /).Tlboiler . The numerical analysis allows, 
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for example, to reveal the ranges of next parameter t e.~c , 

f) esc , Qair-heatn• !lp gas , !lp air changes in dependence on 

escaping gas temperature ( 8esc ), fuel parameters, air­

heater design parameters. 
On the basis of numerical analysis, the calculation 

results for heat exchangers, as well as the design and 
fabrication documentations were created. Thus, the new 
solutions of the series of actual problems are found and 
implemented: 

• The original fastening of heat pipes in a tubal 
board is offered; 

• The method of cleaning of heat exchange 
surfaces from contamination is designed; 

• The reliability and operation resource of heat 
exchanger with additives in heat transfer medium are 
estimated; 

• The cycle operation technology of filling and 
potting of heat pipes is designed. 

During whole operations of the constructed heat 
exchangers a lot of changes have been made, directed to 
improving of the adaptability to manufacture arrangement, 
dropping of metal consumption, rising mass-clearance 
performances and aerodynamic drag, perfecting of 
ergonomic parameters. The basic performances of 
designed heat pipe exchangers used as the boiler air­
heaters (boiler evaporation capacity 1-50 tlh), the hot water 
boiler (with a heating capacity up to 10 MW) and in drying 
installations are following: 

• Temperature range of hot gases at the inlet of 
heat exchanger - 100-315 °C; 

• Temperature range of heated air at outlet of 
air-heater 70-230 °C; 

• Range of recover heat flows of24-3300 kW; 
• The reached performances of the 

compactness and specific material consumption - up to 
300 kWim3 and up to 3,0 kg I kW accordingly. 
The performances for some designed and 

implemented heat exchangers based on heat pipes are 
given in the table 1. 

Heat exchangers successfully operated in many plants 
of different industrial branches. The term of the operation 
of first models has reached of 10 years. For example, as 
the air-heaters of the boiler they used: 

1) As additional tail heat exchangers (poses. 1, 2, 5, 6 
in the table 1 ), that give a pinch of thermal efficiency of 
boiler up to 6-8 % at inappreciable magnification of mass 
and overall dimensions ofboiler installation as a whole; 

2) As the air-heaters, which substitute the regular 
tubular air-heater.§ (poses. 4); 

3) As the air-heaters, which substitute the regular 
rotary air-heaters (poses. 3). 

Using designed heat exchangers as the regular air­
heaters (poses 3, 4) gives a considerable technical and 
economic effects from a drop of capital outlays on 
acquisition and installation of inventory and from a drop of 
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fuel operational expenditures, electrical power and service 
time. 

CONCLUSION 

The development and trial result analysis, as well as 
the experience of implementation and operation of heat 
exchangers based on heat transfer devices of an 
evaporative - condensation type in industrial conditions 
allow to make the following basic deductions: 

I. Heat exchangers ensured the pinch on 5-I 0 % of 
inventory energy efficiency and the diminution of harmful 
thermal exhausts. The economic benefit of heat exchanger 
implementation, for example, as air-heaters of industrial 
boilers working on natural gas, is 0,4-0,6 US dollars per 1 t 
of steam produced. 

2. Mass-clearance performances and specific material 
consumption for heat exchangers based on heat pipes in 5-
7 times lesser than in heat exchangers of traditional "gas -
gas" types. 

3. The rather small aerodynamic resistance of heat 
exchangers allows equipping by them of the boilers and to 
use as the regular draft - blast equipment. 

4. The designed heat exchangers are characterized by 
the high performance reliability and stability at long-lived 
operations. 

REFERENCES 

I. V asilev L.L. Heat exchangers based on heat pipes. -
Minsk: Science and technique, 1981, I44 p. 

2. Vasilev L.L., Kiselev V.G., Matveev U.N., 
Molodkin F.F. Heat exchangers based on heat pipes for 
heat recovery.- Minsk: Science and technique, 1987, ioo p. 

3. Semena M.G., Gershuni A.N., Rudenko A.N. The 
performances of two-phase thermo-siphons as devices for 
heat exchangers. J. Industrial energetic. -I988, N 4, p. 4I-
44. 

4. Zaripov B.K., Gershuni A.N., High performance 
unobstructive: a heat exchanger based on heat pipes for 
heat recovery. J. Industrial Energetic, I989, N I, pp. 37-39. 

5. Rudenko A.N., Gershuni A.N., Kalabina L.V., 
Semena M.G. About compatibility of steel with water in 
two-phase hot-water thermo-siphons, J. Protection of 
Metals, I989,v. 25, N 6, pp. 958-961. 

Table I. Characteristics of air heaters for low and middle power boilers. 

Heat exchangers based Rate of Rate of Temperature Temperature of Using Aerodyn. Dimensions 
on fining heat pipes the the air, of the escaping the air, oC heat resistance (width x length 

gases, nm3/s gases, oC flows, of duct of x height), m; 
nm3/s inlet outlet inlet outlet kW Gas/ Air weight, kg 

Kg/m2 

Air heater of the boiler 0.3 0.25 250 120 30 170 44 200/100 0.5 X 0.7 X 0.9; 
I of I tonlh 200 

Air heater of the boiler 0.75 0.625 220 120 30 155 100 310/340 0.8 X 0.8 X 0.9; 
2 of2.5 ton!h 450 

Air heater of the boiler 19.3 15.5 310 180 50 220 3330 1060/700 4.0 X 1.3 X 2.6; 
3 of 50 ton!h 10400 

One section of air 4.85 3.93 265 135 30 205 900 6651745 1.3 X 1.3 X 2.6; 
4 heater of the boiler 3600 

Air heater of the hot 2.9 2.0 160 100 20 113 243 440/390 1.0 x 0.7 xl.8; 
5 water boiler 7.5 MW 1000 

Air heater of the hot 3.5 2.8 190 124 30 121 364 100/60 1.6 X 0.4 X 3.0; 
6 water boiler 9.65 MW 1500 
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ABSTRACT 
In this paper experimental results of heat transfer of 

staggered bundle of tubes to static stable foam flow are 
presented. The experiments were performed on the model of 
heat exchanger. The cellular foam flow as heat transfer agent 
was used in this model. The experiments were provided for the 
middle and the side lines of the tube bank consisting of the 
three lines. The results of investigation are discussed from the 
standpoint of the influence of tube position in the line. The 
experimental results were described by dependence between 
Nusselt and Reynolds numbers. 

INTRODUCTION 
In many technological processes, which deal with heat 

and mass transfer, two-phase flow consisting of liquid and gas 
are exploited. These two phases may be in different state and 
that depends on hydrodynamic state of the whole system. 

The foam state is one of the possible existence forms of 
gas-liquid system. 

Let us consider a structure of the vertical upward two­
phase flow generated from the detergent solution (Fig. 1). A 
structure of two-phase system varies depending on the height 
of a flow channel. Directly on the plate exists a bubble or so 
called barbotage regime. Near the plate a regime of 
dynamically stable foam can be checked, which consists of the 
turbulent mixture of the gas and liquid flows. Dynamically 
stable foam is very unstable two-phase system. It exists during 
the gas barbotage only. If the delivering of gas stops, the 
turbulent foam immediately destroys into pure liquid and gas 
(if a foam is generated from the pure liquid) or in the case of 
the detergent solution it turns into the statically stable foam 
(SSF). Statically stable foam flow is generated when gas and 
liquid with admixtures comes into contact. Statically stable 

foam (cellular foam) consists of gas bubbles, which have a 
shape of regular polygons, separated each from other by the 
thin liquid films. Without gas delivering SSF can live quite a 
long period of time (from seconds to years). 

The apparatus, based on foam, are used in evaporation, 
concentration, drying, burning processes and in a lot of 
technological systems of waste water treatment or utilization 
systems [ 1]. 
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Use of static stable foam flow in heat transfer apparatus 
may be very perspective deal from the economic and 
engineering point of view. Investigations showed that heat 
transfer apparatus, which use static stable foam as heat 
transfer agent, have a lot of merits: small quantities of liquid 
are needed, heat transfer rate is relatively high (lower than of 
water but much higher than of gas), low energy consumption 
for foam delivery into heat transfer zone. 

A lot of data related to the hydrodynamics, heat and mass 
transfer processes, which take place in the dynamically stable 
foam system, can be found in literature. At the same time 
there are very little data about the analogical processes related 
to the statically stable foam [3, 4]. Heat transfer of single tube 
and single line of tubes to foam flow was investigated in 
previous works of authors [2, 5]. But these investigations can 
not completely reveal processes and factors, which make 
influence on heat transfer between heated units and cellular 
foam flow. 

In order to make deeper investigation of heat transfer in 
foam flow bundle of tubes was investigated experimentally. In 
this case it is possible to reveal influence of tube position in 
bundle and in experimental channel on heat transfer intensity. 

It must be stated here that structure of foam flow depends 
not only on height of experimental channel. It highly depends 
on flow velocity as well. 

NOMENCLATURE 
db external diameter of the foam bubble (m) 
d. external diameter of the tube (m) 
F cross section area of channel in free part (m2

) 

G volumetric flow rate (m3/s) 

Nu average Nusselt number [ad. I At:) 
q heat flux density (W/m2

) 

Re average Reynolds number (wd. l vg) 

spacing among tubes (m) 
SSF static stable foam 
T temperature (K) 

!J.T average temperature difference [(Tw- T_r)) 
w mean velocity (m/s) 

Greek Letters 
a average coefficient of heat transfer (W/K m

2
) 

P volumetric void fraction 

y 

(Jo 

thermal conductivity (W IK m) 
kinematic viscosity (m2/s) 

surface tension of a pure liquid (without detergents) 

(N/m) 
minimal value of a surface tension for given liquid 
(N/m) 
current value of a surface tension for a given liquid 
(with detergents) (N/m) 

Subscripts 
b value referred to the foam bubble 
e value referred to the tube 
f value referred to the foam flow 
g value referred to the gas 
I value referred to the liquid 

value referrred to the tube 
w value referred to the wall 

STATIC STABLE FOAM FLOW REGIME 
Statically stable foam (SSF) can be produced from the 

solutions, which have a reduced surface tension in comparison 
with the pure liquid. Even small concentration of detergents 
causes an intensive SSF generation during the barbotage 
processes. For different kinds of detergents and various liquids 
there exists a minimal concentration of detergents, above 
which any limited volume of liquid can be transformed to the 
SSF flow [6]. Experiments showed that such minimal 
(critical) concentration of detergent is equal to 0.1 + 0.3 % of 
the solution mass. The exact value of the critical concentration 
depends on gas velocity and on a foam channel height. It was 
noticed that above the average gas velocities, which 
approximately are equal to (0.7 + l.O) 10·1 rn/s, a regime of 
foam flow slowly changes to the emulsion regime with a very 
small size of bubbles. A flow of SSF is very original due to the 
liquid flow rate dependence on the gas flow rate in a foam 
channel. Increase of mean gas velocity generates more foam 
bubbles, which carry upwards more liquid. The drainage of 
liquid through Plateau channels is comparatively slow process. 
The fast foam flow carries much more liquid than the slow 
one, where an influence of the drainage is much more 
significant. 

Investigations [7] showed that there are four main 
regimes of SSF upward flow in the vertical channel: laminar 

flow regime Re = 0 + 600, transition flow regime Re = 600 + 

1500, turbulent flow regime Re = 1500 + 1900, emulsion flow 

regime Re > 1900. 

Influence of Reynolds number for gas ( Re g) and surface 

tension ( CY 
0

, (j , and cr) in calculation of Reynolds number for 

liquid ( Re 1) in the vertical foam channel have been obtained 
by Gylys and Udyma [7] : 

(1) 

In practice sometimes it is difficult to know the exact 
values of (j and CY • In such cases we can use a simplified 

expression: 

5-2.24 
Ret = 3.3 ·10- Reg 
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or 

(3) 

The Eqs. (1), (2) and (3) are valid for the range of mean 

gas velocity wg = (0 + 10.0)·10-3 rnls, which corresponds to 

the all regimes of the statically stable foam flow. 

EXPERIMENTAL METHOD 
Facility 

The experimental arrangement consisted of the following: 
foam generation (experimental) channel, two regulating 
valves for gas and liquid, two rotameters for gas and liquid 
respectively, two reservoirs for liquid storage and constant 
liquid level keeping, air fan, transformer and stabilizer for 
electric current. 

Experimental channel consisted of the following: riddle at 
the bottom of the channel and experimental part. The whole 
experimental channel was made of glass in order to observe 
optically foam flow regimes and the size of foam bubbles. The 
cross section of the channel was equal to (0.14 x 0.14) m2

. The 
height of experimental channel was 1.8 m. Foam flow was 
generated on riddle. The liquid with admixtures from 
reservoir was delivered on riddle, while gas flow was delivered 
through riddle. When gas and liquid came into contact, foam 
flow was created. Liquid in experiment was used only once 
and was not supplied back to reservoir. 

A riddle of the foam generator was made of stainless steel 
plate with thickness of 2 mm. The diameter of holes was 1 
mm and spacing among centers of holes was 5 mm. Holes 
were arranged in staggered order. 

Schematic view of experimental section can be seen in 
Fig. 2. 

Figure 2: Experimental Section of Foam Channel 

The bundle of tubes consisted of three vertical rows with 
five tubes in each. Spacing among centers of tubes s 1 = s2 = 
0.035m. All tubes had an outside diameter of 0.02 m. The 
heated tube was made of copper and had an outside diameter 
of 0.02 m also. The endings of tube were sealed and insulated 
to prevent heat loses through them. The tube was heated 
electrically. The electric current value was measured by 
ammeter and voltage by voltmeter. 

The temperature of foam flow was measured by two 
calibrated thermocouples: one in front of the bundle and one 
behind it. The temperature of heated tube surface was 
measured by eight calibrated thermocouples. Six of them were 
placed around central part of heated tube and two of them 
were placed in both sides of tube at the 50 mm distance from 
the central part. 

The water solution was used in experiments. 
Concentration of detergents was kept constant and it was 
equal 0.5 %. 

Experimental procedure 
Investigation of tube heat transfer in the bundle consisted 

of three series of experiments. The experiments were provided 
for different values of mean volumetric void fractions f3 = 

0.996, 0.997 and 0.998. The volumetric void faction can be 
expressed by equation 

(4) 

The foam flow rate can be written as 

(5) 

Gas and liquid mean velocities were changeable by 
changing gas and liquid flow rates respectively 

(6) 

(7) 

The temperature of the tube surface and the foam flow, 
electric current and voltage were measured and recorded 
during the experiments. These values were registered not 
earlier than 90 s after the latest change of foam flow rate or 
electric current. The investigations showed that the foam flow 
regime~t 3 5 mm distance from the riddle becomes stable after 
90 s. After registration of electric current and voltage the heat 
flux density on the tube surface qw was calculated. 

After registration of heated tube surface and foam flow 
temperature by means of thermocouples, the temperature 

difference !).T between the mean temperature of the foam 
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flow T1 and the mean temperature of the tube surface Tw was 
calculated. The average heat transfer coefficient was 
calculated as 

(8) 

The thermal conductivity of the foam flow was 
detennined as follows 

In order to avoid possible errors during the work all the 
experiment series were done and repeated three times. 

RESULTS 
Experimental results of heat transfer for B4 tube in the 

middle line of tube bundle are presented in Fig. 3. The 
experimental results have shown that the heat transfer rate 
depends both on the mean gas velocity and on the mean 
volumetric void fraction fJ of the foam flow. It was noticed 

that heat transfer intensity increases with increase of gas 
velocity and decrease of volumetric void faction. With increase 
of gas velocity foam flow becomes more vortex and more 
intensive destruction of laminar boundary layer on heated tube 
takes place. Influence of volumetric void fraction reduction on 
heat transfer intensity is more significant at bigger gas 
velocities. When these two factors (bigger gas velocity and 
reduced void fraction) are combined, effect of foam flow 
vortex is much bigger. The character of dependencies is the 
same for all tubes of the bank. 

800 

200+-------~---------+--------~--~ 

0,14 0,2 0,26 

Figure 3: Heat Transfer of the Fourth Tube in the Middle 
Tube Line of the Bundle 

fJ: 1 - 0.996; 2- 0.997; 3-0.998 

In Fig. 4 experimental results of the heat transfer for 
middle line of the tube bank are plotted against gas velocity. 
Fig. 4a and 4b represents heat transfer results for the middle 
tube line when volumetric void fraction fJ = 0.996 and 0.998 
respectively. 
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0,12 0,17 0,22 0,27 0,32 
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Figure 4: Heat Transfer of the Middle (B) Line of the 
Tube Bundle 

a): {J= 0.996; b): {J= 0.998 
1, 2, 3, 4, 5- Bl, B2, B3, B4, B5 Tube Correspondingly 

It was noticed that when the foam flow is wetter (fJ = 
0. 996) in initial period of gas velocity augmentation influence 
of tube position in the line on heat transfer intensity is 
insignificant. Only the heat transfer intensity of the fifth i.e. 
last tube of the tube bank is different than of other tubes. In 
case of dryer foam (fJ = 0.998) heat transfer intensity of the 
fifth tube in the line of tube bundle is significantly different 
than of other four tubes also. When gas velocity is higher 
(starting at 0.24 + 0.25 m/s) influence of tube position 
becomes more significant, especially for the first tube of the 
line of tube bundle. 

During investigation of a single line of tubes in vertical 
cannel [2] it was noticed that the highest heat transfer 
intensity is of the first tube of line. It was noticed that heat 
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transfer intensity starting from the fourth tube of a single line 
becomes stable i.e. values of heat transfer coefficient are the 
same for fourth, fifth and the following tubes. In case of 
bundle of tubes situation is different. In the initial part of gas 
velocity augmentation the highest heat transfer intensity can 
be observed for fifth (last or the highest) tube of bundle. Only 
at the highest gas velocity heat transfer of the first tube is the 
most intensive. This phenomenon can be explained due to 
influence of the next lines of the bundle tubes and of the walls 
of foam channel on hydrodynamics of foam flow. For lower 
gas velocities the first tube of the bundle is in contact with 
foam flow consisting of large size (db = 8 + 14 mm) bubbles. 
In such a case smaller amount of liquid fraction of foam flow 
gets into contact with the heated tube surface and conditions 
of heat transfer becomes worse. 

The large bubbles of foam flow passing through the 
bundle of tubes are destroyed into small bubbles (db = 2 + 5 
mm). It means that fifth tube is wetted by the foam flow with 
more homogenous structure and liquid fraction of foam flow 
can access surface of heated tube more easily. For this reason 
the conditions of heat transfer become better. 

When gas velocity is higher foam flow becomes more 
vortex and laminar boundary layer on the wall of tube is 
destroyed more effectively. Due to it heat transfer rate of 
frontal tube increases. At the same time size of the foam 
bubbles becomes smaller in the initial part of bundle of tubes. 
That has influence on intensification of heat transfer of frontal 
tubes also. Conditions of heat transfer of fourth and fifth tubes 
do not change at the higher gas velocity and heat transfer 
intensity becomes lower than of frontal tubes. 

In Fig. 5 and 6 experimental results of heat transfer of 
tubes in the tube bundle are plotted against mean gas velocity. 
Fig. 5 represents comparison of heat transfer intensity of the 
first tube in the side (A 1 and C 1) and in the middle line (B 1). 
In Fig. 6 comparison of heat transfer intensity of the fifth tube 
in the side (A5 and C5) and in the middle line (B5) can be 
seen. 

It can be seen (Fig. 5) that wall of foam generator makes 
positive influence on heat transfer of the first tube of the 
bundle. It should be noted that such observation is valid for a 
case of low and average gas velocity. When values of gas 
velocity becomes bigger, the heat transfer intensity of the tube 
in the middle line (B 1) exceeds heat transfer intensity of that 
in the side line (Al and Cl). It can be explained in such a 
way. When gas velocity is lower part of draining liquid is 
directed under the influence of the first tube of the bundle into 
the side zone of experimental channel. Because of that foam 
around first tube of the side line carries more liquid and heat 
transfer rate increases. When gas velocity is higher draining 
liquid is not directed into side zone from central zone of the 
channel. Foam flow becomes more vortex around the first tube 
of the middle line and heat transfer rate of it becomes higher 
than of tube in side line. 

0+-------+-------~----~------~ 

0,13 0,18 0,23 0,28 0,33 
wg [nlls] 

Figure 5: Heat Transfer of First Tube in Side (Al and Cl) 
and Middle Line (B 1) 

1, 2, 3- Aland Cl tubes; 4, 5, 6- Bl tube 
f3: 1, 4- 0.996, 2, 5- 0.997; 3, 6-0.998 

a [W/m2K] 
1000 ~~--~~----~------~------~~ 

b) 
800 

600 

0 +-------~------~------~-------r~ 
0,13 0,18 0,23 0,28 0,33 

wg [nlls] 

Figure 5: Heat Transfer of Fifth Tube in Side (A5 and 
C5) and Middle Line (B5) 

1, 2, 3- AS and C5 tubes; 4, 5, 6- B5 tube 
fJ: 1, 4- 0.996; 2, 5- 0.997; 3, 6-0.998 

For the fifth tube in a middle and in a side line (A5, B5 
and C5) situation is slightly different. At low gas velocity the 
influence of tube position is negligible. At high gas velocity 
(especially for foam flow with fJ = 0.996) heat transfer rate of 

tube in a middle line becomes higher than for the tube in the 
side line. It can be explained so that gas velocity becomes 
lower after the bundle of tubes in comparison with gas velocity 
inside the bundle of tubes. The bigger amount of liquid comes 
from walls of foam bubbles due to this drop of velocity. This 
draining liquid flows down from the tubes of a side line (these 
tubes stand at the highest level of the bundle) to the fifth tube 
of a middle line. For this reason foam around the fifth tube of 
a middle line is much wetter and heat transfer rate increases. 
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HEAT TRANSFER GENERALIZATION 
The experimental results of heat transfer were generalized 

using dependence between Nusselt and Reynolds numbers. 
This relationship can be written as follows: 

(10) 

Values of coefficients c and n are presented in Table 1. 

'[ bl 1 \1; 1 f ffi" d . E 10 a e a ues o coe 1c1ents c an n m ~q. 

Tube fJ= 0.996 fJ= 0.997 fJ= 0.998 
pos. Re;r = 190 + 320 

c n c n c n 
AI 3,2 0,85 4,2 0,77 6,3 0,66 

A(2+3) 12,02 0,61 19,8 0,49 18,4 0,47 

A(4+5) 23,4 0,49 23,9 0,47 31,8 0,385 

B(l+4) 1,4 0,97 6,6 0,66 9,5 0,56 

B5 7,0 0,72 13,9 0,555 10,05 0,58 

Ref!= 320 + 450 
AI 0,35 1,25 0,08 1,48 0,2 1,26 
A2 0,49 1,16 0,2 1,27 0,7 1,03 
A3 5,77 0,74 I, 1 0,98 2,8 0,79 
A4 31,4 0,45 10,5 0,6 15,7 0,5 
A5 189,6 0,14 45,8 0,35 45,8 0,32 

Bl 8-10-6 3,06 0,0001 2,59 0,002 2,03 

B2 0,0017 2,14 0,0004 2,33 0,008 1,77 
B3 0,12 1,43 0,03 1,59 0,47 1,08 

B4 2,04 0,92 0;07 1,43 0,89 0,97 

B5 1,25 1,03 0,3 1,21 1,13 0,95 

In Fig. 7 experimental results of heat transfer and results 
of calculation by Eq. 10 are compared. 

1000 

800 

~1 

-----2~-----+------+-----~--~~ ___.._3 
-- ~- -4 
- - 0 - - 5~-----+------+-----::;;o~~---------~ 
---6---6 

o+-----~----4-----~----~--~ 

0,13 0,17 0,21 0,25 0,29 
w

8 
[rnls] 

Figure 7: Experimental and Theoretical Heat Transfer 
Results for the Third tube of the Middle line (B3) 

1, 2, 3,- Experiment; 4, 5, 6,- Theoretical results (Eq. 10) 
f3: 1, 4- 0.996; 2, 5- 0.997; 3, 6-0.998 

CONCLUSION 
1. Heat transfer rate increases with increase of mean gas 

velocity and with decrease of volumetric void fraction. 
2. The highest heat transfer rate can be observed for the fifth 

tube of the bundle in the case if a gas velocity is low and 
average (wg = (0.14 + 0.26) rnls). When gas velocity is 
higher (wg > 0.14 rnls) the highest heat transfer rate is in a 
case of the first tube of the bundle. 

3. At high gas velocity heat transfer distribution in line of the 
bundle is similar to the one observed in the case of single 
line of tubes, i.e. the highest heat transfer rate is in case of 
the first tube of the line. At low gas velocity situation is 
different. In this case the highest heat transfer rate is of the 
fifth tube of the line. 

4. Heat transfer of the tube in the side line is higher than of 
tube in the middle line in initial part of the bundle at lower 
gas velocity. When gas velocity is high and volumetric 
void fraction is low the higher heat transfer rate is in a 
case of the tube in the middle line. 

5. Influence of tube position is negligible for the last tubes of 
the bundle at lower gas velocity. When gas velocity is high 
the highest heat transfer rate is for the middle line tube. 

6. Heat transfer results were generalized by using dependence 
between Nusselt and Reynolds numbers Nu1 = f(Reg). 
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ABSTRACT 
The paper presents experimental results and analysis of 

heat transfer in thermally developing region of round pipes for 
three fluids typically used as low temperature coolants 
(secondary refrigerants). The experiments were performed at 
low Re and high Pr numbers that are typically found in 
secondary loop conditions at low temperatures. Effect of 
horizontal U bend is presented and compared to available 
experimental data in the open literature. 

It is shown that positive effect of thermal development 
(high Nu number) last long thanks to technically significant 
length of thermally developing region. Secondary flow 
dev.eloped in and after U bend is so important that it has almost 
identical effect as thermal development at the pipe entrance. 
That is the reason for extremely good performance of the heat 
exchangers with secondary refrigerant in laminar flow regime. 

INTRODUCTION 
Indirectly refrigerated syste.-us for commercial and industrial 

refrigeration applications (with secondary loops) have attracted 
significant attention lately. The objective of one of research 
programs at the Air Conditioning and Refrigeration Center 
(ACRC), University of Illinois was to analyze these systems and 
compare them to conventional DX systems. Experimental 
program was focused to performance of the low temperature 
display case. It was demonstrated that the display case 
operated better when served with secondary refrigerant than in 
the baseline mode with R404A as a refrigerant, Mao et al. ( 1998, 
1997). Beside obvious drawbacks of secondary loop systems 
(added pumping power and temperature difference associated 
with additional heat exchanger), Hmjak (1997, 1997a) several 
advantages of secondary systems were identified: better frost 
distribution, higher heat transfer rates, quicker defrost and pool­
down after defrost, more uniform product temperature during 

defrost, etc. . . Real surprise for many was better heat transfer. 
That was the reason to look closer into heat transfer issues. 

There is a limited number of acceptable single-phase 
secondary refrigerants that are environmentally friendly, non­
toxic, nonflammable, and with reasonably good thermophysical 
properties at low temperatures. Almost all of them operate in 
laminar flow regime in refrigeration mode. Many engineers in 
"back of the envelope" calculations assume fully developed 
laminar flow in the heat exchanger pipes in comparative studies. 
In typical refrigeration conditions these fluids have high Prandtl 
number Pr = J.I.Cp/k = v/a. resulting in long thermally developing 
regions. These lengths are technically significant (even up 0.5 
to 2m). That fact indicates potential for underprediction of heat 
transfer if developing region is neglected. Prandtl numbers in 
currently available and acceptable secondary refrigerant 
candidates at low temperatures (-30 to -40°C) are in the range 
70-120. It is well known that in thermally developing region heat 
transfer coefficients on refrigerant side have very high values, 
sometimes in few orders of magnitude higher than in fully 
developed region. It is also known that U bends have 
significant role in mixing and restarting flow development. It will 
be shown that U bend has effect of almost fully restarting 
developing region. That fact could be the explanation for 
unexpectedly high refrigerant side heat transfer coefficient 
experimentally determined. Heat transfer in transition region 
that follows the U bend is less explored but has significant 
effect on heat exchanger performance. 

In developing laminar flow of heated fluid in the horizontal 
tube the core is colder and thus heavier than annulus closer to 
heated walls. Due to that effects fluid in the central zone sinks 
and generates secondary flow that moves upward in vicinity of 
vertical heated walls. The effects of the denser central zone are 
even more significant in fluid turning, like in U bends or elbows. 
Greater inertial force impinges the stream to the bend or elbow 
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wall causing stronger secondary flows and significant mixing. 
That effectively increases heat transfer bringing central cold 
stream in contact with the walls. 

NOMENCLATURE 
A area 
Cp specific heat 
Farr Farr correlation 
fd fully developed 
01 Gnielinski correlation 
h heat transfer coefficient 
D diameter 
ID inside diameter 
k conductivity 
L length 
m mass flow Heatina fluid 

Nu Nusselt number pump 

OD outs ide diameter 
PA potassium acetate 
PG propylene glycol 
PF potassium formate 
Re Reynolds number 
Pr Prandtl number 
Q heat transfer 
R resistance 
T temperature 
X local length 
x* dimensionless length 
Greek Symbols 

Jl viscosity 
Subscripts 
b bulk 
h heating fluid 
H constant heat flux 

inlet 
in inside 
m mean 
meas measured 
0 outlet 
out outside 
pred predicted 

refrigerant 
X local 
T constant temperature 
w wall 

EXPERIMENTAL FACILITY 
A schematic of the experimental facility is shown in Figure 

l. Details could be found i1 Hong and Hrnjak (1999). The 
facility provides secondary refrigerant (fluids that are studied) 
and heating fluid (water in this case) at required measured flow 
rates and at required uniform temperatures. The fluids measured 
are propylene glycol (PG) - 35% by volume, potassium acetate 

{PA)- 47.5% by weight, and potassium formate (PF)- 46% by 
weight. Thermophysical properties are defined in Hong and 
Hrnjak ( 1999). 

Heatina fluid 
-flowmeter 

Z.Om 

Figure l. Experimental facilities for local heat transfer 
measurements 

The test heat exchanger consists of a pair of 3 meters long 
annular coaxial heat exchanger tubes placed side by side in 
horizontal plane connected with a return l.J..bend. Secondary 
refrigerant flows through the inner (copper) tube of the heat 
exchanger. Heating fluid, which is water, flows through the 
outer annular spacing between copper and PVC tubes. Flow 
through the annulus is articulated with a spiral insert. Each heat 
exchanger tube has three test sections: 0.5 m, 0.5 m, and 2 m 
long. A schematic of the test coaxial heat exchanger is shown in 
Figure 2. Details of the test sections could be found in Hong 
and Hrnjak ( 1999). The lengths of the first two sections of 
coaxial heat exchangers are designed shorter than the last 
sections because their local heat transfer coefficients are 
expected to be higher at the inlets but decrease rapidly down to 
the asymptotic value by the last sections. Therefore shorter 
sections are used to capture rapidly changing high heat transfer 
coefficient near the inlet. The two annular coaxial heat 
exchangers before and after the U-bend are identical in 
construction. The only difference is their function. Inlet to the 
upstream heat exchanger section has a uniform cross section 
temperature profile. The uniform profile is obtained by a long 
adiabatic section in the hose leading to the heat exchanger and 
one static mixer before the inlet. The heat exchanger functions 
as a test section to measure local heat transfer coefficient of a 
thermally developing region. The other identical heat exchanger 
is positioned downstream of the U-bend to measure the effect of 
the bend on local heat transfer coefficient. The data collection 
from a side-by-side setup of the heat exchanger sections allows 
direct comparison of the effect of the horizontal l.J..bend to a 
uniformly temperature distributed thermally developing inlet 
regime. 

The inner copper tube diameter is ID = 9.53mm. Dimensions 
of the Ubend used in the coaxial heat exchanger are 1D = 

9.14mm while radius of curvature (center to center) is 15.61Tl1n. 
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~ four thermocouples 

~ thermocouple wire 

~ thermocouple probe 

~ two probes (one in each channel) 

Figure 2: Schematic of the test section 

EXPERIMENTAL RESULTS 

Ueat transfer in strqight section preceding qnd foilowing the 

I.!...lwul. 
The goal of the experiments with the coaxial heat exchanger that 
are presented in this paper is to experimentally determine the 
local heat transfer coefficient of refrigerant flow in the straight 
section before and after U-bend and to determine the effect of 
·the U-bend. Parameters needed to determine local heat transfer 
coefficients are: I) temperature readings at the inlet and the 
outlet of each test section, 2) wall temperatures, and 3) mass 
flow readings of the refrigerant and heating fluids given its 
specific heat value. At this point we will not go in details of 
discussion of the experimental uncertainty but just say that it is 
between 3% at higher Nu to 8% at lower values of Nu number. 
Detailed analysis and uncertainty tables for each data taken is 
presented in Hong and Hmjak ( 1999). 

Table 1: Range of operating parameters 

T,,, LCl Th.iLCl V, [rnls] 

Propylene Glycol -2.1 to -8.5 25- 17 0.27-0.95 

Potassium Acetate -20 to-23 24-20 0.17-0.61 

Potassium Formate -20 to-23 24- 19 0.17-0.61 

Values of heat transfer coefficient (h,) were determined 
based on measured data and than converted to dimensionless 
Nusselt number (Nu=h, • ID/k) based on inner tube diameter ID 
and refrigerant conductivity k (bulk). Then Nu is plotted versus 

number (length) x• (x*=x/(IDin *Re*Pr)), a dimensionless number 
incorporating length (x), Reynolds number Re, and Prandtl 
number Pr as accepted for heat transfer in developing region, 
Shah and London (1978), Kakac et al. (1987), Gnielinski (1983, 
1987). 

For the cases when thermophysical properties are 
significantly different within a cross section (which happens in 
almost every real application) certain additional corrections 
should be made. Among others Sieder and Tate (1936), and 
Popovska ( 1975) have proposed correction factors to take into 
account effects of changed thermophysical properties close to 
the walls. The classic correction given by Sieder and Tate for 
flow of viscous oils described their own data for vertical tubes 
and data of other investigators for horizontal tubes uses 
exponent 0.14 as shown in the equation given below. 

( J ( )
0.14 

Nu _ Jlb 

Nucp Jlw 
When data are obtained, they are plotted, and a regression 

analysis is performed. A general form of the curve-fit equation 
was taken from Gnielinski's ( 1997) correlation for thermally 
developing flow. Assuming the same effect of variable 
thermophysical properties one would expect that results for all 
three fluids would fall on top of each other. However Figure 3 
shows some variation among fluids. Potassium formate has the 
highest Nu number while propylene glycol and potassium 
acetate are more or less on top of each other. There are three 
lines in the graph. The one in the middle is the correlation 
shown in the graph as an equation. That equation has R2 

= 

0.951. Two other lines show the narrow range of 99 % 
probability confidence interval. 

• PO ..... 
• PF 

-o.taFil 

lli 

I~ ---~ 

[ 
\ 

j25 

~\, / Nuo(8.84•3+0.411"3+(0.738"x--<.0.4704H).4&)"3)"(1/3) 
R"2•0.SMI 

5 

~ 
0 

·~ ~· .. .. 
5 

0 

0.005 0.011 0.112 0.025 

Figure 3. Local Nusselt number versus x• preceding U-bend 

The same procedure is repeated for the data points after 
the U-bend. The plot below, Figure 4, gives a 99% confidence 
interval and ~ for the data-fit curve of data after the U-bend. 
Its standard deviation is 3.64. 
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Figure 4. Nu versus x* in straight section following U-bend for 
all three fluids examined 

Figure 5 helps in comparing the results of these experiments 
to published correlations. It shows the correlation developed 
here (solid line) with two of Gnielinski's correlations - one is 
constant temperature (T): 

Nux,T = (3.663 + 0.73 + (1.077x •-113 -0.7)3 
)

113 

while the other is constant heat flux correlation (H) correlation: 

Nux,H = (4.3643 + 1 + (1.302x •-113 -1)3
)

113 

The actual boundary condition in this experiment lies 
somewhere between the two extreme boundary conditions of 
the correlations. Therefore the Nu of experimental data is 
expected to be bounded by the two correlation curves. 
However the plots show Nusselt number of data to be higher 
than both of the correlations. In addition Gnielinski's 
correlations have been adjusted with Sieder and Tate's 
temperature dependent viscosity ratio. The correction factor 
brings up the Nu of the correlations from constant physical 
property assumption to a more accurate variable property case. 
Following Figure 6 shows a maybe more "engineer friendly" plot 
of heat transfer coefficient development for potassium formate 
because it gives the heat transfer coefficient along the pipe with 
fluid velocity as a parameter. Similar graphs for propylene 
glycol and potassium acetate could be found in Hong and 
Hrnjak ( 1999). It has two groups of lines: solid lines are curve 
fits of the experimental data while dotted lines are results of the 
correlation presented in McAdams, 1954: 

Nu = 1.86 · x ·-
113 

The lines are presented for three typical fluid velocities 
inside the tubes, which give very low Re numbers. Graphs 
demonstrate strong effect of velocity in thermally developing 
region and weak effect in developed zones. It is also interesting 
to see that heat transfer coefficients could be well above 1 000 
W /m2°C in first 0.5m. This fact indicates that it location of the 

twisted strip enhancers (or similar) would make sense in the 
second part of the tube. It looks like there is no reason to put 
them close to the inlet because it is less reasonable to spend 
pumping power (generate pressure drop) for enhancing already 
high heat transfer coefficients. 

~---------~t~. : .... -.... F •• r 
' .. t-<Ir-----------------------1 

.. I 

Figure 5. Comparison of experimental data for all three fluids in the 
straight pipe preceding the return U bent to Gnielinski correlation 

Effect of the U bend on the !rat transfer in straight 
section oreceding and following it 

To get a better measure of the difference between the two 
test sections, a ratio between a curve-fit of data points for a 
straight section before the U.bend to that of after the U-bend 
for all three fluids is determined. As can be seen from Figure 7 
the ratio shows that Nusselt number after U-bend is slightly less 
than before the Ubend for x* less than 0.0011 but becomes 
greater after that point. At large value of x * the ratio reaches an 
asymptotic value near 1. One striking fact is how similar the two 
curves ofNu after and before the U-bend are. 
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Figure 6 Local heat transfer coefficient inside the tube for 
potassium formate. Prediction is made at-2f{'C 
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This result clearly shows that even a smooth U-bend will 
have an effect of remixing the thermal stratification of a laminar 
flow sufficiently well that essentially a thermally developing 
flow occurs after the U-bend. Moreover, the ratio is very close 
to one - it is in the range 0.9 to 1.11. It is very close to 
experimental uncertainty. 

!1.2 
I I '/ J 

'II ! .. I' 
J 

7 

I 

Figure 7: Averaged ratio ofNusselt number preceding and 
following U-bend for all three fluids 

COMPARISON TO OTHER EXPERIMENTS TO 

Mehta and Bell were less interested in the development of 
heat transfer coefficient along the tube, and so they have not 
reduced data into Nusselt number versus x*. Therefore 
appropriate dimensionless variables were extracted from their 
raw data and compared to data in theis experiment. 

Figure 8 shows Mehta and Bell's data points preceding aU­
bend in filled symbols. Open symbols are data obtained in this 
project for each individual fluid. At the higher x* values the Nu 
number for developed region as reported by Ede ( 1966) is 
shown. Solid and dotted lines are Gnielinski's correlations. In 
the figure Mehta and Bell's experimental results show a 
relatively constant value and do not show a significantly higher 
value ofNusselt number at its entry region. 

The comparison shows qualitatively better correlation of 
current results to Gnielinski correlation. The difference in offset 
may come from the effect of different thermophysical properties 
at the wall and in the center of the flow and phenomena 
associated with secondary flow induced by this effect. 
Nevertheless, Mehta and Bell's results indicate slightly different 
change in heat transfer coefficient with x* as expected and 
found here. Values are less or more unaffected by x •. The data 
shown by solid circles are calculated from original data based 
on average values in circumferential direction to fit into the Nu 
vs. x* variables. Experimental values reported by Ede in sketchy 
form agree with the data obtained in this project. 

DETERMINE EFFECT OF THE U BEND sor-----------~--------, 

For laminar flow through a ~bend Mehta and Bell ( 1981) 
have reported extensive experimental data. Their objective was 
to investigate radial temperature distribution after the U-bend as 
a consequence of secondary flow. The experimental setup is a 
coaxial heat exchanger type similar to this work, but the heat 
exchanger was electrically heated thus had a different boundary 
condition than the coaxial heat exchanger tested in this case, so 
direct comparison should be made with caution. The other 
significant difference between this project and Mehta and Bell's 
is that their U-bend is on a vertical plane with its outlet on top in 
contrast to this which is horizontal.. 

Since their test section is electrically heated, the 
appropriate boundary condition is that of constant heat flux. 
On the other hand, the actual boundary condition of the coaxial 
heat exchanger in this project is predicted to be between 
constant heat flux condition and constant wall temperature. The 
coaxial heat exchanger would reach the constant heat flux 
boundary case (as is the case if it were electrically heated like 
Mehta and Bell's apparatus) if the capacities of refrigerant and 
heating fluid are equal, and it would reach the constant wall 
temperature case if the capacity of the heating fluid becomes 
infinite. 

Even with the above mentioned and other differences 
between Mehta and Bell's experiment and this coaxial heat 
exchanger setup, comparison of the results between the two 
experiments are conducted to aid in the understanding of 
thermally developing flow. 

45~----------------------------------------------------------------~.IPP~.G--------~ 

t----------------------------------------------------------------+ .0 p .F -
• Run103(64) 

t---------------------------------------------------------------1 : :: :~! :~!!: -
o Run121(221) 

+----------------------------------------------------------------+ : :: :~: :~!~: -
Nu 2 5 ............. ___.___.___.___.___.___.___.___.___.___.___.___.___.--f : :: :~; ::~: -

•• -Nux T (a.-
20 ~ 

· ... 
~· _..._ 

0.005 0.01 0.015 
>(' 

0.02 0.025 

Figure 8: Preceding the U-bend- comparison of several 
experimental results: Mehta and Bell (solid circles), Ede, this 

project (open symbols) 

0.()3 

Figure 9 plots the data for locations after the ~bend. A 
steep asymptotic curve at the region right after the U-bend is 
clearly evident in Mehta and Bell's result. However the effect of 
the U-bend is evident at much smaller value of the parameter x* 
than found in this project with the coaxial heat exchanger or 
what Gnielinski correlation would predict. 
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Figure 9: Heat transfer in the coaxial heat exchanger 
experimental results following the U-bend- comparison of 

several experimental results: Mehta and Bell (solid circles), Ede, 
this project (open symbols) 

CONCLUSIONS 

The results of heat transfer experiments in laminar flow 
with three fluids that are the leading candidates for the 
secondary refrigerants: propylene glycol at temperatures 0 to -
10°C, potassium acetate at temperatures -20 to -40°C and 
potassium formate at temperatures -20 to -40°C are presented. 

Measured values show good qualitative agreement in 
thermally developing region in straight pipe with existing 
correlations and with Gnielinski's in particular. Nevertheless 
experimental values show slightly higher values than 
correlations predict. The difference is approximately in the 
range 20-40%. 

Effects of return U bend are extremely positive for heat 
transfer due to mixing in laminar regime. The heat transfer is 
increased almost to the level of restarted thermal development 
for lower values ofx• and even beyond it at higher x•. 

Due to very high Pr numbers thermally developing flow 
length is technically significant (0.5 to 1.5 m) and that affects the 
performance of the real heat exchangers. 
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ABSTRACT 
A mass transfer analogy experimental procedure (the 

diffusion limited current technique) has been employed to 
measure local mass transfer coefficients within plate heat 
exchanger channels with pure and mixed corrugation angles. A 
pressure drop study has also been performed on these same 
corrugation angle channels. The integral results reveal that both 
the mixed 90°/0° and the 60°/30° channels have very similar 
hydraulic and mass transfer characteristics to the pure 45° 
channel. However, although the overall average performance of 
the mixed channel is similar to that of the pure 45° channel, the 
individual mass transfer coefficients within the channel are 
quite different. In an actual exchanger therefore, the two sides 
of a mixed angle channel will have quite different film heat 
transfer coefficients. 

INTRODUCTION 
Although there are now many different plate geometries for 

the main heat transfer area of a plate exchanger, by far the most 
commonly reported pattern is the herringbone or chevron 
corrugation. The channel formed from these patterns is such 
that the corrugations on adjacent plates are arranged so that they 
point in opposing directions. This produces a very complicated 
flow area for the fluid to pass through. Although the corrugated 
design is by no means a new concept, it is still unclear exactly 
how the fluid flow effects both heat transfer and pressure drop. 

The aim of the designer of a plate heat exchanger is to try to 
match the specifications of both the duty and the available 
pressure drop. However, the designer has only a limited number 
of different plate geometries available, due to the cost of the 
presses for the manufacture of the plates. As such it is not 
possible to have any combination of duty and pressure drop. 
One of the two following situations must therefore occur. 
1. Although the duty is matched, the achieved pressure drop is 

too high. More plates are added to reduce the pressure drop 
and this causes a reduction in the velocity in each channel. 

2. The duty is matched, but the available pressure drops are 
not fully utilised. 

The above summary does very much simplify the problem. 
For example, it should be remembered that there are two 
streams to consider in the design. This may seem very obvious, 
but design approaches often only mention the pressure drop for 
one stream. While it is quite possible that the designer could 
match both the duty and the pressure drop for one stream, they 
are unlikely to be able to match the pressure loss for both 
streams. So in that situation the design would have to be based 
around the stream with the limiting pressure drop. Selecting the 
stream that is pressure drop limiting is not a simple decision. 
The choice of the stream with the limiting pressure drop would 
depend on both the flow rate and the allowable pressure drop of 
each stream. 

This problem apart the designer still has the difficulty of a 
limited number of plate designs with which to match the duty 
and the pressure drop. One way of increasing the number of 
options available is to combine plates with different theta 
values. So a high theta plate may be combined with a low theta 
plate to generate a channel with intermediate characteristics. 
The most commonly reported way of achieving this is to 
combine plates with different corrugation angles. Such a 
channel is often termed a mixed angle channel. 

Now while overall performance data for pure angle channels 
is not particularly common, data for mixed angle channels is 
even scarcer. There are a just a couple of studies in the 
literature. Manglik and Muley ( 1995 and 1997) presented both 
the overall thermal and hydraulic performance for a chevron 
type channel with angles of 30° and 60°. Test fluids used were 
water and vegetable oil for a Reynolds number range of 2 to 
6000. However, results were only reported for this one 
particular channel type. As such the data does not provide any 
information that has not already been derived from the 
performance plots for pure angle channels. 

Really there are two questions that immediately arise when 
considering mixed angle channels. The first problem is to 
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consider how the designer would go about calculating the 
performance of a mixed angle channel. Clearly the designer 
could just use a correlation that has been derived from 
experimental data, in much the same way that Manglik and 
Muley did for the 60°/30° channel. But some authors have 
suggested that the average angle can be used to approximately 
represent the performance of a mixed angle channel [Heavner et 
al. (1993), Edwards et a!. (1984)]. For example the 
performance of the 60°/30° channel used by Manglik and 
Muley would be roughly equivalent to that of a pure 45° 
channel. Presumably then the performance of a mixed angle 
channel can be calculated by interpolating between the 
performances for two pure angle channels. This then leads into 
the second question concerning mixed angle channels, and that 
is how do mixed angle channels compare to the performance of 
pure angle channels? The statement that the average angle can 
be used to represent the performance of a mixed channel is 
quite commonly reported. However, there is almost no evidence 
to support this statement. 

The only previous study to examine the performance of both 
mixed and pure angle channels was presented by Heavner et a!. 
(1993). A total of five different combinations were tested: 
45°/0°, 67°/0°, 45°/45°, 45°/67° and 67°/67°. This resulted in 
five average corrugation angles of 22.5°, 33.5°, 45°, 56° and 
67°. The test fluid used was water over a Reynolds number 
range of 300 to 10,000. They presented both the thermal and 
hydraulic performance as a function of the Reynolds number 
with the corrugation angle as a parameter. Note that they were 
not able to directly compare the performance of a mixed angle 
channel with a pure angle channel. For example they were 
unable to compare the performance of a 45°/0° channel with 
that of a pure 22.5° channel. 

NOMENCLATURE 
Ae electrode surface area (m2) 
b plate gap (m) 
cb concentration of reacting species (kmol/m3) 
de effective diameter (m) 
D ionic diffusivity (m2/s) 
F Faraday's constant 96,487 (C/equiv) 

f friction factor 
g acceleration due to gravity (m2/s) 
IL diffusion limited current (A) 
L projected plate length (m) 
Re Reynolds number 
Sc Schmidt number 
Sh Sherwood number 

plate thickness (m) 
u average channel velocity (rnls) 
u overall heat transfer coefficient (W/m2 K) 
v volumetric flow rate (m3/h) 
w plate width (m) 
z valence change in electrochemical reaction 

Greek Symbols 
a film heat transfer coefficient 
f3 corrugation angle 
LJh height difference in manometer legs(m) 
LJP pressure drop 
A. thermal conductivity 
f.J fluid viscosity 
() thermallength 
p fluid density 

Subscripts 
c cold 
C contributions to apparatus pressure drop 
h hot 
m mercury 
var varying pressure drop 
T total 
w wall 

EXPERIMENTAL METHODS 

(N/m2
) 

(W/mK) 
(kg/m s) 

In this study, local mass transfer coefficients have been 
obtained in a single simulated heat exchanger channel by an 
electrochemical methodology: the diffusion limited current 
technique. The technique involves subjecting an electrolytic 
solution to a potential gradient, resulting in ions being 
consumed at the electrode surface. Under certain conditions the 
flux of ions can be described by a Fickian relationship, and the 
mass transfer coefficient can be expressed as a local Sherwood 
number according to: 

Sh 
/Lde 

(1) 

A potassium ferrocyanide/ferricyanide redox couple was chosen 
as the reactive electrolyte with potassium carbonate as a 
supporting electrolyte. 

The results of the mass transfer studies and the description of 
the experimental technique and the equipment for have been 
described previously by Heggs et a!. ( 1997) and Heggs and 
Walton (1999). In summary, the most important parts of the 
equipment are the test plates and the electrodes. Hence a brief 
description of their design is provided below, and a diagram of 
one of the test plates is presented in Figure 1. The anode and 
cathode are each mounted on one half of a simulated plate heat 
exchanger channel. These two electrodes can be turned to give 
results at various corrugation inclination angles: 90°, 60°, 30° 
and 0° normal to the direction of flow. The perspex test plates 
are profiled with sinusoidal corrugations of depth 5.3 mm and 
pitch of 21.0 mm. The dimensions of these plates were selected 
to provide a uniform flow distribution and to develop the flow 
regime prior to the electrolyte reaching the test area. To provide 
a uniform flow distribution a relatively high aspect ratio (ratio 
of plate length to breadth) ofthree to one was 
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Figure 1. 

450mm 

Outlet Port 

Turntable 
Electrode Array 

+---+--+- Fixed Angle 
Surround Plate 

.._,;:....+--~ Fixed Perspex 
Channel Insert 

Schematic drawing of the bottom plate of the 
experimental apparatus. 

chosen. In addition, the electrode pair are positioned inside a 
matching angled surround plate. Thus for each corrugation 
angle tested, a separate fixed angle surround plate was 
manufactured. This not only helped to provide a uniform flow 
distribution, but it also helped to develop the flow regime prior 
to the electrode section. To record values of local mass transfer 
coefficients within a single corrugation, a grid of 99 nickel 
plated brass micro-electrodes are embedded in the central 
corrugation of the principal cathode. This grid of micro­
electrodes is termed the working electrode. The anode is of the 
same shape and overall dimensions of the substrate cathode, but 
the ridges of the corrugation crests were insulated to prevent 
short-circuiting. A typical unit cell within the channel is 
pictorially illustrated in Figure 2. 

In a pure angle channel this working electrode can be placed 
on either side of the channel, because the profiles of mass 
transfer in each plate are identical. In a mixed angle channel 
however, the two sides of the channel have different mass 
transfer characteristics. Therefore to gain a full understanding 
of the performance of a mixed channel it is necessary to run 
different experiments in which the working electrode has been 
positioned in both sides of the channel. A mixed angle channel 
will thus generate two different mass transfer profiles. 

More recently Walton (200 1) has used the apparatus also to 
measure the pressure drop over the various pure and mixed 
angle channels for which mass transfer results have been 
reported. The pressure drop was recorded using a mercury 

manometer connected to the inlet and outlet legs of the 
exchanger apparatus. (see Figure 3) 

Teat Cathode 
Sur lace 

Figure 2. The unit cell arrangement. 

This preserves the integrity of the perspex channel. The 
problem with this approach is that the measured pressure drop 
is not due solely to the corrugated section. There are additional 
contributions to the pressure drop from: friction in the 
connecting pipe work, bends in the connecting pipe work, 
expansion and contraction losses at the entrance and exit of the 
plate channel and finally, losses in the top 380 mm of the 
channel containing the fixed 45° section. 

The area of interest is the pressure drop across the variable 
angle section that surrounds the electrodes. So it is necessary to 
calculate the pressure drop due to these additional losses and 
then subtract this contribution from the measured pressure drop. 
To establish the pressure drop due to the additional losses, it 
was decided to first operate the rig with a 90°/90° combination 
in the variable angle section. This combination results in a set of 
parallel ducts with a constant cross-sectional area. The total 
pressure drop across the exchanger (L1PT) can then be written as 
the sum of the pressure drop across the 90° section ( /1Pvar ) plus 

the pressure drop due to the additional contributions (L1Pc). 

MT = Mvar +Me (2) 

By calculating the pressure drop across these sine ducts and 
subtracting this contribution from the measured pressure drop, 
then it is possible to obtain a value for the pressure loss due to 
all the additional contributions. Focke et a/. (1985) gave the 
following expression for the friction factor across a 90°/90° 
channel. 

f = 0.552Re-{) 263 

The friction factor is defined as 

f=2Md 
pu2L 

(3) 

(4) 

It should be noted that Focke et a/. used the three dimensional 
definition of the effective diameter. The ratio of the developed 
to projected area for the channel is 1.157 giving an effective 
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diameter of9.16x10-3 m. The length term in equation (4) is the 
length of the variable angle section, which is 380 mm. The 
pressure drop across the 90°/90° section is therefore given by 

/1P = 39.34p0737 J.L0263Ul737 (5) 

The fluid velocity in the channel can be obtained from the 
volumetric flow rate according to 

u =~ (6) 
Wb 

L1Pvar 

Total Pressure Drop, &r 

Figure 3. Pressure drops over the exchanger apparatus. 

The final task is to relate the manometer readings to the 
pressure drop across the exchanger rig. The manometer consists 
of a glass U-tube of length I m containing mercury as the 
measuring fluid and water as the operating fluid. (Water was 
chosen as the operating fluid primarily for reasons of safety.) 
The height of the mercury was recorded using a I mm divided 
scale. It is essential that any air bubbles are fully purged from 
the rig and the exchanger prior to operation so that the water 
sits directly on top of the mercury surface. For this reason both 
legs of the manometer are connected to a vent. By denoting the 
height difference of the mercury in the two arms of the 
manometer as t1h, then the pressure difference may be written 
as: 

(7) 

where p, represents the density of the mercury. It is now 
possible to calculate the pressure drop across the exchanger rig 
and across the 90°/90° section. By subtracting the pressure drop 
due to the pure 90° section from the total pressure loss, then it is 
possible to obtain the drop in pressure due to all the additional 
contributions as a function of the channel flow rate. This data is 
illustrated in Figure 4. 

Note that the friction factor correlation presented by Focke 
had an associated Reynolds number range of 5000 - 56,000. 

Clearly this correlation has been applied to much lower values 
of the Reynolds number in this study. There are two reasons 
why this correlation has been applied to a wider Reynolds 
number range. Firstly the pressure drop due to the 90° section 
was found to be considerably smaller than the contribution due 
to the additional losses. Indeed the largest contribution from the 
90° section only accounted for 4.5% of the total recorded 
pressure drop. Secondly, the total pressure drop results across 
the apparatus including the 90° section revealed no sharp 
transition region. It may be that the large contribution to the 
total pressure drop from the additional losses has tended to 

0.8 ,----------------------, 

0.7 t-----------------

0.6 r-----------------,i-----1 

/ -.::-
~ 

~ 0.5 
Q. e 
Q 0.4 

I!? 
~ 

0.3 
~ 
&t 

0.2 / 
0.1 

0.0 

0 8 9 

Flow Rate (m?h'1) 

Figure 4. Pressure Drop Due to the Additional Apparatus 
Contributions. 

dampen any transitional regions. Also recall however, that a 
fixed 45° corrugated section is situated above the 90° section. It 
is quite possible that the flow patterns generated in the 45° 
section would affect the fluid motion within the 90° 
corrugations. This may well account for the lack of a transition. 
However, because the pressure drop within the 90° section 
accounted for only 4.5% of the total pressure drop, it was 
concluded that an acceptable error would be introduced by 
applying Focke's correlation beyond the stated Reynolds 
number range. 

A second error is introduced through the manometer scale. 
Notice from the results presented in Figure 4 that the pressure 
drop across the rig encompasses a wide range of values. At the 
top end of the scale, the pressure drop is equivalent to 
approximately one metre of mercury. At this end of the scale the 
mercury level was observed to fluctuate between ± 2.5 em, 
resulting in an error of± 2.5%. It contrast at the lower end of 
the scale the pressure drop is equivalent to only I em of 
mercury. Clearly with a graduated scale of I mm a much larger 
error of± I 0% is introduced even though the mercury level was 
observed to be very steady at this location. Assuming an error of 
± 4.5% in the estimation of the 90° pressure drop the total error 
varies between± 5.2% to± Il.O%. 
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PRESSURE DROP RESULTS 
It is common to find pressure drop data for plate heat 

exchangers presented as a Iogarithm1c plot of the friction factor. 
While this is useful for calculating the pressure drop over a 
range of physical properties, it does not necessarily help to 
explain what occurs during the experiment. It is more helpful to 
plot the pressure drop versus the flow rate on a linear scale. In 
the first instance this reflects what aGtually occurs during the 
experiment, in that the flow rate was varied to produce a 
deviation in the pressure drop. The linear scale also makes it a 
little simpler to interpret the data. 

The pressure drop curves for both the mixed angle channels 
and the pure angle channels are presented in Figure 5. 
Interestingly, the two mixed angle arrangements show very 
similar characteristics to the pure 45° channel. It would seem 
that the pure 45° channel presents a slightly lower hydraulic 
resistance than the two mixed angle channels (particularly in the 
flow rate range of 3.2 - 5.8 m3/h). However, in comparison to 
the range of pressure drops covered by the pure 30° and 90° 
channels, this difference is very small. Again this is a 
particularly surprising result for the mixed 90°/0° channel. The 
geometry of this mixed 90°/0° channel is somewhat different to 
the geometry found in the pure angle channels. It is conceivable 
that the available cross-sectional area in the 90°/0° channel is 
only half that of the other channels. Certainly the fluid velocity 
in the 90° plate should be higher than the velocity in both the 
60°130° channel and the pure 45° channel. Despite these 
differences however, the 90°/0° channel reveals very similar 
characteristics to the pure 45° channel. 

It was not possible to correlate the various sets of data by 
the usual friction factor and Reynolds number type correlation 
due to the random scatter at the low flow rates. The data at the 
lower flow rate range needs to be repeated using a more 
sensitive measuring device. Time did not permit this during the 
studies. 

It is interesting to note that the unit cells for the pure angle 
45° channel and the mixed angle channels 30°/60°and 90°/0° 
will have streams crossing the crests of the corrugations at right 
angles (see Figure 2 cross section ABCD). However in the 
90°10° channel, fluid w111 not be flow1ng in the 0° corrugation. 
The mass transfer results did reveal that the fluid trapped in the 
oo corrugation had a secondary motion caused by the crossing 
flow from the 90°corrugation. 

INTEGAL MASS TRANSFER RESULTS 
The previously reported integral mass transfer data were not 

correlated and now have been correlated by the following 
equation: 

Sh = aRen Sc 113 (8) 
The power of one third on the Schmidt number is almost 
universally accepted. It is possible to examine this dependence 
of the Sherwood number on the Schmidt number by varyjng the 
electrolyte temperature. Although the fluid temperature did vary 
between experiments, these variations were relatively small 

with a maximum temperature change of around 5°C. (There was 
also no direct control over the fluid temperature. The variations 

i -- 90';~. --- 45'145' ___...__ 30'/30' ___,._ 60'160' -- 60'/30' _:_-9-0:/90'-1 
0.9 ~===================::::::!...-

0.8 f-------- ---- ----.--- ---___j 

0.7 t - - ---- ----- ----1------ --__j 

i 
06 

e. I 

~ 0.5 
Q 

~ 0.4 

l 

Flow Rate (m' h·') 

Figure 5. Pressure Drop Curves for the Mixed Angle 
Channels. 

were principally due to atmospheric conditions.) Considering 
the relatively small temperature changes it was decided not to 
try and estimate the exponent on the Schmidt number. 

The correlation coefficients obtained by linear regression 
are presented in Table 1. Note that the first angle for the mixed 
angle correlations refers to the side of the combined angle 
channel. In general as the corrugation angle is reduced, the 
exponent on the Reynolds number tends to increase. The lowest 
exponent of 0.351 was obtained for the pure 90° channel and 
the highest exponent of 0.463 was obtained for the 90°/0° case. 
As expected the pure 45° correlation and the 60°/30° 
correlation are almost identical. Note also that the 30°/60° case 
appears to have a slightly different correlation to these two 
arrangements. This would seem a slightly surprising result, but 
note that the Reynolds number range is much narrower for the 
30°160° correlation and there are also far fewer data points. 
(There were some short-circuiting problems associated w1th the 
30°160° arrangement at low values of the Reynolds number.) 

Angles a n Re range Data R2 Value 
9010 2.148 0.463 220-8770 14 0.996 

30/30 3.385 0.409 210-8070 12 0.992 
45/45 3.189 0.405 210-8150 12 0.991 
60/30 3.237 0.403 220-9650 11 0.996 
30/60 1.846 0.475 1550-9320 6 0.999 
0/90 1.642 0.451 230-9650 II 0.995 
60/60 3.269 0.389 220-9650 14 0.992 
90/90 2.838 0.351 210-8070 12 0.992 

Table 1. Correlation Coefficients for the Integral Mass 
Transfer Results. 
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CONCLUSIONS 
The results presented in these studies have demonstrated 

how the two sides of a mixed angle channel generate different 
mass transfer rates. Therefore in a heat exchanger it would seem 
that the two sides of the channel would present quite different 
thennal resistances. This presents an interesting problem when 
considering the quantity of heat that is transferred between each 
channel. For example consider the overall heat transfer 
coefficient describing the transfer of heat across a single plate. 
Ignoring any fouling resistances the overall coefficient may be 
written as 

1 1 t 1 
-=-+-+- ~ 
U ah A.w ac 

The correlations describing the film coefficients ah and ac will 
be identical. However the actual values of the film coefficients 
will be different, because of the different physical properties of 
the hot and cold streams. Now in a pure angle channel the 
correlations describing the film coefficients will be identical for 
every plate in the pack. In contrast a mixed angle channel must 
have a separate thermal correlation for each plate type in the 
pack. As an example, recall that a mixed 60°/30° channel 
generated two different mass transfer rates on the two sides of 
the channel. Also recall that a 30° plate gives a different 
performance in a mixed 60°/30° channel to its pure angle 
arrangement. So the pure angle correlation would not describe 
the performance of a plate in a mixed channel. An interesting 
problem for the future then is to consider how the individual 
film coefficients in a mixed channel may be evaluated. 

It has also been demonstrated how the 90°/0° channel 
presents the widest variation in mass transfer performance 
between the two plates. This is not perhaps surprising 
considering the differences in the fluid velocity between the two 
sides of the channel. What is surprising however, is that the 
90°/0° channel appears to show a similar mass transfer 
performance to the pure 45° channel. 

The pressure drops in a mixed 90°/0° and 60°/30° channels 
are very similar in magnitude to the pressure drops in a pure 45o 
channel. 
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ABSTRACT 
An analytical method is presented for thennal 

performances determination of compact heat exchangers 
assemblies by different connection modes of a variable number 
of modules. 

The computed results for assemblies composed of four 
modules, compared with the experimental results obtained on 
the stand, confinn the validity of the proposed method. 

The method allows finding the optimal arrangement from 
the thennal point of view, of an assembly consisting of a given 
number of modules. 

INTRODUCTION 
The variety of heat exchangers used in industry requires a 

great numrer of different constructive solutions. This number 
can be diminished by developing standard modules, with supe­
rior performances, that can be linked in series, parallel or mixed 
connections, in order to obtain the assemblies with heat rates 
and dimensions corresponding to some practical situations. 

The study of heat exchanger assemblies obtained by using 
different types of connections has represented the main subject 
of several specialty works, [1), [2], [3] and [4]. The present 
paper analyses, yet by another method, all the possible 
arrangements of a number of four modules, establishing, also, 
the best arrangement. 

NOMENCLATURE 
Q1 the heat rate transferred by a module (W) 

s 

k 

11 

temperatures of the fluid 1 at the input and 
output of the module i (K) 

temperatures of the fluid 2 at the input and 
output of the module i (K) 

heat transfer surface of a module ( m 
2

) 

specific he.ats at constant pressure of fluids 1 

and2 (]kg - 1K-1) 

mass flows of fluids 1 and 2 (kg s - 1
) 

overall heat transfer coefficient W m-
2 K-1 

the restraint coefficient of the heat in the heat 
exchanger 

PRESENTATION OF THE PROBLEM 
The series, parallel or mixed connection can be approached 

using as main criterion the primary (fluid 1) or the secondary 
(fluid 2) fluid circulation. For the case of line connection of the 
modules, the four possible arrangements, studied in [4], are 
presented in figure 1. 

Considering the modules as identical and the flows of the 
two heat carriers as constant for each module, the heat rate of 
the assembly has been determined depending on the transmitted 
flow of module and the exit temperatures of two fluids. 

The assemblies dimensions, obtained as a result of the 
connections presented in figure 1, can be, in certain conditions, 
unfavorable, and subsequently the modules will be disposed as 
in figure 2, thus obtaining compact assemblies. In this case, 
fluid 2 circulates through two series connected and two 
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parallels connected modules as for the circulation of fluid I 
there are three possibilities (figure3): 

• it flows successively through the four modules 
(arrangements I. .. VI); 

• it flows successively through the groups of two 
modules (arrangements VII...IX); 

• it flows separately through the four modules 
(arrangement X). 

~~ 
-¥-~-9V 

- ;vnrn.aty Ould 
- - - ~oudary nuid 

Figure 1: Line connection of the modules. 

Figure 2: Compact arrangement of the 
modules. 

....,-, l 

::1 
..... n 

=:CD~ 
~ 

~=2-
~ft 
oar. VII w.r. VUl 

~ =:CP q>­
~--@ ®-
var. DC -<b.ar.l-
~=t'r 

Figure 3: Arrangements for 
connection of modules. 
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FUNDAMENTAL RELATIONS FOR A MODULE 
It is known, [5], that for a cross-flow heat exchanger, 

(figure 4), the heat rate and the exit temperatures of the two 
fluids are given by the following relation: 

Figure 4: Cross-flow heat 
exchanger. 

Ql =a ·(Til- T'u); 

Til =~·(Til -T'u)+T'u; 
T\ 2 =y·(Tu -T'11 )+T\2 ; 

the notations being: 

1- exp (<p -I)lcs 
llfflJCpl . 

(1) 

(2) 

(3) 

(4) 

(5) 

(6) 

(7) 

ARRANGEMENTS IN WICH THE FLUID CIRCULATES 
SUCCESSIVELY THROUGH THE FOUR MODULES 

Considering the notations from figure 5 and using relations 
(1), (2) and (3) for modules two, three and four respectively, 
follows: 

• module two 
Q2 = a(J;2 - T '12} (8) 

T22 =~·(TI2 -T\J+T'n; (9) 

T' 22 =y ·(T12 -T'12 )+T\2 ; (10) 

• module three: 
Q3 = a(T22 - T ,42), (11) 

T32 =~·(T22 -T'42)+T'42 ; (12) 
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Figure 5: Fluid flows successively 

T '32 = 'Y • (T22 - T '42 ) + T '42 ; 
• module four: 

Q4 =cx. · (T32 -T'u} 

T4z =~·(Tl2 -T'u)+T'u; 

T '42 = 'Y • (T32 - T 'u ) + T 'u ; 

(13) 

(14) 

(15) 

(16) 

In the above mentioned relations the specific conditions for 
each arrangement were taken into consideration: T21 = 7;2 ; 

T31 = T22 ; T41 = T32 ; T '21 = T' 12 ; T '41 = T '11 and T '31 = T '42 · 
By solving the system consisting of equations (2), (3), (9), 

(10), (12), (13), (15) and (16) the temperatures of the two fluids 
at the exit of the modules will be determined, and, by replacing 
them in the expression of heat rates, we obtain: 

Q2 = {13-y )21; (17) 

- (1- 'Y !J3(13 - 'Y)- 'Y 1 . 
Ql - 1 + y{f3 -1) Ql , (18) 

Q ~fl3(J3- r )+ r]Q 
4 1 + y{f3 -1) 1 . 

(19) 

The total flow transmitted by the assemble, for the first 
arrangement will be: 
~=~+~+~+~. ~~ 

(21) 

For the other arrangements of the same type, (the fluid 1 
circulating successively through the modules), there results: 

• for the arrangement II: 
Q2 = {13-y)21; (22) 

Q3 ={13-rOO-r)+r:k?~; (23) 

Q4=fl3(J3-r)+rk?~; (24) 

Qu =(1+~-rl1+~{13-r)+rk?~; (25) 
• for arrangement III: 

- ~2 -r2{f3-1)-r . 
Q2 - 1 + ~y(j3 -1) Ql ' (26) 
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Q _ ~(1-~y)+y2 {J3-1)Q. 
3 - 1 + ~y(i3 -1) I' 

Q4 
~3-y{13-1) . 
1 + ~y(i3 -1) Ql ' 

Q - ~3 +~2 +~(1-2y)+1Q. 
Ill - 1 + ~y(i3 - 1) I ' 

• for arrangement IV 
_ ~3 +r3 -~r2 _ 1 . 

Q2 - 1 + yij3 -1) Ql' 

- ~1-y) . 
Q3 -1+y{f3-1)QI' 

- ~2 . 
Q4 -1+y{i3-l)QI' 

- ~3 + 13 + ~2 + ~ + 1- 2y- ~'Y2 . 
Qw- 1+y{i3-1) Ql, 

• for arrangement V: 

Q2 = ~2 
-r)21; 

Q3 ={f3-2~y+y)21; 
Q4 =~Ql; 

Qv = ~3 + ~2 + ~+ 1-2~y)2I; 
• for arrangement VI: 

Q2 =~3 -~2r+~r-r)21; 
Q3 = ~{13- y )21; 

Q4 =~QI; 

QVI = (1 + ~ + 2~2 - ~21- y )21 . 

m:r'l_"~L. 
~l'"T;, 

Figure 6: Fluid 1 flows through 
groups of two modules. 

(27) 

(28) 

(29) 

(30) 

(31) 

(32) 

(33) 

(34) 

(35) 

(36) 

(37) 

(38) 

(39) 

(40) 

(41) 
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ARRANGEMENTS IN WHICH FLUID 1 CIRCULATES 
THROUGH GROUPS OF TWO MODULES 

One of the arrangements in which the fluid 1 flows through 
groups of two modules (arrangement VII) is shown in figure 6. 

Considering the presented scheme we obtain: 
Q2 = ~Q1 ; (42) 

Q3 = ~Q1 ; (43) 

Q4 =Q1 ; (44) 

QI'Il = 2(1 + ~)21; (45) 
and for the other arrangements: 

• for arrangement VIII: 
Q2 =(1-y)21; 

Q3 = (j3 + y - 2~y )21 ; 

~ = f3Qt; 
QVII = 2[1 + ~(1- Y )k?1 ; 

• for arrangement IX: 
Q2 =(1-y)21 ; 

Q3 = [~ - y{j3 - ~r + Y )k?1 ; 
Q4 = (j3- ~Y +r )21 ; 

Q!X =(1+2~-~y+~r2 -r2.k?~-

(46) 

(47) 

(48) 
(49) 

(SO) 

(51) 

(52) 

(53) 

ARRANGEMENT IN WHICH FLUID 1 CIRCULATES 
SEPARATELY THROUGH EACH MODULE 

For the last possible connecting arrangement (arrangement 
X) of four modules, (figure· 7), fluid 1 flowing separately 
through each module, we have: 
Q2=Q3=(l-y)21; (54) 

Q4=Q1; 

Qx =2(2-y)21. 

Figure 7: Fluid 1 flows separately 
through each module. 

(55) 

(56) 

ARRANGEMENTS OF SERIES AND PARALLEL 
CONNECTION 

For a compared study of all the possible arrangements, the 
series and parallel connection arrangements shown in figure 1 
(scheme given in figure 8) and deat with in study [4]. So, 

• both fluids flow in series (arrangement XI): 
- 1- (J3- y)4 

QXI - 1_ ij3 _ y) Q1 • 

• fluid flows in series and fluid 2 
(arrangement XII): 
1-~4 

Qxu = 1_f3 Q1 • 

(57) 

in parallel 

(58) 

• fluid 1 flows in parallel and fluid 2 in series' 
(arrangement XII): 

QXII = .!.~- (1-yt k1, (59) 
y 

• both fluids flow in parallel (arrangement XIV): 

~=~. ~ 

CONCLUSIONS OF THE THEORETICAL STUDY 
Considering as a basic module, a water-air heat exchanger, 

for m1 =0.0166 kg/s, m2 =0.1 kg/s, cP1 =4187 Jlkg K, 

cP2 = 1004.65 Jlkg K, k = 20.46W/m2K (experimentally 

determined), S = 2.65m2
, l1 = 0.95, using the above 

determined formulae, are obtained the data presented in table 1. 
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var. XII 

~ ~ . . 

Figure 8: Schemes of series and 
parallel connection. 
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Table 1 : Comparison of the arran~ ements. 
arrangement QjQ, arrangement Q/Q, 

I 1.7889 VIII 2.6997 
II 1.6965 IX 1.8148 
III 1.7242 X 3.3595 
IV 1.4865 XI 1.2396 
v 1.5863 XII 1.9159 
VI 1.6394 XIII 2.4559 
VI 3.0290 XIV 4.0000 

Considering all the arrangements presented in this study, 
the best is the XIVth, in which both fluids flow in parallel. If 
we take into account only the compact arrangements, in which 
the modules are placed as well as in figure 2, we obtain: 

• of all the arrangements in which fluid 1 circulates 
successively through groups of two modules, the 
biggest heat rate is transmitted by arrangement 1; 

• of the arrangements in which the fluid 1 circulates 
successively through group of two modules, the best is 
the arrangement VII; 

• the arrangement in which fluid 1 flows separately 
through each module (arrangement X yields a heat rate 
of Qx = 3.3595·Q1 • 

THE EXPERIMENTAL INSTALLATION 
The results previously obtained were checked, also, expe­

rimentally. The experimental stand developed for water/air heat 
exchanger testing (vehicle radiators) is presented in figure 9. 

~--./<--,,_ _.,.• ...... ~/· -----<·/· 
•·· ~----\ ~-~ .• - ( IJol, 
~, "-- / -~ a..,.. ___ - --·L , ____ / ' 

-, ___ ------ - I_,Z~~~~ 

Figure 9: The experimental stand. 

The centrifugal fan 1 aspirates the air from an allaying 
tank, on which the tested heat exchanger 2 is fitted, and releases 
it into the environment. On the suction line an air throttle 3 is 
placed, that allows adjustment of the aspirated air. The water 
circuit consists of a pump 4 that aspirates the water from the 
radiator and releases it into a two room (A and B) tank 5. The 
water overfills from room B into room A where it is electrically 
heated and then it is lead to the radiator. A thermo/adjusting 
circuit maintains a hot water constant temperature. 

In order to perform the measurements, the installation has 
been endowed with the following measurement devices: 
diaphragm 6 for air flow measurement; thermocouples for air 
flow measurement; electromagnetic flow-meter 7 for water 
flow measurements; thermocouples for water temperature 
measurement at air the radiator entrance and exit. 

COMPARISON BETWEEN THE EXPERIMENTAL AND 
THEORETICAL RESULTS 

In order to check experimentally the previous obtained 
theoretical results, on the stand presented above the following 
arrangements have been tested: 

• series connection of two, three and four modules 
(arrangement XI); 

• parallel connection of two, three and four modules 
(arrangement XII); 

• mixed connection of four modules (arrangements I, IV 
and IX). 

The experimental results obtained for these arrangements 
will be compared with the theoretical results, as follows. 

Thus the figure 10 presents the variation of the ratio of the 
heat rates exchanged by the assemblies made of two, three or 
four modules, series connected, and the heat rate transmitted by 
one module varying with <P . There is a good correspondence 
between the experimental and the theoretical results. 
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Figure 10: Heat rates exchanged by one, two, three 
and four modules series connected 

The same stands for figure 11, where the arrangement of a 
parallel connection of two, three and four modules is presented. 

The figure 12 presents the same dependence in the case of 
four modules in mixed connection, experimentally tested. The 
best is arrangement IX, followed by arrangements I and IV, the 
order being kept as in the case of the theoretical study. 

CONCLUSIONS 
The small discrepancies between the experiment and the 

above mathematical model are due to the small variation of the 
overall heat transfer coefficient of each module connected 
given the situation when it is isolated. 
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Figure 11: Heat rates exchanged by two, three and 
four modules parallel connected 

In conclusion, the experimental results confirm the validity 
of the theoretical study, and therefore, also for other 
configurations, the theoretical calculus can be used in order to 
establish the optimum arrangement. 
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ABSTRACT 
The purpose of the work reported here was to determine 

heat transfer and pressure drop in a plate-type evaporator 
both experimentally and theoretically. An experimental fa­
cility was built to provide the means for detailed measure­
ments at different conditions. Subsequently, a calculation 
method was developed to simultaneously calculate heat 
transfer and pressure drop in a variable number of steps 
along the evaporator. Results from measurements and calcu­
lations are compared and discussed. In the investigated 
range the calculation method overestimates heat transfer by 
between 1-8% and underestimates pressure drop by between 
7% and, at very high outlet vapour fractions, 30%. 

INTRODUCTION 
Background 

High-temperature heat pumps are of considerable inter­
est for Swedish district heating systems, where about 20 
large (25 MW) heat pumps using R22 are installed. These 
heat pumps utilise plate-type heat exchangers as evaporators 
with around thousand plates each. One such plate taken, 
from the plant, was investigated. The evaporator is of the 
self-circulation type, i.e. after the expansion valve there is a 
gas-liquid separator, where the liquid is led down to the inlet 
of the evaporator. The outlet is connected to a separator, 
from which the gas proceeds to the compressor inlet. 

According to Swedish regulations for HCFCs, there is a 
ban on refilling R22 in the year 2002, which raises the prob­
lem of fmding appropriate substitutes. The most probable 
substitute currently is R134a since the application requires 
condensation temperatures around 80°C and flammable flu­
ids must not be used due to the central location of the plant. 
However, at normal compressor inlet conditions, the density 
of R 134a is about 30% lower than when using R22, which 
results in a lower flow. Gabrielii [ 1] states that this leads to a 
heating capacity 35% lower than for a R22 heat purnp and 
consequently to a decrease in evaporator duty, which per se 
could affect the heat transfer. 

The aforementioned makes it clear that in order to sup­
port the conversion process from R22 to a new working 
fluid, detailed measurements as well as the development of a 
calculation method was desirable. 
Why a vertical plate-type evaporator? 

The horizontal shell and tube evaporator is the most 
commonly used type of water chiller due to its compactness, 
high efficiency and low cost. However, when used for water 
source heat pumps it has some disadvantages. Exit water 
temperatures below 2°C (refrigerant in tubes) to 3°C (water 
in tubes) are normally not recommended. Such limits may 
exclude the use of many natural sources in a northern cli­
mate. Particularly cold water calls for an evaporator design, 
which pennits ice formation on the surface without risk of 
damage to the evaporator. The plate-type evaporator satis­
fies this requirement. 
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In terms of flow direction it is important to point out that 
the heat transfer efficiency in evaporators with horizontal 
flow channels often suffers as a result of drying out due to 
separated flow. Liquid will contact only the lower part of the 
surface, leaving perhaps the major part of it dry and rather 
inefficient. The described effect is evidently more pro­
nounced when material thermal conductivity is low, as in the 
case of stainless and high alloy steels. According to 
Haukas (2], the best way to acquire complete wetting of the 
walls is to use vertical flow direction. The channels should 
be rather short in order to keep the elevation pressure drop 
for high-density refrigerants at an acceptable level. At the 
same time, the mass rate of flow and average refrigerant 
vapour fraction should be high to secure efficient convective 
heat transfer. These conditions can best be achieved by us­
ing channels where the ratio of circumference to cross­
section area is high, which means narrow ducts with a rec­
tangular cross-section. 
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NOMENCLATURE 
a heat diffusivity (m2/s) 
cp specific heat (J/kgK) 
D diameter (m) 
g gravitational acceleration (m/s2

) 

h heat transfer coefficient (W /m2K) 
i enthalpy (J/kg) 
Ji1g latent heat of evaporation (J/kg) 
k thermal conductivity (W/mK) 
m mass flow (kg/s) 
Nu Nusselt number 
n circulation number (1/x) 
Pr Prandtl number 
Lip pressure drop (Pa) 
Q heat duty (W) 
Re Reynolds number 
rcr critical radius (m) 
T temperature (K) 
JT temperature difference (K) 
U overall heat transfer coefficient (W/m2K) 
x vapour fraction 
Greek Letters 
v kinematic viscosity (m2/s) 
TJ dynamic viscosity (N s/m2

) 

f/J heat flux (W /m2
) 

p density (kg/m3
) 

a surface tension (N/m2
) 

Subscripts 
ace accelerational 
bub bubble point 
conv convective 
fo liquid only 
fric frictional 
g gas 
grav gravitational 
h hydraulic 

inner 
liquid 

NcB nucleate boiling 
in inlet 
out outlet 
R refrigerant 
sat saturation 
sp single-phase 
TP two-phase 
w water 

EXPERIMENTAL METHOD 
Facilitv 

The experimental set-up consists of a refrigerant and a 
water loop, of which the latter is an open system since the 
water is employed as a falling film on the outside of the 
evaporator plate. Desired water inlet temperatures are estab­
lished by utilizing an electrical heater. Water flow from each 
side of the panel is collected separately and its temperature 
is measured. This enables the detection of maldistribution 
between the two sides of the plate. Water flow and water 
inlet temperature are the two parameters that can be con­
trolled on the water side. The use of tap water was found to 
be reasonable, since the full-scale evaporator is fed with 
brackish seawater with a very low salt content. 

The refrigerant loop consists of the evaporator plate, a 
separator as well as a condenser and can be operated at ei-
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ther natural or forced circulation. When the latter is applied, 
a bypass with a pump is interposed and in this way the re­
frigerant flow can be controlled. At natural circulation, the 
refrigerant flow can be varied by using a valve positioned at 
the plate inlet. Since measurements were mainly to be car­
ried out at natural circulation, a flow meter that does not 
introduce pressure drop exceeding that in the tubing was 
required. This demand led to the use of a straight-flow 
coriolis-type flow meter. 

A cooling machine where the compressor has a variable 
speed drive controls the pressure in the separator and 
thereby the evaporation pressure and temperature. Refriger­
ant inlet and outlet temperatures are measured by means of 
type T thermocouples and a pressure difference transducer 
gauges pressure drop over the panel. 
Evaporator 

The evaporator plate, as seen in Fig. 1, is made of 
stainless steel and is 3000 mm high, 500 mm wide and, at 
channel centre, 5 mm thick. The wall thickness is about 
1 mm. Two steel sheets are attached by means of 1287 
point-weldings creating 13 vertical flow channels. The ap­
plication of point-weldings of course involves the possibility 
of fluid exchange between the different channels. It is also 
obvious that the effective heat transfer area results from the 
total plate area reduced by the area of all point-weldings. 
The effective heat transfer area is about 2,75 m2

• 

. . . . . . . A-A: 
~~ 

Figure 1: The plate-type evaporator (not to scale) 

Experimental Procedure and Data Reduction 
Test conditions were downscaled from those encoun­

tered at the full-scale evaporator. This led to a water flow of 
2.45 kg/s, water inlet temperatures between 2°C and 6°C, 
and evaporator duties between 12 and 20 kW. 

The evaporator duty was determined on the water side by 
measuring inlet and outlet temperatures and mass flow 
(Q = m w cp ~ T) . Since the refrigerant is normally leaving 

the plate at two-phase condition, it was not possible to dou­
ble-check the internal evaporator duty. However, a few 
measurements at superheat conditions were performed. Even 
though the refrigerant flow tended to be less stable at super­
heat conditions, the energy balance error was below 2%. 
With the evaporator duty it was possible to calculate the 
overall heat transfer coefficient (U-value) from Eq. (1). 

U=-Q-, 
ATLMTD 

(1) 

where the logarithmic mean temperature difference is de­
fmed on the basis of water temperatures in and out, refriger-
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ant bubble point temperature at inlet pressure and refrigerant 
temperature at the evaporator outlet 

(T W. in - T R, out) - ( T W. out - T R, bub) . (2) 
(I; .-T ) 

In W. m R, out 

( Tw, out- TR, bub) 

The above definition of T LMTD was chosen, because the 
enthalpy change over the subcooled region is negligibly 
small. Using the refrigerant inlet temperature would mean 
an overestimation of the temperature driving force, whereas 
applying the bubble point temperature instead closer reflects 
the actual temperature profile. 

Two different kinds of experiments were conducted. 
First the effect of a change in temperature driving force was 
investigated. This was done by keeping the water inlet tem­
perature constant (at 2°C and 6°C) and changing the evapo­
ration pressure. The second series of measurements was 
aimed at the influence of various refrigerant flows on heat 
transfer. For this purpose the evaporation pressure and water 
inlet temperature were held constant and the refrigerant flow 
was varied by throttling. 

All experiments were conducted at natural circulation. 

CALCULATION METHOD 
For the theoretical approach a preliminary decision upon 

a possible simplification of the plate's complex channel ge­
ometry had to be made. It was decided to divide the plate 
into 13 separate flow channels, i.e. to neglect possible fluid 
exchange between channels, and to use a constant hydraulic 
diameter along one channel. This hydraulic diameter was 
chosen to double the channel height (Dh = 2 x 3mm = 6 
mm), which is the hydraulic diameter of the largest 
cross-section in one channel. Between point-weldings the 
hydraulic diameter varies and is about 4.15 mm at the small­
est cross-section (Fig. 1 ). The chosen hydraulic diameter is 
of course larger than a mean hydraulic diameter, which, 
however, is not known due to unknown exact channel ge­
ometry. The effect of a smaller hydraulic diameter is dis­
cussed further below. 

{

i(i+1) 
i+ 1 - ----- --· p(i+ 1) 

6p 
<ll 

STEP ~ 
ho 
u 

-11--
m 

x(i+ 1) 

{

i(i) 
--· p(i) 

X (i) 

Figure 2: Channel step with parameters included in the cal­
culation method. 

Since the temperature profile over the channel is de­
pendent on pressure drop, enthalpy and pressure were calcu­
lated simultaneously in a stepwise manner from evaporator 
inlet to outlet. As seen in Fig. 2, for each step, heat transfer 
coefficients, heat flux and pressure drop were determined 
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according to step inlet and outlet conditions (enthalpy, pres­
sure and vapour fraction). 

Heat Transfer 
Water Side 

The water side heat transfer coefficient was calculated 
according to a recommendation by the VDI-Warmeatlas [3] 
for falling film heat transfer. The following three dimen­
sionless numbers describe the heat transfer: 

( 
2 JI/3 

Nu =-i vg , Re =!!!., 
1J 

Pr=~ 
a 

(2) 

Reynolds numbers were about 1600, which indicated 
turbulent flow (Re > 400); the recommended expression is 
then: 

Nu = 0.0136Re215 Pr 0
·
344

• (3) 

Refrigerant side 
On the refrigerant side, a general application boiling cor­

relation was applied, as proposed by Steiner and Taborek [4] 
for boiling in vertical tubes with upward (and downward) 
flow. The Steiner-Taborek model is arranged so that one can 
utilize all of it or substitute one's own correlations or data 
for various parts of it. Collier and Thome [5] state that from 
initial indications, it is the most accurate vertical tube corre­
lation that is currently available. 

The two-phase heat transfer coefficient is calculated 
from a power law type model, which combines the nucleate 
boiling and convective boiling coefficients as shown in 
Eq. (4). 

(4) 

Eq. (4) is an asymptotic approach since the magnitude of 
hrp tends to the larger of the two values. 

hNeB,o is the local normalized nucleate flow boiling 
coefficient at a standard condition of heat flux and reduced 
pressure. It was obtained by the Gorenflo [6] procedure, 
which uses a 'base' pool boiling heat transfer coefficient 
predicted by the physical properties-based method of 
Stephan and Preusser [7]. 

F NcB is the nucleate boiling correction factor that ac-
counts for the difference between pool and flow boiling, as 
calculated by Steiner-Taborek. 

h10 is the local liquid-phase forced convection coef-
ficient based on the total flow as liquid. The Gnielinski [8) 
correlation valid for both the transition and fully turbulent 
regimes was used. 

F TP is the two-phase multiplier that accounts for the 
enhancement of convection in a two-phase flow. It is a func­
tion of the vapour fraction and the liquid/vapour density 
ratio. This was calculated according to Steiner-Taborek. 

Since the refrigerant enters the evaporator subcooled, the 
calculation method also accounts for subcooled boiling. This 
is done by comparing the heat flux for onset of nucleate 
boiling, Eq. (5), and the actual heat flux. 
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2cr Tsat hfo 

rcr Pg ~iig 
(5) 

Eq. (5) was developed in evaluation of the Karlsruhe 
data bank [9] and is recommended by Steiner-Taborek. 
Spindler, Shen and Hahne [10] reported experimental results 
of subcooled boiling heat transfer in vertical tubes, which 
were compared with different correlations given in litera­
ture. They came to the conclusion that the recommendation 
by the VDI-Warmeatlas (Steiner and Taborek) showed best 
agreement with measured results. 
Pressure Drop 

The pressure drop was determined according to a rec­
ommendation by the VDI-Warmeatlas [11,12], where the 
total pressure drop is divided into frictional, gravitational 
and accelerational pressure drop, see Eq. (6). 

/}.p = (~} fric + (~} grav +((~}ace }77' (6) 

Due to space restrictions the method is not described in 
more detail and the reader may refer to VDI-Warmeatlas. 

RESULTS AND DISCUSSION 
Experimental results 
Effect of temperature driving force variation 

An increasing temperature driving force means an in­
creasing evaporator duty as long as superheat conditions are 
avoided. As can be seen in Fig. 3, the U-value is decreasing 
towards lower duties which could be due to decreasing out­
let vapour fractions (70% ~ 30%) and thereby a deteriora­
tion of convective heat transfer. At the same time lower du­
ties mean lower heat fluxes and hence less nucleate boiling 
heat transfer. 
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Figure 3: U-values as a function of duty at typical water 
temperatures (natural circulation) 

Apparently there is a water temperature dependency as 
the U-value falls slightly more for 6°C water temperature 
(4%) than for 2°C water temperature (2%). 
Effect of flow variation 

Fig. 4 shows the evaporator duty and U-value for chang­
ing flow. 
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Figure 4: Evaporator performance at changing flow. 
(a) Evaporator duty and vapour fraction, 
(b) U-value and circulation number. 
3°C water inlet temperature. 2.7 bar evaporator 
outlet pressure. 

Particular attention may be paid to the fact that the 
evaporator duty increases up to high outlet vapour fractions 
(93%), i.e. a circulation number approaching unity. At the 
same time the U-value decreases with higher vapour frac­
tions, which is a fact that necessitates further explanation. 
Considering Eq. (1), apart from the area, none of the pa­
rameters are constant. The temperature driving force T LMTD 

increases towards lower flows (pressure drops) since the 
bubble point temperature decreases more than the water out­
let temperature (water inlet and refrigerant outlet tempera­
tures are constant). The above described underlines, that it is 
important to choose a T LMTD definition, that as close as pos­
sible reflects the real temperature profile over the plate. A 
constant evaporation temperature would not account for 
pressure drop and thus overestimate the U-value. 

In Fig. 4 it is clearly seen that at superheat conditions, 
described as underfeeding, the evaporator duty and U-value 
drop significantly. 
Calculation results 
Heat Transfer 

The contribution from different types of heat transfer 
mechanisms for refrigerant heat transfer is illustrated in 
Fig. 5. 

5000rr=======~~--~--~--~--, 

-hi 
-- hNcB 

--- h conv 
3500 ---·- hSP 

2.5 

Figure 5: Calculated heat transfer coefficients on refrigerant 
side. Outlet vapour fraction 68% . 

The convective part is represented by the dash dotted 
line and is a result of the local liquid-phase forced convec­
tion coefficient (lower horizontal dotted line) enhanced by 
the two-phase multiplier. Its rather low value is due to a 
relatively low flow rate. The nucleate boiling coefficient 
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(dashed line), on the other band, has a much larger value 
since it is a function of the heat flux, which is increasing 
significantly from inlet to outlet. Due to the asymptotic na­
ture of the correlation, it is the nucleate boiling coefficient 
that dominates the total inner heat transfer (solid line). How­
ever, with increasing flow rate, the forced convection coeffi­
cient will have an influence on the total heat transfer. This 
means that at the same evaporator load, a higher flow rate 
will lead to a lower outlet vapour fraction and thereby to a 
higher single-phase convection coefficient but a lower two­
phase enhancement factor. 

A correction factor Eu is used to descnbe the deviation 
between calculations and experiments. The U-value in every 
step is multiplied with Eu, which is iteratively adjusted to 
yield a given evaporator duty. A correction factor close to 
unity indicates a good agreement with measured data, 
whereas a value lower and higher than one means an over­
and underestimation of heat transfer respectively. Fig 6 and 
7 show the correction factors for the different measured 
conditions. 
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Figure 6: Correction factors - temperature driving force 
variation 
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Figure 7: Correction factors - flow variation 

As seen in Fig. 7, correction factors for flow variation 
measurements are very close to unity and rather constant 
over the entire flow range. Correction factors in Fig. 6 de­
crease towards higher duties, which means that according to 
the calculation method, the U-value should be even more 
dependent on the evaporator load than what the measure­
ments showed. Correction factors for 6°C water inlet tem­
perature are about 5% lower than values for 2°C water inlet 
temperature. This fact might indicate the existence of a fur­
ther parameter that could alter results according to different 
measurement conditions. 
Pressure drop 

A general picture of how the different types of pressure 
drop contribute to the total pressure gradient is depicted in 
Fig. 8. 
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Figure 8: Calculated pressure drop along the evaporator 
plate. Outlet vapour fraction 68%. 

The gravitational pressure drop (dashed line) dominates 
at one-phase flow, but drops drastically as soon as two­
phase flow exists and decreases gradually with higher va­
pour fractions. Conversely, the frictional pressure drop (dot­
ted line) increases towards higher vapour fractions and gov­
erns the total pressure drop in the upper part of the plate . 
Consequently, in most cases the lowest pressure gradient 
occurs neither at plate inlet nor at plate outlet but rather 
somewhere in the middle part of the evaporator. The accel­
erational pressure drop is so low that it is not even visible in 
Fig. 8. 

Calculated and measured pressure drops for the different 
experimental cases are shown in Fig. 9 and 10. 
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In Fig. 9, the calculated and the measured pressure drop 
differ from each other progressively more towards higher 
duties (vapour fractions). Whilst the measured values in­
crease with higher duties, calculated values decrease. Since 
values for 2°C and 6°C water inlet temperature follow the 
same trend, for reasons of clarity, results are exclusively 
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shown for 2°C water inlet temperature. For flow varia­
tion, measured and calculated values show the same ten­
dency but there is an increasing discrepancy towards lower 
mass velocities (higher vapour fractions). 

There are several possible causes for the underestimation 
of the pressure drop. First, the hydraulic diameter chosen is 
at the upper end of the range of possible values. The effect 
of using a lower value is illustrated in Fig 9. By choosing 
the hydraulic diameter to Dh=4.85 nun, the calculated pres­
sure drops will be close to the experimental ones, but there 
is still some kind of dependence on evaporator duty. Reduc­
ing the hydraulic diameter does, however, result in an over­
estimate of heat transfer (about 8% in error factor). 

Another likely reason is the assumption that the plate can 
be approximated as a number of vertical channels. The flow 
area variation due to the point weldings is very likely to give 
additional pressure drop, similar to the situation for tube 
banks. 

The above discussed causes might be even more distinct 
at higher vapour fractions (flow velocities), i.e. in Fig. 9 
towards higher duties and in Fig. 10 towards lower flows . It 
is clearly seen that the deviation between measured and cal­
culated values increases in the respective direction. 

CONCLUSIONS 
An experimental set-up was built to enable heat transfer 

and pressure drop measurements for a vertical plate-type 
evaporator. Experiments were conducted at different tem­
perature driving forces as well as varying flow rates. 

Measurement results were compared to calculated values 
from a proposed calculation method. From results and their 
discussion, the following conclusions can be drawn: 

(1) For measurements at different temperature driving 
forces, a decrease of U-valties towards lower duties was 
recognised. Calculation results agree with measured values 
(correction factors close to unity) but suggest an even more 
distinct dependency of the U-value on the evaporator duty. 
(2) In a second series of measurements, the refrigerant 
flow was varied at constant evaporation pressure and water 
inlet temperature. At up to rather high vapour fractions the 
evaporator duty increased, whereas the U-value decreased. 

U-value correction factors from calculations were very 
close to unity and rather constant over the entire range of 
flow rates. 
(3) According to the proposed calculation method, 
nucleate boiling heat transfer is dominating the heat transfer 
on the evaporation side for conditions investigated. 
(4) The comparison of measured and calculated pres­
sure drops show deviations between 7% and at very high 
vapour fractions 30%. 
(S) The general level of the calculated pressure drop is 
determined by the choice of the hydraulic diameter. A 
smaller hydraulic diameter than the one applied in this work 
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would lead to better pressure drop but a poorer heat transfer 
calculation. 
(6) The flow area variation due to the point-weldings 

might introduce an additional pressure drop, which is not 
taken into account by the proposed calculation method. 
These effects are probably more distinct at high vapour frac­
tions/flow velocities. 
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ABSTRACT 
The aim of this paper is to investigate ice formation and 

the possible occurrence of hysteresis phenomenon in a plate­
type evaporator, used in for example district heating heat 
pumps. Detailed heat transfer and pressure drop measurements 
are carried out for both pure fluids and zeotropic mixtures. 

Experimental results, together with some simulation 
results, are used to discuss the ice formation phenomenon. One 
result is that the refrigerant temperature at start of ice formation 
differs between refrigerants, especially between pure fluids and 
mixtures. 

The evaporator duty is observed to depend on start-up 
conditions. An explanation based on a boiling hysteresis 
phenomenon is suggested. 

INTRODUCTION 
The background to this investigation is the international 

regulation of the ozone-depleting substance HCFC22, which is 
used as working fluid in many district heating heat pumps. The 
most probable replacement fluid today is HFC134a, which can 
however decrease the heating capacity up to 35%. In an earlier 
work based on simulations of a heat pump plant, some 
zeotropic HFC-mixtures were identified as possible substitutes. 
[1]. However, there exist some uncertainties with the use of 
these mixtures, which had to be investigated further. 

In a Nordic climate, the use of sea water as heat source 
fluid implies a risk for ice formation on the evaporator plates. 
Due to the non-isothermal evaporation of zeotropic mixtures 
(the so called temperature glide), there is possibly a larger risk 
for ice formation when using a mixture compared to a pure 
fluid. Since this might severely limit the capacity of the heat 
pumps, it is of high interest to study it in more detail. 

In order to investigate the ice formation phenomenon, a 
test facility with one evaporator plate was constructed and 
detailed measurements of heat transfer as well as pressure drop 
were carried out. 

During measurements another interesting phenomenon was 
observed, namely an evaporator performance depending on 
start-up conditions. To find explanations to this behaviour was 
of importance since it might be taken advantage of when 
operating the full-scale evaporator. 

NOMENCLATURE 
HCFC hydrochlorofluorocarbons 
HFC hydrofluorocarbons 
LMTD logarithmic mean temperature difference 
LJP pressure drop [Pa] 
Q heat duty [W] 
T temperature [0 C] 
LJTsubcool amount of subcooling [0 C] 
U overall heat transfer coefficient [W/m2

,
0 C] 

Subscripts 
refr refrigerant 

EXPERIMENTAL 
The evaporator consists of one evaporator plate taken from 

a full-scale heat pump plant. The plate consists of thirteen 
vertical narrow flow channels with an hydraulic diameter 
between 4.2 and 6.0 mm. The channels were created by 
attaching two sheets by means of point weldings (see Figure 1). 
It is 3000 mm high, 500 mm wide and, at channel centre, 5 mm 
thick. The wall thickness is about 1 mm. 

The evaporator works with natural circulation of the 
working fluid, and water is employed as a falling film on the 
outside o£ the plate. By measuring inlet and outlet water 
temperatures and water flow, the heat input can be calculated. 
Pressure drop over the plate is measured as well as inlet 
refrigerant temperature. Wall temperatures are measured at 
twelve locations at four levels on the plate by means ofT-type 
thermocouples which were soldered to the plate. 
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For a complete description of the facility the reader is 
referred to Wellsandt et al. [2]. 

. 
• • • • 

. 
• •• . 

A-A 
~ 

Figure 1: Principal sketch of the evaporator plate 

Measurements were carried out for two pure fluids 
- HCFC22 and HFC134a- and three zeotropic mixtures- Mix1 
(96% HFC134a + 4% HFC32), Mix2 (67% HFC134a + 17% 
HFC125 + 16% HFC143a) and Mix3 (30% HFC134a + 29% 
HFC125 + 41% HFC143a) having a temperature glide during 
evaporation of around 2.1 °C, 3.6°C and 3.1 oc respectively. 

PART l-ICE FORMATION 
Theory 

In the actual heat pumps the inlet sea water temperature 
can be as low as 2°C, which means an obvious risk for ice 
formation on the evaporator plates. To prevent ice formation, 
the heat pumps are controlled by a lower limit on the 
evaporator pressure. If not controlled in this way, an 
increasingly thicker ice-film on the plates resulting in a 
successive decrease in heating capacity might occur. The 
pressure is controlled by the compressor speed and, thus, this 
pressure limit might lead to a volume flow into the compressor 
which is lower than the maximum flow possible, which, in tum, 
leads to a decrease in capacity. When investigating alternatives 
to replace HCFC22 it is important to have an accurate value of 
this pressure limit since it can largely affect the capacity output 
of the heat pump in winter-time [1]. 

The risk for ice formation might be larger for mixtures 
than for pure fluids, due to the difference in temperature profile 
between pure fluids and zeotropic mixtures, as shown 
principally in Figure 2. Before discussing this figure it should 
be mentioned that the working fluid enters the evaporator at the 
bottom, where the pressure is higher than the outlet pressure, 
due to gravitational and frictional pressure drop. This means 
that the working fluid enters as a subcooled liquid. 

In Figure 2 an equal evaporator area, heat duty, heat 
transfer coefficient and pressure drop are assumed for all fluids. 
This also means an equal mean temperature difference for the 
evaporation process. As seen, the inlet temperature is therefore 
lower for a zeotropic mixture than for a pure fluid, i.e. a larger 
glide means a lower inlet temperature. 

Note that the actual size of the glide is depending on the 
outlet vapour fraction I circulation number. For actual values of 
the circulation number, and its variation with evaporator duty 
the reader is referred to Wellsandt et al. [4] . 
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Figure 2: Principal temperature profile in the evaporator for a 
pure fluid and mixtures with a temperature glide. Calculated 
data. 

Traditionally, the limit on evaporator pressure to prevent 
ice formation corresponds to this inlet temperature, i.e. the 
subcooled temperature of the working fluid. The reason is that 
both the water and refrigerant have their lowest temperature at 
the refrigerant inlet, i.e. the bottom of the plate. However, 
whilst the water temperature has its minimum at the very 
bottom, the wall temperature might not. Further, seen from a 
practical point of view, the start of ice-formation is defined as 
the point when the ice layer causes a drastic decrease in 
evaporator duty. This point might not correspond to the 
minimum wall temperature but instead to a certain combination 
of wall and water temperature. For these reasons, it is possible 
that the pressure limit should not correspond to the inlet 
refrigerant temperature. 

RESULTS AND DISCUSSION 
In order to investigate the ice formation phenomenon, 

measurements were carried out at a water inlet temperature of 
2°C. The presented results are mainly experimental, but as a 
help to find explanations some simulation results are discussed. 

As previously mentioned, whether or not an ice layer 
causing a drop in capacity will occur at a certain point is 
determined by a combination of water and wall temperature. 
These temperatures are dependent on the refrigerant 
temperature profile which in its tum is influenced by heat 
transfer, pressure drop, inlet subcooling, and - for zeotropic 
mixtures- the temperature glide. 

In Table 1, inlet refrigerant temperature, number of 
degrees subcooling, pressure drop, overall heat transfer 
coefficient (U-value) and duty are shown for the different 
fluids. When carrying out these measurements it was very 
difficult to physically see the exact start of ice formation. The 
values presented in Table 1 were taken when a sudden decrease 
of evaporator duty occurred, indicating the existence of ice on 
the plate (see Figure 3). Before this drop in duty, there might 
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have been a thin ice layer somewhere on the plate. However, as 
discussed above, the 'practical definition' for the start of ice 
formation, that is used in this paper, corresponds to a drop in 
duty. 
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Figure 3: Evaporator duty during the process of ice formation 

Table 1 · Measured values at start of ice formation 

Fluid Tin,refr ~Tsubcool ~p u Q 

[OC] [OC] [kPa] [W/m2,K] [kW] 

HCFC22 -3.15 0.97 24.7 1647 16.9 
HFC134a -3.74 1.93 25.4 1642 16.7 
Mixl -4.02 1.78 24.3 1542 15.8 
Mix2 -4.76 1.69 25.8 1474 16.3 

As seen in Table 1, the inlet refrigerant temperature at start 
of ice formation varies between different fluids. Below a 
discussion of probable reasons for these differences is given. 

Starting with the two pure fluids, it is seen that they have 
almost the same U-value and duty, i.e. the same mean 
temperature difference. The pressure drop differs with less than 
1 kPa between these fluids, but due to differences in their 
temperature-pressure relationship, the difference in saturation 
temperature between inlet and outlet is around 1 °C higher for 
HFC134a. This also means that the inlet subcooling is about 
1 °C higher for HFC134a. Since the subcooled part is very 
small, it only affects the mean temperature difference 
marginally and is therefore neglected. The difference in 
saturation temperature between inlet and outlet however affects 
the refrigerant temperature profile. Since this temperature 
difference is larger for HFC134a and the two fluids have the 
same mean temperature difference, the bubble point 
temperature is higher (0.4°C) for HFC134a. However, since the 
subcooling is 1 oc higher for HFC134a, the inlet temperature is 
still lower for this fluid. Thus, for a fluid with a large 

subcooling pressure drop the temperature limit can be set to a 
lower value. 

For both mixtures the inlet temperature at start of ice 
formation is lower than for HFC 134a despite a smaller 
subcooling for the mixtures. As also seen in Table 1, the 
U-value is lower for the mixtures, especially for Mix2. A 
decrease in heat transfer affects the wall and water temperature 
profiles, and thus the point where ice formation starts to occur. 
The main reason for the lower inlet temperatures is however 
the difference in temperature profile for mixtures compared to 
pure fluids. For a mixture, the increasing temperature at 
evaporation compensates to different extents for the 
temperature decrease due to pressure drop. Therefore, for the 
same mean temperature difference the bubble point is lower 
compared to a pure fluid, followed by a lower inlet refrigerant 
temperature (for the same subcooling). The glide is largest for 
Mix2, and consequently it has the lowest inlet temperature. 

From this discussion it was concluded that one cannot use 
the same temperature limit for all fluids. The results also 
indicate that the start of ice formation is not at the very bottom 
of the plate, thus it does not occur at the lowest refrigerant 
temperature. The reason is that for the same outlet water 
temperature and similar heat transfer the inlet refrigerant 
temperature would be the same for all fluids if the ice 
formation started at the inlet. From the values presented in 
Table 1, it is difficult to draw any conclusion about where the 
ice formation starts to occur. Therefore, temperature profiles 
were evaluated both from experiments and simulations. 
Measured temperature profiles 

Wall temperatures were visualized in a graphical manner, a 
so called thermogram. For reasons discussed by Gabrielii et al. 
[3], the measured wall temperatures represents a temperature 
midway between the refrigerant temperature and the wall 
temperature. Temperatures between the twelve measured points 
were interpolated by using MATLAB. Observed in these 
thermograms is that the mixtures have a more uniform 
temperature over the plate, and that there seems to be a 
somewhat unequal flow distribution for all fluids. Otherwise it 
is hard to draw any firm conclusions since the temperatures at 
the inlet and outlet were not measured. Hence, temperature 
profiles from simulations were evaluated as well. 
Calculated temperature profiles 

Simulations of experimental data were carried out with a 
detailed step-wise calculation method. The model by Steiner­
Taborek was used to predict the heat transfer, and for pressure 
drop a method proposed in VDI-Warmeatlas was used. This 
simulation model is described by Wellsandt et al. [4]. As shown 
there, both heat transfer and pressure drop calculations are in 
good agreement with experimental values. Therefore, the 
temperature profiles obtained from calculations can 
approximately represent the actual temperature profiles over 
the plate. These profiles are shown for Rl34a and Mix 1 in 
Figure 4. 
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Figure 4: Calculated temperature profiles 

The drop in wall temperature, seen in Figure 4, happens 
at the onset of subcooled boiling, due to the sudden increase in 
heat transfer. Furthermore, the water temperature gradient is 
very small in this region since the heat transferred in the 
subcooled part is very small . Thus, it is most probable that the 
start of ice formation occurs at the onset of subcooled boiling, 
which is around 200 mm above inlet. 

It is also seen that the inlet wall temperature and the shape 
of water and wall temperature profiles are different for the 
different working fluids, possibly implying differences in the 
point where ice formation occurs. As previously discussed, 
reasons for this difference in temperature profiles are 
differences in heat transfer, pressure drop, subcooling and 
temperature glide. 

Summarizing the results, it is difficult to give any exact 
recommendation on how to set the temperature I pressure 
limit. However, it has been shown, that for a fluid with a large 
subcooling/pressure drop it is possible to use a somewhat 
lower temperature limit. For a mixture with a large glide, but 
the same subcooling/pressure drop, an even lower limit can be 
used. This is an important result, since the use of the same 
limit for a mixture and a pure fluid implies that the mixture 
will give a lower capacity. 

PART II - HYSTERESIS 
The other topic discussed in the present paper is a 

possible hysteresis effect such that the evaporator performance 
depends on start-up conditions. 
Theory 

In the search for explanations to this behaviour, a 
literature review were made concerning investigations where a 
dependence on start-up conditions was observed. All 
investigations found are carried out applying constant heat 
flux or wall temperature over the evaporator plate/tube. 
However, in the actual experiments both heat flux and wall 
temperature vary over the plate, which implies that the onset 
of nucleate boiling occurs at different times at different levels. 
Below a brief summary of the literature review is given as an 
introduction to the boiling hysteresis phenomenon. 

Boiling hysteresis was recognised in 1950 by Corty and 
Foust [5]. Studies concerning hysteresis have than gained 
increased importance, especially for cooling of electronic 
systems by highly-wetting fluids. Traditionally, hysteresis was 
connected to boiling incipience, which means that the 
superheat required for incipience is much higher than the one 
required at normal boiling conditions. The theory behind this 
is described by for example Shi et a!. [6] and Brauer et a!. [7]. 
Shi et a!. [6] point out that there are experiments indicating 
two different boiling hysteresis characteristics. They state that 
hysteresis can exist also after boiling has been initiated, i.e. in 
the transitional region between partial and fully developed 
nucleate pool boiling. Maracy et a!. [8] have also experienced 
hysteresis in the transition boiling, with higher heat transfer 
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rates if the transition region is approached from the nucleate 
boiling side instead of from the film boiling side. This kind of 
boiling hysteresis has not been clearly understood, and may 
possibly be the reason for uncertainties for boiling heat 
transfer data and irregularities in boiling curves. As discussed 
below this kind of boiling hysteresis might be an explanation 
to the results observed in the present study. 

As discussed by Shi et al. [6], the main factors influencing 
boiling hysteresis are surface conditions, thermal properties of 
the fluid and the wall, system pressure, the thermal history of 
the wall and the heating procedure, i.e. anything that affects 
the fluid/surface combination 

The hysteresis effect is larger for enhanced than for 
smooth surfaces, as reported in several publications 
[6,9,10,11]. There are also indications that the hysteresis 
phenomenon is larger for mixtures than for pure fluids [9,12]. 

RESULTS AND DISCUSSION 
In Figure 5 the dependence on start-up conditions, in 

form of different start-up water temperatures, are shown. As 
seen, the steady-state duty can differ as much as 15% 
depending on the inlet water temperature at start-up, and the 
dependence is larger for the mixture than for the pure fluid. 
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Figure 5 Effect of different start-up temperatures on the 
steady-state evaporator duty. 

When trying to explain these results it is of course 
important to clarify what the consequences are of having 
different water temperatures at start-up. Most often the start­
up temperature of the water is higher than the desired steady­
state inlet water temperature. Thus, during start-up, by means 
of the evaporator plate, the water is cooled down until steady­
state is reached. Furthermore, after a period of inactivity, the 
refrigerant has to be cooled down from room temperature to 
the set pressure (temperature). It was observed that the cooling 
of refrigerant seems to be faster than the cooling of the water. 
Hence, at start-up there is a larger temperature difference 

between refrigerant and water compared to steady-state 
conditions. This could mean, as mentioned above and 
discussed by Shi et al. [6] and Maracy et al. [8], depending on 
the temperature difference at start-up one reaches different 
steady-state duties - the higher the start-up temperature the 
higher the duty. This is principally illustrated in Figure 6. 

Q 
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!t;T start-up2 
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Figure 6 Principal illustration of nucleate boiling hysteresis 

Before a deeper discussion is made concerning a possible 
boiling hysteresis phenomenon it is important to establish if 
the heat transfer mechanisms over the plate are such that 
boiling hysteresis can occur. Since the flow is rather low and 
vertical, it is most probable that nucleate boiling dominates 
over forced convection. This is confirmed by simulations of 
the evc:J.porator plate [4]. Thus, there might be a boiling 
hysteresis phenomenon. Next, the problem of how to 
investigate its occurrence in more detail is discussed. 

As already addressed, the temperature difference between 
refrigerant and water is higher at start-up than at steady state . 
It would be of interest to get measured values during the 
process before steady-state. However, in the actual facility, 
dynamic measurements cannot be carried out. Therefore, some 
additional experiments were performed with the aim of 
investigating if the boiling curve is different when increasing 
the temperature difference compared to when decreasing it. A 
constant steady-state inlet water temperature was used. First, 
the steady-state evaporator pressure was set to a value giving a 
small temperature difference. Then it was successively 
decreased, implying an increasing temperature difference and 
duty. When reaching the maximum possible duty at this water 
inlet temperature, the evaporator pressure was successively 
increased, i.e. the temperature difference and duty decreased. 
In Figure 7, the duty at increasing and decreasing temperature 
difference is shown. A clear hysteresis effect can be observed. 

Note that since the evaporator works with natural 
circulation, a change in duty implies changes in flow and 
vapour fraction. There are, however, only minor differences in 
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vapour fraction and flow between the experiments at 
increasing and decreasing duty. It can be stated that these 
differences cannot explain the differences in boiling curve 
seen in Figure 7. 

An important question now is if the results presented in 
Figure 7 can explain the dependence on start-up conditions, 
seen in Figure 5. The two figures are not entirely comparable 
since the temperature difference at high start-up temperatures 
in Figure 5 are probably somewhat larger than the maximum 
steady-state temperature difference in Figure 7. What can be 
stated is that the differences in duty between the curve at 
increasing and decreasing temperature difference seen in 
Figure 7 are as large as the difference in duty between 
different start-up conditions seen in Figure 5. Thus, there are 
strong indications that the observed dependence on start-up 
conditions can be explained by a boiling hysteresis 
phenomenon. 
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Figure 7 Measured duties at increasing and decreasing 
temperature differences. 6.6 oc water inlet temperature. 

CONCLUSIONS 
An investigation on hysteresis and ice formation 

phenomena, occurring in a plate-type evaporator, was carried 
out. From measurements of heat transfer and pressure drop, 
together with some simulation results, the following 
conclusions were drawn: 
(1) The start of ice formation, causing a drastic drop in 
duty, seems to occur at the onset of subcooled boiling. At start 
of ice formation, the refrigerant temperature differs between 
different refrigerants, especially between mixtures and pure 
fluids. This is explained by deviations in temperature profiles, 
due to differences in heat transfer, pressure drop, subcooling 
and temperature glide. 
(2) The evaporator duty was shown to depend on the 
water temperature at start-up. Measurements show differences 
in duty if experiments are carried out at increasing or 
decreasing temperature difference. A hysteresis phenomenon 
that occurs after boiling incipience can be the probable 
explanation. 
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ABSTRACT 
The use of thermochromic liquid crystal technique 

(LCT) and true-colour image processing system in heat 
transfer modelling is described. Experimental procedure, 
led on rig at Technical University of Gdansk, cover full­
field flow patterns in heat exchanger element (flat plate 
with fine-tubes in-line, staggered and with vortex 
generators) describing local heat transfer coefficient and 
Nusselt number on the surfaces. Also the dependence of 
average beat transfer and pressure drop on Reynolds 
number and geometrical parameters is investigated. 

INTRODUCTION 
For the last decade liquid crystals (LC) has been 

successfully used in many experimental works. 
Aerodynamics, Fluid Mechanics, Heat Exchange or 
Aeronautics are the most important fields where LC's 
were used The experimental technique, used by 
numerous experimentalists in heat transfer problems) is 
interesting and promising [3, 4, 5, 6]. 
Liquid crystals are highly anisotropic fluids that exist 
between the boundaries of the solid phase, and the 
conventional, isotropic liquid phase. Since the colour 
change is reversible and repeatable, they can be calibrated 
accurately with proper care and used in this way as 
temperature indicators. They can be painted on a surface 
or suspended in a fluid and used to indicate visibly the 
temperature distribution. Nowadays, colour image 
processing has become an integral part of many scientific 
and industrial applications. A great majority of 
applications that use colour image processing do so 
because colour is the most important and obvious feature 

of the images they are examining. These new tools (liquid 
crystals, computers and image processing) have come 
together during the past few years to produce a powerful 
new examination technique: true-colour digital processing 
of liquid crystal images to yield full-field temperatures, 
velocity and heat transfer coefficient distributions [ 1, 2, 
3]. Now, new and more incisive experiments are being 
settled in conventional situations, while those which have 
been previously intractable can also be studied In this 
paper a novel approach is suggested to calculate heat 
transfer coefficient. The method is based on counting the 
number of pixels and their corresponding values of 
measured quantity. This method has been illustrated on 
examples of complex geometrical configurations. 

EXPERIMENTAL APPARATUS 
The experimental apparatus used in this study is the 

same as that presented before [7]. A brief description of 
the test section is presented here for clarification. The 
experimental study is carried out using an open low-speed 
wind tunnel consisting of entrance section with fan .and 
heater, large settling chamber and then mapping and 
working sections. Air is drawn through the tunnel using a 
fan able to provide Reynolds numbers between 500 and 
10 000 and the heater, which can adjust air temperature T r 
between 25 and 60 °C. The major construction material of 
the wind tunnel is Perspex. Local and mean velocity are 
measured using conventional Pitot tubes and DISA hot­
wire velocity probe. 
Test section is of 7 mm height, 320 mm width and 350 
mm length. Pipes are of 30 mm diameter, while winglets 
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are 14 mm long and distanced 2 mm from the tube (Fig. 
2). The alternative effects of constant wall tempernture and 
constant heat flux boundary conditions are obtained using a 
water bath. Photographs of liquid crystal patterns are taken 
using a colour video-camera and a true-colour image 
processing technique. It is possible, thanks to a special by­
PJSS installed, to measure using both steady state and 
transient technique (Fig. 1). Local heat transfer 
measurements are carried out for Reynolds number based 
on the centreline inlet velocity along the main flow 
direction. Local heat transfer coefficient and Nusselt 
number maps, derived from local wall-temperature 
distnbutions as indicated by LC's for different Reynolds 
number are reported below. False colour isotherm 
representation of local Nusselt number was made 
automatically by GLAB software of Data Translation Inc 
[8]. The experiment is reported for fin-tube heat 
exchanger elements, both in-line and staggered. Air flows 
around the tubes and heat transfer between the fluid and 
the plate is determined by the flow structure. 

A:-A 

~/&. '§ JVC 

RGB 
camera 

Figure 1 Experimental set-up and tube-fin heat exchanger 
model for in-line arrangement. 

,...2-J 

fl .~ 

/ ij' _'..j / .·'('_A 

··--·-·-·-·-·-·-· ·-·-·-·-·7---------l~~~::~~---=--
RIS 

Figure 2 Position of the winglet behind the tube 
(1- 30 deg, 2-45 deg, 3-60 deg) 

PERFORMANCE PARAMETERS 
Heat Transfer 

The heat transfer coefficient is a defined quantity, 
calculated from the surface heat flux and the difference 
between the surface temperature and some agreed 
reference temperature. This is usually the far field 
temperature, the mixed mean temperature or the adiabatic 
surface temperature. In the experiment described here, 
liquid crystals were used to determine the distribution of 
surface temperature and heat flux. This allows evaluation 
of the local heat transfer coefficient and Nusselt number. 
The temperature recor-ded from the liquid crystal sheet 
was held at yellow-green for image processing. 
The local convective heat transfer coefficient h1 is derived 
from the fact that the conductive heat flux qk in either 
working section is equal to the convective heat flux from 
air to the surface in the steady state: 

(1) 

The experimental results are presented in terms of a local 
Nusselt number: 

Nu, =hrH!ka (2) 

The Nusselt number value requires the test plate thermal 
conductance to be evaluated. It can be measured by 
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imposing a one-dimensional conductive heat flux across a 
sample having the composition and thickness as the test 
plate and measuring the extent of the heat flux and the 
temperature drop between the opposite sides. The 
measurement was performed by use of thermal conditions 
occurring in the liquid crystal experiment. From thermal 
conductance thermal conductivity of the test plate can be 
deduced, which turned out to be kt = 0.202 W/m K. 
With the temperature difference between the air and 
liquid crystal isotherm fixed, different heat transfer 
coefficiellt (Nusselt number) contours are determined by 
varying the heat flux values. The contours of constant 
heat transfer coefficient are not directly equivalent to the 
isotherms, as measured from the images. They are 
determined after taking into account thermal conduction 
in the plate, radiation from the surface and other 
corrections, the most important of which is the lateral 
conduction. This correction is typically about 4 % of the 
net flux [1, 2]. 
The liquid crystal colour temperature T1 is 35.5 oc some 
9.5 oc below the air temperature (Ta=45 °C) for these 
experiment. Ten to sixteen isotherms (each corresponding 
to a different heat flux) are photographed by RGB camera 
to record the local contours under an oblique Reynolds 
number. The location of each isotherm was digitised 
involving colour scale representation of the several video 
images of the heat transfer coefficient distribution into a 
single image using the Global Lab software of Data 
Translation Inc.[8] as described in (3, 7]. 
Average Nusselt numbers can be estimated as weighted 
mean values of the local Nusselt numbers obtained from 
the relationship: 

n 

l:Nu;tj 
Nuav = ..:..i=.;;.:.l_n __ (3) 

l:r; 
i=t 

By using Eq.(1) - (3) and the image combination 
technique capabilities of Global Lab, colour images like 
that in figures below were obtained 

Pressure Drop 
The second most relevant performance parameter of 

the heat excllaBge matrix is the pressure drop per unit 
length. The pressure drop can be made dimensionless by 
defining the equivalent friction factors coefficient: 

UPH 
f= pLUz (4) 

The experimental results are summarised in Figs 2 and 3. 
Reynolds number values were calculated as: 

Re=U·H 
v 

(5) 

Both friction factor and Reynolds number are related to 
mean velocity U and height of the tunnel H,. which can 
correlate f=f(Re). 

EXPERIMENTAL RESULTS 
Channel Averaged Pressure Drop 

Figures of friction factor versus Reynolds number 
show the comparison of the different layout of the test 
section (in-line or staggered). It is easily to find out that in 
both applications insert of wings angled 60 degrees causes 
less pressure drop than the other positioning. 
It is clear ro find hydraulic jump at the transitional region 
of Reynolds number 1 000 - 2 500 both for 30 and 45 
degrees positioned winglets. 

Local Nusselt Number Maps 
Photographs are taken using a video-camera anda.true­

colour image processing technique. Usually several 
isotherms (each corresponding to a different heat flux) are 
taken by cameta to record the local Nusselt contours 
under an unique Reynolds number. 

f=f(Re) 

.. 
c 14 

r[~ 
1000 2000 3000 4000 5000 

Reynolds number l'te 

l-11-v.ing30 r*-v.ing45 -tf--v.ing60 I 

Figure 3. Friction factor relation for in-line arrangemen1 
of working section. 
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f=f(Re) 

fteynolds number Re 

l--wing30 -.-wing45 -if-wing60 I 
Figure 4. Friction factor relation for staggered 

arrangement of working section. 

Figure 5. False image for in-line arrangement. Re=1200; 
Nusselt number: red- 5.44; blue -7.99; green- 10.77; 

violet- 18.7 
The locations of each isotherm and colour (adjusted to 
each Nusselt nwnber) are digitised following a projection 
of the false colour image on a digitising image 
respectively. Figures 5 - 8 shows colour-scale 
representation of Nusselt number distribution around in­
line and staggered configuration of cylinders in 
experimental section. 

Figure 6. In-line arrangement for Re=2 250 (Nusselt 
number: red- 5.01; brown- 7.46; blue- 11.33; violet-

17. 72; green - 27. 76) 

Figure 7. Colour-scale representatumofNusselt number 
for staggered cylinders. Re= 1 600 (Nusselt number: red -

5.27; green-7.99; blue-15.38; violet-19.17) 
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The maximum error of the air temperature is 0.1 oc and 
0.025°C for the water bath. The uncertainty of thermal 
conductivity measurements for plate - liquid crystal 
package is about 0.005 W/m K. The most important factor 
seems to be the temperature difference between the water 
bath and liquid crystal layer temperature. When the 
difference is small the error significantly increases. 

Figure 8. In-line working section for different wing's 
experimental arrangement. Re=1 200 (clock-wise: no 

wing, wing 30 deg, wing 60 deg, wing 45 deg). 

CONCLUSIONS 
LC technique is fairly new and powerful. With no 

doubts we can agree that new powerful technique has 
been established for obtaining local heat transfer 
conditions in complicated geometries, which can be 
useful for developing of different areas of heat transfer 
research. This technique is especially good for 
investigation of complex geometry heat transfer 
problems. 
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NOMENCLATURE 
H - height of the channel [ m] 
ka - conductivity of the air [W /m K] 
kt - mean conductivity of the liquid crystal package 

and plate [W/m K] 
L -the length of the channel in the main flow direct. [m] 
AP - pressure drop [Pa] 

- r; - Hue ratio coefficient (ratio of number of pixels 
for the hue range considered) [dimensionless] 

Ta - temperature of air [K] 
Tb -temperature of plate from water side [K] 
T1 - temperature of surface (liquid crystal yellow-green 

isotherm temperature) [K] 
U -inlet mean velocity [m/s] 
~ -thickness of the liquid crystal package and plate [m] 
p - air density [kg/m3

) 

u - viscosity of the air [ m2 /s] 
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